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THEME 


The  problems  arising  from  secondary  flows  remain  unresolved  and  continue  to  be  a  major  source  of  reduced 
performance  in  advanced  turbomachinery.  Optimization  of  blade  design  with  regard  to  secondary  flows  is  still  done  on  an 
empirical  basis.  The  meeting  was  intended  to  assemble  specialists  on  computational  and  experimental  methods  for  dealing 
with  questions  associated  with  these  flows.  The  meeting  was  concerned  with  secondary  effects  in  both  compressors  and 
turbines  and  considered  the  flows  in  blade  passages  and  in  clearances. 


* 


* 


* 


Les  problemes  crees  par  les  ecoulements  secondaries  restent  sans  solution  et  sont  l’une  des  causes  principales  de  la 
diminution  des  performances  dans  les  turbomachines  avancees.  L’optimisation  de  la  conception  des  aubes  par  rapport  aux 
ecoulements  secondaires  se  fait  encore  de  fafon  empirique.  L’objet  de  la  reunion  fut  de  rassembler  les  specialises  dans  le 
domaine  des  methodes  experimentales  et  de  calcul  qui  permettent  de  resoudre  les  differentes  questions  soulevees  par  ces 
ecoulements.  La  reunion  a  examine  les  effets  secondaires  crees  dans  les  compresscurs  et  les  turbines,  ainsi  que  les  effets  des 
ecoulements  dans  les  canaux  des  aubes  et  les  degagcments. 
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TECHNICAL  EVAL  UATION  REPORT 
on  PEP  74th-B  Specialists’  Meeting 
on  SECONDARY  FLOWS  IN  TURBOMACHINES 


by 

Dr  A  J.Wennerstrom 

Air  Force  Wright  Aeronautical  Laboratoiies/POTX 
Wright  Patterson  Air  Force  Base 
Ohio  45433 
United  States 


1.  SUMMARY 

The  main  objective  of  this  meeting  was  to  assemble  specialists  on  computational  and  experimental  methods  who  are 
concerned  with  secondary  flows  in  advanced  turbomachinery  to  establish  the  state-of-the-art  and  to  see  in  which  direction 
present  and  future  research  is  and  should  be  heading.  The  meeting  accomplished  this  objective. 

It  was  concluded  that  computational  fluid  dynamics  (CFD)  was  now  providing  useful  design  guidance,  gave  a  very  good 
qualitative  picture  of  secondary  flows,  but  still  had  some  quantitative  deficiencies.  Hybrid  methods,  now  regularly  applied  to 
multi-stage  compressor  design,  are  still  undergoing  useful  refinement  and  appear  applicable  also  to  the  design  of  multi-stage 
turbines.  Current  experimental  work  is  often  characterized  by  great  detail  and  will  aid  in  evaluating  existing  secondary  flow 
models  as  well  as  in  the  conception  of  new  models. 

Recommendations  made  included  more  emphasis  on  those  aspects  of  CFD  which  will  improve  quantitative  predictions, 
more  use  of  CFD  for  heat  transfer  computations,  application  of  what  is  described  as  the  third  level  of  CFD  computation  to  heat 
transfer  in  cooled  rotors,  and  continued  refinement  of  hybrid  methods  including  greater  emphasis  on  their  application  to  multi¬ 
stage  turbines.  Another  meeting  on  this  or  a  closely  allied  topic  was  recommended  five  or  six  years  hence. 


2,  INTRODUCTION 

AGARD’s  first  meeting  devoted  exclusively  to  the  topic  of  secondary  flows  in  turbomachines  was  held  in  March  1977.  A 
closely  related  topic  was  addressed  six  years  later  when  AGARD  sponsored  a  meeting  on  viscous  flow  in  turbomachines  in  June 
1983.  Now,  returning  once  again  to  the  subject  of  secondary  flows,  several  pronounced  new  developments  can  be  observed. 
First,  computational  fluid  dynamics,  conspicuous  by  its  absence  in  the  first  two  meetings,  now  played  a  role  in  over  half  of  the 
papers  comprising  the  present  meeting.  On  the  other  hand,  applications  of  classical  secondary  flow  theory  and  boundary  layer 
analyses  were  far  fewer.  Second,  hybrid  flow  models  such  as  introduced  by  Adkins  and  Smith  (1982)  and  Gallimore  and 
Cumpsty  (1986)  now  appeared  in  four  papers.  By  a  hybrid  model,  I  am  referring  to  semi-empirical  models  of  secondary  flow 
features  superimposed  on  an  axisymmetric  solution  to  obtain  a  practical  design  approach  suitable  for  multi-stage 
turbomachines.  Third,  secondary  flow  effects  on  heat  tranfer,  a  subject  not  addressed  at  all  in  the  first  two  meetings,  was 
discussed  in  three  papers  of  the  present  meeting. 


3.  CONTENT  OF  THE  MEETING 

Of  the  twenty-seven  numbered  papers  in  the  meeting,  twenty-four  were  presented.  Paper  Nos.  11,  14  and  22,  were 
withdrawn.  No  manuscript  was  available  for  Paper  No.  4  at  the  time  of  the  meeting. 

A  total  of  thirteen  papers  dealt  with  computational  fluid  dynamics  (CFD).  These  were  comprised  of  Paper  Nos.  4, 5, 7, 8, 
9, 12, 13, 16, 18,21,23, 25  and  2*.  Of  these,  Paper  No«  5,7  8,9, 12, 16, 18  21  and  26  showed  comparisons  with  experiments. 
Paper  Nos.  4, 13, 23  and  25  were  computational  only.  The  authors  or  Paper  Nos.  4, 5  and  21  used  parabolized  methods.  The 
authors  of  Paper  Nos.  8, 16  and  18  showed  comparisons  with  previously  established  experimental  results;  the  other  six  authors 
showing  comparisons  with  data  included  new  experimental  results. 

Four  papers  dealt  with  hybrid  through-flow  calculations  for  multi-stage  turbomachinery.  Paper  Nos.  1,  3  and  17  were 
compressor  oriented.  Paper  No.  15  was  focused  on  turbines.  Six  papers  dealt  with  experiments  only.  These  papers,  all 
concerning  turbines,  were  Nos.  6,  10,  19,  20,  24  and  27.  Eleven  papers  presented  new  experimental  results.  These  were 
comprised  of  Paper  Nos.  5,6, 7, 9, 10, 12, 20, 21, 24, 26  and  27, 

Three  papers  dealt  with  heat  transfer.  Paper  No.  24  was  experimental  only.  Paper  No.  25  was  computational  only.  Paper 
No.  26  included  both  computational  and  experimental  results. 


Seven  papers  dealt  with  compressors.  These  were  Paper  Nos.  1, 2, 3. 12, 16, 17,  and  18. 

Eighteen  papers  dealt  with  turbines.  Of  these,  Paper  Nos.  25  and  26  dealt  with  flow  internal  to  the  blades  within  cooling 
passages.  All  the  rest  dealt  with  external  flow  around  the  blades;  these  were  comprised  of  Paper  Nos.  4, 5, 6, 7, 8, 9, 10, 13, 15, 
16, 19, 20,21,23, 24  and  27. 

The  reader  will  observe  from  the  above  that  the  papers  could  be  grouped  in  many  different  ways.  Because  no  particular 
grouping  ;eemed  clearly  superior  to  any  other,  I  have  chosen  to  present  a  short  synopsis  of  each  paper  in  numerical  order 
according  to  Paper  No.  as  they  are  arranged  in  this  Conference  Proceedings. 

*  *  * 

Session  I  —  Basic  Flow  Phenomena 

1.  Secondary  Flows  and  Radial  Mixing  Predictions  in  Axial  Compressors 
by  J.De  Ruyck,  Ch.Hirsch,  RSegaert 

De  Ruyck  et  al.  present  a  hybrid  axisymmetric  through  flow  computation  which  uses  a  modified  Gallimore  and  Cumpsty 
turbulent  mixing  concept  plus  convective  transport  mechanisms  incorporated  into  an  S3-surface  computation.  The  convective 
model  is  treated  explicitly  while  the  diffusive  mixing  is  modelled  empirically.  Three  test  cases  are  evaluated;  a  cascade  and  two 
compressor  rotors.  It  is  concluded  that  reasonable  agreement  is  generally  obtained  but  some  radial  velocities  on  the  suction  side 
are  under-estimated.  Turbulent  diffusion  appears  important  in  all  cases  while  convective  mixing  only  becomes  significant  under 
certain  conditions. 

2.  The  Effects  of  Compressor  Endwall  Flow  on  Airflow  Incidence  and  Deviation 
by  R.P.Dring  and  H.D  Joslyn 

Dring  and  Joslyn  discussed  different  ways  of  defining  the  average  flow  angle  in  the  blade-to-blade  plane  downstream  of  a 
blade  row.  They  made  the  point  that  only  one  definition  is  consistent  with  the  formulation  of  through  flow  theory.  The  end-wall 
regions  are  particularly  sensitive  to  this  and  they  showed  that  different  averaging  methods  could  lead  to  discrepancies  in 
incidence  and  deviation  angle  of  as  much  as  13  degrees. 

3.  A  Study  on  Secondary  Row  and  Spanwise  Mixing  in  Axial  Row  Compressors 
by  M.Eriklet  and  A.S.Uyer 

Eriklet  and  Ofer  present  a  hybrid  axisymmetric  through  flow  computation  using  the  finite  element  method  which 
combines  the  Gallimore  and  Cumpsty  spanwise  mixing  model,  two-dimensional  loss  and  deviation  correlations  and  a  three- 
dimensional  secondary  flow  loss  correlation.  Comparisons  are  made  with  both  low  and  high  speed  compressor  data.  They 
conclude  that  the  mixing  model  appears  to  behave  correctly  when  given  the  right  data,  but  that  the  empirical  two  and  three- 
dimensional  loss,  deviation,  and  end-wall  blockage  calculations  do  not  yet  lead  to  reliable  predictions  of  radial  distributions  for 
multi-stage  compressors. 

4.  Calculs  Parabolises  d’Ecoulements  Turbulents  Tridimensionnels  dans  une  Turbine 
par  PFerrand,  F.Leboeuf,  F.Paumel,  E.Parkinson,  J.Bernard  et  A.Ribert 

Ferrand  et  al.  presented  results  of  some  preliminary  calculations  using  a  parabolized  three-dimensional  Navier-Stokes 
computation  to  calculate  the  flow  through  two  curved  ducts.  One  example  was  a  rectangular  90  degree  bend,  and  the  second 
was  a  two-dimensional  turbine-shaped  passage  lacking  periodicity.  Results  presented  were  tentative  and  qualitative;  no  written 
manuscript  was  available.  Results  with  the  90  degree  bend  illustrate  the  correct  trends.  Those  with  the  turbine-shaped  passage 
had  some  problems.  The  usual  difficulty  of  parabolized  methods  treating  separation,  i.e.  reverse  flows,  was  acknowledged. 

3.  Numerical  Study  on  Basic  Phenomena  of  Secondary  Flows  in  Turbines 
by  R.Niehuis,  P.Liicking  and  B.Stubert 

Niehuis  et  al.  examined  an  annular  cascade  of  turbine  nozzle  guide .  anes  of  medium  aspect  ratio  both  experimentally  and 
computationally.  The  computations  were  done  with  an  Eule  code  and  also  a  partially-parabolized  Navier-Stokes  code.  Two 
other  model  configurations  were  examined  computationally  with  and  without  finite  blade  thickness.  Neither  type  of  code  used 
could  directly  treat  reverse  flow  and  separation.  These,  and  also  other  authors  at  this  meeting,  concluded  that  proper  simulation 
of  the  inlet  conditions,  particularly  the  boundary  layer  profiles,  have  a  strong  influence  on  computed  solutions  and  must  be  well 
modelled  if  good  agreement  with  experiments  is  to  be  obtained.  The  Euler  code  provided  surprisingly  good  solutions  in  spite  of 
its  inability  to  simulate  the  horseshoe  vortices.  The  partially-parabolized  Navier-Stokes  code  could  only  partially  simulate  the 
horseshoe  vortices  but  also  compared  well  with  experiment.  The  authors  concluded  that  the  passage  vortex  was  the  dominant 
secondary  flow  near  the  endwalls  and  the  horseshoe  vortices  appeared  to  be  of  minor  importance.  The  additional  model 
configuration  calculations  also  supported  this  conclusion.  Although  inlet  boundary  layers  are  caused  by  viscous  effects,  it  was 
observed  that  the  rolling  up  process  to  form  secondary  vortices  is  primarily  an  inviscid  effect  thus  explaining  the  success  of  the 
Euler  computations. 

6.  Secondary  Rows  and  Reynolds  Stress  Distributions  Downstream  of  a  Turbine  Cascade  at  Different  Expansion  Ratios 
by  A.Perdichizzi,  M.Ubaldi  and  RZunino 

Perdichizzi  et  al.  presented  results  of  an  experimental  investigation  using  hot  wire  measurements  of  secondary  flows  and 
turbulence  behind  a  turbine  nozzle  cascade.  Turbulence  kinetic  energy  distributions  were  determined  among  other  things. 
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Session  II  —  Experimental  Results 

7.  An  Investigation  of  Secondary  Flows  in  Nozzle  Guide  Vanes 
by  R.G.Dominy  and  S.C.Harding 

Dominy  and  Harding  made  an  experimental  and  computational  investigation  of  low  aspect  ratio  turbine  nozzle  guide 
vanes  having  three  different  spanwise  stacking  philosophies.  They  showed  that  three-dimensional  considerations  allow 
considerable  design  control  over  spanwise  loss  distributions  and  can  be  used  to  advantage.  They  conclude  that  three- 
dimensional  viscous  flow  calculations  are  indispensible  for  reliable  analysis  of  such  configurations.  Codes  used  were  by  Moore, 
Dawes,  and  Denton. 

8.  Secondary  Flow  Predictions  for  a  Transonic  Nozzle  Guide  Vane 
by  G.C.Horton 

Horton  analyzed  a  similar  turbine  nozzle  guide  vane  with  the  Dawes  three-dimensional  viscous  code,  and  compared  his 
results  with  experimental  data.  He  also  obtained  relatively  good  agreement  between  computation  and  experiment,  and 
suggested  that  the  code  might  be  used  to  predict  loss  as  an  integral  part  of  the  turbine  design  process. 

9.  Secondary  Flow  in  a  Turbine  Guide  Vane  with  Low  Aspect  Ratio 
by  D.  Wegener,  J.Quest  and  W.Hoffmann 

Wegener  et  la.  also  used  the  Dawes  codes  to  model  another  similar  turbine  nozzle  guide  vane  and  compared  the 
calculation  with  extensive  experimental  results.  They  also  achieved  good  correspondence  between  measured  and  calculated 
velocities  but  described  the  loss  prediction  as  not  yet  satisfying.  They  suggested  that  optimizing  the  mesh  geometry  at  the 
trailing  edge  and  in  the  downstream  region  might  lead  to  further  improvement. 

10.  Measurement  of  the  Flow  Field  in  the  Blade  Passage  and  Side-Wall  Region  of  a  Plane  Turbine  Cascade 
by  E.Detemple-Laake 

Detemple-Laake  presented  an  experimental  study  of  several  features  of  a  linear  cascade  of  highly  loaded  turbine  rotor 
blades.  The  secondary  flow  characteristics  observed  were  described.  However,  the  results  presented  were  part  of  a  much  more 
comprehensive  program  and  no  conclusions  were  drawn. 

11.  Paper  is  cancelled. 

1 2.  Centrifugal  Impeller  Geometry  and  its  Influence  on  Secondary  Flows 
bu  H.Krain  and  W.Hoffmann 

Krain  and  Hoffmann  provided  one  of  only  two  papers  dealing  with  centrifugal  compressors.  Experimental  data  for  two 
backswept  impellers  was  presented  along  with  results  of  supporting  three-dimensional  viscous  computations  using  the  Dawes 
code.  Experimental  and  computational  results  both  showed  significant  differences  in  the  secondary  flow  between  the  two  rotors 
and  were  qualitatively  in  good  agreement.  The  authors  suggest  that  a  three-dimensional  viscous  code  can  be  used  for  secondary 
flow  control  in  the  design  of  future  impellers. 

Session  III  —  Three-Dimensional  Computation  and  Comparison  with  Experiments 

13.  Calcul  de  I’Ecoulement  Tridimensionnel  Turbulent  dans  un  Aubage  Rectiligne  de  Turbine 
par  LCambier  et  B.Escande 

Cambier  and  Escande  discuss  a  three-dimensional  Navier-Stokes  computation  of  turbulent  flow  through  a  linear  turbine 
cascade.  A  unique  feature  of  this  work  was  a  multi-grid  scheme  employing  on  O-type  subdomain  around  the  blades  and  H-type 
subdomains  up  and  downstream  in  order  to  model  accurately  the  rounded  leading  and  trailing  edges  while  maintaining  up  and 
downstream  boundaries  sufficiently  far  from  the  blades.  Results  are  shown  to  be  qualitatively  similar  to  experimental  results 
obtained  at  a  lower  flow  velocity. 

14.  Paper  is  cancelled. 

15.  Calcul  des  Ecoulements  Secondaires  dans  une  Turbine  Axiale 
par  J.Bemard  et  F.Faichetti 

Bernaid  and  Falchetti  have  introduced  probably  the  first  published  hybrid  axisymmetric  through  flow  computation  aimed 
at  multi-stage  turbines.  It  employs  boundary-layer  concepts  and  is  aimed  at  incorporating  secondary-flow  effects  in  this  type  of 
calculation.  Examples  were  shown  for  a  low  pressure  turbine  nozzle  and  a  low  pressure  turbine  stage.  Results  were  promising; 
angle  prediction"  looked  good,  losses  and  blockage  need  further  refinement. 

16.  Generation  and  Decay  o-  Secondary  Flows  and  their  Impact  on  Aerodynamics  Performance  of  Modem 
Turbomachinery  Como<  nents 

byCHah 

Hah  used  a  three-dimensional  Navier-Stokes  code  to  study  two  turbine  nozzle  designs  and  two  centrifugal  compressor 
impeller  designs.  In  both  cases,  one  design  performed  significantly  better  than  its  counterpart.  Hah’s  objective  was  to  see  if  such 
a  code  could  predict  the  observed  differences  which  are  often  not  evident  from  axisymmetric  design  methods  supported  by 
correlations.  He  concluded  that  such  a  code  can  make  valid  comparisons  between  candidate  designs  and  thus  can  be  used  as  a 
practical  design  aid  to  shorten  the  component  development  process. 
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17.  Secondary  Flow  Calculations  for  Axial  and  Radial  Compressors 
by  D.Douvikas,  J.Kaldellis  and  K.D.Papailiou 

Douvikas  ci  ai.  have  presented  a  new  formulation  of  secondary  flow  features  incorporated  into  a  hybrid  axisymmetric 
through-flow  computation.  The  notion  cf  a  peripheral  blockage  is  introduced.  A  total  kinetic  energy  equation  is  substituted  for 
an  entrainment  equation.  Sample  results  are  shown  for  application  to  a  compressor  cascade,  a  radial  impeller,  and  two  single- 
stage  axial  compressors.  Results  appear  good.  It  is  suggested  that  the  methodology  might  be  extended  to  turbines. 

18.  The  Numerical  Simulation  of  Multistage  Turbomachinery  Flows 

by  J  J.Adamczyk,  TA.Beach,  M.L.Celestina,  R.A.Mulac  and  W.M.To 

Adamczyk  et  al.  presented  an  approach  applicable  to  computational  fluid  dynamic  modelling  which  raises  the  level  of 
sophistication  to  a  third  level.  Early  three-dimensional  models  examined  only  a  single  blade  row,  rotating  or  stationary.  A 
second  level  of  sophistication  was  introduced  by  Denton  and  subsequently  others  which  took  into  account  the  effects  of 
adjacent  blade  rows  by  circumferentially  averaging  the  spanwise  parameter  distributions  of  adjacent,  primarily  upstream,  blade 
rows  in  order  to  provide  better  steady  flow  boundary  conditions  for  the  blade  row  analyzed  in  three  dimensions.  Adamczyk  et 
al.  have  now  illustrated  an  approach  to  incorporate  non-steady  terms  heretofore  neglected.  Examples  are  presented  to  indicate 
the  importance  of  these  terms. 


Session  IV  —  Tip  Clearance  Flows 

19.  Research  on  Cascade  Secondary  and  Tip-Leakage  Flows  —  Periodicity  and  Surface  Flow  Visualization 
by  L.S.Langston 

Langston  has  focused  on  the  achievement  of  periodicity  in  testing  large  linear  cascades  having  few  airfoils  and  also  on 
surface  flow  visualization  techniques  and  their  interpretation.  He  indicates  how  certain  experimental  techniques  combined  with 
a  potential  flow  solution  can  help  to  achieve  periodicity  in  a  cascade  of  as  little  as  four  blades.  He  describes  three  surface  flow 
visualization  techniques  all  employing  oil  and  describes  their  features  as  well  as  some  precautions  concerning  their  use. 

20.  Losses  in  the  Tip-Leakage  Flow  of  a  Planar  Cascade  of  Turbine  Blades 
by  M.I.Yaras  and  S.A.Sjolander 

Yaras  and  Sjolander  present  experimental  results  associated  with  tip  leakage  flow  in  a  linear  cascade  of  turbine  rotor 
blades  with  stationary  end  walls.  They  conclude  that  the  largest  part  of  the  loss  is  associated  with  the  kinetic  energy  of  the  flow 
discharging  from  the  gap,  but  that  much  of  this  loss  did  not  appear  in  exit  plane  measurements  until  about  one  chord  length 
downstream. 

21.  Computational  Prediction  and  Measurements  of  the  Flow  in  Axial  Turbine  Cascades  and  Stages 
by  H.E.Gallus,  K.Weskamp  and  J.Zeschky 

Gallus  et  al.  present  a  comparison  between  results  obtained  experimentally  with  a  turbine  nozzle  cascade  and  a  full  turbine 
stage  with  computations  made  using  a  three-dimensional,  partially-parabolized  Navier-Stokes  code.  The  parabolized  code 
limits  the  computation  to  cases  involving  no  flow  separation  and  the  H-grid  employed  required  a  sharp  trailing  edge.  Rotor 
clearance  was  not  yet  included.  In  spite  of  these  limitations,  the  computation  could  describe  the  principal  three-dimensional 
effects  and  achieved  good  agreement  with  the  pitch-averaged  stator  exit  flow. 

22.  Paper  is  cancelled. 

23.  Analysis  of  the  Rotor  Tip  Leakage  Flow  with  Tip  Cooling  Air  Ejection 
by  W.Koschel,  H.Schmidt  and  A.Vornberger 

Koschei  et  al.  present  a  numerical  simulation  of  turbine  rotor  tip  leakage  flow  occurring  with  three  similar  configurations. 
One  has  a  plain  square-cut  tip;  the  other  two  have  a  trenched  tip  and  are  analyzed  with  and  without  coolant  ejection.  Results 
show  that  the  coolant  flow  injection  had  a  minor  effect  on  the  discharge  mass  flow  in  the  presence  of  wall  motion  but  that  a 
pronounced  influence  of  wall  motion  is  observed  for  the  blade  with  coolant  flow  injection. 


Session  V  —  Secondary  Flow  Effects  on  Heat  Transfer 

14.  Detailed  Heat  Transfer  Measurements  in  Nozzle  Guide  Vane  Passages  in  Linear  and  Annular  Cascades  in  the  Presence 
of  Secondary  Flows 

by  N.W.I  larvey,  Z.Wang,  P.T.Ireland  and  T.V.  Jones 

Harvey  et  al.  present  the  results  of  heat  transfer  measurements  in  turbine  nozzle  guide  vanes  using  liquid  crystals  in  a  linear 
cascade  and  using  thin-film  gauges  in  an  annular  cascade.  Both  experiments  used  transient  techniques;  however,  the  annular 
cascade  test  was  accomplished  at  engine  representative  Reynolds  numbers  and  Mach  numbers.  The  liquid  crystals 
demonstrated  the  capability  of  providing  great  detail  in  contours  of  heat  transfer  coefficient.  A  fluorescent  dye  flow 
visualization  technique  was  used  in  the  annular  cascade  test  to  aid  in  interpretation.  Detailed  measurements  also  proved 
possible  with  the  thin  film  gauge  technique  and  could  be  interpreted  in  terms  of  the  secondary  flow  features.  A  computational 
technique  introduced  achieved  a  reasonable  prediction  of  the  streamline  pattern. 


25.  Effects  of  Secondary  Flow  on  Heat  Transfer  in  Rotating  Passages 
by  J.G.Moore  and  JJVfoore 

Moore  and  Moore  have  addressed  the  question  of  heat  transfer  through  a  rotating  180  degree  bend  using  the  Moore 
elliptic  three-dimensional  Navier-Stokes  code.  This  problem  is  important  for  predicting  cooling  flows  in  the  interior  of  a  cooled 
turbine  blade.  The  analysis  was  compared  with  data  from  a  rotating  square  channel.  Predicted  and  measured  heat  transfer  rates 
for  rotating  channels  were  substantially  higher  than  for  stationary  channels.  However,  some  disagreement  among  different 
investigations  was  noted. 

26.  Etude  Theorique  de  l'Ecoulement  dans  un  Canal  en  Rotation.  Approehe  Experimentale  par  la  Visualisation 
de  l’Ecoulement  dans  uri  Canal  Courbe 

par  J.Guidez,  P.-J.Michard,  D.Dutoya  et  J.Perucchini 

Guidez  et  al.  have  also  evaluated  flow  through  a  rotating  channel  simulating  the  interior  cooling  passage  of  a  cooled 
turbine  blade.  Their  results  concur  with  the  Moores’  in  that  rotation  increases  the  heat  transfer  coefficient.  Experimental 
evidence  is  provided  and  is  supported  by  three-dimensional  Navier-Stokes  computations.  The  secondary  flow  features  are 
d .  tcribed. 

27.  The  Effect  of  Secondary  Flow  on  the  Redistribution  of  the  Total  Temperature  Field  Downstream  of  a  Stationary 
Turbine  Cascade 

by  W.E.Carscalien  and  P.H.Oosthuizen 

Carscallen  and  Oosthuizen  presented  results  of  a  cold  turbine  linear  cascade  test  which,  for  a  uniform  inlet  total 
temperature,  produced  a  non-uniform  total  temperature  at  the  cascade  exit.  They  speculated  on  possible  reasons  for  this. 


*  * 
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4.  CONCLUSIONS 

( 1 )  With  respect  to  computational  fluid  dynamics  (CFD),  opinions  varied  concerning  how  much  one  could  rely  on  it  at  the 
present  time.  The  views  expressed  can  be  summarized  roughly  as  follows: 

—  There  was  unanimous  agreement  that  CFD  can  provide  useful  design  guidance. 

--  All  authors  felt  that  CFD  could  represent  qualitative  secondary  flow  features  well. 

—  All  authors  concerned  with  turbine  blades  felt  that  it  was  vital  to  model  inlet  boundary  layers  adequately. 

—  Pressures  or  velocities  seemed  reasonably  well  predicted  by  all  CFD  codes  discussed. 

—  There  is  generally  much  more  disagreement  or  skepticism  concerning  how  accurately  they  now  predict  losses  and  exit 
flow  angles. 

—  Three  authors  used  partially-parabolized  methods.  Recognizing  that  these  codes  cannot  directly  treat  separated  flows, 
the  authors  still  felt  that  the  codes  modelled  the  most  important  secondary  flow  features  to  a  useful  degree. 

—  CFD  appears  ready  to  make  significant  contributions  to  heat  transfer. 

—  The  paper  presented  by  Adamczyk  introduced  a  third  level  of  three-dimensional  CFD  modelling.  I  define  the  first 
level  of  modelling  as  the  study  of  an  isolated  blade  row  in  three  dimensions  and  steady  flow.  The  second  level  of 
modelling  was  introduced  by  Denton  and  subsequently  others  wherein  the  effect  of  adjacent  blade  rows  is  taken  into 
account  by  circumferentially  averaging,  particularly  the  inlet  flow,  and  again  treating  the  problem  as  a  steady  flow.  The 
third  level  of  modelling  now  included  some  non-steady  terms  formerly  neglected  as  input  data  to  a  succeeding  blade 
row.  The  fourth  level  would  be  the  complete  three-dimensional  non-steady  multi-blade  row  problem. 

(2)  With  respect  to  hybrid  through-flow  analyses  for  multi-stage  turbomachines,  three  authors  introduced  refinements 
aimed  at  improving  these  methods  for  compressor  design.  However,  the  most  notable  event  which  occurred  in  this  area  was  the 
SNECMA  work  presented  by  Bernard  applying  this  concept  to  multi-stage  turbine  design  This  is  the  first  attempt  of  this  type 
which  I  have  become  aware  of.  The  importance  of  this  is  the  following.  The  state-of-the-art  for  multi-stage  turbine  design  is  a 
purely  axisymmetric  through-flow  computation,  just  as  it  was  for  compressors  until  recently.  Many  of  the  papers  presented  at 
this  meeting  have  illustrated  how  important  secondary  flows  are  in  turbines.  Yet,  it  is  totally  impractical  to  make  extensive  use  of 
CFD  in  the  design  of  a  multi-stage  turbine  because  of  the  time  and  expense  required.  What  is  needed  for  routine  design  is  a 
hybrid  computation  conceptually  similar  to  those  we  now  use  for  compressor  design.  The  models  used  for  turbine  secondary 
flows  may  be  different  and  they  may  take  some  time  to  develop,  but  any  reasonable  model  or  models  will  be  better  than  none  at 
all.  The  paper  presented  by  Papailiou  also  commented  on  the  applicability  of  the  hybrid  approach  to  turbines  as  well  as 
compressors. 

r<)  Many  papers  dealt  either  partially  or  exclusively  with  experimental  work.  These  experiments  which  in  many  cases 
included  exceptional  detail,  are  obviously  essential  for  evaluating  the  quality  of  existing  secondary  flow  models  as  well  as  for 
aiding  in  the  conception  of  new  models. 

(4)  This  meeting  covered  a  good  cross-section  of  secondary  flow  topics  and  was  well  attended.  Several  new  ideas  were 
presented  which  should  stimulate  future  research.  I  believe  the  meeting  served  a  useful  purpose. 
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5.  RECOMMENDATIONS 


(1)  Research  on  improved  CFD  models  should  concentrate  on  those  weaknesses  which  cause  inaccurate  or  questionable 
predictions  of  losses  and  exit  flow  angle.  This  deficiency  may  be  closely  coupled  with  the  state-of-the-art  of  turbulence 
modelling. 

(2)  More  future  work  should  focus  on  the  application  of  CFD  to  heat  transfer  prediction.  Efforts  consistent  with 
recommendation  (1)  above  will  also  contribute  to  this  area. 

(3)  The  third  level  of  CFD  computation  presented  by  Adamczyk  may  also  have  significant  impact  on  the  prediction  of  heat 
transfer  in  cooled  high  pressure  turbine  rotors.  An  effort  should  be  made  to  explore  the  influence  of  the  non-steady  terms  on 
this  heat  transfer  problem. 

(4)  The  refinement  of  hybrid  computation  schemes  for  through-flow  computations  in  multi-stage  compressors  should 
continue. 

(5)  Efforts  should  be  increased  for  the  development  of  hybrid  computation  schemes  applicable  to  through-flow 
computations  in  multi-stage  turbines. 

(6)  Another  AGARD  meeting  on  this  or  a  closely  allied  topic  would  be  appropriate  in  five  or  six  years. 
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SUMMARY 


A  radial  mixing  computation  method  is  presented  in  the  framework  of  an  integrated  Quasi-3D 
approximation  method  for  turbomachinery  flow  computations.  The  radial  mixing  computation  is  performed  on 
a  transverse  surface  S3,  the  only  type  of  streaasurface  hitherto  not  considered  in  the  Quasi-3D 
computation.  Both  convective  end  diffusive  mixing  mechanisms  are  taken  into  account  s  the  convective 
mixing  due  to  secondary  flows  is  computed  explicitly,  while  the  diffusive  mixing  due  to  the  random  effects 
of  turbulence  is  modeled  by  empirical  coefficients.  The  flow  field  on  the  S3-surfaoe  is  reconstructed 
from  the  knowledge  of  axial  vorticity  contributions  for  different  flow  regions,  which  are  added  to 
constitute  the  right-hand  side  of  a  quasi-harmonic  Poisson-type  streamfunctlon  equation.  These  axial 
vorticity  components  are  obtained  through  vorticity  equations  for  the  invisold  flow  region,  combined  with 
integral  methods  for  the  3D  end-wall  boundary  layers,  3D  profile  boundary  layers  and  3D  asymmetric  wakes. 
The  validity  of  the  secondary  flow  computation  is  assessed  through  comparisons  between  computational 
results  and  experimental  data.  The  method  is  applied  to  predict  the  redistribution  of  radial  temperature 
profiles  for  three  axial  turbomachines  :  a  linear  cascade  and  two  single-stage  compressor  rotors. 


SYMBOLS 

b  blockage  factor, 

boundary  layer  velocity  defect  parameter 
c  chord 

f  wake  profile  model  (Pohlhausen  polynomial) 
g  wake  profile  model  (bridging  function) 

h  static  enthalpy 

H  total  enthalpy 

relative  total  enthalpy 

I  rothalpy 

L  axial  stage  length 

n  boundary  layer  power  law  exponent 
N  number  of  blades 

q  heat  flux 

r  radius 

s  pitch,  streamwlse  coordinate 

T  static  temperature 

T  total  temperature 

a 

Tfc  relative  total  temperature 

T*  rotary  total  temperature 

U  wheel  speed 

V  absolute  velocity 

W  relative  velocity  (blade  row  reference  system) 

y  normal  or  circumferential  distance  from  wall 

Subscripts 
abs  absolute 
p  pressure  side 

s  suction  side,  streamwlse  direction 
Q3D  component  from  Quasl-3D  computation 
S3  component  from  S3  computation 
m,n,u  meridional  coordinates 

(meridional,  normal,  circumferential) 
z,r,8  cylindrical  coordinates 

(axial,  radial,  circumferential) 

Superscripts 

-  geometrical  pitch-average 

density-weighted  pitch-average 
'  deviation  from  geometrical  pitch-average 

"  deviation  from  density-weighted  pitch-average 

*  lnvlscld  or  'freeatream*  value 
(density-weighted  pitch -average) 

Notations 

[  ]®  difference  between  suction  and  pressure  side 


<*r  radial  flow  angle 

6  tangential  flow  angle 
8  *  blade  angle 
Y  stagger  angle 

6  physical  boundary  layer  thickness 
e  skewing  angle 

turbulent  diffusion  mixing  coefficient 
ew  wall  skewing  angle 

t  vorticity 
n  lean  angle, 

non-dimensional  distance  u/6 
M  dynamic  viscosity 
y  kinematic  viscosity 
p  density 

o  angle  between  meridional  and  axial  directions 


inv  lnvlscld  region 

vise  viscous  region 
ewbl  end-wall  boundary  layer  region 
pbl  profile  boundary  layer  region 

wake  wake  region 
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I.  INTRODUCTION 


As  the  design  requirements  for  turbomachines  (in  particular  axial  compressors)  have  Increased 
considerably  during  the  last  twenty  years,  aerodynamic  designers  are  continuously  compelled  to  analyse  the 
complex  flow  patterns  inside  these  machine?  in  greater  detail.  This  necessity,  together  with  the  advent 
of  powerful  digital  computers,  has  led  to  an  enormous  progress  in  the  development  of  computational  methods 
for  such  internal  flows. 

Although  fully  three-dimensional  inviscid  or  Navier-Stokes  codes  for  turbomaohinery  flow  computations 
are  emerging,  such  computations  are,  even  for  steady  flow,  at  the  present  time  too  time-consuming  to 
enable  them  to  be  used  currently  in  the  Industrial  design  process.  Therefore,  the  most  widely  used 
methods  today  are  the  so-called  'Quasi-3D'  methods,  which  allow  efficient  and  fast  computation  of 
turbomaohinery  flows  including  the  threedimensional  aspects  of  the  flow. 

These  methods  all  have  a  common  basis,  namely  the  streamsurfaoe  theory  of  Wu  [1 3 .  In  this  theory,  a 
general  three-dimensiona)  turbomaohinery  flow  is  decomposed  into  two  families  of  interacting 
two-dimensional  flows  on  intersecting  streamsurfaces  t  flows  on  hub-to-shroud  surfaces  or  S2-surfaces  and 
flows  on  blade-to-blade  streamsurfaces  or  Si-surfaces.  The  reduction  of  the  flow  to  an  assembly  of 
2D-flows  represents  a  large  simplification  with  respect  to  computational  procedures,  while  the 
three-dimensional  character  of  the  flow  is  conserved  through  the  Interaction  process  between  the  two 
families  of  2D-flows. 

Nearly  all  the  current  operational  Quasl-3D  computation  codes  contain  the  simplifying  assumption  that 
the  blade-to-blade  SI -streamsurfaces  are  surfaces  of  revolution,  i.e.  the  flow  remains  on  geometrically 
axlsymmetrie  surfaces  as  it  passes  through  the  machine.  However,  in  a  real  turbomaohinery  flow  this 
assumption  is  not  valid.  Several  physical  effects  generate  a  secondary  flow  pattern  in  a  transverse 
surface,  roughly  perpendicular  to  the  main  flow  direction,  thereby  destroying  the  geometrical  axisymmetry 
of  the  SI -streamsurfaces.  In  addition,  the  Si-surfaces  are  also  distorted  by  the  random  motions 
associated  to  turbulence. 

These  different  interactions  result  in  a  transfer  of  flow  properties  (in  particular  energy  and 
losses)  between  the  SI -streamsurfaces ,  i.e.  a  process  of  radial  redistribution  of  flow  properties.  This 
phenomenon  is  called  radial  mixing. 

The  present  paper  proposes  a  computational  method  to  integrate  the  effects  of  radial  mixing  into  a 
Quasi-3D  method  for  the  computation  of  turbomaohinery  flows,  in  order  to  obtain  more  accurate  predictions 
of  the  distribution  of  flow  properties  inside  a  turbomachine. 


II.  RADIAL  MIXING  :  PHYSICAL  MECHANISMS  AND  COMPUTATIONAL  METHODS 


As  indicated  In  the  introduction,  the  radial  redistribution  of  flow  properties  in  turbomaehine3  can 
be  attributed  to  two  different  physical  mechanisms  : 

a)  Convective  mixing  :  the  macroscopic  transport  due  to  the  radial  components  of  the 

deterministic  flows  in  a  transverse  surface 

b)  Diffusive  mixing  s  the  microscopic  transport  due  to  the  radial  components  of  the 

random  motions  associated  to  turbulence 

A  convective  mixing  computation  method  was  proposed  by  Adkins  and  Smith  [2],  who  were  the  first  to 
recognize  the  importance  of  incorporating  the  effects  of  radial  mixing  into  computational  methods  for 
multistage  axial  compressors.  They  put  forward  the  concept  that  radial  mixing  is  caused  exclusively  by 
secondary  flows  and  model  the  mixing  as  a  diffusion  process,  determining  the  local  values  of  the  mixing 
coefficient  from  computed  secondary  radial  velocities.  The  secondary  flow  computations  are  based  on 
Smith's  inviscid  secondary  flow  theory  and  include  the  effects  of  mainstream  non-free  vortex  flow, 
end-wall  boundary  layers,  tip  clearances,  blade  end  shrouding,  and  profile  boundary  layer  and  wake 
centrifugation. 

A  diffusive  mixing  model  was  introduced  by  Gallimore  and  Cumpsty  [3,*tJ,  who  concluded  from 
experimental  research  that  turbulence  is  the  dominating  mixing  mechanism.  They  compute  the  radial  mixing 
effects  by  introducing  transport  terras  of  diffusive  nature  into  a  streamline  curvature  computation  method, 
the  intensity  of  these  terms  being  determined  through  semi-empirical  turbulence-dependent  coefficients. 

Despite  the  fundamental  difference  between  their  basic  mixing  mechanisms,  both  methods  give  results 
that  compare  favorably  with  experimental  data.  This  is  perhaps  due  to  the  use  of  empirical  coefficients 
in  both  methods,  the  fine-tuning  of  which  can  obscure  possible  shortcomings  of  the  theoretical  mixing 
model  with  respect  to  the  physical  reality. 

Recently,  Wisler  et  al.  [53  conducted  a  comprehensive  measurement  program  to  determine  experimen¬ 
tally  the  nature  of  the  mixing  mechanism.  They  concluded  that  both  secondary  flows  and  turbulent 
diffusion  play  an  Important  role  in  the  mixing  process,  their  relative  importance  depending  on  the 
location  in  the  blade  row  :  diffusive  mixing  is  Important  everywhere  and  dominates  in  the  so-called 
'freestream'  or  'core'  flow  region,  while  convective  mixing  is  equally  important  in  low-momentum  flow 
regions  like  end-wall  boundary  layers,  profile  boundary  layers  and  wakes. 

De  Ruyck  and  Hirsch  [6,7,8]  proposed  a  radial  mixing  computation  method  which  presents  a  synthesis 
between  the  aforementioned  mixing  models,  since  both  convective  and  diffusive  mixing  are  accounted  for. 
The  results  from  the  computations  confirmed  the  experimental  results  of  Wisler  et  al.  [53  :  turbulent 
diffusion  was  found  to  be  an  important  mixing  mechanism  everywhere,  while  convective  mixing  takes  place  in 
the  low-momentum  flow  regions,  especially  at  high  blade  loadings.  However,  as  argued  by  Gallimore  and 
Cumpsty  in  their  discussion  of  the  results  of  Wisler  et  al.  [53,  this  apparent  convective  mixing  can  also 
be  attributed  to  non-lsotropic  diffusion  due  to  gradients  in  turbulence  intensity,  as  computations  of 
diffusive  mixing  with  non-uniform  turbulent  mixing  coefficients  (a  high  turbulence  level  in  the  viscous 
regions  and  a  lower  turbulence  level  in  the  inviscid  malnflow  region)  Indicated,  De  Ruyok  and  Hirsch  [63. 
Finally,  the  computations  showed  that  the  mixing  process  inside  a  blade  row  is  weak  compared  to  the  mixing 
effects  occurring  in  the  wake  region. 


XIX.  RADIAL  MIXING  IN  THE  FRAMEWORK  OF  A  QUASI-3D  COMPUTATIONAL  METHOD 


The  present  radial  mixing  computation  method  is  a  reformulation  and  extension  of  the  model  of  De 
Ruyck  and  Hlrsch  [6,7(8],  in  order  to  obtain  a  method  that  is  adapted  to  the  framework  of  an  operational 
Integrated  Quasi-3D  computation  code  for  turbomaohinery  flows,  which  Is  based  on  a  density-weighted 
pitch-averaging  procedure,  Hlrsch  and  Warzee  [9].  The  main  purpose  of  the  method  is  therefore  the 
computation  of  the  radial  redistribution  of  flow  properties  for  the  axiaymmetrjo  throughflow  on  the 
meridional  S2-plane,  through  detailed  computation  of  the  flow  effects  occurring  on  a  transverse  S3-plane. 

IH.t  Quaal-3D  turbomaohinery  flow  computation 

The  ourrent  approach  is  a  variant  of  the  original  Wu  method  :  it  consists  in  splitting  the 
turbomachine  flow  into  two  families  of  interacting  two-dimensional  flows,  using  a  density-weighted 
pitch-averaging  procedure,  Hlrsch  and  Warzee  [93.  The  first  flow  is  the  ciroumferentially  averaged  flow 
on  a  meridional  plane  (S2)  or  'throughflow',  the  axisymmetric  component  of  the  flowfleld.  The  second  flow 
is  the  blade-to-blade  flow  considered  on  a  streamsurfaoe  of  revolution  (SI),  obtained  by  rotation  of  a 
meridional  streamline,  which  contains  the  circumferential  distribution  of  the  non-axisymmetric  components. 
The  flows  on  the  SI-  and  S2-surfaces  are  not  independent,  but  influence  each  other  in  an  iterative  way; 
the  knowledge  of  the  flow  on  one  type  of  surface  being  required  to  solve  the  flow  on  the  other  type  of 
surface. 

Although  it  is  theoretically  possible  to  represent  a  threedimensional  flow  through  two  families  of 
twodimensional  flows  on  intersecting  streamsurf aces ,  Yih  [10],  the  current  Quasl-3D  approach  does  not  give 
the  complete  structure  of  the  flowfleld.  Indeed,  the  method  uses  only  one  throughflow  computation 
(S2-surface)  and  a  small  number  of  blade-to-blade  computations  (SI -surfaces)  in  the  iterative  procedure. 
Consequently,  flow  effects  occurring  in  a  third  kind  of  surface  -  a  transverse  surface  S3,  roughly 
perpendicular  to  the  main  flow  direction  -  are  negleoted,  which  means  that  radial  mixing  meohanlsms  are 
not  considered  and  radial  redistributions  are  not  accounted  for  in  the  flow  computation. 

III. 2  Turbomaohinery  streamsurfaces 

As  axisymmetric  geometry  is  a  general  feature  of  turbomaohinery,  an  orthogonal  meridional  coordinate 
system  (m,n,u)  is  especially  suited  to  represent  turbomaohinery  geometry  (Figure  1). 


Figure  1  :  Meridional  coordinate  system 


In  the  context  of  a  Quasi-3D  method  baaed  on  a  pitch-averaging  procedure,  it  is  logical  to  define  the 
streamlines  of  the  averaged  axisymmetric  flow  on  the  S2-plane  as  meridional  coordinate  lines. 
Consequently,  using  the  curvilinear  (m,n,u)-coordlnates  as  intrinsic  coordinates,  the  following  three 
families  of  orthogonal  surfaces  can  be  distinguished  $ 

(I)  Meridional  throughflow  planes  (S2-surfaces)  :  (m,n)-surfaces  containing  the  machine  axis 

(II)  Blade-to-blade  streamsurfaces  (SI -surfaces)  :  (m,u)-surfaces  of  revolution 
(lit)  Transverse  surfaces  (S3-surfaces)  :  (n,u) -surf aces  of  revolution 

This  clearly  shows  that  the  transverse  S3-surface,  orthogonal  to  the  meridional  direction,  appears 
naturally  as  a  third  kind  of  computational  surface  for  the  present  Quasi-3D  computation  method. 

The  present  Quasl-3D  computation  code  has  been  developed  in  a  cylindrical  coordinate  system  (z.r.8).  with 
the  z-axis  directed  along  the  machine  axis.  The  meridional  s2-piane  thus  becomes  an  (r,z)-plane,  but  the 
cylindrical  coordinates  form  no  Intrinsic  coordinate  system  for  the  SI-  and  S3-surfaces.  However, 
although  the  S3-surfaoe  appears  naturally  in  a  mathematical  way,  this  surface  is  not  suitable  from  a 
physical  and  computational  point  of  view.  Indeed,  most  of  the  experimental  data  on  secondary  flows  and 
associated  pphenoaena  in  axial  compressors  Is  obtained  in  measurement  planes  perpendicular  to  the  machine 
axis,  while  the  computation  stations  for  throughflow  computations  are  very  often  defined  as  stations  with 
a  constant  axial  coordinate.  Therefore,  the  information  from  a  mixing  computation  should  really  be 
obtained  on  an  (r,8)-plane,  perpendicular  to  the  machine  axis,  whose  Intersection  with  the  meridional 

52- plane  Is  a  thioughflow  computation  station.  Hence,  the  computation  will  be  directly  performed  on  an 
(r,8)-plane  and  the  resulting  flow  field  is  considered  as  the  projection  of  the  flow  field  on  thd  origlnsl 

53- surface  onto  this  plane. 

III. 3  Convective  mixing 

The  convective  mixing  is  defined  as  the  mixing  caused  by  the  flow  pattern  on  the  S3-surfaos.  It  is 
Important  to  note  that  the  S3  flow  field  is  considered  as  a  correction  with  respect  to  the  Quasl-3D  flow 
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Meridional  plane  Blade-to -blade  surface 

Figure  2  :  Orthogonal  surfaces  in  a  turbomachine 


field  and  is  not  the  classical  secondary  flowfleld,  associated  to  the  development  of  streamwise  vortielty. 

4  + 

Accordingly,  the  total  velocity  W  is  considered  to  consist  of  two  components  :  a  Quasi-3D  component 
and  a  transverse  component  : 


* 


(1) 


It  is  important  to  observe  that  the  Quasi-3D  component  does  not  only  contain  the  traditional  contributions 
from  the  throughflow  computation  and  the  blade-to-blade  computations  ,  but  also  Includes  the  2D-effects  of 
viscous  layers  (end-wall  boundary  layers,  profile  boundary  layers  and  wakes)  in  these  surfaces.  In  other 
words,  the  blockage  effect  of  the  viscous  layers  on  the  axial  velocity  profiles  and  the  subsequent 
Influence  on  the  continuity  equation  is  taken  into  account  in  the  Quasl~3D  approximation. 

By  definition,  the  transverse  component  Wg,  represents  any  deviation  between  the  real  flow  and  the 

Quasi-3D  flow.  Following  the  discussion  above,  this  means  that  the  transverse  flow  field  essentially 
contains  the  crossflow  components  of  the  viscous  layers  (circumferential  velocity  profile  for  the  end-wall 
boundary  layers,  radial  velocity  profile  for  the  profile  boundary  layers  and  wakes),  l.e.  the 
three-dimensional  effects  of  the  viscous  layers,  occurring  in  a  direction  perpendicular  to  the  computation 
surface  considered. 

Through  the  use  of  a  density-weighted,  geometrical  pitch-average,  each  of  these  components  can  be  further 
subdivided  into  an  averaged,  axisymmetrlc  component  and  a  'fluctuation'  component,  representing  the 
deviations  from  axisymmetry,  Hirsch  and  Warzee  [93  : 


w  •  u  +  U" 
Q3D  "Q3D  Q3D 


w  -  W  +  W" 
"S3  S3  S3 


(2) 


with  the  geometrical  pitch-average  or  'passage  average'  defined  by 

is 


A  - 


1 


e.*- 

3  p 


A  d6 


(3) 


and  the  density-weighted  pitch-average  defined  by 

A  »  pA  /  p 


pA" 


(»f) 


Through  this  approach,  one  can  distinguish  two  types  of  non-axisymmetric  contributions  to  the  velocity 
field  : 


a)  Non-axlsymmetries  due  to  the  flow  deflection  induced  by  the  blades: 

The  deflection  of  a  flow  by  a  blade  row  immediately  implies  the  existence  of  a  circumferential  pressure 
gradient,  i.e.  a  turbomachinery  flow  is  intrinsically  non-axisymmetric.  These  non-axisymmetric  compo¬ 
nents  are  determined  in  the  blade-to-blade  computation  on  the  St -streamsurfaces  and  influence  the 
throughflow  computation  of  the  axisymmetrlc  flow  components  through  Interaction  terms. 

b)  Non-axlsymmetries  due  to  flow  patterns  occurring  in  the  transverse  33-surface: 

These  non-axlsymmetries  are  hitherto  not  taken  lr'o  account  in  the  Quasi-3D  computation.  This  paper 
presents  a  method  to  compute  explicitly  those  non-axisymmetric  components  and  their  influence  on  the 
axisymmetrlc  throughflow  computation. 

For  a  detailed  discussion  of  the  averaging  process  and  averaging  rules,  the  reader  is  referred  to  Hirsch 
[113. 
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HI. 4  Diffusive  mixing 

The  diffusive  mixing  due  to  the  high  levels  of  turbulence  In  a  turbomachinery  flow  contributes  to  the 
radial  redistribution  of  flow  properties  In  a  kind  of  uniformisatlon  process.  The  influence  of  the 
turbulenoe  level  of  the  flow  on  the  mixing  process  is  modeled  through  the  use  of  a  'turbulent  mixing 
coefficient'  et,  the  values  of  which  were  found  to  correspond  to  the  wake  decay  diffusion  coefficient,  De 

Ruyck  and  Hirsoh  [61. 


IV.  CONVECTIVE  MIXING  COMPUTATION  s  GENERAL  PRINCIPLES 

The  flow  field  on  the  transverse  S3-plane  is  computed  explicitly  by  assuming  that  the  flow  effects  in 
this  surface  do  not  give  rise  to  velocity  components  perpendicular  to  the  surface,  i.e.  the  S3  flow  field 
is  assumed  to  be  two-dimensional  and  the  33-surface  forms  a  streamsurface  for  this  flow.  In  other  words, 
the  flow  effects  only  cause  additional  radial  and  circumferential  velocities,  which  are  associated  to  an 
axial  vortiolty.  Furthermore,  the  S3  flow  field  is  assumed  to  be  steady  relative  to  the  blade  row 
reference  system,  in  accordance  with  the  Quasi -3D  framework. 

IV.  1  Turi/bmachlnery  flow  regions 

A  turbomachinery  flow  is  always  highly  turbulent  and  viscous,  but  for  fluids  with  very  small 
viscosity,  Prandtl's  boundary  layer  theory  shows  that  viscous  effects  are  only  important  in  the  vicinity 
of  material  walls,-  On  this  basis,  the  turbomachinery  flow  can  be  considered  to  be  composed  of  four 
different  flow  regions  : 


(1)  Invlscid  flow  region  ('core'  region  between  viscous  layers) 

(ii)  End-wall  boundary  layers  region  (viscous  region  near  hub/tip  wall) 

(iii)  Profile  boundary  layers  region  (viscous  region  near  blades) 

(iv)  Wake  region  (viscous  region,  continuation  of  profile  boundary  layer) 


Each  of  these  regions  is  a  potential  source  of  flow  components  on  the  S3-surface,  but  the  underlying 
physical  mechanisms  are  different  in  each  case  (Figure  3). 


Flow :  Origin : 

1  Main  passage  vortex  Flow  non-uniformities 

2  Trailing  shed  and  filament  vortex  Spanwise  changes  in  circulation 

3  End  wall  boundary  cross  flow  Boundary  layer  overturning 

4  End  wall  b.  1.  passage  vortex  Boundary  layer  overturning 

5  Tip  clearance  flow  Tip  clearance  pressure  difference 

6  Profile  boundary  layer  radial  flow  Centrifugation 

7  Wake  radial  flow  Centrifugation 

8  Radial  diffusion  Turbulence 


Figure  3  :  Sources  of  flow  effects  on  the  S3-surfaco 


These  physical  mechanisms  will  be  detailed  in  subsequent  paragraphs,  where  the  computation  of  the  separate 
contributions  for  each  region  will  be  described. 


IV. 2  Fundamental  equations 
Streamfunctlon  » 

Assuming  the  turbomachinery  flow  compressible  and  steady  relative  to  a  blade  row,  the  continuity  equation 
(conservation  of  mass)  for  this  flow  is 


?.(pS)  -  0 


(5) 


Substitution  of  the  decomposition  (1),  taking  into  aooount  that  continuity  is  already  satisfied  by  the 
Quasi-3D  flow  field  (Including  boundary  layer  axial  blockage  effects),  leads  to  : 

$.(p$S3)  -  0  (6) 


Since  the  flow  on  the  S3 -plane  is  assumed  to  be  two-dimensional,  a  streamfunctlon  *(r,e)  can  be  intro¬ 
duced  to  satisfy  the  continuity  equation  (6).  In  cylindrical  coordinates,  f  is  thus  defined  by  : 
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r,S3 


1 1 M 

?  r  36 


(7) 


W  - 

"e,S3  p  3 r 


This  reduces  the  problem  of  determining  a  two-dimensional  flowfield  to  the  determination  of  the 
distribution  of  a  scalar  function. 


Polsaon-equatlon 

Taking  into  account  that  the  streamfuuction  is  independent  of  z  and  substituting  the  definitions  of 
equation  (7) ,  one  can  write  in  cylindrical  coordinates  t 


$.(-  $*)  ■  j:  gr  ‘  r  38  (Wr,S3) 


(8) 


The  axial  relative  vortioity  due  to  the  Quasi-3D  flow  field  is  given  by 


r  -  i  ?_( rw  )  -  1  —  (w  ) 

4z,Q3D  b  3rv  6,Q3D;  r  36^  r,Q3D' 


(9) 


and  is  a  priori  known  from  the  Quasl-3D  computations.  Substituting  equation  (9)  into  equation  (8),  taking 
into  account  decomposition  (1),  yields  the  following  final  equation 


$.(£■  $♦)  -  C2-  CZ(q3D  *  CZfS3 


(10) 


where  cz  represents  tne  axial  vortioity  component  of  the  total  flow  field. 

The  quasi-harmonic  Poisson-type  equation  (10)  determines  the  streamfunotion  distribution  in  the  S3-plane 
from  the  knowledge  of  the  axial  vortioity  Components  and  is  the  basic  equation  to  be  solved. 

IV. 3  General  computation  strategy 

”  For  the  computation  of  the  S3  flow  field,  the  following  superposition  principle  is  Introduced  : 

The  axial  vortioity  component  ?  can  be  decomposed  as  follows  : 

r  •  r  4 ■  r  (11) 

Ss,S3  Ss.SS.lnv  4z, S3, vise  v  ' 

cz,S3  inv  i9  the  axlal  v°fticlty  component  associated  to  the  S3  flows  induced  by  the  lnvlscid  'core'  flow 
region  and  is  defined  over  the  entire  computational  domain.  cz  S3  yigo  is  the  axial  vortioity  component 

associated  to  the  viscous  regions  and  consists  of  separate  contributions  for  each  type  of  viscous  region. 
All  the  axial  vortioity  components  relevant  to  the  flow  on  a  certain  S3-plane  are  superposed,  and  this 
yields  the  axial  vortioity  zz  33,  the  unknown  right-hand  side  of  the  basic  Poisson-equatlon,  from  which 

the  S3  flow  field  can  be  reconstructed. 

This  leads  to  the  following  sequence  of  computations  : 

(1)  Through  flow  computation 

(ii)  Computation  of  end-wall  boundary  layers  and  the  corresponding  pitch-averaged  axial  vortioity 
contribution 

(ill)  Computation  of  the  pitch-averaged  axial  vortioity  contribution  tz  iny  of  the  lnvlscid  flow  region 

(iv)  Computation  of  the  secondary  flow  field  induced  by  the  superposition  of  vortioity  contributions 
(11)  and  (ill),  through  the  solution  of  the  basic  equation  (10) 

(v)  Superposition  of  the  secondary  flow  field  on  the  Quasl-3D  flow  field 

(vi)  Computation  of  the  profile  boundary  layers  or  the  wake  and  the  associated  axial  vortioity  contri¬ 
bution  5z  or  ?z  wai<8  ,  depending  whether  the  S3-plane  (whose  Intersection  with  the  meridional 

plane  forms  a  throughflow  computation  station)  is  located  inside  the  blade  row  or  the  wake  region 

(vii)  Computation  of  the  secondary  flow  field  induced  by  the  vortioity  contribution  (vi)  through  the 
solution  of  the  basic  equation  (10) 

(vill)  Superposition  of  the  secondary  flow  field  on  the  flow  field  obtained  in  (v) 

(ix)  Computation  of  the  radial  mixing  effects,  including  the  effects  of  turbulent  diffusion,  through  a 
stationary  transport  equation 

The  computational  domain  on  which  the  basic  equation  (10)  has  to  bo  solved  is  delimited  by  the  intersec¬ 
tion  of  the  SJ-plane  considered  with  the  hub  and  tip  end-walls  and  the  surfaces  of  two  adjacent  blades  or 
their  imaginary  extensions  into  the  wake  region  (periodicity  of  turbomachinery  flow).  For  numerical 
computations,  a  regular  radial-tangential  mesh  allowing  non-uniform  spacings  (l.e.  clustering)  is 

generated. 
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V^.  CONVECTIVE  MIXING  ;  INVISCID  FLOW  REGIO.V 
V.1  Phygloalmechanlam 

The  lnviscld  flow  region  contributes  to  the  S3-flowfield  through  the  well-known  classical  secondary 
flow  mechanism  :  deflection  (through  the  presence  of  material  walls)  of  a  sheared  flow  generates  flows  in 
a  surface  perpendicular  to  the  main  flow  direction. 

V.2  Analytical  equations 

the  governing  equation  of  motion  for  the  invlsold  part  of  the  flow  is  the  Helmholtz  vortiolty 
equation,  written  relative  to  the  blade  row  (absolute  frame  of  reference  for  a  stator  s  steadily  rotating 
frame  of  reference  for  a  rotor)  [12]  : 


||  ♦  (w.$);  -  [(c-^)w  -  c.($.iv)3  ♦  ?px$(|>  +  ?x?e  +  2[(S.^)w  -  £.($.i})] 


5  ■  ?  *  5  relative  vortioity 

2  -  Q.t  rotation  vector 
z 

If  one  neglects  the  presence  of  volume  forces  and  assumes  the  fluid  to  be  a  perfect  gas  with  polytropie 
behaviour,  the  Helmholtz  equation  can  be  written  in  a  condensed  conservative  form,  using  the  tensorial 
product  0  : 


Kt,1  ♦  ‘.bP51 


Note  that  the  vorticity  appearing  in  the  equation  13  the  absolute  vortioity  (Cabs-  t  +  28)  .  Furthermore, 

although  the  equation  takes  compressibility  effects  into  account,  the  density  does  not  appear  in  the 
equation  1 

Since  the  method  is  developed  in  the  framework  of  a  Quasi-3D  method  based  on  an  averaging  procedure,  it  is 

assumed  that  the  axial  vorticity  contribution  t  .  can  be  adequately  approximated  by  its 

z  f oj p xnv 

passage-averaged  value  c2  Sj  lny.  Indeed,  only  spanwise  passage-averaged  profiles  of  all  the  Qua3i-3D 

flow  properties  are  available,  and  in  fact,  the  passage-averaged  axial  vorticity  represents  the  'trace'  of 
the  unknown  circumferential  non-axlsymmetric  velocity  distribution.  It  is  precisely  from  this  trace  that 
the  velocity  field  on  the  S3-plane  will  be  reconstructed. 

Therefore,  the  axial  projection  of  equation  (14)  is  passage-averaged,  yielding  : 


if  i-F 

m  3m  abs,z 


1  3(bWz) 
?abs,r  b  3r 


•  <abs,z  k  5F(rbV  + 


2xb/N  C(?abs'n)Wz'5p 


♦  —  iL  rrb(Wt'  -  W’t'  )] 
br  3r  L  'Vabs,r  Vabs,z'J 


where  b  is  the  tangential  blockage  factor  defined  by  0g-  ep  -  2ub/N  and  n,  the  vector  perpendicular  to  the 
blade  surface  S,  is  defined  as 


n  •  $S  •  (-  |  tgn).T,  ♦  (|).10  +  (-  p  tg8').fz 


with  the  blade  surface  angles  defined  as 


tgn  -  r  lean  angle 


tgg'  “  r  fz  blade  angle 


Simplifying  equation  (15)  by  neglecting  the  fluctuation  terms  and  assuming  constant  blockage  (which 
amounts  to  an  error  of  second  order)  yields 


wLr  .7  I_z  ~  I  L(Pw  1 
m  3m  4abs,z  4abs,r  3r  4abs,z  F  3r'  r' 

bs  ^abs,rtgn  ”  ^abs.e  +  ^abs,zt8®'^Wz^p 


Furthermore,  the  flow  on  the  SI -surfaces  is  considered  to  be  a  potential  flow.  Hence,  the  absolute 
vorticity  component  normal  to  any  SI  surface  is  zero  and  this  yields  the  following  relation  between  radial 
and  axial  vorticity  components  : 


c  .  *  t  .  coso  -  t  ,  sino  -  0 

n,abs  sr,aos  vz,abs 


5r,abs  ’  bg0  5z,abs 
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wher#  o  is  the  angle  between  the  meridional  and  axial  direotions.  Equation  (18)  thus  beoomes  : 

*m  3a  ^abs,z  "  ^abs,z  ^t8°  3r  *z  F  3r*r*r^  ^q) 

‘  k  (<abs.z(t8°t8n  +  t8*’)  ’  <abs,8)[Vp 

This  equation  describes  the  evolution  in  the  meridional  direction  of  the  axial  component  of  the  absolute 
total  vorticity  associated  to  the  invisoid  flow  region. 

The  last  term  describes  the  generation  of  axial  vorticity  through  the  presence  of  a  defleotion  [W„3®  . 

Z  P 

This  defleotion  can  either  be  obtained  directly  from  a  blade-to-blade  computation  or  has  to  be  estimated 
from  throughflow  properties  by  expressing  that  the  normal  component  of  vortioity  is  zero  (eq.  19),  and 
pitch-averaging  this  condition  yields 


LVl  ■  bs  0080  F  k(rVe,Q3D) 


Of  course,  this  deflection  is  considered  in  the  invisoid  approximation,  since  it  would  otherwise  be  zero 
because  of  the  no-slip  condition. 

The  first  term  describes  the  generation  of  axial  vorticity  through  radial  veloolty  gradieents  and 
corresponds  to  the  physical  mechanism  of  vortex  stretohlng.  It  is  important  to  note  that  these  veloolty 
components  are  total  velocities,  l.e.  t 


Wr  '  Wr,Q3D  +  Wr,S3 


and 


W  ■  W 
Z  Z,Q3D 


(22) 


The  passage-averaged  tangential  vorticity  aba  is  computed  directly  from  the  definition 


3W_  3W_  3W_  3W 


'abs.8-  3T  -  5T  ■  5T-  5T-  UbB’CV?  ■  t8”CV^ 


(23) 


in  which  the  velocity  components  are  again  total  velocities. 

V.3  Numerical  solution 

The  basic  equation  to  be  solved  is  the  pitch-averaged  axial  component  cf  the  Helmholtz  vorticity 
equation,  equation  (20),  whereby  the  following  parameters  are  considered  to  be  known  i 

1 )  blade  and  blade  row  geometrical  data 

2)  Pitch-averaged  velocities  t  W  ,  W 

s  r  z 

3)  Velocity  Jump  [Wz]p  s  either  known  directly  from  a  blade-to-blade  computation  or  from  eq.  (21) 

'O  Averaged  tangential  vorticity  component  ;a(ja  g  is  estimated  through  eq.  (23) 

The  only  remaining  unknowns  are  the  averaged  total  vorticity  ;aba  z  ,  whioh  is  the  main  unknown  variable 

and  the  Jump  in  radial  velocity  [Wp]8.  The  latter  unknown  can  be  computed  through  an  additional  equation 

obtained  by  pitoh-averaging  the  mass  conservation  law  over  a  half  pitch  and  assuming  a  parabolic 
distribution  for  Wg  and  a  linear  distribution  for  Wp,  which  yields,  neglecting  density  variations  in  the 

circumferential  direction  : 


rar  i>rtVp>  *  •  ra’  5?<"-<Vp>  ' 


*absfz 


br  Sr^^e.QSD* 


(2K) 


This  second-order  linear  ordinary  differential  equation  is  discretized  using  second-order  accurate  central 
finite  differences  for  a  regular  mesh  with  non-uniform  mesh  spacings  on  the  S3(r,8)-plane.  This  results 
in  a  linear  tridiagonal  system,  that  can  easily  be  solved  using  the  Thomas-algorithm  [12]. 

Remark  however,  that  this  computation  of  the  velocity  Jump  [W„]8  is  not  necessary  if  its  order  of 
magnitude  is  much  smaller  than  the  other  terms  in  eq.(23). 


The  basic  equation  can  now  be  written  in  the  form  : 


Vf  —  F 
m  3m  *abs,z 


f{m’  w> 


(25) 


and  will  be  numerically  solved  using  a  fourth-order  Runge-Kutta  Integration  method.  The  equation  is 
thereby  Integrated  in  the  m-dlrectlon  from  the  blade  row  inlet  to  the  blade  row  outlet  in  several 
intermediate  steps,  and  at  each  step  the  right-hand  side  of  eq.  (20)  is  recomputed.  Each  time,  this 

recomputatlon  Involves  solving  the  additional  equation  (24)  to  estimate  [Wp]8  and  using  linear 
interpolation  to  estimate  Quasi-30  quantities  between  throughflow  computation  stations.  The  radial 
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derivatives  occurring  In  the  rha  of  eq.  (20)  ara  again  estimated  using  seoond-order  aoourate  central 
finite  difference  formulaea  for  a  regular  mesh  with  non-uniform  spaolng. 


VI.  CONVECTIVE  MIXING  !  END-WALL  BOUNDARY  LAYER  REGION 
VI. 1  Phyaloal  mechanism 

in  an  end-wall  boundary  layer  (EWBL),  orossflows  are  generated  as  a  eonsequenoe  of  the  higher 
curvature  of  streamlines  inside  the  EWBL,  neoesaary  to  maintain  equilibrium  with  the  pressure  gradient 
between  the  pressure  side  and  suction  side  of  the  blade  passage  while  the  mainflow  veloolty  decreases  from 
its  freestreaa  value  at  the  boundary  layer  edge  to  aero  at  the  wall.  These  orossflows  then  generate 
radial  flows  through  the  presenoe  of  the  blade  walls. 

Also  included  in  this  region  is  the  lnfluenoe  from  tip  clearances,  causing  leakage  flows  from  the  pressure 
side  to  the  suction  side  of  the  blade. 

The  overall  result  is  thus  a  2D  flow  pattern  in  the  S3-surface,  whloh  has  not  been  taken  into  account  in 
the  Quasi-3D  computation,  although  the  blockage  effect  of  the  EWBLs  on  the  axial  velooity  profile  has  been 
Introduced  in  the  Quasi-3D  computation. 

VI. 2  Analytical  equations 

fcnd-wail  boundary  layers  (EWBL)  are  predicted  through  a  3D  integral  method  where  end-wall  secondary 
flows  and  clearance  effects  are  introduced,  De  Ruyck  and  Hirsch  [13, IV, 15].  The  EWBL  procedure 
essentially  solves  3D  integral  equations,  l.e.  the  entrainment  equation  and  the  m-  and  n-projeotions  of 
the  momentum  equation,  taking  into  account  extra  relations  like  Ludwleg-Tillman's  skin  friction  relation 
and  correlations  for  the  defect  force,  De  Ruyck  and  Hirsch  [7].  Closure  is  obtained  by  the  use  of 
passage-averaged  velocity  profile  models.  For  the  Quasi-3D  computation,  the  axial  veloolty  distribution 
inside  the  EWBL  and  the  corresponding  circumferential  velooity  distribution  are  given  by  s 

.  i  -  b  o  - 1  )n 

wz.w3o  4  (26) 

W0,ewbl  "  Wz,ewbl 


The  circumfer.  A.  '■  il  crossflow  velocity  profile,  associated  with  the  3D  effects  of  the  EWBL  and  inducing 
flows  on  the  S’  surface,  is  modeled  as  : 


W8j,S3,ewbl 

Wz,Q3D 


u  -  u 
0  0,ewbl 

- A 

Wz,Q3D 


(l-b)tge;  (1  -  J  )" 


(27) 


where  y  is  the  normal  distance  from  the  end-wall.  Observe  that  the  EWBL  crossflow  is  thu3  defined  as  the 
non-collateral  part  of  the  boundary  layer  flow. 

For  a  detailed  description  of  the  EWBL  computation  procedure,  the  reader  is  referred  to  De  Ruyck  [IV]. 

VI. 3  Vortlclty  contribution 

The  axial  vorticlty  component  associated  to  this  EWBL-contributlon  to  the  S3  flow  pattern  is 
estimated  through  the  following  equation,  which  has  been  derived  by  averaging  the  axial  component  of  the 
definition  of  vorticlty  : 


*z,ewbl  "  r~3r  <r”e,S3,ewbl)  '  bs  tgn  tW8,S3,ewbl^p  '  bs_CWr,S3,ewbi:lp  (28) 

The  second  term  can  be  neglected  with  respect  to  the  first  in  most  cases  (tgn  small),  but  this  is  not  the 
case  for  the  last  term.  For  the  numerical  computation  of  the  radial  derivatives  second-order  accurate 
central  finite  differences  for  a  mesh  with  non-unifcrm  spacing  are  again  used. 


VII.  CONVECTIVE  MIXING  ;  PROFILE  BOUNDARY  LAYERS 
VII.  1  Physical  mechanism 

Boundary  layers  along  turbomaohlne  blades  are  three  dimensional  and  contribute  to  both  the  radial 
convection  and  turbulent  diffusion.  Physically,  the  low-momentum  profile  boundary  layer  fluid  is 
centrifugated  by  the  rotary  movement  in  a  rotor  and  moves  inward  through  pressure  gradients  in  a  stator. 

VII. 2  Analytical  equations 

In  the  present  approach,  the  boundary  layer  equations  are  developed  in  the  cylindrical  coordinate 
system,  and  not  in  a  coordinate  system  associated  to  the  profile  walls,  which  is  a  rather  unusual  way  to 
proceed.  It  presents  however  some  practical  advantages  such  as  an  easier  theoretical  development  and  an 
easier  computation.  The  3D  integral  boundary  layer  equations  used  can  be  found  in  De  Ruyck  and  Hirsch 
[7,8].  In  order  to  obtain  closure,  models  for  the  velooity  distribution  inside  the  profile  boundary  layer 
are  Introduced.  In  analogy  with  the  EWBL  profile  models,  the  following  model  equation  is  used  for  the 
radial  velocity  profile  associated  with  the  3D-effeots  of  the  profile  boundary  layer  : 

■  jCMailf*1-  .  (,-««.•  (,  -  £  f 

V«3D  “,.M» 


(29) 


wnere  ar  is  the  radial  flow  angle  (induoed  by  through flow,  and  invisoid  and  EWBL  region  S3  flows),  and  y/6 
is  the  non-dimensional  oiroumferential  distance  from  the  profile  wall,  W#  ^  denotes  the  streamwlse 

velocity  profile  inside  the  profile  boundary  layer  (s  lines  are  the  projection  of  streamlines  on  an 
axisyometric  streaosurfaoe),  and  is  modeled  by 

-  i  -  b  (i  -  nn  Go) 

w  0 

"s,Q3D 


Observe  that  the  profile  boundary  layer  contribution  to  the  S3  flowfield  is  modeled  in  suoh  a  way,  that 
the  radial  velocities  induoed  by  the  invisoid  and  EWBL  flow  regions  are  already  taken  into  account  for  the 
PBL  computation  (through  the  radial  flow  angle),  i.e.  the  PBL  contribution  is  an  extra  radial  veloolty 
component,  to  be  superposed  on  the  previous  components. 

VII. 3  Numerical  solution 

Analogous  to  the  EWBL  procedure,  the  fundamental  Integral  equations  can  be  written  in  the  following 
form  : 


fjjj  (b,  tge^,  n}  -  F{m,  b,  tge^,  n}  (3D 

where  b,  tge^  and  n  are  the  unknown  variables  for  which  the  system  must  be  solved.  However,  in  the 

profile  boundary  layer  computation  there  is  a  set  of  unknowns  {b,  tge^,  n)  for  each  radial  position  and 

each  blade  side,  while  the  EWBL  computation  contains  only  two  sets  of  unknowns,  for  the  hub  and  tip 
boundary  layer  respectively.  Therefore,  the  system  of  equations  (31 )  is  actually  Integrated  in  the 
m-dlreotion  for  every  radial  position.  Again,  a  fourth  order  Runge-Kutta  integration  from  blade  row  inlet 
to  blade  row  outlet  is  used,  while  the  discretization  techniques  for  radial  derivatives  are  identical  to 
the  previous  ones. 

The  following  parameters  are  again  considered  as  being  known  : 

1 )  Blade  row  and  blade  geometrical  data 

2)  Pitch-averaged  velocities  :  W  ,  W  ,  W . 

r  z  0 

3)  Secondary  flowfield  induced  by  the  invisoid  flow  region  and  the  end-wall  boundary  layers 
Initialisation 

The  profile  boundary  layer  computation  is  initialised  by  assuming  the  following  default  values  for  the 
momentum  thickness  and  shape  factor  :  9-0.001,  H-1.3,  which  are  typical  values  for  a  'well-behaving'  thin 

boundary  layer. 

VII. H  Vortlclty  contribution 

The  axial  vortioit.y  component  associated  to  the  contribution  of  the  profile  boundary  layer  flows  to 
the  S3  flow  pattern  is  approximated  by  : 


r  -  -  —  —  U  (72) 
S.pbl  r  ae  r,S3,pbl  ' 

whereby  it  is  assumed  that  for  profije  boundary  layer  flows,  radial  variations  may  be  neglected  with 
respect  to  circumferential  variations.  Observe  that  a  local  value  for  the  vortlclty  is  determined,  in 
contradiction  with  the  invisoid  and  EWBL  vorticities  which  are  pitch-averaged  quantities. 


VIII.  CONVECTIVE  MIXING  i  WAKE  REGION 


VIII. 1  Physical  mechanism 

Since  the  wake  is  the  continuation  of  the  profile  boundary  layer  region,  the  convective  mixing  is 
caused  by  the  same  mechanism,  namely  by  centrifugation  of  the  low-momentum  fluid.  In  addition,  the  wake 
can  be  considered  as  a  very  important  element  in  the  overall  mixing,  sinoe  peak  radial  velocities  are 
observed  in  the  near  wake,  where  very  low  velocities  may  induce  a  very  strong  centrifugation  effect. 

VIII. 2  Analytical  equations 

Adkins  and  Smith  [2]  treated  the  wake  by  writing  the  mainstream  and  radial  momentum  conservation  laws 
along  the  wake  center.  They  characterise  the  radial  flows  by  'peak'  radial  velocities  at  the  wake  center 
whereas  the  total  amount  of  radial  flow  is  found  by  modeling  the  wake  profiles.  Since  symmetric  wake 
models  are  used,  they  are  not  able  to  simulate  asymmetric  radial  wake  profiles. 

In  the  present  wake  approach,  pressure  and  suction  side  of  the  wake  are  treated  separately  and  the  conoept 
of  'peak  velocities'  Is  not  used,  De  Ruyok  und  Hirsch  [7].  The  reason  for  this  is  that  wake  profiles  may 
be  very  asymmetric,  and  pressure  and  auction  side  radial  flows  may  even  have  opposite  signs  as  appears  in 
the  experiments  of  Bring  et  al.[16]. 

Wake  profiles 

A  model  is  introduced  determined  by  a  function  f  and  the  skewing  angle  e.  It  is  valid  at  one  of  the  wake 
sides,  the  two  wake  sides  being  coupled  by  a  'bridging  function'  g.  The  streamwlse  velooity  profile 
Inside  the  wake  layer  is  modeled  as 
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s, wake 
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W3,Q3D 


1  -  bf(n)  -  (b-b)g(n) 


(33) 


while  the  radial  velocity  profile  assoolated  to  the  3D  effects  of  the  wake  and  lnduoing  flows  on  the 
S3-surface  is  oodeled  by 


Wr. S3. wake  V  Hs.«aket8<Y 
■"  ■Jr*1  ■  •  •"  1  a .  1  1 

Ws,Q3D  Ws,Q3D 

-  (1-b)(tge)f(n)  +  (O-b)tge  -  (l-b)tge)g(n)  ♦  (1-b)(tgo  -  tgo)g(n) 
where  n  is  the  non-dimensional  circumferential  distanoe  from  the  wake  centerline  and 
f(n)  -  1  -  6n*  ♦  8n‘  -  3n'  g(n)  -  e'n/T)# 


(3D 


(35) 


The  overbars  in  equation  (35)  indicate  arithmetic  mean  values  between  pressure  and  suction  side.  Notice 
that  radial  velocities  induced  by  the  troughflow  and  the  S3  flow  regions  in  the  blade  row  have  been  taken 
into  account  through  the  radial  flow  angle  op.  The  function  g  corrects  the  profile  in  the  neighbourhood 

of  the  centerwake  to  fit  with  the  opposite  wake  side.  It  affects  the  profile  over  a  distanoe  determined 
by  n«.  For  small  values  of  no,  pressure  and  suction  side  of  the  wake  conserve  their  identity,  at  higher 

values  both  sides  are  mixed  and  the  wake  shape  becomes  more  symmetric.  Large  second  derivatives  are 
present  around  the  centerline  and  the  asymmetry  gives  rise  to  a  diffuse  mixing  between  pressure  and 
suction  side  of  the  wake.  Hence  no  can  be  approached  by  the  following  formula,  based  on  diffusion  theory 


no 


;  /e.Az/W 

o  t  Z 


(36) 


where  Az  is  the  distance  from  the  trailing  edge  and  et  is  the  turbulent  mixing  coefficient  which  will  be 
discussed  below. 

Wake  momentum  equations 

three-dimensional  integral  wake  momentum  equations  are  used.  Since  pressure  and  suction  side  of  the  wake 
are  considered  separately, the  following  set  of  integral  equations  is  solved  s 

1)  Axial  momentum  equation,  integrated  over  the  wake  thickness,  at  both  the  pressure  side  and  the  suction 
side 

2)  Radial  momentum  equation,  lntgrated  over  the  full  wake  width 

3)  Axial  momentum  equation,  expressed  locally  at  the  wake  center 

1)  Difference  between  the  local  axial  momentum  equations  at  pressure  and  suction  sides 
5)  Difference  between  the  local  radial  momentum  equations  at  pressure  and  suction  sides 

The  reader  is  referred  to  De  Ruyck  and  Hlrsch  [7,83  for  a  detailed  derivation  and  discussion  of  these 
equations. 

VIII. 3  Numerical  solution 


Wake  Initialisation 

the  wake  computation  is  initialised  by  carrying  over  two  parameters  from  the  PBL  computation  :  the  shape 
factor  H  and  the  physical  boundary  layer  thickness.  Using  the  velocity  profile  models,  all  other 
variables  needed  to  start  the  wake  computation  can  be  calculated  from  these  two  variables. 

Wake  computation 

The  system  of  wake  equations  also  assumes  the  form  of  eq.  (31).  They  are  also  Integrated  in  the 
m-direotion  using  a  Runge-Kutta  method,  starting  at  the  trailing  edge  and  proceeding  to  a  specified 
distance  downstream  of  the  trailing  edge.  The  equations  are  again  discretized  using  second-order  accurate 
central  differences  for  a  mesh  with  non-uniform  spacing. 

The  following  parameters  are  again  considered  as  being  known  : 

1)  Geometrical  parameters 

2)  Pitch-averaged  velocities  :  W  ,  W  ,  W 

*  Z  u 

3)  Secondary  flowfleld  induced  inside  the  preceding  blade  row  by  the  lnviscid 
flow  region,  the  end-wall  boundary  layers  and  the  profile  boundary  layers 

VIII. 1  Axial  vortiolty  contribution 

The  axial  vortlclty  component  associated  to  the  contribution  of  the  wake  flow  to  the  S3  flow  pattern  is 
approximated  by  : 


r  m  -  —  —  U  (-J7) 

4z,wake  r  38  r, S3, wake  ' 

As  for  the  profile  boundary  layer  flows,  it  is  assumed  that  radial  variations  may  be  neglected  with 
respect  to  circumferential  variations.  Again  observe  that  a  local  value  for  the  vorticity  is  determined. 


M2 


IX.  TURBULENT  MIXING 

The  high  turbulence  levels  In  a  turbomachinery  flow  also  contribute  substantially  to  the  radial 
mixing  process,  as  shown  experimentally  by  Galllmore  and  Cumpsty  C33.  No  attempt  Is  made  here  to  make  an 
explicit  computation  of  the  turbulence  field,  since  the  mechanism  of  turbulence  and  Its  numerical 
simulation  Is  still  largely  an  unresolved  problem.  Rather,  the  effects  of  turbulence  are  Introduced 
through  the  use  of  an  empirical  'turbulent  mixing  coefficient'  et  .  Since  it  has  been  mentioned  that  the 

wake  has  a  large  Impact  on  the  radial  mixing  process,  DeRuyck  and  Hirsch  [6],  It  seems  logical  to 
correlate  this  overall  turbulent  mixing  coefficient  to  a  parameter  describing  the  magnitude  of  turbulent 
diffusion  in  the  wake.  According  to  Schllchting  [173,  the  following  expression  can  be  used  for  the  wake 
decay  diffusion  coefficient  : 


e.-  K6bW 
t  z 


(38) 


where  6  denotes  the  physical  wake  thickness  and  K  depends  on  the  turbulence  intensity.  Following  values 
were  observed  when  applying  the  wake  theory  on  some  test  cases,  De  Ruyck  and  Hirsch  [7]  : 

K  «  0.005  for  an  airfoil  wake  with  thin  trailing  edge 
K  «  0.010  for  a  compressor  blade  wake  at  design  point 
K  -  0.0*15  for  a  compressor  blade  wake  near  stall 
K  •  0.0*17  for  a  cylinder  wake  (Schllchting,  1968) 

leading  to  the  following  general  non-dlmenslonal  values  : 

Et 

* —  *  0.001  for  a  compressor  blade  wake  at  design  point 


x —  »  0.006  for  a  compressor  blade  wake  near  stall 


Interestingly,  these  values  are  of  the  same  order  as  the  global  mixing  coefficients  observed  by  Galllmore 
and  Cumpsty  [33.  see  De  Ruyck  and  Hirsch  [63. 


X.  GENERAL  MIXING  EQUATION 


The  governing  equation  for  the  radial  mixing  process  Is  derived  from  a  basic  law,  l.e.  the  first  law 
of  thermodynamics  formulated  for  a  compressible  flow.  Neglecting  volume  forces  and  external  heat  sources, 
assuming  3tead>  flow,  taking  Into  account  only  the  contribution  of  the  work  of  the  shear  stresses  related 
to  the  viscous  diffusion  of  kinetic  energy  and  assuming  the  Prandtl  number  Pr  «  tiCp/k  equal  to  one,  the 

energy  equation  for  the  blade  row  reference  system  reduces  to,  see  Hirsch  [123  : 


l(pi$I)  -  ?.(u$Hr) 


(39) 


with  the  rothalpy  I  defined  as 


U2  It2 

1  ■  h  *  r  z  ‘  H "  uve  (l)0) 

where  H  «  h  +  V*/2  13  the  total  enthalpy  and  H  -  h  +  H*/2  is  the  relative  total  enthalpy.  Comparing 

equation  (39)  with  the  energy  equation  ?.(pWI)  -  0  (rothalpy  constant  along  a  streamline)  for  the  Quasi-3D 
formulation  incorporating  the  distributed  loss  model,  one  sees  Immediately  that  the  non-zero  right-hand 

side  describes  a  diffusion  of  energy  between  the  streamlines,  thereby  destroying  the  constancy  of  the 

rothalpy. 

In  a  turbomachine,  the  energy  is  most  often  described  by  the  total  temperature,  so  the  mixing  should  be 

p 

performed  on  this  flow  property,  Hirsch  and  Dring  [18].  Defining  the  relative  total  temperature  as  T.  - 

*  7 

H  /C  and  the  rotary  total  temperature  T  -  I/C  and  taking  into  account  the  continuity  equation,  equation 
r  p  up 

(39)  Is  further  reduced  to  : 

(O)T*  -  £  atT  -  »/at{  (*M) 

t  P  t  t 

with  the  kinematic  viscosity  appearing  as  a  diffusion  coefficient.  Since  a  turbomachinery  flow  Is 
highly  turbulent,  this  coefficient  will  of  course  be  the  eddy  viscosity  and  not  the  much  smaller  molecular 
viscosity.  Thus,  we  may  define  this  coefficient  as  the  turbulent  diffusion  mixing  coefficient  efc,  which 

yields  the  following  mixing  equation  : 


(W.$)T*  -  e,  4t£ 


(H2) 
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For  a  stator  blade  row  ,  and  a  convection-diffusion  equation  for  the  total  temperature  Is 
obtained. 

Inserting  decomposition  (1),  taking  Into  account  that  one  seeks  to  compute  the  radial  redistributions  on 
the  meridional  plana,  due- to  hitherto  neglected  flow  effects  on  the  transverse  S3-plane,  and  thus  reducing 
the  convective  velocity  In  the  S3-plane  to  the  S3  velocity,  gives  s 
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whereby  3*t£/3z1  was  assumed  to  be  very  small. 

This  transport  equation  controls  the  energy  redistribution  in  the  machine.  In  the  right-hand  side,  two 
different  sources  of  energy  redistribution  can  be  distinguished  : 


1)  The  first  two  terms  of  the  transport  equation  are  determined  by  the  velocity  components  Wp  ^  and 
and  hence  describe  the  convective  mixing  of  the  rotary  total  temperature  by  the  S3  flow  field. 


2)  The  last  term  is  of  a  diffusive  nature  totally  determined  by  et,  the  turbulent  mixing  coefficient  and 
hence  describes  the  diffusive  mixing  of  the  relative  total  temperature  by  turbulence. 

It  is  important  to  note  that  the  transport  equation  (M3)  describes  a  two-  dimensional  mixing  process  in 
the  S3-plane.  Notice  that,  if  the  kinetic  energies  are  small  compared  to  the  static  enthalpy,  equation 
(M3)  may  be  reduced  to  a  2D  convection-diffusion  equation  for  the  static  temperature. 

The  boundary  condition  for  the  mixing  equation  expresses  that  the  machine  operates  adiabatlcally. 

The  mixing  equation  (M3)  is  solved  numerically  by  a  two-dimensional  upwind  discretisation,  again  using 
second-order  accurate  finite  differences  for  a  non-uniform  mesh. 


XI.  RESULTS 

The  present  method  is  applied  to  three  test  cases  : 

I)  VUB  linear  cascade,  tested  at  the  Department  of  Fluid  Mechanics  of  the  Vrije 
Unlverslteit  Brussel 

II)  UTRC  single  compressor  rotor.  Investigated  by  Dring  et  al.  [16] 

ill)  ONERA  single  compressor  rotor,  Investigated  by  Larguier  [19] 

These  three  cases  have  different  secondary  flow  patterns,  and  consequently  a  different  radial  mixing 
behaviour.  The  cascade  has  no  centrifugation  effects  and  a  weak  non-free  vortex  behaviour,  so  the 
end-wall  boundary  layer  convection  effects  will  be  dominant.  The  blades  of  the  ONERA  rotor  have  a 
radially  constant  solidity  and  no  twist,  which  causes  a  substantial  non-free  vortex  behaviour,  so  the 
secondary  flows  induced  by  the  inviscld  flow  region  will  be  dominant.  The  UTRC  rotor  is  more 
representative  for  commercial  machines,  where  the  different  flow  regions  that  contribute  to  the  secondary 
flow  pattern  are  more  or  less  of  equal  Importance. 

The  main  geometrical  and  flow  parameters  for  these  machines  are  summarised  in  table  1 . 


VUB  cascade 

ONERA  rotor 

UTRC  rotor 

Aspect  ratio 

1.0 

0.89 

1.0 

Solidity 

1.11 

1.3M 

1.0 

hub/tlp  radius 

- 

0.68 

0.8 

Blade  inlet  angle 

33° 

50° 

59.5s 

Blade  outlet  angle 

-13° 

30° 

17.5s 

Flow  coefficient 

- 

0.7M 

0.75 

Absolute  deflection 

3M° 

30° 

33° 

Table  1  s  Blade  geometries  and  flow  data  at  mid-span 


XI. 1  Secondary  flow  computation  :  comparison  with  experimental  data 

In  oroer  to  obtain  a  preliminary  idea  of  the  validity  of  the  presented  method,  results  from  the 
secondary  flow  computations  are  compared  with  experimental  data.  In  particular,  it  is  important  to  assess 
the  accuracy  of  the  radial  secondary  flows,  since  these  influence  directly  the  radial  transfer  of  flow 
properties. 

One  of  the  test  cases,  the  VUB  linear  cascade,  was  specially  built  for  the  experimental  investigation  of 
secondary  flows  and  detailed  measurements  using  the  hot-wire  technique  were  obtained  [20].  A  global 
comparison  between  the  computed  secondary  flow  field  and  the  experimental  secondary  flow  field  can  be 
obtained  through  the  use  of  velocity  vector  plots.  Figure  Ma  shows  the  experimental  secondary  flowfield 
on  the  S3-plane  Just  aft  of  the  trailing  edge  of  the  VUB  cascade,  while  Figure  Mb  shows  the  computed 
secondary  flowfield  at  the  same  location.  A  good  qualitative  agreement  is  observed,  except  in  the  wake  at 
mid-span,  where  the  experiment  indicates  a  flow  from  the  suction  side  of  the  wake  towards  the  pressure 
side  of  the  wake.  This  gives  rise  to  vortices  in  thr  wake,  turning  in  opposite  sense  to  the  passage 
vortices.  This  discrepancy  is  probably  due  to  the  trailing  edge  separation  effects,  which  are  not  yet 
implemented.  However,  in  general  a  reasonable  quantitative  agreement  between  computation  and  experiment 
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Figure  4a,  4b  :  Velocity  vector  plots  of  secondary  flowfield  (VUB  cascade) 


The  theoretical  secondary  flow  patterns  for  the  UTRC  and  ONERA  rotor  are  shown  on  Figures  7a  and  8a. 
Comparison  with  experimental  data  for  these  cases  were  already  shown,  De  Ruyck  and  Hirsch  [6].  Although 
the  approach  In  this  paper  Is  different,  the  overall  quantitative  results  do  not  differ  in  a  significant 
way. 

The  Improvement  with  respect  to  [6]  lies  mainly  in  the  details  of  the  wake,  where  continuity  was  not 
satisfied  In  [6],  due  to  an  a  posteriori  superposition  of  velocities.  In  the  present  method,  vortlclties 
are  superposed  and  the  continuity  is  automatically  satisfied  through  the  Introduction  of  the 
streamf unction. 

XI. 2  Radial  mixing  computations 

Figures  5  to  8  show  for  each  test  case  the  secondary  flow  field  on  the  S3-plane,  contour  plots  of  the 
temperature  distribution  on  this  plane  and  the  corresponding  pitch-averaged  radial  temperature  profiles. 
Since  earlier  computations  Indicated  that  the  amount  of  radial  mixing  Inside  a  blade  row  is  small  compared 
to  the  mixing  effects  in  the  wake  region  [63,  the  present  results  are  obtained  on  S3-planes  located  at  a 
certain  distance  downstream  of  the  trailing  edge  of  the  blades. 

The  mixing  Is  performed  on  the  static  temperature,  meaning  that  the  kinetic  energies  are  neglected  with 
respect  to  the  3tatlc  temperature. 

Four  different  lines  are  drawn  on  the  pitch-averaged  temperature  plots.  The  dashed  line  Is  an  arbitrary 
axlsymmetrlcal  Input  temperature  profile  which  is  chosen  to  be  quadratic  (since  a  linear  profile  has  a 
zero  second  derivative,  turbulent  diffusion  would  not  be  accounted  for).  The  solid  line  with  circles  is 
obtained  from  a  one  dimensional  diffusion  process  through 

_  3i  3>f  (4<0 

z  3z  ’  et  F 


This  equation  is  one  dimensional  and  solved  with  as  boundary  conditions  ^7  -  0  at  the  end-walls  (adiabatic 
machine).  The  solid  line  with  triangles  is  obtained  from  the  same  equation,  bu;  with  replaced  by 
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This  Is  the  coefficient  of  Adkins  and  Smith  [2]  (without  the  additional  corrections)  plus  turbulent 
diffusion.  The  value  z»  was  taken  at  leading  edge,  the  radial  velocities  being  local  values.  The  solid 

line  with  squares  is  obtained  from  the  computation  of  equation  (43),  whereby  the  kinetic  energies  are 
neglected  with  respect  to  the  static  temperature.  In  this  case,  the  results  on  the  figures  are  passage 
averaged  values  of  the  computed  2D  temperature  fields. 

VUB  cascade 

The  results  for  the  linear  cascade  are  shown  on  Figures  5a  to  5c. 

Although  the  length  of  the  wake  region  in  a  multistage  turbomachine  is  equal  to  the  axial  spacing  between 
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successive  blade  rows,  l.e.  of  the  order  of  magnitude  of  the  blade  chord,  the  S3-plane  is  located  2 
chords  downstream  of  the  trailing  edge  because  the  radial  mixing  effects  are  quite  small  in  this  case. 
Figure  5a,  the  secondary  flow  field,  clearly  shows  that  the  end-wall  boundary  layer  convection  dominates 
the  secondary  flow  pattern,  as  is  illustrated  by  the  double-vortex  structure.  The  oaximun  radial  flow 
velocities  reach  about  5f  of  the  axial  velooity  but  are  zero  at  raid-span,  while  the  turbulent  mixing 

coefficient  has  been  taken  as  ek/W.L  -  0.002 

t  z 

As  is  shown  from  Figure  5c,  the  radial  temperature  profile  tends  to  become  more  uniform.  Hence,  energy  is 
transported  from  the  end-wall  boundary  layer  regions  to  the  mid-span  region,  either  through  c invention  of 
high-energy  fluid  from  the  end-walls  towards  mid-span  and  of  low-energy  fluid  from  mid-span  t  owards  the 
endwalls,  either  through  the  uniformisation  due  to  turbulence.  In  this  context,  it  is  very  important  to 
compare  Figure  5b  with  Figure  5c.  Indeed,  Figure  5c  seems  to  indicate  that  turbulent  diffusion  is  the 
dominant  mixing  mechanism,  because  all  the  temperature  profiles  are  identical.  Figure  5b  however,  shows 
that  the  secondary  flow  pattern  distorts  the  temperature  field  considerably,  but  the  details  of  this  2D 
mixing  process  are  lost  through  the  pitch-averaging  procedure,  leading  to  an  Identical  radial  temperature 
redistribution  as  for  a  pure  turbulent  diffusion.  This  may  offer  an  explanation  for  the  fact  that  the 
convective  Adkins-Smith  model  with  its  diffusive  mixing  equation  and  the  purely  diffusive 
Gallimore-Cumpsty  model  yield  the  same  results. 

Finally,  observe  that  the  symmetry,  imposed  by  the  machine  geometry,  is  reflected  in  the  temperature 
distribution. 

In  order  to  enhance  the  convective  mixing  effects,  the  deflection  has  been  arbitrarily  increased  to  54°. 
The  results  are  shown  on  Figures  6a  to  6c.  As  can  be  seen  from  the  velooity  vector  plot  of  the  secondary 
flow  field,  the  secondary  velocities  have  increased.  The  maximum  radial  velocities  now  reach  about  8>  of 
the  axial  velocity.  The  temperature  distribution.  Figure  6b,  is  more  severely  distorted  ,  i.e.  the 
Increased  secondary  flow  leads  to  increased  convective  mixing.  This  can  be  seen  most  clearly  from  Figure 
6c,  where  the  radial  redistribution  computed  with  the  present  method  has  become  more  uniform  compared  to 
Figure  5c,  and  can  now  be  distinguished  from  the  Adkins-Smith  method  and  the  pure  turbulent  diffusion 
case,  the  latter  two  methods  both  underestimating  the  amount  of  mixing. 

UTRC  rotor 

The  mixing  results  are  obtained  for  an  S3-plane,  located  1  chord  downstream  of  the  trailing  edge,  a 
distance  which  is  considered  to  be  representative  for  the  axial  spacing  between  successive  blade  rows. 

The  UTRC  rotor  is  representative  for  commercial  machines,  where  all  the  different  flow  regions  that 
contribute  to  the  secondary  flowfield  have  a  more  or  less  equal  importance.  Its  main  difference  with  the 
cascade  testcase  is  the  presence  of  centrifugation  effects  through  the  rotary  movement.  The  secondary 
velocity  field.  Figure  7a,  possesses  the  familiar  double-vortex  structure.  The  maximum  radial  velocities 
attain  about  6J  of  the  axial  flow  velocity  in  the  wakes  but  are  zero  at  mid-span.  The  turbulent  mixing 
coefficient  is  again  set  to  the  typical  value  of  0.002. 

The  temperature  contour  plot,  Figure  7b,  shows  that  the  convective  mixing  by  the  secondary  flowfield  is 
almost  negligible,  although  the  radial  velocities  are  of  the  same  order  of  magnitude  as  in  the  VUB 

cascade.  This  indicates  that,  although  local  radial  velocities  can  be  high,  the  amount  of  convected  fluid 
is  not  large  enough  to  Induce  significant  convective  mixing.  This  3hould  not  come  a3  a  total  surprise, 
since  the  blading  geometry  of  industrial  machines  is  designed  to  avoid  secondary  flows  as  much  as 
possible,  leaving  turbulent  diffusion  as  the  dominant  mixing  mechanism.  Figure  7c  reflects  this 
behaviour,  since  all  the  radial  temperature  profiles  coincide. 

ONERA  rotor 

The  ONERA  rotor  has  been  especially  designed  to  exhibit  large  secondary  flows,  through  a  strong  non-free 
vortex  behaviour  of  the  invlscid  flow  region.  This  is  clear  from  Figure  8a,  showing  a  large  single 

vortex.  Radial  velocities  may  reach  up  to  20 \  of  the  axial  velocity. 

The  temperature  distribution,  Figure  8b,  is  strongly  distorted  by  the  secondary  flowfield,  i.e. 
convective  mixing  is  very  Important  in  this  case.  This  is  obvious  from  the  radial  temperature  profiles. 
Figure  8c,  which  show  that  the  computation  based  on  pure  turbulent  diffusion  underestimates  the  mixing 
with  respect  to  the  present  method,  especlallj  near  the  hub.  This  can  also  be  seen  from  the  fact  that  the 
profile  from  the  computation  with  Adklns-Smlti  coefficient  (eq.W,  which  takes  into  account  convection 
effects,  has  become  more  uniform  than  the  profile  obtained  by  the  pure  turbulent  diffusion  computation. 
Notice  also  that  the  profile  computed  with  the  present  method  has  become  nearly  uniform. 

Although  this  testcase  exhibits  an  extreme  secondary  flow  behaviour,  one  should  remark  that  the  continuing 

trend  towards  lower  aspect  ratios  and  higher  blade  loadings  for  axial  turbomachinery  will  lead  to 

Increased  secondary  flows.  Thus,  in  these  machines  the  temperature  distribution  on  the  S3-plane  can  be 
severely  distorted,  causing  convective  mixing  effects  to  become  very  Important. 


| 
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CONCLUSIONS 

A  computational  method  for  the  prediction  of  radial  mixing  in  axial  compressors  has  been  presented. 
The  method  takes  into  account  convective  mixing  by  secondary  flows  and  diffusive  mixing  due  to  turbulence. 
The  secondary  flow  field  is  reconstructed  from  the  knowledge  of  axial  vorticlty  contributions  for 
different  flow  regions,  which  are  added  to  constitute  the  right-hand  aide  of  a  quasi-harmonic  Poissen-type 
streamf unction  equation.  These  axial  vortloity  components  are  obtained  through  vorticlty  equations  for 
the  inviscid  flow  region,  oombined  with  integral  methods  for  the  3D  end-wall  boundary  layers,  3D  profile 
boundary  layers  and  3D  asymmetric  wakes.  The  turbulent  diffusion  is  modeled  through  an  empirical  mixing 
coefficient. 


Preliminary  comparisons  between  computed  and  experimental  flow  fields  indicate  reasonable  agreement 
in  general,  but  the  computation  does  have  a  tendency  to  underestimate  rad ill  velocities  near  the  suction 
side,  where  separation  effects  are  likely  to  occur. 


The  radial  redistributions  of  the  static  temperature  are  computed 
equation  of  convection-diffusion  type. 

This  computation  has  been  applied  to  three  different  test  cases 


from  a  twodimensional  transport 


! 


a  linear  cascade  where  the 
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secondary  flows  a-e  mainly  due  to  end-wall  boundary  layer  effects,  a  single  compressor  rotor  with 
untwisted  blading  that  yields  an  important  non-free  vortex,  and  a  single  compressor  rots'*  representative 
for  commercial  turbomaohines.  Qualitative  results  indicate  that  turbulent  diffusion  .s  Important  in  all 
the  cases,  while  convective  mixing  only  beoomes  significant  when  the  radial  flow  velocities  exceed  about 
6 t  of  the  main  flow  velocities.  The  convective  mixing  Increases  rapidly  for  larger  secondary  flows  (VUB 
5*t 0  and  ONERA  testcases)  and  then  has  a  very  considerable  impact  on  the  radial  temperature  profile  (ONERA 
tes tease). 
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DISCUSSION 


Adame zyk,  USA 

1.  What  was  the  rational  for  neglecting  the  velocity  vorticity 
correlations  in  Eqn  (15) ? 

2.  Did  you  consider  the  tip  leakage  Vortex  in  your  model  of  the  secondary 
flow  velocity  field? 

Author' s  Reply 

1.  Since  we  are  concerned  with  axial  machines,  it  can  be  expected  that 
the  pitchwise  fluctuations  of  radial  velocity  components,  W7,  and  of 
radial  vorticity  components,  4K,r-  ,  are  small  with  respeef  to  the 
passage-averaged  quantities.  Hence,  the  velocity  correlations  are 
assumed  to  be  of  second  order  compared  to  the  passage  averaged  terms. 

Furthermore,  it  is  assumed  that  the  secondary  flow  field  associated  to 
the  inviscid  flow  region  is  adequately  described  by  the 
passage-averaged  velocity,  f.b,,  ?  •  Accordingly,  velocity 
fluctuations  Us,  £  are  neglected. 

2.  The  effect  of  the  tip  leakage  vortex  is  included  in  the  endwall 
boundary  layer  computation  in  a  global  sense.  The  defect  force 
thicknesses,  which  largely  condition  the  development  of  the  endwall 
boundary  layer  crossflow  and  skewing,  are  directly  proportional  to  the 
tip  clearance.  In  this  way,  tip  leakage  effects  influence  the _ 
passage-averaged  endwall  bounda  y  layer  velocity  contribution^® 

and  thus  are  taken  into  account  on  an  averaged  axis.  ^ 

This  is  also  justified  by  the  available  experimental  information  on 
mixed-out  profiles,  which  show  no  discontinuity  in  slope  or  other 
structures  that  indicate  a  dominating  local  effect  from  the  tip 
leakage  vortex.  We  consider  therefore,  that  although  the  tip  vortex 
is  not  fully  represented  in  all  its  details,  its  main  effects  on  the 
pitch-averaged  profiles  are  taken  into  account. 

Howard,  UK 

I  would  like  to  clarify  what  variations  of  loss  with  span  have  been  used 
when  comparing  Gallimore,  Adkins/Smith  and  your  methods.  It  has  been 
found  important  to  specify  ext .a  loss  near  the  endwall  in  the  Gallimore 
model  in  order  to  generate  an  axial  velocity  profile  which  in  turn 
increases  the  mixing  near  the  endwalls. 

Author's  Reply: 

The  main  objective  of  the  figures  shown  was  to  compare  the  relative 
importance  of  mixing  by  secondary  flows  (Adkins/Smith) ,  mixing  by 
turbulent  diffusion  (Gallimore/Cumpsty)  and  mixing  by  both  mechanisms 
combined  (present  method) .  Therefore,  in  these  examples,  the  three 
methods  were  applied  using  exactly  the  same  data,  i.e.,  identical  spanwise 
loss  profiles  and  axial  velocity  profiles. 
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ABSTRACT 

A  previous  examination  of  through  flow  theory  in  compressors  has  demonstrated  that  while  there  are  many  ways  to 
define  the  “average  flow  angle”  at  a  particular  span  location  downstream  of  an  airfoil,  only  one  definition  is  consistent  with 
the  formulation  of  through  flow  theory.  It  was  also  demonstrated  that  the  flow  in  the  endwall  regions  is  especially  sensitive 
to  this  question  due  to  the  strong  secondary  flows  and  the  hub  comer  separations  that  commonly  occur.  The  present  work 
deals  with  the  question  of  how  these  observations  may  be  extended  to  the  airfoil-to-airfoil  flow  analysis.  It  is  demonstrated 
that  the  question  of  the  correct  average  can  have  a  strong  impact  on  both  airfoil  incidence  and  deviation.  Differences  of  up 
to  13“  are  demonstrated.  It  is  also  suggested  that  one  specific  angle  definition  results  in  better  predictions  of  airfoil  pressure 
distributions. 

INTRODUCTION 

There  is  a  long  list  of  secondary  flow  mechanisms  in  axial  compressors  that  can  have  a  powerful  impact  on  the  flow 
field.  In  addition  to  generating  total  pressure  losses  and  altering  flow  angles  from  two  dimensional  values,  secondary  flows 
can  also  cause  strong  non-axisymmetries  to  occur  in  the  flow.  It  is  the  effect  that  these  non-axisymmetries  have  on  airfoil 
design,  and  specifically  the  effect  that  they  have  on  incidence  and  deviation,  that  is  addressed  here.  These  secondary  flow 
mechanisms  include  (but  are  not  limited  to)  the  following. 

-  Inviscid  secondary  flow 

-  Skewing  due  to  the  relative  motion  of  rotors  and  stators 

-  Three-dimensional  boundary  layers 

-  Rotor  tip  clearance  leakage 

-  Stator  hub  clearance  leakage 

-  Comer  separation 

It  is  fortunate  that  the  first  two  mechanisms  (inviscid  secondary  flow  and  skewing)  tend  to  cancel  each  other.  This  in 
turn  causes  the  three  dimensionality  of  the  endwall  boundary  layers  to  be  relatively  weak  (Moore  and  Richardson,  1957). 
This  lack  of  three  dimensionality  can  be  seen  in  the  flow  visualization  results  of  Dring  and  Joslyn  (1982  and  1983),  and 
Joslyn  and  Dring  (1985).  In  both  cases  the  endwall  surface  streamlines  follow  the  airfoil  mean  camber  line  with  little 
evidence  of  the  over-turning  normally  associated  with  secondary  flows  in  cascades  (without  inlet  skewing). 

Comer  separation,  especially  at  the  hub  of  both  rotors  and  stators,  appears  to  be  an  important  endwall  flow 
mechanism.  A  number  of  works  have  been  cited  in  the  REFERENCES  section  that  either  discuss,  or  show  evidence  of, 
comer  separation  in  both  cascade  and  rotating  rig  experiments.  The  strong  non-axisymmetries  that  are  generated  by  comer 
separation  can  have  a  powerful  impact  on  deviation  and  on  the  incidence  of  a  downstream  airfoil. 

The  non-axisymmetries  generated  by  comer  separation  and  the  other  endwall  flows  can  cause  a  strong  circumferential 
variation  in  the  exit  flow  angle  (deviation).  Since  both  through  flow  analysis  and  airfoil-to-airfoil  flow  analysis  require  the 
specification  of  single  value  (or  average)  flow  angle,  different  results  would  be  produced  depending  on  how  one  defines  the 
“average1'  flow  angle. 

As  an  basis  for  this  discussion,  area  averaging  and  mass  averaging  are  defined  as  follows,  for  a  function  "F”: 

r  r 

F"“  =  |  F  •  dt/ 1  dt  W 

0  0 

T  T 

F-m  =  |  F  •  e  •  Cx  dt/ 1  e  •  cx  dt  (2) 

o  o 

where  t  is  the  airfoil  pitch,  Q  if  the  fluid  density,  and  “Cx”  is  the  axial  component  of  velocity.  Possible  definitions  for  the 
averages  of  the  absolute  angles  (a)  and  relative  angles  0?)  might  include  the  following. 

(1)  The  mass  averaged  angles,  a'm  and 
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(2)  The  angle  based  on  the  area  averaged  velocity  components, 

&  =  TatrHQYQ*) 

P  »  Tan->(WrYC;a) 

where  C,  and  Wt  are  the  absolute  and  relative  tangential  or  “swirl”  components  of  velocity. 

(3)  The  angle  based  on  the  mass  averaged  tangential  velocity  component  and  the  area  averaged 
axial  velocity  component, 


(3) 

(4) 


a  =  Tan-'(Qm/Qa)  (5) 

p  =  Tan'1(Wfm/Cj“)  (6) 

The  significance,  or  lack  thereof,  of  each  of  these  “average”  angles  will  now  be  examined. 

ANALYSIS 

The  mass  averaged  flow  angle  might,  at  first  glance,  be  thought  to  be  a  reasonable  definition  to  use.  However,  the 
arguments  offered  by  Hirsch  and  Warzee  (1979)  and  by  Dring  and  Oates  (1989a  and  1989b)  show  that  it  is  not  the  correct 
angle  to  use  in  through  flow  analysis.  Furthermore,  the  arguments  offered  below  will  show  that  it  is  also  not  the  correct 
angle  to  use  in  calculating  the  tangential  force  on  an  airfoil.  It  will  be  shown  that  averaged  angles  have  no  physical 
significance  and  the  only  angles  having  physical  significance  are  those  based  on  averaged  velocity  components.  Suffice  it  to 
say  at  this  point  that  the  differences  in  these  angles  can  be  substantial. 

Angles  based  on  the  area  averaged  velocity  components  (a  and  p)  are  required  by  the  formulation  of  through  flow 
analysis.  This  can  be  seen  in  the  work  by  Hirsch  and  Warzee  (1979)  where  angles  are  used  to  relate  the  averaged  velocity 
components.  Their  analysis  was  based  on  “density”  averaged  velocity  components.  In  most  cases,  however,  the  density 
averages  would  be  very  close  to  area  averages.  It  has  been  shown  by  Dring  and  Oates  (1989a  and  1989b)  that  an  extension 
of  this  formulation  can  result  in  a  very  accurate  prediction  of  the  flow,  even  when  strong  non-axisymmetries  are  present. 

Angles  based  on  the  mass  averaged  tangential  velocity  component  and  the  area  averaged  axial  velocity  component 

(a  and  P )  result  from  considering  what  flow  angle  is  needed  to  describe  the  tangential  force  on  a  cascade  airfoil  with 
non-axisymmetric  flow  at  the  inlet  and  exit.  For  a  cascade  with  incompressible  and  non-axisymmetric  inlet  and  exit  flow 
the  tangential  force  per  unit  span  (F,)  on  the  airfoil  is  given  by  the  following  (for  a  rotor). 


(F,/p '  r)  =  (Qa)2[TanQSi)-Tan(&)] 


(7) 


The  angles  needed  for  through  flow  analysis  (a  and  ff)  and  the  angles  needed  to  describe  the  tangential  force  on  a 
cascade  airfoil  (a  and  ft )  are  related  to  each  other  as  follows. 

Tan(d)  =  Tan(d)  +  [«y  •  C,T7(Qa)2]  <8> 

Tan(P)  =  Tan(/l)  +  [(\Vt’  ■  Cx')_a/(C;a)2]  (9) 


where  the  primed  quantities  are  the  variations  from  the  area  average, 

<V  =  (Cx-Qa) 

Ct'  =  (C(-CTa) 


(10) 

(11) 


W«'  «  (w,-wra) 


(12) 
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and  since, 


W,  =  (Ct-U) 

where  ”U”  is  wheel  speed,  then, 

W,'  =  Ct' 


(13) 


(14) 


It  is  fortunate  that  both  of  these  angles  (a  and  p  as  well  as  a  and  p  can  be  calculated  in  the  through  flow  analysis. 
Specifically,  the  through  flow  analysis  for  non-axisymmetric  flo'-  by  Dring  and  Oates  (1989a  and  1989b)  contains  a 
parameter  which  accounts  for  the  difference  between  the  area  and  mass  averages  of  the  tangential  velocity.  This  parameter 
is  defined  as  follows  (assuming  that  area  and  density  weighted  averages  are  equal). 


DCT  =  (Qa-Qm)/Um 


(15) 


where  “Um”  is  the  wheel  speed  at  midspan. 

This  parameter  is  not  directly  input  to  the  through  flow  analysis.  Rather,  it  is  calculated  from  other  input  data.  From 
the  through  flow  calculation  the  following  information  is  available  (either  has  as  input  data,  or  as  a  computed  result);  a,  f), 
DCT,  and  (Ci“/Um) .  With  this  information  the  following  relationships  (which  are  essentially  the  same  as  Eqs.  (8)  and  (9)) 
can  be  evaluated. 


Tan(d)  =  Tan(d)-(DCT/(Q7Um)l 
Tan($  =  TanOS)-[DCT/(Ci7Um)] 

Thus  it  is  possible,  with  no  additional  information,  for  the  through  flow  analysis  of  Dring  and  Oates  (1989a  and  1989b) 
to  also  compute  the  angles  that  are  needed  for  the  airfoil-to-airfoil  flow  analysis,  a  and  P .  In  fact,  there  is  no  need  for 
a  and  ft  ■  The  through  flow  analysis  could  be  carried  out  using  a  and  P  and  by  using  Eqs.  (8)  and  (9)  to  calculate  the  angles 
needed  to  relate  the  density  averaged  velocity  components  (ri  and  /j). 

In  the  results  that  are  be  presented  below,  these  relationships  (Eqs.  (8)  and  (9),  or  (16)  and  (17))  cause  the  deviations 
based  on  a  and  P  to  be  substantially  larger  than  those  based  on  a  and  p  .  In  one  case  this  difference  in  deviations  exceeds 

13°.  These  relationships  also  cause  the  incidences  based  on  a  and  P  to  be  slightly  less  than  those  based  on  a  and  p  .  This 
difference,  however,  is  generally  small  relative  to  the  differences  between  these  inlet  angles  and  the  mass  averaged  inlet 
angles  (a"m  and  P~m) . 

It  is  interesting  to  note  that  the  angle  based  on  the  mass  averaged  tangential  velocity  component  (W(m)  and  the  area 

averaged  axial  velocity  component  (Qa),a  and  P  ,  has  another  convenient  property.  In  a  two  dimensional  wake  mixing 
process  (e.g.  Stewart,  1959)  both  of  thes”  averaged  velocity  components  are  constant  for  incompressible  flow.  This  is 
because  the  mass  flow  is  constant  and  because  there  is  no  change  in  tangential  momentum.  Hence,  unlike  all  of  the  other 
flow  angle  definitions,  this  angle  is  constant  from  the  unmixed  condition  close  to  the  airfoil  trailing  edge  to  the  fully  mixed 
condition  far  downstream. 

EXPERIMENTAL  RESULTS 

In  the  following  discussion  each  of  these  three  angle  definitions  will  be  examined  (ff~m,p  and  P)-  The  discussion  will  be 
based  on  the  body  of  experimental  results  acquired  in  the  United  Technologies  Research  Center  Large  Scale  Rotating  Rig. 
This  data  has  been  discussed  previously  in  the  following  references;  Dring,  Joslyn  and  Wagner  (1983),  Joslyn  and  Dring 
(1985),  Joslyn  and  Dring  (1988),  and  Dring  and  Oates(1989a  and  1989b).  In  brief,  the  compressor  consists  of  an  inlet  guide 
vane  followed  by  two  stages,  f  he  airfoii  aspect  ratios  (span/chord)  are  1 .5.  All  of  the  data  in  the  present  discussion  were 
acquired  at  a  second  stage  rotor  tip  clearance-to-chord  ratio  of  0.041 .  Data  will  be  presented  that  was  acquired  both  at  the 
compressor’s  nominal  design  flow  coefficient  [<p  *  tCx/Um)  =  0.51]  and  at  a  near-stall  flow  coefficient  [<P  =  0.45). 

Spanwise  distributions  of  the  absolute  and  relative  flow  angles  calculated  from  radial/circumferential  traverse  data 
acquired  in  the  stationary  frame  of  reference  downstream  of  the  second  stage  stator  are  presented  in  Figure  1  with  the 
compressor  operating  at  its  nominal  design  condition  (<P  =  0.51).  The  figure  shows  a  comparison  of  the  circumferentially 
mass  averaged  angles  with  the  angles  based  on  circumferentially  area  and  mass  averaged  velocity  components. 

Whereas  the  absolute  angles  a"m  and  a  differ  by  less  than  0.6®  the  relative  angles  p~m  and  p  differ  by  over  10®. 
The  difference  is  greatest  near  the  hub  where  comer  separation  is  strongest  (Joslyn  and  Dring,  1985).  As  far  as  deviation  is 


(16) 

(17) 
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concerned,  a  and  a'm  are  relatively  close  to  each  other,  a  is  much  larger  from  the  hub  out  to  25%  span.  The  reason  for 

this  can  be  seen  in  Eq.  (8)  where  a  and  a  are  positive  and  where  |(Ct'  •  Cx')’*/(Q*)2]is  a  positive  number.  As  far  as 

incidence  is  concerned,  p  is  somewhat  larger  than  p  near  the  hub.  The  reason  for  this  can  be  seen  in  Eq.  (9)  where 

P  and  p  are  negative  and  where  [(W,  •  Cx)'*/(Ci*)  ]  is  a  positive  number.  Both  p  and  p  are  significantly  larger  than  p~m 
in  the  region  out  to  25%  span. 

Similar  comparisons  at  nominal  design  conditions  ( 4> «  0. 5 1 )  for  the  flow  downstream  of  the  first  stator  and  the  second 
rotor  showed  exit  angle  (deviation)  differences  of  typically  0.1*  and  inlet  angle  (incidence)  differences  of  less  than  1*. 
Both  of  these  airfoils  have  hub  comer  separations  which  are  much  weaker  that  that  of  the  second  stator.  It  can  safely  be 
anticipated  that  the  differences  between  the  various  angle  definitions  will  grow  substantially  with  airfoil  loading,  i.e.,  in 
going  from  nominal  design  conditions  (Figure  1)  to  the  near-stall  condition. 

Spanwise  distributions  of  the  absolute  and  relative  flow  angles  calculated  from  radial/circumferential  traverse  data 
acquired  in  the  stationary  frame  of  reference  downstream  of  the  first  stage  stator  are  presented  in  Figure  2  with  the 
compressor  operating  at  its  near-stall  condition  ( <p  «  0.45).  The  figure  shows  profiles  of  the  same  three  angle  definitions. 

All  the  trends  are  very  similar  to  those  in  Figure  1  in  that  P  and  p  are  close  to  each  other  and  significantly  larger  (by  5°) 
than  p~m,  and  in  that  a  and  a‘m  are  close  to  each  other  and  significantly  smaller  (by  **  5*)  than  a  . 

Spanwise  distributions  of  the  absolute  and  relative  flow  angles  calculated  from  radial/circumferential  traverse  data 
acquired  in  the  rotating  frame  of  reference  downstream  of  the  second  stage  rotor  are  presented  in  Figure  3  with  the 
compressor  operating  at  its  near-stall  condition  {<f>  *  0.45).  The  figure  shows  profiles  of  the  same  three  angle  definitions. 
The  figure  shows  a  comparison  of  the  circumferentially  mass  averaged  angles  with  the  angles  based  on  circumferentially 
area  and  mass  averaged  velocity  components.  The  trends  downstream  of  the  second  stage  rotor  are  very  similar  to  those  in 
Figures  1  and  2.  Although  the  differences  are  much  smaller,  it  can  be  seen  that  a  and  a  are  close  to  each  other  and  that  p 
is  relatively  large.  All  of  these  differences,  however,  are  small  compared  to  those  in  Figures  1  and  2. 

Spanwise  distributions  of  the  absolute  and  relative  flow  angles  calculated  from  radial/circumferential  traverse  data 
acquired  in  the  stationary  frame  of  reference  downstream  of  the  second  stage  stator  are  presented  in  Figure  4  with  the 
compressor  operating  at  its  near-stall  condition  ( <f>  =  0.45).  The  figure  shows  profiles  of  the  same  three  angle  definitions. 
The  trends  downstream  of  the  second  stage  stator  at  this  condition  are  similar  to  those  in  Figures  1,  2  and  3  but  the 
differences  are  much  larger.  The  powerful  effect  of  airfoil  loading  can  be  seen  by  comparing  Figures  1  and  4  (the  second 
stage  stator  at  design  and  near-stall  conditions). 

As  far  as  deviation  is  concerned,  the  absolute  angles  a'm  and  a  differ  by  less  than  0.6°  while  a  exceeds  both 
a  and  a'm  by  over  13°.  The  reason  for  this  can  again  be  seen  in  Eq.  (8)  where  &  and  a  are  positive  and  where 
I(C«'  •  CX')‘,/(C;'1)2]  is  a  positive  number.  As  far  as  incidence  is  concerned,  the  relative  angles  p~m  and  p  differ  by  over 
12°  near  the  hub  where  comer  separation  is  strongest  (Josiyn  and  Dring,  1985).  The  reason  for  this  can  be  seen  in  Eq.  (9) 

where  P  and  p  are  negative  and  where  [(W,’  •  Cx')‘a(Q*)]  is  a  positive  number. 

The  differences  between  a  and  a  and  between  P  and  P  are  due  to  the  strong  correlation  between  the  deviations  of 
the  tangential  and  axial  velocity  components  from  the  r  area  averages  (Eqs.  (8)  and  (9)).  From  the  single-  and  multi-stage 
data  base  available  to  the  authors  (Dring  and  Josiyn  (1982),  Dring,  Josiyn  and  Wagner  (1983),  Josiyn  and  Dring  (1985),  and 
Wagner,  Dring  and  Josiyn  (1985)),  the  following  observation  can  be  made.  Where  there  are  significant  non-axisymmetries 

in  the  flow,  deviations  based  on  a  and  p  are  larger  than  those  based  on  a  and  p  and  incidences  based  on  a  and  j)  are 
smaller  than  those  based  on  a  and  j). 

Summarizing  regarding  the  flow  angle  definitions,  the  strong  non-axisymmetry  generated  by  the  deep  and  wide 
wakes,  primarily  due  to  the  hub  comer  separation,  produces  widely  different  deviations  and  incidences  depending  on  the 
particular  angle  definition  used.  The  improvement  in  the  agreement  between  measured  and  computed  results  that  can  be 
obtained  using  the  angle  definition  based  on  the  area  averaged  velocity  components  (a  and  P)  and  a  consistent  formulation 
of  through  flow  theory  has  been  demonstrated  by  Dring  and  Oates  (1988a  and  1988b).  Airfoil-to-airfoi!  flow  analysis 
(airfoil  tangential  loading)  requires  angles  based  on  the  mass  averaged  tangential  and  the  area  averaged  axial  velocity 

components  a  and  P .  The  improvements  in  the  agreement  between  measured  and  computed  results  that  can  be  obtained 
using  this  angle  definition  are  demonstrated  below  in  Figures  5,  6  and  7.  In  these  figures  the  airfoil  pressure  coefficient 
(CP)  is  based  on  the  inlet  static  pressure  (Pi)  and  the  inlet  dynamic  pressure  (Qi).  It  is  plotted  against  the  normalized  axial 
distance  (X/Bx),  where  Bx  is  the  airfoil  axial  chord. 

Comparisons  of  the  measured  and  computed  pressure  distributions  for  the  second  stage  rotor  from  the  hub  out  to 
midspan  at  near-stall  conditions  (<f>  *  0.45)  are  presented  in  Figure  5.  The  symbols  represent  the  measured  surface  static 
pressures.  The  computed  results  (curves)  are  based  on  the  potential  flow  method  of  Caspar,  Hobbs,  and  Davis  (1980) 
which  accounts  for  total  pressure  loss  and  stream  tube  contraction.  The  rotor  inlet  angle  used  in  the  calculation  was  based 
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both  on  Am  (dashed)  and  on  A  (solid).  The  differences  between  these  two  angles  decreases  from  4.8'  near  the  hub  to  near 
zero  at  midspan  (Figure  2).  Since  all  three  angle  definitions  yielded  rotor  exit  flow  angles  which  were  close  to  each  other 
(Figure  3)  their  effect  on  the  computed  results  was  very  small  and  is  not  shown  in  Figure  5. 


In  general,  the  inlet  angle  based  on  averaged  velocity  components  (A)  gave  much  better  agreement  on  the  pressure 
surface.  The  agreement  on  the  suction  surface  was  improved  but  was  still  far  from  perfect  due  to  the  comer  separation  near 
the  hub  (Dring,  Joslyn,  and  Wagner,  1983,  Figure  3).  The  chordwise  location  of  this  separation  is  indicated  by  the  “S"  on 
the  CP«  0  axes  in  Figure  5.  This  location  was  determined  from  surface  flow  visualization  (Dring,  Joslyn  and  Wagner  (1983) 
Figure  3,  and  Joslyn  and  Dring  (1988)  Figure  5). 

The  inlet  angle  based  on  averaged  velocity  components  (A)  produced  a  more  accurate  prediction  of  the  pressure 
distribution,  especially  in  the  leading  edge  region.  Similar  comparisons  were  not  done  for  this  rotor  at  the  design  flow 
coefficient  (<P  »  0.51)  because  the  difference  between  the  various  inlet  angles  was  very  small  (*<P)  at  that  condition. 

Even  at  the  near-stall  condition  the  impact  of  the  endwall  non-axisymmptries  on  the  various  flow  angle  definitions  on 
the  second  stator  inlet  angle  was  relatively  weak  (Aai  *  2°,  Figure  3)  Their  effect  on  the  exit  angle,  however,  was  very 
strong  (Art2  *  13°,  Figure  4)  The  effect  of  this  range  of  exit  flow  angle  is  shown  in  Figure  6  for  the  12.5%  span  location. 
The  results  at  the  other  span  locations  near  the  hub  were  similar. 

This  comparison  shows  the  insensitivity  of  the  computed  pressure  distribution  to  the  large  difference  in  exit  angle 
('“l  3°)  between  &2  and  a2m .  The  poor  agreement  between  the  measured  and  computed  results  is  due  to  the  massive  hub 
comer  separation  on  this  stator.  At  this  12.5%  span  location  the  separation  occurs  at  the  30%  chord  location,  as  indicated  by 
the  “S”  on  the  CP  «  0  axis. 

Figure  6  compares  the  results  of  airfoil  potential  flow  calculations  at  several  span  locations  on  a  hypothetical  third 
stage  rotor  operating  at  near-stall  conditions  ( <p  *  0.45).  The  compressor  did  not  have  a  third  stage  so  the  hypothetical  third 
stage  rotor  geometry  was  taken  to  be  identical  to  the  second  stage  rotor.  The  rotor  exit  flow  angles  were  taken  to  be  the  same 
as  those  for  the  second  stage  rotor  (Figure  3)  and  the  rotor  inlet  angles,  Am  and  A  >  were  those  measured  downstream  of 

the  second  stage  stator  (Figure  4).  Note  that  0  and  Am  differ  by  as  much  as  10°. 

The  difference  between  the  two  pressure  distributions  at  each  span  location  is  large.  It  seems  safe  to  assume  that 
significantly  different  airfoils  would  result  depending  on  which  of  the  two  inlet  angle  distributions  a  designer  was  using. 

CONCLUSIONS 

It  has  been  demonstrated  that  the  non-axisymmetries  generated  by  the  endwall  flow  mechanisms  in  axial  compressors 
can  have  a  powerful  impact  on  the  incidence  and  deviation  angles  that  are  used  in  both  the  through  flow  and 
airfoil-to-airfoil  design  analyses.  Specific  observations  and  conclusions  are  as  follows. 

•  Differences  of  up  to  13'  between  the  various  definitions  have  been  demonstrated  for  both 
inlet  angles  (incidence)  and  exit  angles  (deviation). 

•  Airfoil-to-airfoil  flow  calculations  are  more  accurate  when  they  are  based  on  inlet  and  exit 
flow  angles  computed  from  the  mass  averaged  tangential  velocity  and  the  area  averaged 
axial  velocity  components. 

•  Through  flow  analysis  must  be  based  on  flow  angles  computed  from  the  area  (or  density) 
averaged  velocity  components  (a  and  0) . 

•  There  is  sufficient  information  in  the  through  flow  analysis  of  Dring  and  Oates  (1989a  and 
1989b)  to  relate  d  and  a  and  to  relate  0  and  A 

•  The  present  data  suggests  that  the  inlet  flow  angles  a  and  a  (or  0  and  0 )  are  relatively  close 
to  each  other. 

•  The  present  data  also  suggests  that  while  the  exit  flow  angles  a  and  a  (or  0  and/3)  can  be 
very  different,  the  airfoil-to-airfoil  flow  analysis  is  much  less  sensitive  to  the  difference. 

•  The  concepts  that  have  been  presented  here  should  be  of  value  in  analyzing  the  growing  body 
of  LDV  and  hot-film  data  that  is  becoming  available  for  compressors.  This  will  be 
particularly  true  in  relating  this  flow  field  information  to  measured  airfoil  pressure 
distributions. 
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Figure  1  Second  Stage  Stator  Exit  Flow  Angles 

Design  Flow,  4  =  0.51 

Figure  3  Second  Stage  Rotor  Exit  Flow  Angles 
Near  Stall,  4  =  0.45 
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Figure  2  Fim  Stage  Stator  Exit  Flow  Angles 

Near  Stall,  4=0.45 

Figure  4  Second  Stage  Stator  Exit  Flow  Angles 
Near  Stall,  4  =  0.45 

Figure  5  Second  Stage  Rotor  Pressure  Distribution, 
Near  Stall,  $  =  0.45 


X 

Figure  7  Hypothetical  Third  Stage  Rotor  Pressure 
Distributions,  Near  Stall,  $  =  0.45 
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Figure  6  Second  Stage  Stator  Pressure  Distribution, 
Near  Stab,  $  =  0.45 
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DISCUSSION 


Adamcyzk,  USA 

1.  If  you  write  a  set  of  equations  which  are  self  consistent,  then  both 
of  your  angles  will  give  you  the  same  pressure  distribution. 

2.  Can  you  write  an  explicitly  or  implicitly  mathematical  relationship 
for  DCT  in  terms  of  the  axisymmetric  flow  variables  or  their 
derivatives  for  any  given  blade  row? 

Author's  Reply: 

1.  The  objective  here  was  to  establish  a  method  for  calculating  the  inlet 
and  exit  flow  angles  to  be  used  in  a  steady  airfoil-to-airfoil 
potential  flow  analysis.  The  non-axisymmetry  of  the  flow  exiting  the 
upstream  row  can  be  very  strong  near  the  hub  and  can  result  in  a  very 
unsteady  inflow  for  the  downstream  row.  The  point  of  the  paper  was 
that  this  method  of  calculating  incidence  and  deviation  caused  a 
significant  improvement  to  the  potential  flow  prediction.  It  should 
be  of  similar  value  in  analyzing  the  NASA  stage  67  LDV  data. 

2.  The  term  "DCT"  is  a  measure  of  the  non-axisymmetry  of  the  flow.  Its 
value  is  in  relating  various  types  of  measured  and  computed 
information  in  both  through-flow  and  airfoil-to-airfoil  flow  analysis. 
Any  relationship  to  "axisymmetric  flow  variables"  would  probably  be 
based  on  a  data  correlation  (as  is  current  common  practice  for  loss 
and  deviation  in  compressor  design) . 

Bullock,  USA 

One  can  argue  that  4  quantities  must  be  preserved:  continuity,  energy, 
tangential  momentum,  and  axial  momentum.  This  determines  another  angle. 
The  mixing  process  yielding  uniform  flow  is  incomplete,  so  the  question 
is:  How  is  the  rotor  going  to  react?  At  this  time,  we  have  to  appeal  to 
experiment,  analyze  the  results,  And  improve  our  aerodynamic  comprehension 
of  the  relevant  processes!  I  think  this  is  an  excellent  presentation  of  a 
real  problem  and  a  realistic  study  of  it. 

Author's  Reply: 

You  make  an  excellent  point  here.  The  flow  is  indeed  not  mixed  to  uniform 
flow.  The  observation  here,  however,  is  that  the  downstream  airfoil 
pressure  distribution  is  acting  as  if  it  were  fully  mixed. 


Chen,  Switzerland 

Cumpsty  showed  in  his  paper  at  the  Toronto  ASME  Meeting  this  year  that  the 
rotor  with  tip  clearance  of  3%C  produces  wall  stall  and  that  with  1%C 
produces  hub  stall.  Could  you  explain  this  difference  in  the  stall 
inception  using  your  model? 

Author's  Reply: 

The  results  presented  were  intended  to  show  the  impact  of  endwall  wake 
nonuniformities  on  airfoil  pressures  distributions.  No  attempt  was  made 
to  examine  or  explain  stall  inception.  However,  all  of  the  cases  cited  in 
the  references  showed  corner  separation  without  a  clearance  of  the  hub. 
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ABSTRACT 

Axisymmetric  throughflow  equations  are  reformulated  in  order  to  introduce  the  effect  of  spanwise 
mixing  in  axial  flow  compressors.  The  spanwise  mixing  model  used  in  this  investigation  assumes  that 
turbulent  diffusion  is  the  dominant  physical  mechanism  for  the  onset  of  spanwise  mixing  rather  than  the 
deterministic  nature  of  secondary  flow  model.  2-D  loss  and  deviation  correlations  available  in  the  open 
literature  are  used  together  with  the  3-D,  secondary  flow  loss  mode’s  for  middle  stages.  End-wall  boundary 
layer  blockage  is  either  introduced  from  experimental  data  if  availablt  or  calculated  using  simple  models. 
Finite  element  method  is  used  for  the  solution  of  the  equation  of  motion. 
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Subscripts: 

e 

mix 


Blade  force 
Blade  blockage 

Specific  heat  at  constant  pressure 

Dissipative  force  vector 

Total  enthalpy 

Rothalpy 

Unit  vector 

Turbulent  (eddy)  conductivity 
Stage  length 
Streamwise  direction 
Mass  flow  rate 
Turbulent  Prandtl  number 
Heat  flux 
Radial,  radius 
Reynolds  number 
Entropy 

Turbulent  Schmidt  number 
Temperature 
Absolute  velocity 
Relative  velocity 
Axial 

Stream  function 
Mixing  coefficient 
Dissipation  function 
Lean  angle 

Shear  stress  tensor 
Tangential 
Density 
Fluid  angle 

Turbulent  (eddy)  viscosity 


Empirical 

Mixing 


INTRODUCTION 

Turbouoachinery  flow  fields  are  highly  complicated  in  that  they  contain  inviscid,  viscous,  compressible, 
unsteady,  three  dimensional,  and  rotational  effects.  Therefore  a  complete  theoretical  solution  of  the  flow  is 
still  a  difficult  problem  in  spite  of  the  advances  in  computers  and  numerical  techniques.  Therefore 
axisymmetric  throughflow  solutions  incorporating  the  empirical  2-D  loss  and  deviations  of  cascade  flow  and 
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3-D  loss  and  deviations  of  secondary  flow  are  of  interest.  Recently  the  importance  of  incorporating  the 
effects  of  mixing  into  flow-field  calculations  of  multistage  compressors  has  become  apparent.  The  trend 
toward  higher  stage  loadings  and  lower  aspect  ratios  tend  to  have  more  of  their  end  wall  flows  affecting  the 
larger  portion  of  the  total  flow.  As  a  consequence,  secondary  flow,  turbulence,  and  mixing  require  more 
careful  evaluation.  Important  work  has  been  carried  out  on  the  secondary  flow  effects  in  axial  flow 
compressors  over  the  years  [1-9].  More  recently  two  spanwise  mixing  models  have  received  great  deal  of 
attention.  Adkins  and  Smith  [1]  used  inviscid;  small  perturbation,  secondary  flow  theory  as  the  basic  of 
their  model.  This  model  includes  the  effects  of  mainstream  non-free  vortex  flow,  end  wall  boundary  layers, 
blade  end  clearances,  blade  end  shrouding,  and  blade  boundary  layer  and  wake  centrifugation.  Gallimore 
and  Cumpsty  [2]  model  of  radial  mixing,  assumes  random  turbulent  type  of  diffusion  process  as  the 
dominant  mechanism  of  spanwise  mixing.  They  developed  a  simple,  approximate  method  for  estimating  the 
value  of  the  spanwise  mixing  coefficient  in  terms  of  stage  geometry  loss  and  flow  coefficient. 

In  this  paper  Gallimore  and  Cumpsty  spanwise  mixing  model  is  formulated  for  axisymmetric  finite 
element  throughflow  code  of  t)$er  et  al.  [10].  In  order  to  introduce  more  realistic  loss  distributions  through 
the  blade  rows,  3-D  secondary  flow  loss  distribution  models  of  Roberts,  Serovy,  Sandercock  [11]  were 
used  with  Koch  and  Smith  [12]  2-D  loss  distributions.  End  wall  boundary  layer  displacement  thickness 
calculation  method  of  Stratford  [13]  is  adopted  for  determining  the  growth  of  boundary  layer  on  the  end- 
walls.  The  mixing  model  was  tested  using  benchmark  test  cases  of  single  duct,  stator,  and  rotor.  The 
method  was  then  used  to  calculate  the  flow  through  2  stage  high  speed  compressor  and  4  stage  low  speed 
compressor  to  demonstrate  the  radial  variation  of  flow  properties  due  to  spanwise  mixing. 


FORMULATION 

The  throughflow  analysis  of  flow-field  in  compressors  assumes  axisymmetric  inviscid  steady  flow. 
Cascade  information  is  introduced  to  such  models  through  empirically  determined  loss  and  deviations.  The 
stream  surface  formulation  of  the  flow  field  first  proposed  by  Wu  [14]  is  used  as  basis  of  the  flow 
modelling  inside  an  axial  compressor.  Bosman  and  Marsh  [IS]  developed  an  improved  consistent  loss  model 
and  a  formulation  which  can  be  used  for  any  shape  of  hub  and  casing  walls. 

Momentum  equation  in  Crocco  form  for  steady  flow  in  rotating  coordinates  is 


W  x  (Vx  V)  =  VI  -  T  Vs  -  f 


(1) 
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where  f  is  the  dissipative  force  vector  and  can  be  represented  in  terms  of  shear  stress  tensor  as  —  V  .  1  . 
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In  the  distributed  loss  model  this  force  is  obtained  from  losses  and  act  in  the  opposite  direction  of  the 
velocity  vector.  Momentum  equation  on  the  Wu  [14]  prescribed  S2  surface  becomes 
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Here,  B  represents  the  force  field  which  makes  the  flow  to  occur  on  the  prescribed  S2  stream  surface,  f  is 
the  dissipative  force  field  v/hich  lies  inside  the  S2  stream  surface.  The  geometrical  condition  of  ■*  '  stream 
surface  is  given  by  the  equation 

We  =  -  Wr  tan  X,  -  Wz  tan  n  (3) 

utilizing  the  orthogonality  condition  of  B  and  W  and  surface  normal  vector  n  and  W.  p  is  the  fluid  angle 
and  X  is  the  lean  angle  of  S2  surface. 

For  a  non-rotating  S2  surface  in  the  stator  blade  rows,  equations  (2)  are  obtained  with  W  replaced  by  V 
and  rothalpy  I  replaced  by  total  enthalpy  H. 

For  flow  in  ducts  with  no  specified  flow  surface  equations  of  motion  become 
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For  bladed  sections  of  the  compressor,  equations  (2)  can  be  written  in  3  new  directions  as  depicted  in 
Fig.  1.  These  directions  as  Busman  and  Marsh  [15]  had  proposed  are  "m"  direction  being  in  the  surface  and 
tangent  to  the  streamline  (streamwise  direction),  "N"  perpendicular  to  the  streamline  and  lies  in  the  surface 
and  "n"  being  perpendicular  to  the  surface.  Momentum  equation  in  the  N  direction  therefore  contains  neither 
the  blade  force  B  nor  the  dissipative  force  f. 

For  an  adiabatic  flow  on  a  prescribed  S2  surface;  5  equations  to  be  satisfied  are;  continuity  equation, 
momentum  equation  in  N,  m,  n  directions  and  energy  equation.  Equation  of  state  is  used  to  find  the  other 
thermodynamic  properties  .  Momentum  equation  in  ”N"  direction  is  used  as  the  principal  equation. 
Momentum  equation  in  streamwise  direction  "m"  is  replaced  by  entropy  equation,  and  geometrical  condition 
is  specified  replacing  the  momentum  equation  in  "n"  direction  normal  to  the  surface.  Momentum  equations  in 
"n”  and  "m"  directions  may  be  used  to  calculate  blade  force  B  and  dissipative  force  f.  Stream  function  is 
defined  by  satisfying  the  continuity  equation  along  S2  stream  surface.  Since  the  dissipative  term  in  the 
steady  flow  energy  equation, 

W.(VI)  =  V,(T.W)  -  V.q  (5) 

is  equal  to  zero  for  distributed  loss  model  and  q  is  neglected  for  non-conducting  fluids,  I  stays  constant 
along  relative  streamlines  through  rotating  blade  rows.  Similarly  total  enthalpy  H  is  constant  along 
streamlines  through  stator  blades.  Entropy  equation  which  replaces  "m"  component  of  momentum  equation 
gives  the  change  of  entropy  along  the  streamline  in  terms  of  dissipative  force  and  temperature.  This  change 
of  entropy  can  be  related  to  the  increase  of  stagnation  pressure  along  streamlines  due  to  losses  in  blade 
passages. 

Inside  ducts,  where  there  is  no  prescribed  stream  surface,  momentum  equations  are  more  conveniently 
written  in  (ie  x  V)  and  V  x  (ie  x  V)  directions.  The  principal  equation  is  obtained  from  (ie  x  V) 
direction  in  which  no  dissipative  force  exist  because  of  the  orthogonality  condition.  Instead  of  the 
streamwise  component  of  momentum  equation,  entropy  equation  is  used.  V  x  (ie  x  V)  component  gives 
the  tangential  momentum  change  as, 

which  shows  that  for  duct  flows  with  no  change  of  total  enthalpy  and  entropy,  tangential  momentum  is 
constant  along  a  streamline.  In  addition  to  the  momentum  equations,  continuity  equation  and  energy 
equation  must  be  satisfied.  Energy  equation  reduces  to  H  =  const,  along  a  streamline  because  of  the 
distributed  loss  model  whereas  continuity  equation  is  satisfied  by  introducing  an  appropriate  stream 
function.  The  two  thermodynamic  properties  and  three  velocity  components  are  determined  by  the  above  set 
of  five  equations.  Other  thermodynamic  variables  are  obtained  using  the  equation  of  state. 

The  distributed  loss  model  described  above  handles  axisymmetric  flow  fields  in  bladed  and  unbladed 
sections  of  a  compressor.  The  model  makes  it  possible  to  solve  viscous  flows  by  specifying  empirically 
determined  total  pressure  decrease.  Flow  in  bladed  sections  is  forced  on  to  axisymmetric  stream  surfaces 
which  are  prescribed  using  the  known  blade  data  and  deviation  correlations. 


MIXING  MODEL 

The  important  influence  of  spanwise  mixing  is  the  radial  distribution  of  flow  properties.  Turbulent 
diffusion  type  of  process  modelled  by  Gallimore[3]  is  used  in  this  investigation.  The  model  requires  the  use 
of  the  axial  radial,  and  tangential  momentum  equations  and  the  energy  equation  to  calculate  the  streamwise 
changes  of  stagnation  enthalpy,  entropy  and  tangential  momentum  caused  by  the  radial  diffusion  of  heat  and 
momentum.  The  model  assumes  that  the  radial  mixing  of  momentum  and  heat  occurs  by  turbulent  mixing. 

Mixing  process  can  be  represented  by  an  eddy  viscosity  pt  and  an  eddy  conductivity  kt  which  are  related  by 
turbulent  Prandtl  number  Prt  =  pcjAt.  The  eddy  viscosity  is  related  to  mixing  coefficient  e  through  turbulent 

Schmidt  number  Set  =  pt/(pe) .  Reynolds  number  Vz  Ls/e  is  a  function  of  blade  and  stage  geometries,  loss 
coefficient  and  flow  coefficient.  Prandtl  and  Schmidt  numbers  are  taken  as  unity  in  this  investigation. 

Turbulent  mixing  model  introduces  modifications  to  the  main  flow  equations.  This  is  because  the 
dissipative  force  term  of  equation  (1)  is  split  into  two  parts. 

-  V  .T  =  f,  +  {-  V  .  T 

p  [p 

The  first  part  represents  the  distributed  dissipative  force  and  it  is  introduced  to  the  solution  through 
correlations,  whereas  the  second  part  represents  the  forces  due  to  viscous  dissipation.  Mixing  model  of 
Gallimore  [3]  assumes  that  the  flow  is  axisymmetric,  that  changes  in  Vr  and  their  derivatives  with  position 
are  small,  and  that  changes  in  the  axial  direction  are  negligible.  These  approximations  lead  to  simplifications 
in  the  terms  of  the  stress  tensor  in  cylindrical  coordinates.  The  projection  of  mixing  viscous  force  term  on 
to  the  prescribed  stream  surface  modifies  the  blade  force  term  B  and  includes  the  surface  normal  component 
of  turbulent  viscous  stress.  The  principal  equation  in  "N"  direction  with  shear  stresses  due  to  radial  niixing 
takes  the  form, 
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in  which  it  is  assumed  that  the  lean  angle  is  constant  in  the  radial  direction.  The  above  equation  is  written  on 
prescribed  steam  surfaces  within  rotating  passages  .  For  stator  blade  rows  the  principal  equation  is  obtained 
by  replacing  rothalpy  by  total  enthalpy  and  relative  velocity  by  absolute  velocity.  The  stream  function  is 
defined  in  the  form 
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where  b  is  the  tangential  blockage  due  to  blades.  In  ducts  tangential  blockade  does  not  exist  and  no 
tangential  momentum  is  imposed  by  prescribing  stream  surfaces.  Therefore  b  is  unity  and  the  principal 
equation  is  obtained  by  projecting  the  mixing  shear  stress  term  onto  (ie  x  V)  direction  which  gives 
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Momentum  equation  in  V  x  (ie  x  V)  direction  gives  the  tangential  momentum  change 
direction  in  the  form, 
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relating  tangential  momentum  change  to  dissipative  force  due  to  turbulent  diffusion. 

In  the  bladed  sections  although  angular  momentum  change  is  prescribed  by  specifying  the  stream 
surface  shape,  a  radial  transfer  of  momentum  is  expected  due  to  the  presence  of  shear  stresses.  The  relative 
proportion  of  rVe  change  in  the  streamwise  direction  due  to  turbulent  diffusion  must  depend  on  the  aspect 
ratio  and  solidity  of  the  blade  row. 

Entropy  equation  in  the  streamwise  direction  becomes 

* +  v,q )+  [art  (11) 

where  the  dissipation  function  is  given  as 

<12> 

and  heat  transfer  due  to  turbulent  diffusion  by 


The  last  term  in  equation  (11)  represents  the  change  of  entropy  along  streamlines  due  to  the  losses  in  the 
cascade  flow.  Total  enthalpy  of  the  flow  is  now  affected  by  the  shear  stresses  and  conduction.  Therefore  a 
change  in  H  along  absolute  streamlines  is  calculated  from  energy  equation. 
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Along  relative  streamlines  rothalpy  change  is  calculated  using  the  energy  equation  in  steadily  rotating 
relative  coordinate  system. 

At  the  hub  and  tip  walls  of  the  compressor  the  shear  stresses  and  heat  flux  are  set  to  zero,  in 
accordance  with  the  adiabatic  walls  and  inviscid  distributed  loss  model  of  the  main  flow. 
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CALCULATION  PROCEDURE 

Equations  (7)  and  (9)  are  the  principal  equations  that  are  used  to  obtain  the  stream  function  distribution 
in  the  solution  domain  and  they  are  discretized  using  finite  element  method.  Since  hub  and  tip  walls  of  the 
compressor  are  streamlines,  stream  function  values  are  specified  on  them.  At  the  entry  to  the  solution 
domain  stream  function  values,  total  temperature  and  pressure  are  specified  at  the  nodes.  For  the  exit  of  the 
compressor  dy/dz  =  0.  From  the  stream  function  distribution,  velocities  in  the  radial  and  axial  directions  can 
be  calculated  from  equations  (8).  From  equation  (3)  the  tangential  component  of  the  velocity  vector  is 
determined.  Equations  (10),  (11),  (12)  allow  the  change  of  entropy,  tangential  momentum,  and  stagnation 
enthalpy  along  streamlines  to  be  calculated:  Since  stream  function  values  are  known  at  the  nodes  of  the  8 
noded  finite  elements,  a  radial  layer  by  layer  procedure  is  adopted.  An  inverse  space  marching  technique  is 
utilized.  The  properties  of  the  nodal  points  at  the  layer  of  calculation  I  is  determined  using  the  constancy 
of  stream  function  along  streamlines  and  the  equation  below. 
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Property  evaluations  on  streamlines  are  made  using  linear  interpolation  between  the  stream  function  and 
property  values  of  the  nodes  at  the  1-1  layer  (see  Fig. 2). 

The  radial  derivatives  of  velocities  and  temperature  which  are  required  to  evaluate  shear  stresses, 
dissipation  function  and  the  heat  transfer  terms  are  calculated  using  natural  cubic  spline  technique.  In  the 
calculation  of  entropy  along  a*  streamline  in  bladed  sections,  the  increase  of  entropy  due  to  empirical  loss 
coefficients  is  included  and  the  total  entropy  change  is  evaluated.  The  variation  of  tangential  momentum  in 
bladed  sections  is  likewise  calculated  from  the  summation  of  two  effects.  This  change  is  the  result  of 
specified  blade  geometry  with  empirically  determined  deviation  and  an  additional  force  caused  by  the 
tangential  shear  stresses.  As  a  result  of  shear  stresses,  the  calculated  fluid  angle  at  the  exit  of  blade  rows 
will  differ  from  the  specified  angles.  The  change  of  total  enthalpy  through  stator  blade  rows  or  rothalpy 
through  rotor  blade  rows  are  computed  using  equation  (14)  in  a  straightforward  way  in  the  present  method, 
because  no  blade  force  appears  in  the  energy  equation.  It  is  then  possible  to  set  up  the  enthalpy-entropy 
diagram  along  the  streamline  section  of  Figure  2  between  two  layers,  and  density  at  the  calculation  node  is 
evaluated.  At  this  stage  of  the  calculation  all  variables  necessary  to  set  up  the  right  hand  side  of  the 
principal  equations  (7)  and  (9)  are  evaluated.  Fluid  density  which  appears  on  the  left  hand  side  is  also 
known  therefore  principal  equations  are  recomputed  and  new  stream  function  values  are  found.  Maximum 
relative  change  in  stream  function  values  between  two  consecutive  overall  iterations  are  checked  for 
convergence.  Maximum  relative  change  is  kept  under  0.001  and  an  undcrrclaxation  factor  around  0.2  was 
used  in  the  calculations. 


EMPIRICAL  CONSIDERATIONS 

The  present  model  uses  several  empirical  correlations  and  data  which  serve  to  calculate  2-D  cascade 
losses  at  design  and  off  design,  secondary  flow  losses,  and  end-wall  boundary  layer  displacement  thickness 
distributions. 

The  cascade  losses  when  not  specified  are  calculated  using  Koch  and  Smith  [12]  correlation.  Carter's 
rule  is  used  for  design  deviation.  For  off-design  deviation  and  loss  Creveling  [16]  and  £etin  et  al.  [17]  are 
used  respectively.  The  radial  distribution  of  secondary  losses  are  calculated  using  reference  [11].  These 
losses  are  added  to  the  Koch  and  Smith  2-D  loss  distribution.  The  calculation  of  3-D  losses  require  end  wall 
boundary  layer  thickness  distribution  along  the  compressor.  End-wall  boundary  layer  calculation  method 
suggested  by  Stratford  [13]  is  used  for  predicting  the  development  of  end- wall  boundary  layer.  In  the  case 
when  displacement  thickness  prediction  method  is  used  the  hub  and  casing  boundary  conditions  (stream 
function  values)  are  changed,  introducing  a  fictive  mass  flux  compensating  for  the  loss  due  to  shear  layers. 


RESULTS  AND  DISCUSSION 

Some  of  the  early  results  obtained  from  the  new  version  of  the  computer  code  will  be  given  here.  The 
modified  program  is  verified  for  mixing  analysis  using  straight  annula.  duct,  isolated  stator  and  isolated 
stator  of  uallimore  [18], 

Figure  3  shows  the  capability  of  the  code  in  conserving  the  angular  momentum.  A  nearly  free  vortex 
tangential  velocity  distribution  was  traced  along  a  constant  area  annular  duct  as  it  chang  j  into  a  force 
vortex  profile.  In  this  calculation  Reynolds  number,  based  on  axial  velocity  annulus  height  and  mixing 

coefficient  was  290.  The  mixing  coefficient  e  was  set  to  0.0035  mfy*.  Prandtl  and  Schmidt  numbers  were 
set  to  1.0  .  An  analysis  of  the  mixing  model  showed  that  shear  stresses  can  not  be  generated  in  the  case 
when  exact  free  vortex  distribution  of  rV#  »  const,  is  imposed.  Therefore  calculation  was  started  from  a 
nearly  free  vortex  distribution.  Solid  body  rotation  of  forced  vortex  flow  is  also  free  of  shear  stresses  for 
inviscid  boundaries.  Therefore,  as  expected,  the  forced  vortex  tangential  velocity  distribution  did  not  show 
any  change  along  the  annular  duct  after  it  is  established.  Figure  3  shows  V#  variation  in  the  radial  direction 
at  0,  20,  40,  100  span  downstream  locations  along  the  annular  duct.  The  forced  vortex  profile  is  accurately 
predicted  with  no  inaccuracies  at  the  end  walls  and  no  change  of  tangential  momentum  during  the 
development  from  free  to  forced  vortex.  This  indicates  that  the  model  is  implemented  satisfactorily  to  the 
finite  element  program. 
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In  order  to  assess  the  ability  of  the  code  to  predict  the  flow  through  bladed  sections,  isolated  stator 
and  rotor  test  cases  of  Gallimore  [18]  were  used.  Reynolds  number  based  on  axial  velocity,  span  and  mixing 
coefficient  was  taken  as  290  for  both  test  cases  Prandtl  number  was  set  to  unity.  The  mixing  coefficient  was 
0.0035  m^  /s.  Spanwise  loss  and  deviation  distributions  suggested  by  Gallimore  were  used.  Exit  flow  angle 
was  set  to  zero  at  mid-height  and  30*  at  each  end-wall  with  a  non-linear  variation  in  between.  The  spanwise 
variation  of  specified  loss  coefficient  was  varied  from  zero  at  mid-span  to  0.5  of  both  ends.  A  second  order 
distribution  between  mid-span  and  end-walls  was  used. 

Figure  4  shows  axial  velocity  distribution  at  the  exit  of  the  blade  row  (0  span),  4  span  and  8  span 
downstream  of  the  blade  row.  The  axial  velocity  distribution  flattens  out  as  the  flow  proceeds  down-stream 
due  to  the  viscous  stresses  set-up  in  the  flow.  Figure  5  shows  a  similar  trend  in  the  yaw  angle.  The 
specified  30*  end  wall  yaw  angle  can  not  be  reached  at  the  exit  of  the  blade  row  because  of  mixing  in  the 
bladed  section,  as  expected.  For  a  uniform  inlet  distribution  of  total  enthalpy  and  Prandtl  number  of  unity, 
there  should  be  no  change  of  total  enthalpy  along  the  streamline  passing  through  the  stator  blade  row  even  if 
mixing  is  present  [19].  This  is  because;  the  contributions  of  the  shear  stresses,  heat  transfer  and  dissipation 
function  should  cancel  each  other  and  not  contribute  in  any  way  to  total  enthalpy.  It  was  found  that  the 
program  algorithm  accurately  establishes  this  requirement  with  negligible  changes  in  the  total  enthalpy 
across  the  downstream  stations  of  the  stator  blade  row. 

The  isolated  rotor  test  is  performed  using  the  geometry  of  stator.  Blades  are  now  rotated  at  3000  rpm. 
In  this  test  case  the  specified  exit  relative  flow  angles  varied  from  10*  at  mid-span  to  40*  at  both  hub  and 
tip.  The  loss  distribution  was  the  same  of  the  stator.  Calculated  spanwise  variation  of  axial  velocity  is 
shown  in  Fig.  6.  Results  are  given  at  the  exit  of  the  blade  row  and  two  downstream  stations.  The  mixing 
again  tends  to  flatten  the  axial  velocity  profile  as  they  pass  downstream.  Figure  7  shows  the  total  enthalpy 
variation  at  the  trailing  edge  and  two  downstream  locations.  The  increase  of  total  enthalpy  at  the  tip  and  hub 
with  mixing  is  predicted.  The  redistribution  of  flow  properties  tend  to  reduce  the  total  enthalpy  at  the  mid¬ 
span  region.  For  a  routing  blade  row  there  should  be  no  change  of  rothalpy  along  a  streamline  for  uniform 
inlet  rothalpy  and  Prt  ■  1.  The  change  of  rothalpy  across  the  blade  row  was  found  to  be  less  than  0.5  % 
therefore  it  is  concluded  that  the  program  algorithm  is  accurate  in  predicting  flow  properties  in  the  rotor 
section. 

Two  compressor  test  cases  are  used  until  this  time.  The  first  test  case  was  the  Cambridge  A  Stage  low 
speed  compressor.  A  substantial  amount  of  dau  on  this  compressor  can  be  extracted  from  references 
[18-20].  This  compressor  has  untwisted  C5  airfoils  with  hub  to  tip  ratio  of  0.8.  It  was  used  in  mixing 
analysis  by  Gallimore  [18].  The  complete  machine  with  IGV  and  four  stages  were  analyzed  on  the  computer. 
Because  of  the  lack  of  relative  flow  angle  distribution  data  at  t’.- '  exit  of  the  blade  rows,  only  partial  success 
was  achieved  in  predicting  the  axial  velocity  profiles  at  the  exit  of  rotor  blades.  Test  runs  were  performed  at 
a  flow  coefficient  of  approximately  0.55  which  gives  a  mean  axial  velocity  of  approximately  27.0  m/s.  The 
calculated  velocity  profiles  had  the  same  trend  as  the  measured  ones  with  peak  axial  velocity  near  to  the 
mid-span  position  rather  than  to  the  tip  region.  In  these  calculations  spanwise  loss  distribution  data  of 
Gallimore  was  used  with  identical  loss  coefficient  distributions  for  all  four  rotors;  the  stator  loss 
distributions  were  assumed  to  be  the  same  for  each  blade  row  and  equal  to  the  radially  inverted  rotor 
distributions.  In  the  analysis  runs  with  mixing,  Reynolds  number  based  on  axial  velocity  axial  stage  length 
and  mixing  coefficient  was  set  to  340.  All  axial  velocity  profiles  showed  an  increase  of  3  -  4  %  of  axtal 
velocity  at  the  hub  and  a  decrease  of  same  amount  at  tip  of  blade  rows.  Figure  8  shows  the  total  pressure 
distribution  at  the  exit  of  the  compressor.  The  influence  of  mixing  on  the  total  pressure  distribution  shows 
that  the  losses  are  convected  to  the  mid  span  in  the  case  of  mixing,  producing  less  total  pressure  rise  at  the 
upper  half  of  the  span.  Convergence  difficulties  were  experienced  in  the  end  wall  boundary  layer 
calculations.  Empirical  assessment  of  secondary  flow  loss  using  the  model  of  reference[ll]  showed 
negligible  differences  in  flow  properties.  3-D  losses  were  only  introduced  to  the  middle  stages. 

So  far  the  second  test  case  used  with  the  new  code,  is  the  NASA  2  stage  low  aspect  ratio  transonic  fan. 
This  machine  is  well  documented  in  [21-22].  Mixing  coefficient  for  this  machine  is  estimated  using  the. 

method  of  Gallimore  and  Cumpsty  [2]  as  e  =  0.0018  ttfi/s.  Second  stage  exit  total  pressure  distribution 
predicted  by  using  cascade  loss  and  deviation  correlations  for  design  and  off  design  is  shown  by  curve  A  of 
figure  9.  Correlation  set  recommended  in  £etin  et  al.  [17]  is  used  in  this  calculation.  When  end-wall 
boundary  layer  calculation  of  Stratford  [13]  and  secondary  losses  of  [11]  are  introduced  with  mixing 
calculations  simultaneously,  marked  difference  in  the  distribution  is  experienced.  This  is  because  of  the 
combined  effect  of  two-dimensional  cascade  losses,  three-dimensional  secondary  losses,  end  wall  boundary 
layer  blockage  and  mixing.  A  comparison  with  the  measured  values  of  total  pressure  shows  that  the  complete 
model  improves  the  prediction  ouly  at  the  tip  of  the  blade  row,  with  less  success  at  the  hub  region.  This  is 
because  of  the  errors  in  the  calculated  loss  distribution  at  the  hub  and  consequently  its  unrealistic  spanwise 
redistribution  due  to  mixing.  During  the  computations  for  obtaining  curve  B  of  figure  9,  empirical  loss  and 
deviation  for  design  and  off-design,  three-dimensional  loss  and  end  wall  boundary  layer  calculations  were 
included  inside  the  global  iteration  of  stream  function.  All  comparison  are  made,  near  peak  efficiency  test 
case  of  NASA  2-Stage  fan  at  100  %  design  speed. 

Figure  10  shows  the  measured  total  pressure  distribution  ai  the  exit  of  second  stage  stator  together  with 
the  calculated  spanwise  distributions.  The  figure  clearly  shows  that  when  calculated  loss  and  deviations 
from  measured  total  pressure,  total  temperature  and  yaw  angle  are  used,  satisfactory  total  pressure  spanwise 
variation  can  be  computed  only  when  spanwise  mixing  fs  included.  Computation  without  mixing  using 
calculated  loss  and  deviation  of  the  experimental  data  gave  larger  variation  of  total  pressure  from  hub  to  tip 
with  abrupt  fluctuations  due  to  supersonic  relative  flow  at  the  tip  region.  Mixing,  by  redistributing  the  flow 
properties  smooths  out  the  fluctuations  at  the  tip  region  and  predicts  the  experimental  pressure  distribution 
satisfactorily  with  a  slight  error  near  to  the  tip  of  blade. 

In  a  number  of  numerical  experiments,  3-D  loss  model  was  used  simultaneously  with  2-D  losses  and 
end  wall  boundary  layer  calculations.  In  these  test  runs  calculations  without  mixing  showed  about  5  m/s 
reduction  of  axial  velocity  at  both  hub  and  tip  with  very  small  changes  at  the  mid-span  region.  Calculation 
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with  mixing  on  the  other  hand,  gave  an  increase  of  axial  velocity  at  the  tip  region  and  a  reduction  at  the  hub 
and  mid-span  regions.  This  is  attributed  to  the  redistribution  of  losses  along  the  compressor.  The  calculated 
ax>al  velocity  profiles  at  rotor  and  stator  exit  stations  has  the  same  shape  as  depicted  in  figure  11  which  are 
fa,  from  predicting  the  details  of  the  flow.  When  calculated  loss  and  deviations  from  measured  values  are 
specified  with  mixing,  better  axial  velocity  predictions  are  obtained  as  shown  in  figure  11.  Axial  velocity 
predictions  are  better  at  mid-span  and  tip  regions  with  less  success  at  the  hub.  A  comparison  of  predicted 
and  specified  loss  distributions  showed  trend  differences  at  the  huh  of  the  second  stage  rotor.  However  loss 
distributions  had  the  same  trend  at  the  tip.  Figure  12  shows  the  second  stage  stator  exit  axial  velocity 
distribution  obtained  using  specified  loss  and  deviation  values  throughout  the  blade  rows.  As  it  can  be 
observed  a  successful  prediction  of  spanwise  axial  velocity  distribution  was  obtained  when  mixing  is 
included  in  the  analysis.  The  same  result  was  also  obtained  for  total  pressure  distribution,  as  mentioned 
above. 

The  computational  performance  of  the  new  code  was  found  to  be  very  promising.  In  the  analysis  of 
Cambridge  four  stage  compressor,  288  elements  with  889  nodes  was  used.  CPU  time  on  a  UNISYS  A9F 
computer  was  960  second  For  NASA  two  stage  compressor  with  133  elements  and  452  nodes,  computations 
without  mixing  took  67”  seconds.  An  increase  of  30  %  in  computing  time  was  experienced  in  the  case  when 
mixing  analysis  was  in  voided.  No  instabilities  were  observed  in  the  mixing  solution. 


CONCLUDING  REMARKS 

The  mixing  model  of  Gallimore  and  Cumpsty  was  successfully  applied  to  a  finite  element  throughflow 
axisymmetric  code.  The  program  is  accurate  and  fast  in  calculating  the  flow  properties  in  annular  duct, 
isolated  stator  and  isolated  rotor  test  cases. 

For  multi-stage  axial  compressor  analysis,  when  empirical  2-D  and  3-D  losses  and  deviations  and  end 
wall  blockage  calculations  are  performed  simultaneously  with  mixing  analysis,  satisfactory  radial  variations 
of  properties  can  not  be  obtained.  Spanwise  loss  and  deviation  distributions  should  be  specified  for  all  blade 
rows  and  their  redistribution  must  be  allowed  along  the  compressor  due  to  mixing. 

In  specifying  the  spanwise  distribution  of  loss  and  deviation;  profile,  secondary  flow  and  end  wall 
effects  should  be  considered.  A  properly  proportioned  and  quantified  loss  and  deviation  profile  in  the 
spanwise  direction  should  be  capable  of  predicting  the  property  changes  with  success  if  mixing  is 
introduced.  It  must  be  noted  that  the  mixing  model  calculates  shear  stresses  and  heat  transfer  using  the 
variation  of  axial,  tangential  velocities  and  temperature  in  the  radial  direction. These  properties  are  strongly 
affected  by  the  entropy  production  and  work  input  along  the  streamlines  through  the  blade  row.  Therefore 
loss  and  deviation  distributions  including  the  effects  of  profile,  shock  and  secondary  flows  must  be  as 
accurate  as  possible  for  obtaining  accurate  radial  property  variations. 


REFERENCES 

1.  Adkins,  G.G.,  and  Smith,  L.H.Jr.,  "Spanwise  Mixing  in  Axial-Flow  Turbomachines"  ASME  Jour,  of 
Eng.  Power.,  Vol.  104,  1982,  p.  97. 

2.  Gallimore,  S.J.  and  Cumpsty,  N.A.,  "Spanwise  Mixing  in  Multistage  Axial  Flow  Compressors:  Part  I- 
Experimental  Investigation"  ASME  Jour,  of  Turbomachinery,  Vol.  108,  1986,  p.  2. 

3.  Gallimore,  S.J.  "Spanwise  Mixing  in  Multistage  Axial  Flow  Compressors:  Part  II-Throughflow 
Calculations  Including  Mixing",  ASME,  Jour,  of  Turbo.  1986,  p.  10. 

4.  Wisler,  D.C.,  Bauer,  R.C.,  and  Okiishi,  T.H.,  "Secondary  Flow,  Turbulent  Diffusion,  and  Mixing  in 
Axial-Flow  Compressors"  ASME,  Jour,  of  Turbomachinery,  Vol.  109,  1987,  p.  455. 

5.  Smith,  L.H.,  Jr.  "Secondary  Flow  in  Axial-Flow  Turbomachinery"  Trans,  of  the  ASME,  Vol.  77,  No. 
7,  1955,  pp.  1055. 

6.  Lakshminarayana,  B.,  and  Horlock,  J.H.,  "Review:  Secondary  Flow  and  iosses  in  Cascades  and  Axial- 
Flow  Turbomachines"  Int.  J.  Mech.  Sci.,  1963,  p.  287. 

7.  "Secondary  Flows  in  Turbomachines"  .AGARD-CP-217,  1977. 

8.  Hawthorne,  W.R.  "The  Growth  of  Secondary  Circulation  in  Frictionless  Flow"  Proc.  Camb.  Phil. 

Soc.,  Vol.  51,  No.  4,  1955,  p.  737. 

9.  Hirsch,  C.  and  Kool,  P.,  "Measurement  of  the  three-dimensional  flow  field  behind  an  Axial  Flow 
Compressor  Stage"  Trans.  ASME,  J.  Eng.  Power,  1977,  p.  168. 

10.  Ujer,  A.§.,  Yegen,  1.,  and  Durmaz,  T.,  "A  Quasi-Three-Dimensional  Finite  Element  Solution  for 
Steady  Compressible  Flow  Trough  Turbomachines",  Trans.,  of  the  ASME,  J.  of  Eng.  for  Power,  1983, 
p.  536. 

11.  Roberts,  W.B.,  Serovy,  G.K.,  and  Sandercock  D.M.,  "Design  Point  Variation  of  3-D  loss  and 
Deviation  for  Axial  Compressor  Middle  Stages"  ASME  paper  88-GT-57. 

12.  Koch,  C.C.,  Smith,  L.H.,  "Loss  Sources  and  Magnitudes  in  Axial-Flow  Compressors",  Trans,  of  the 
ASME,  J.  of  Eng.  for  Power,  1976,  p.  411, 

13.  Stratford,  B.S.  "The  use  of  Boundary  Layer  Technique  to  Calculate  the  Blockage  from  the  Annulus 
Boundary  Layers  in  Compressors",  ASME  paper  67-WA/GT-7. 

14.  Wu,  C.H.,  "A  General  Tneory  of  Three-Dimensional  Flow  in  Subsonic  and  Supersonic  Turbomachines 
of  Axial-Radial  and  Mixed  Flow  Type",  NACA  TN  2604,  1952. 

15.  Bosman,  C.,  and  Marsh,  H.,  "An  Improved  Method  For  Calculating  the  Flow  in  Turbo-Machines, 
Including  a  Consistent  Loss  Model",  J.  Mech.  Eng.  Sci.,  Vol.  16,  1974,  p.  25. 

16.  Creveling,  H.F.,  "Axial-Flow  Compressor  Computer  Program  for  Calculating  off-Design 
Performance",  NASA  CR  72472,  1968. 


3-8 


17  £etin,  M.  ttfer,  A.§.,  Hirsch,  Ch.,  Scrovy,  G.K.,  "Application  of  Modified  Loss  and  Deviation 
correlations  to  Transonic  Axial  Compressors"  AGARD-R-745,  1987. 

18.  Gallimore  S.J.,  "Spanwise  Mixing  in  Multistage  Axial  Compressors"  Ph.  D.  Dissertation,  Univ.  of 
Cambridge,  1985. 

19.  Denton,  J.D.  and  Cumpsty,  N.A.,  "Loss  Mechanisms  in  Turbomachines",  Inst,  of  Mech.  Eng., 

C260/87,  1987.  „  _ _ 

20.  Cumpsty,  N.A.,  "Annulus  Wall  Boundary  Layer  Measurements  in  a  Four  Stage  Compressor  ASME 
paper  No.  85-GT-62. 

21.  Urasek,  D.C.,  Gorrell,  W.T.,  and  Cunnan,  W.S.,  "Performance  of  Two-Stage  Fan  Hawing  Low- 
Aspect- Ratio,  First  Stage  Rotor  Blading",  NASA  TR-78-49,  1979. 

22.  Calvin,  L.B.,  Lonnie,  R.,  and  Schmidt,  J.F.,  "End  Wall  Boundary  Layer  Measurements  in  a  Two  Stage 
Fan",  AGARD-CP-35 1 , 1983. 


Fig. 3  Swilling  Flow  in  a  Constant  Area  Annular  Duct 
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Fig. 4  Axial  Velocity  Distributions  Downstream  of  Stator 
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F  i  g .  6  Axial  Velocity  Distribution  Downstream  ot  Kotor 


F  i  g .  S  Yaw  Angle  Distribution  Downstream  of  Stator 


F  i  g .  7  Total  Enthalpy  Distribution  Downstream  of  Rotor 


F  i  g .  8  Total  Pressure  Distribution  at  the  Exit  of  4-Stage 
Cambridge  Compressor 
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F  i  g .  9  NASA  2-Stage,  Second  Stage  S  tator  Exit 
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Fig.ll  NASA  2-Stage,  Second  Stage  Rotor  Exit 
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Fig.  12  NASA  2-Stage,  Second  Stage  Stator  Exit,  Mixing 
Calculations 
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PARABOLIZED  CALCULATIONS  OF  TURBULENT  THREE  DIMENSIONAL 
FLOWS  IN  A  TURBINE  DUCT 

P.  FERRAND  *,  F.  LEBOEUF  *,  F  POMMEL  *,  E.  PARKINSON  * 

*  LMFA  URA  CNRS  263  ECL  BP  163  69131  Ecully  -  FRANCE 


1.  INTRODUCTION 

For  a  number  of  practical  flows  with  a  dominating  convective  direction,  it  is  often  possible  to  neglect  the  diffusive 
phenomenona  in  this  direction.  This  hypothesis  is  particularly  true  in  turbomachine  ducts  where  the  Reynolds  numbers 
are  usually  very  high. 

In  this  case,  the  diffusive  terms  in  the  main  convective  direction  (written  £  in  the  following)  are  eliminated. 
Concerning  the  velocity,  the  problem  described  by  the  Navier-StOKes  equations  becomes  parabolic.  However,  in  all 
the  subsonic  zones,  the  pressure  tends  to  transfer  the  downstream  information  in  the  upstream  direction,  which  is 
typical  oi  an  elliptical  behaviour.  As  a  consequence,  eliminating  those  diffusive  terms  in  the  Navier  Stokes  equations  is 
not  sufficient  to  obtain  a  pure  problem.  The  momentum  equations  have  a  parabolic  nature  and  can  be  treated  by  a 
space  marching  resolution.  On  the  opposite,  the  elliptic  nature  of  the  pressure  equation  has  to  be  taken  into  account,  in 
a  subsonic  flow,  with  highly  curved  ducts,  it  is  then  necessary  to  define  an  hybrid  parabolic-elliptical  method  called 
"Quasi  Elliptical"  in  the  following  |5|. 

The  idea,  based  on  parabolized  methods  recognizing  the  elliptical  pressure  effect,  has  already  been  used  successfully 
by  KUL1SA-BELLOIR  |2,3|  for  local  reverse  flows.  In  this  case,  a  boundary-layer  model  is  used  in  strong  interaction 
with  a  pressure  calculation  based  on  a  small  potential  pertubations  method  generated  by  the  viscous  wall  flow.  The 
integral  equation  obtained  with  Green's  theorem  restores  properly  the  elliptical  effect  on  the  wall.  Moreover,  DELERY 
and  MARVIN  |4|  have  shown  the  importance  of  this  strong  coupling,  at  the  wall,  if  the  elliptical  pressure  effect  is  to  oe 
restored  in  a  supersonic  boundary-layer. 

This  paper  intends  to  present  a  new  method  calculating  three  dimensional  flows  in  turbomachine  ducts  with  a  quasi- 
ellipticity  hypothesis  for  the  velocity  field. 

The  main  ideas  of  the  method  are  presented  ;  then  its  specific  aspects  shall  be  detailed.  At  last,  its  capacity  is 
viewed  on  a  representative  test  case  typical  of  a  turbine  duct. 

2.  BASIS  OF  THE  METHOD 

The  momentum  and  continuity  equations  are  first  decoupled.  As  the  diffusive  terms  are  eliminated  in  the 
£  direction,  an  upstream/downstream  space-marching  procedure,  labelled  "sweep",  is  hence  used  for  the  momentum 
equation*.  For  each  transversal  plan  ( H,  Tl^a  three  dimensional  pressure  calculation  insures  the  correct  restitution  of 
the  pressure  influence  on  the  wall  viscous  layers. 

For  the  current  calculation  station,  written  i-1/2  (refer  to  figure  1),  the  momentum  equations  are  written  between 
the  stations  i-1  and  i  and  the  stations  i-2,  i-1  and  i.  The  first  equations  predict  the  velocity  corrections  Sv  in  station  i. 
All  the  different  variables  of  station  i-1  are  fixed  during  this  procedure  (parabolic  effect).  The  last  equation  calculates 
the  static  pressure  corrections  8fc  in  the  station  1-1,  with  all  the  variables  being  fixed  in  the  station  i  (elliptical 
effect).  As  the  pressure  is  only  estimated  in  the  station  i,  an  iterative  upstream/downstream  sweeping  procedure  is 
necessary. 

However,  to  reinforce  the  far  upstream/ downstream  boundary  conditions  transmission,  a  linearized  one  dimensional 
calculation  allows  a  readjustement  of  the  mass  flow  (correction  $7  )  and  the  static  pressure  (correction  8Fs)  during  the 
sweeps. 

In  opposition  to  most  existing  parabolized  methods,  this  quasi-elliptical  method  enables  the  imposition  of  conditions  on 
the  stagnation  upstream  values,  the  transversal  Vy  an  1n  velocities  and  on  the  downstream  static  pressure.  The 
mass  flow  thuc  becomes  an  unknown  oi  the  problem. 


Figure  -  1  Definition  of  the  current  calculation  stations. 
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3.  VELOCITY  FIELD  TREATMENT 

The  momentum  equation  is  written  in  a  weak  conservative  form  in  a  transformed  (  E,  *1,  r> 
longitudinal  direction  of  the  flow  and  (  q,  r>  the  transversal  directions. 
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and  3  is  the  metric  Jacobian  of  the  transformation.  E,  F  and  G  are  the  convective 
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and  F  are  the  diffusive  vectors.  The  r'-'ivatives  —  have  been  eliminated  from  the  diffusive  terms 

u  v  3E 

according  to  the  parabolization  hypothesis.  H  and  Hu  are  the  vectors  associated  with  the  curvature  of  the  initial  frame 
and  D  contains  the  rotation  terms.  An  algebraic  turbulence  model  is  introduced  on  the  oasis  of  BALDWIN  and  LOMAX' 
works  |6|. 

A  time  implicit  numerical  scheme  is  used  to  solve  system  (1).  The  derivatives  along  £  are  discretized  with  second 
order  relations  centered  in  the  station  i-1/2. 

Marching  from  upstream  to  downstream,  system  (1)  must  be  verified  between  the  stations  and  Ej  before 

treating  the  next  domain  <  £ ,  t  £ ,  >  .  Consequently,  the  velocity  correction  in  the  upstream  station  Ej.j  *s 

considered  as  equal  to  zero  (  Aq’  o>  •  At  time  iteration  n,  the  discretized  scheme  along  E  is  written  : 
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where  A,  B  and  C  are  the  Jacobian  resulting  from  the  linearization  of  the  diffusive  and  convective  vectors  of  (1).  The 
discretizations  along  Y  and  n  are  second  order  centered.  A  numerical  dissipation  is  added  to  stabilize  the  scheme. 

Ei,  and  £ex  are  the  viscosity  coefficients. 

Two  resolution  schemes  for  the  implicit  part  of  (2)  have  been  tested.  The  fiist  one  is  a  factorized  BEAM  &  WARMING 
|7|  scheme  which  uses  three  diagonal  matrical  systems  of  3X3  blocs.  Each  matrix  was  treated  with  an  LU  decomposition 
proposed  by  PULLIAM  and  STEGER  |8|. 

A  Gauss-Seidel  type  resolution  has  also  been  written  to  treat  the  3X3  blocs  five-diagonals  resulting  from  the  direct 
discretization  of  system  (2).  A  convergence  accelerating  tech  ique,  MMPE,  based  on  SIDI's  works  |10|,  is  then  applied  to 
the  vector  sequence  issued  from  GAUSS-SEIDEL's  method.  Inis  technique  is  detailed  by  BENBOUTA  |9|.  The  obtained 
time  computing  gain  with  the  MMPE  method  compared  to  the  factorized  method  is  approximately  4.2  in  scalar  mode 
and  8.9  in  non-concurrent  vectorized  mode  with  an  ALLIANT  FX-80. 

4.  STATIC  PRESSURE  FIELD  TREATMENT 

The  static  pressure  calculation  method  is  exhaustively  detailed  in  reference  |5|.  This  method  differs  deeply  from  the 
classical  methods  used  for  parabolized  equations.  The  main  aspects  of  the  incompressible  formulation  are  presented  in 
the  following,  the  extension  to  the  compressible  case  differs  only  by  the  expression  of  ®  in  equation  (3).  The  static 
pressure  equation  can  be  obtained  by  taking  the  divergence  of  the  momentum  equations. 


7  p-  «  f ( @)  *  9<n> 


where  8  =  7.  <  p  V)  and  g(  £1)  mainly  depend  on  the  rotational  £1  of  v.  . 
f  (  @)  is  written  : 
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Assuming  that,  at  time  iteration  n,  me  static  pressure  Psn  verifies  effectively  (3),  the  solution  of  the  momentum 
equations  at  time  iteration  n+1  generates  a  velocity  divergence  which  is  not  compatible  with  (3)  any  more.ps"  ’ll* then 
calculated  from  a  correction  which  effectively  checks  f(®)=o  . 


Ps"*1  -  Ps"  +  SPs 


V^Ps  »  -  f ( 0) 


(  5-a) 


If  at  convergence,  the  condition  f  ( 8)  *  0  implies  effectively  8  =  0  ,  accelerating  the  convergence 

processing  is  possible  in  some  cases  by  replacing  (5-a)  by  a  model  equation  where  9  is  more  directly  introduced  s 


728Pa  »  -  f(  9)  sV,(9  VI  *  2  J.  —  u*j  (  5-b) 
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where  3  is  the  Jacobian  of  the  geometrical  transformation  and  u*  is  the  contravariant  velocity  component  along  £. 

•4  w 

As  mentionned  in  part  2,  the  unknown  V  is  calculated  In  station  £  $  and  Ps  in  *  i .  j  .  There  are  three  reasons 
for  this  choice  : 


-  As  the  method  is  applied  to  compressiole  or  incompressible  subsonic  flows,  the  proper  information  transfer  from 
downstream  to  upstream  is  realized  only  if  the  longitudinal  pressure  gradient  dPa  is  downstream  decentered  (ROBIN 

IHll.  ^ 


-  Thus  the  obtained  formulation  is  very  compact  as  ail  the  unknown  and  known  terms  belong  to  the  same  domain 

delimited  by  the  stations  (  £  *  -  j .  1 1 )  • 

-  When  solving  the  pressure  equation  (5-a)  or  (5-b),  only  the  divergence  @  in  ^i-1/2  is  assumed  non  equal- to  zero 

as  the  upstream  <  ^ i  - 2 J  and  downstream  <Eitl)  flows  are  supposed  converged  thus  giving  a  zero  divergence. 
From  (5),  the  sign  of  the  right-hand  term  changes  when  applying  (5)  at  the  stations  ^  i  - 1  or  .  It  it  thus 

verified  that  the  numerical  statibility  is  consequently  improved  when  taking  the  pressure  as  an  unknown  in  the  station 


- 1  • 

Also,  in  order  to  take  correctly  into  account  the  three  dimensional  elliptic  effect  associated  with  the  pressure  and  to 
optimize  its  results  on  the  boundary  (as  the  viscous  flow  seems  to  be  very  sensitive  to  them),  the  resolution  of  the 
pressure  equation  (5)  is  decomposed  in  two  steps  :  the  pressure  is  first  calculated  on  the  boundary  of  the  domain  limited 
by  the  stations  ,2  and  ,  then  a  two  dimensional  equation  is  used  in  station  i-i.  This  technique  enables  a 

real  local  three  dimensional  calculation  of  the  boundary  pressure  with  a  limited  computing  requirement.  So,  the 


pressure  is  first  calculated  on  the  boundary  with  an  integral  equation  deduced  from  (5)  through  Green's  identity. 
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T  is  a  coefficient  function  of  the  point  M  position  in  the  space. 

This  equation  (6)  is  discretized  by  decomposing  the  boundary  in  9  nodes  surfacic  elements  associated  with  quadratic 
interpolation  functions.  As  the  pressure  is  known  on  the  boundary,  it  was  found  sufficient  to  use  a  two  dimensional 
discretization  of  a  finite  differences  type  to  obtain  the  pressure  inside  the  domain  at  station  i-1. 

Concerning  the  Doundary  conditions,  it  is  interesting  to  note  that  the  different  normal  derivatives  can  oe  distinguished 
at  a  same  point.  It  is  particularly  important  when  treating  wall  intersections  (two  normal  derivatives)  or  corners  (three 
normal  derivatives). 

Downstream,  the  pressure  is  imposed  in  £ i  ,  thus  giving  SPs  t  *0  in  all  cases.  Upstream  (  _2>  ,  the  pressure  field 

SPsi  -2”  0  or  its  gradient  - L- 0  can  be  either  imposed.  At  last,  on  the  lateral  boundaries,  a  zero  normal 


derivative 


dn 


is  imposed  on  the  walls,  which  is  compatiole  with  high  Reynolds  flows.  Periodicity  conditions  can  also  be  imposed. 

5.  ONE  DIMENSIONAL  MASSFLOW  CORRECTION 


For  a  subsonic  iso-energy  flow,  the  proper  boundary  conditions  in  the  upstream  section  are  the  stagnation  pressure  Po 
and  the  two  covariant  velocity  components  V^  and  Vt  .  Downstream,  imposing  the  static  pressure  Ps  is  interesting. 
The  history  of  the  flow  in  the  duct,  and  particularly  pressure  losses,  will  fix  the  mass  flow  which  then  appears  as  an 
unknown  of  the  problem.  In  classical  parabolized  methods,  the  mass  flow  is  given  as  the  velocity  is  completely  fixed 
upstream.  The  downstream  static  pressure  is  then  calculated  by  the  numerical  scheme. 

In  our  parabolized  method,  (  Po  ,  V^,  Vy)  are  estimated  upstream  and  Ps  downstream  not  only  for  all  the 

duct  but  also  partly  when  solving  the  system  between  the  £  j .  j  and  E  $  stations.  Ps  is  therefore  imposed 
either  from  an  initial  guess  or  from  the  results  of  a  preceding  upstream/downstream  sweep.  In  opposite,  if  v  i  - 1  is 
imposed  to  initialize  the  calculus,  it  cannot  be  completely  fixed  as  Psi-iis  modified  to  verify  the  local  mass 
conservation  (equation  (6)),  the  total  pressure  P°i-i  would  be  an  unknown.  The  question  is  then  to  correct  the 
V  j .  t  velocity  to  verify  an  unknown  mass  flow.  The  solution  lies  in  the  utilization  a  one  dimensional  mass 

flow  correction  using  the  information  on  the  Kj  total  pressure  loss  coefficients  between  two  stations  and^i-j. 
For  example,  the  following  relation  can  be  written  for  an  incompressible  case  on  a  one  dimensional  basis  for  a  flow 
averaged  on  the  transversal  surface  (  q,  7)  s 
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More  generally,  using  the  existing  information  between  the  stations  j  <  i  and  i,  the  obtained  equation  is  i 
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where  the  (aj'bki>  coefficients  depend  on  the  loss  coefficients  Kk  (k  =  j+l,i).  This  equation  (8)  can  be  used 
to  uniformize  a  mass  flow  between  the  stations  j  and  i  and  therefore  between  i-1  and  i,  thus  giving  the  average  values 
Pak  (x<i).  * 

Let's  first  suppose  that  (8)  is  verified  with  a  pressure  Pa  j  not  corresponding  to  the  desired  value  p®  j  .It 
is  then  necessary  to  calculate  some  pressure  corrections  SPsk  to  a<W  t0  the  current  values  p»k  (k<i),  and  as  well  as 
the  mass  flow  Q*,  Ps  j  being  fixed. 

By  linearizing  (8),  one  obtains  s 
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where  17  is  the  local  volume  between  two  stations  (  *1,  T) 
Noting  SQj  »  Q*  -  Q.  i  _♦ 
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When  applied  to  i  and  i-1  with  j=i-l,  this  equation  (9)  uses  both  mass  flows  and  -  i  as  well  as  the  difference 

Poj.1-Po1  and  SPsj-0  to  giveSPsi_t  and  the  new  mass  flow  Q*.This  method  enaDles  a  fast  mass  flow 
umtormization  between  tne  two  surfaces  of  the  local  calculus  domain.  It  is  used  at  each  time-step.  After  convergence 
and  verification  of  the  equations  between  stations  i-1  and  i,  the  calculation  goes  on  between  i  and  i+1  with  an  imposed 
arbitrary  Ps  i  *  i  value,  as  was  the  obtained  total  pressure  POi.  It  is  hence  natural  to  assume  that  Q*  is  different  from 
the  one  oDtained  between  i-1  and  i.  Consequently,  when  finishing  each  calculation  in  a  station,  it  is  possible  to  use  (91 
from  the  upstream  station  i=l  to  i  oy  setting  j  to  1.  This  method  uniformizes  the  mass  flow  by  taking  into  account  the 
complete  upstream  history. 

in  order  to  also  take  into  account  the  downstream  pressure  PsN  ,  (8)  is  written  once  more  as  follows  : 


Po*  *  bk  i- 


p8  k  "  P  - 
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where  psk  are  all  the  desired  values  and  V*  corresponds  to  the  mass  flow  Q».  Then  a  linearization  based  on 
the  obtained  state  (Psk.Vj)  gives  : 


Equation  (10)  thus  enaDles  to  uniformize  the  mass  flow  in  the  complete  duct  and  uses  the  upstream  and  downstream 
conditions  (p«>i.*in  ,*ly  >  and  Psn  >  it  is  written  for  i  varying  from  1  to  N.  After  calculating  these  one 
dimensional  8P a k  and  SQk  corrections,  the  local  values  are  accordingly  corrected  ; 
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6.  RESULTS 

The  method  has  been  tested  on  two  representative  test  cases  in 
turbomachinery  for  which  experimental  data  was  available.  Our  main 
objective  was  here  to  validate  qualitatively  the  method  and  especially  to 
verify  its  convergence  capacity  in  cases  with  high  elliptical  effects. 

The  first  case  is  a  90®  square  duct  with  a  high  curvature  (Dean  number  : 

369).  The  fluid  is  water.  The  flow  is  turbulent  (Reynolds  number  :  400000). 

The  experimental  measurements  of  TAYLOR  and  al.  |12|  enable  velocity 
profiles  comparisons.  As  no  pressure  results  are  given,  the  pressure  was 
estimated  to  give  approximately  the  experimental  mass  flow. 

The  mesh  is  regular  with  21  grid  points  in  each  transverse  directions  and 
40  along  (Figure  4)  £  .  The  convergence  was  obtained  after  35 

upstream/downstream  sweeps.  All  the  variables  (mass  flow,  pressure,  ...) 
were  then  stabilized,  as  it  is  shown  by  the  figure  2  where  the  evolution  of  the 
upstream  mass  flow  difference  is  a  function  of  the  sweeps. 

The  velocity  profiles  of  Ut  and  vn  (pressure  side  to  suction  side)  are 
presented  at  the  averaged  radius  at  4  different  sections  (30®,  60°, 77.5®  and 
90°)  from  the  duct  centre  (symetrical)  (Z*  =  0)  to  the  wall  (Z*  =  1)  (Figures  5 
to  12). 

On  one  hand,  the  longitudinal  velocity  is  correctly  predicted  at  the  centre 
for  ail  4  sections  (Figures  5  to  8)  ;  on  the  other  hand,  a  significant  velocity 
deficit  appears  near  the  wall  (Z*  =  1).  This  deficit  is  easily  explained  by  the 
far  too  coarse  grid  near  the  walls.  The  turbulent  boundary  layers  cannot  be 
properly  represented  and  this  effect  is  seen  by  an  arbitrary  growing-up  of  the 
boundary  layer  generating  an  oyerestimation  of  the  losses 

The  transversal  evolution  of  V  confirms  the  correct  prediction  at  the  duct  centre,  the  differences  again  appearing 
near  the  walls  (figures  9  to  12).  The  low  number  of  grid  points  near  the  wall  tends  to  overestimate  and  displace  the 
transversal  velocity  peak  inside  the  duct. 

Despite  this  wall  discrepancy,  it  is  interesting  to  note  that  the  levels  are  properly  predicted  even  with  secondary 
velocities  representing  30%  of  the  mass  averaged  longitudinal  velocity. 

The  second  test  case  is  a  turbine  cascade  for 
which  velocity  and  pressure  experimental 
results  existed  |13|.  In  opposition  to  the 
preceding  test  case,  we  felt  important  to 
mainly  validate  the  static  pressure  evolutions. 

The  computing  was  made  on  an  inter-blade 
duct  of  the  cascade  with  its  trailing  and  leading 
edges  elongated  (smoothing)  by  solid  walls.  No 
periodicity  conditions  were  thus  imposed,  and 
the  comparison  is  therefore  only  qualitative  and 
restricted  to  the  domain  limited  downstream  by 
the  trailing  edge. 

The  mass  averaged  velocity  is  15.05  m/s  and 
the  Reynolds  number  is  275000.  There  is  a  63° 
deviation.  The  regular  mesh  is  equivalent  to  the 
previous  one  (21X21X40)  but  is  of  an  1-grid  type 
(Figure  3). 

Convergence  problems  occured  during  the 
sweeps  as  a  transient  reverse  flow  zone  was 
created  in  the  pressure  side  corner  near  the 
stations  6  and  8.  The  Flare  approximation,  used 
in  this  zone,  permits  the  computing  to  converge 
in  the  current  station.  Howewer  this  approach 
generates  some  fluctuations  of  the  local 
pressure  corrections.  These  diseappear  with 
difficultly  along  the  sweeps. 

The  obtained  results,  after  i5  sweeps,  are  not  yet  converged.  Despite  this  fact,  there  is  a  good  agreement  between 
the  calculated  and  measured  static  pressures. 

Ihe  amplitude  ol  the  pressure/suction  sides  pressure  gradient  is  siig'ntiy  overestimated  in  station  6  (as  a  too  high  level 
exists  at  the  pressure  sideKFigure  13). 

On  the  opposite,  in  station  8  (figure  14),  the  transverse  gradient  is  properly  predicted  (slightly 
underestimated).  Figure  15  presents  a  comparison  of  the  total  pressure  isolevels.  An  excessive  loss  is  seen  along  the 
lateral  wall/suction  side  because  of  the  excessive  pressure  level  at  the  pressure  side  and  the  thus  created  too  high 
transversal  velocities. 

To  establish  a  more  thorough  comparison  for  this  test  case,  it  seems  necessary  to  modify  the  actual  treatment  of  the 
reverse  flows  occuring  during  the  sweeps.  It  is  also  necessary  to  use  a  more  refined  mesh  near  the  wall. 


Figure  3 
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7.  CONCLUSION 

A  new  method  of  calculating  flows  In  geometrically  complex  ducts,  typical  of  turDomachines,  has  been  presented.  It 
uses  an  upstream/downstream  space  marching  procedure  resulting  of  the  parabolization  of  the  equations.  Different  new 
aspects  of  the  method  are  outlined.  First  of  all,  the  treatment  of  the  longitudinal  pressure  gradient  decentring  in 
subsonic  zones  implies  calculating  the  pressure  and  the  velocity  in  two  different  stations.  The  resulting  numerical 
formulation  is  particularly  compact.  Secondly,  the  elliptical  pressure  effect,  already  existing  because  of  the 
downstream  decentring  of  the  longitudinal  pressure  gradient,  is  reinforced  by  calculating  the  pressure  on  the  boundary 
with  an  Integral  equation.  This  point  is  particularly  important  in  order  to  predict  correctly  the  viscous  wall  flows.  The 
third  point  is  the  use  of  a  one  dimensional  correction  always  allowing  to  take  into  account  the  global  correct 
upstream  and  downstream  ooundary  conditions. 

The  method  has  been  validated  is  typical  turbomachines  ducts.  A  correct  numerical  behaviour  and  a  good  qualitative 
agreement  between  the  numerical  and  measured  results  is  shown. 

Als'-  ‘t  seems  important  to  improve  the  actual  treatment  of  the  reverse  flow  zones  appearing  during  the  sweeps. 

1  ciently  refined  meshes  are  also  found  necessary  to  validate  quantitavely  the  method. 
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SUMMARY 


The  recent  understanding  and  the  basic  principles  of  secondary  flow  development  In  turbines,  such  as  the  formation 
of  a  horseshoe  vortex  and  a  passage  vortex,  are  illustrated.  This  paper  contains  results  of  an  experimental  investigation 
of  the  three-dimensional  flow  within  an  annular  cascade  rig  of  an  inlet  guide  vane  of  a  low  pressure  turbine.  Flow 
calculations  with  a  three-dimensional  Euler  and  a  partially-parabolized  Navier-Stokes  code  Were  performed,  and  the 
numerical  results  are  discussed  and  compared  with  the  experiment.  Additionally,  the  mentioned  computer  codes  were 
applied  to  calculate  the  three-dimensional  flow  within  two  different  model  configurations  designed  to  expose  the 
influence  and  the  contribution  of  different  secondary  flow  phenomena  in  the  endwall  region. 


LIST  OF  SYMBOLS 


Hi: 

p 

Re 


sW 

z.r,<p 


velocity  vector 

boundary  layer  shape  parameter, 
pressure 

Reynolds  number  based  on  chord  length  and 
exit  flow 

nonorthogonal  curvilinear  coordinates 
cylindrical  coordinates  in  axial,  radial  and 
circumferential  direction 


a_  „  flow  turning  angle,  a.  =  tan_1(c  /c-) 
ot  radial  flow  angle,  a  =  tan'^c  /c  ) 

displacement  thickness 
momentum  thickness 
S  density 

yU.  dynamic  viscosity 

t?  vorticity  vector 


Subscripts 

z,r,<f  vector  components  in  axial,  radial  and  circumferential  direction 

s  secondary 

t  stagnation 

in  rig  inlet  condition 


1.  INTRODUCTION 

Secondary  flows  in  turbines  are  of  significant  practical  importance  because  they  produce  considerable  three- 
dimensional  flow  distortions  and  losses  in  the  endwall  regions  of  turbine  blades.  30  -  50%  of  the  total  losses  are  due  to 
the  presence  of  secondary  flows.  In  order  to  design  blades  with  reduced  secondary  losses,  a  thorough  understanding  of 
the  mechanism  and  the  physical  effects  responsible  for  the  generation  and  development  of  secondary  flows  is  required. 

During  the  past  decades,  many  papers  have  appeared  which  describe  the  phenomena  associated  with  secondary 
flows  in  turbomachines,  and  the  structure  of  secondary  flows  in  turbine  blade  passages  is  to  date  reasonably  well 
understood.  A  comprehensive  review  article  illustrating  the  state  of  the  art  on  the  subject  with  an  extensive  list  of 
references  has  been  published  recently  by  Sleverding  111.  It  is  the  purpose  of  this  paper  to  investigate  which  of  the 
various  secondary  flow  phenomena  predominates  in  the  endwall  region  of  turbine  blades. 

2.  SECONDARY  FLOW  PHENOMENA  IN  TURBINES 

The  terminology  'secondary  flow'  is  a  loose  definition  for  flow  phenomena  existing  in  endwall  regions  of 
turbomachinery  blading.  What  is  called  secondary  flow  turns  out  to  be  part  of  a  complex  three-dimensional  flow  field  In 
the  endwall  regions  consisting  of  a  more  or  less  pronounced  vortex  system  caused  by  different  flow  phenomena.  Although 
these  effects  are  present  simultaneously  and  interfere  with  each  other  in  typical  turbomachinery  blading,  each  of  the 
dominant  effects  itself  leads  to  the  formation  of  a 

-  horseshoe  vortex, 

-  passage  vortex,  and 

-  trailing  edge  vortex. 

Additional  vortices  such  as  corner  vortices  or  tip  clearance  vortices  may  be  present  in  turbines,  but  will  not  be 
treated  in  this  paper.  Except  for  the  tip  clearance  vortex  all  secondary  flow  phenomena  are  primarily  due  to  viscous 
flow  effects.  Before  illustrating  the  secondary  flow  phenomena  in  turbine  cascades  in  more  detail,  let  us  briefly  recall 
those  flow  phenomena  responsible  for  the  generation  and  the  development  of  secondary  flows. 
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A  horseshoe  vortex  Is  generally  formed  when  an  oncoming  boundary  layer  flow  hits  an  obstacle,  l.e.,  a  body  of 
finite  thickness.  It  Is  due  to  the  fact  that  the  oncoming  boundary  layer  cannot  withstand  the  pressure  gradient  In  front 
of  the  body  and  starts  to  separate  upstream  of  the  body.  This  process  Is  associated  with  the  formation  of  a  vortex  that 
rolls  up  the  boundary  layer  and  wraps  Itself  around  the  body.  Owing  to  Its  particular  shape,  it  Is  called  horseshoe  vortex. 
The  formation  of  a  horseshoe  vortex  Is  always  combined  with  the  generation  of  a  separation  line  at  some  distance 
upstream  of  the  leading  edge  and  around  the  body.  This  line  can  be  easily  visualized  by  surface  oil  flow  techniques  and 
Is  then  an  indication  for  the  existence  of  a  horseshoe  vortex.  Hornung  &  Perry  /2/,  who  established  a  consistent 
vocabulary  for  the  description  of  three-dimensional  'separated  flows,'  call  the  separation  line  a  negative  bifurcation 
line.  In  the  following,  the  term  'bifurcation  line'  will  be  used,  too,  Instead  of  the  term  'separation  line,'  a  term  which  Is 
used  and  meaningful  for  the  description  of  two-dimensional  flow  separation,  but  becomes  inadequate  for  the  description 
of  phenomena  such  as  reverse  flow  and  vortical  motions  in  three-dimensional  flows.  The  term  'negative  bifurcation  line' 
Is  more  suitable  for  the  description  of  the  above  effects  because  It  Implies  '  .Jt  the  streamsurfaces  on  each  side  of  this 
line  and  close  to  the  endwall  appear  to  combine  and  to  form  a  single  streamsurface  leaving  the  wall  and  wrapping  itself, 
around  the  horseshoe  vortex  as  Illustrated  In  Fig.  1.  (The  obstacle  In  Fig.  1  Is  removed  to  show  more  clearly  the  salient 
features  of  the  flow.)  The  term  'negative*  is  used  because  two  streamsurfaces  combine  to  a  single  streamsurface. 

It  is  worth  mentioning  that  for  such  kind  of  junction  flows  cases  are  known  for  which  not  a  single  horseshoe 
vortex  Is  observed  but  a  number  of  vortices,  see  e.g.  Cornish  / 3/  and  Abld  &  Schmitt  M/.  In  these  cases  the  number  of 
negative  bifurcation  lines  increases  according  to  the  number  of  vortices  so  that  these  kind  of  leading  edge  vortex 
systems  can  be  easily  detected  by  surface  oil  flow  techniques.  Up  to  now,  the  effects  are  unknown  which  are  reponsible 
for  the  generation  of  multiple  horseshoe  vortices.  Different  types  of  boundary  layer  profiles  may  bo  one  reason.  For 
turbine  blades,  however,  just  one  horseshoe  vortex  Is  observed  In  almost  all  cases. 

As  mentioned  before  the  formation  of  a  horseshoe  vortex  is  primarily  due  to  the  finite  thickness  of  a  body. 
Therefore,  It  exists  even  for  very  simple  blades  such  as  blades  of  finite  thickness  but  without  any  flow  turning.  On  the 
other  hand,  the  generation  of  a  passage  vortex  comes  about  just  because  of  the  turning  of  a  flow.  In  order  to  illustrate 
this  effect,  consider  an  Infinitely  thin  turning  cascade  with  zero  Incidence  as  Indicated  In  Fig.  2.  Let  the  cascade  be 
straight  for  simplicity.  Except  for  the  endwall  regions  and  the  surface  of  the  blades,  the  flow  through  the  cascade  may 
be  regarded  as  approximately  inviscid.  In  this  core  flow  region  equilibrium  exists  between  the  centrifugal  and  the 
pressure  force.  The  pressure  In  the  endwall  boundary  layers  is  imposed  by  the  pressure  of  the  surrounding  inviscid  core 
flow.  Owing  to  the  fact  that  the  flow  velocity  rapidly  decreases  In  the  endwall3  boundary  layer,  the  centrifugal  force  of 
a  fluid  element  cannot  withstand  the  pressure  force  unless  the  radius  of  curvature  of  the  streamlines  in  the  vicinity  of 
the  endwalls  decreases.  Therefore,  the  streamlines  close  to  the  endwall  are  deflected  towards  the  suction  surface  as 
shown  in  Fig.  2.  At  the  outer  edge  of  the  endwall  boundary  layers  this  deflection  is  compensated  by  a  deflection  in  the 
opposite  direction  due  to  continuity  effects  so  that  two  counterrotating  vortices  are  generated  in  each  passage,  see 
Fig.  3.  These  vortices  are  called  passage  vortices. 

Downstream  of  each  blade  a  vortex  sheet  leaves  the  trailing  edge.  In  classical  secondary  flow  theory  this 
corresponds  to  the  trailing  filament  and  trailing  shed  vorticity,  see  e.g.  Hawthorne  /5 /  and  Came  &  Marsh  /6/.  The 
trailing  filament  vorticity  is  due  to  the  stretching  of  the  inlet  vortex  filaments  when  passing  through  the  cascade.  The 
trailing  shed  vorticity  is  due  to  the  spanwlse  change  of  blade  circulation  which  itself  is  caused  by  the  spanwlse  non¬ 
uniformity  of  the  oncoming  flow.  The  vortex  filaments  of  the  vortex  sheet  concentrate  further  downstream  of  the 
blade  to  form  the  so-called  trailing  edge  vortex  as  illustrated  in  Fig.  4. 

In  turbine  blade  passages,  the  three  above-mentioned  secondary  flow  phenomena,  causing  individually  the 
generation  of  a  horseshoe,  passage,  and  trailing  edge  vortex,  exist  simultaneously  and  interact  with  each  other. 
Certainly,  this  is  a  non-linear  interaction  process  and  thus  it  is  impossible  to  separate  the  individual  effects.  In  Fig.  5 
the  secondary  flow  in  the  endwall  region  of  a  turbine  blading  is  illustrated.  The  oncoming  boundary  layer  separates  in 
front  of  the  blade  leading  edge  and  a  horseshoe  vortex  as  well  as  a  negative  bifurcation  line  are  formed.  They  both  wrap 
around  the  front  part  of  each  blade.  Inside  the  blade  passage  they  are  influenced  by  the  pitchwise  pressure  gradient 
between  the  suction  and  pressure  sides  so  that  they  are  shifted  towards  the  suction  surface  during  the  passage.  The 
negative  bifurcation  line  on  the  endwall,  too,  is  deflected  towards  the  suction  surface  and  usually  meets  the  suction 
surface  at  the  axial  position  of  maximum  pressure  difference  between  pressure  and  suction  surfaces.  It  continues  on  the 
suction  surface  associated  with  a  deflection  towards  midchannel. 

The  pressure  side  leg  of  the  horseshoe  vortex,  H  ,  has  the  same  sense  of  rotation  as  the  passage  vortex.  Both 
phenomena  act  together  and  seem  to  merge.  As  a  resiflt  only  one  vortex  can  be  Identified  which  has  the  sense  of 
rotation  of  the  pressure  side  leg  of  the  horseshoe  vortex  and  the  passage  vortex,  respectively.  The  process  can  be 
explained  as  follows.  The  vortex  starts  as  the  pressure  side  branch  of  the  horseshoe  vortex  and  is  then  reinforced  by  the 
passage  vortex  effect.  The  suction  side  leg  of  the  horseshoe  vortex,  H  ,  of  the  neighboring  blade,  however,  has  the 
opposite  sense  of  rotation  in  the  blade  passage  as  the  passage  vortex.  Its  Development  is  certainly  not  supported  by  the 
passage  vortex  effect}  on  the  contrary,  it  will  be  attenuated.  In  addition,  it  is  shifted  close  to  the  suction  surface  and 
may  interact  with  the  boundary  layer  on  the  blade.  Klein  111  suggests  that  it  dissipates  completely,  while  Langston 
/8/  and  Sieverdlng  &  Van  den  Bosche /9/  assume  that  it  is  preserved,  although  attenuated,  and  wraps  itself  around  the 
passage  vortex.  In  case  it  is  preserved,  two  counterrotating  vortices  must  be  seen  in  the  exit  plane  of  the  blade  passage 
in  addition  to  the  trailing  edge  vortex.  The  latter  is  not  included  in  Fig.  5. 

Up  to  now,  it  is  an  open  discussion  whether  the  suction  side  leg  of  the  horseshoe  vortex  dissipates  or  is  preserved 
up  to  the  exit  of  the  passage.  Certainly,  a  general  answer  will  not  be  possible  since  this  will  depend  on  the  particular 
flow  conditions  and  the  blade  geometry.  Furthermore,  it  Is  unknown  to  date  whether  the  passage  vortex  effect 
dominates  the  horseshoe  vortex  effect  or  whether  both  effects  contribute  in  the  same  order  of  magnitude  to  the 
generation  and  development  of  secondary  flows  in  turbine  blade  passages.  It  is  the  purpose  of  this  paper  to  discuss  the 
latter  problem. 

3.  DEFINITION  OF  SECONDARY  FLOW  AND  SECONDARY  VORTICITY 

In  the  llteratuie,  a  commonly  accepted  definition  of  'secondary  flow'  is  not  available.  According  to  Salvage  /10/, 
'secondary  flow  in  turbomachines  may  be  considered  to  be  any  flow  the  designer  chooses  to  ignore  In  solving  the  basic 
equations  of  fluid  motion.'  Therefore,  the  definition  of  secondary  flow  is  arbitrary  and  strongly  linked  with  the 
definition  of  a  primary  flow.  Depending  on  the  effects  which  will  be  regarded  as  secondary,  the  primary  flow  may  be 
defined  in  such  a  way  that  the  difference  between  the  real  three-dimensional  flow  and  the  primary  flow  represents 
these  secondary  flow  effects.  In  order  to  describe  for  instance  the  andwall  secondary  flow  effects  outlined  above  in 
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straight  cascades,  the  flow  direction  at  midspan  Is  usually  regarded  as  the  primary  flow  direction  and  the  flow  normal 
to  this  direction  as  secondary.  In  case  of  twisted  blades  or  annular  cascades,  this  is  no  longer  valid  because  the  flow 
angle  varies  along  the  span.  For  such  cases,  a  comparable  definition  Is  used  in  this  paper  to  study  the  secondary  flow 
effects,  which  turned  out  to  be  practical  and  yielded  good  results.  The  primary  flow  direction  Is  defined  by  a  quasi 
three-dimensional  invlscld  S1/S2  streamsurface  calculation  without  endwall  boundary  layers,  cf.  Chap.  6.2.  The  flow 
perpendicular  to  this  direction  is  regarded  as  secondary,  consequently  the  vortlclty  of  the  secondary  flow,  called 
secondary  vortlclty,  is  the  component  of  the  vortlclty  vector  In  the  direction  of  the  primary  flow.  According  to  the 
above  definition,  the  vortlclty  of  the  collateral  boundary  layer  on  the  walls  has  no  contribution  to  the  secondary 
vortlclty. 

4.  IDENTIFICATION  OF  SECONDARY  VORTICES 

In  order  to  obtain  an  experimental  insight  Into  the  secondary  flow  phenomena  in  turbines,  the  flow  field  behind  or 
inside  the  blade  passage  is  traversed  at  planes  of  Interest  with  appropriate  measurement  probes,  most  commonly  with 
pressure  probes  (e.g.  5-  or  3-hole  pressure  probes).  As  a  result  the  measured  flow  quantities  such  as  velocity 
components,  pressure,  or  flow  angles  are  usually  plotted  in  so-called  contour  plots,  provided  the  resolution  of  the 
traverses  Is  high  enough.  Binder  &  Romey  /111  reported  a  method  to  Identify  secondary  vortices  by  means  of  contour 
plots  of  flow  angles.  Their  theory  is  based  on  the  fact  that  the  secondary  vortices  In  turbine  passages  behave 
approximately  like  a  Rankine  vortex,  namely  like  a  solid  body  vortex  In  the  central  part  and  a  free  vortex  In  the  outer 
part,  as  illustrated  in  Fig.  6.  A  real  vortex  Is  similar  to  a  Rankine  vortex  with  the  only  difference  that  it  exhibits  a 
buffer  zone  between  the  two  regions  which  smoothes  out  the  discontinuities  of  the  velocity  gradients.  Binder  <5c  Romey 
/ 11/  noticed  that  the  Isoclinal  lines  of  a  solid  body  vortex  are  parallel  lines  to  the  plane  In  which  the  flow  angle  Is 
measured.  The  corresponding  isoclinal  lines  of  a  free  vortex  are  a  pair  of  enclosing  circles  touching  each  other  at  the 
center  of  the  vortex. 

Analysing  experiments  and  three-dimensional  computational  results,  it  turned  out  that  the  vortlclty  is  another 
interesting  quantity  for  secondary  flow  analysis.  It  is  an  experimentally  observed  fact  that,  at  high  Reynolds  number, 
the  convection  of  vorticity  dominates  the  diffusion  of  vorticity  and  that  the  vorticity  rapidly  concentrates  Into  vortex 
cores,  see  e.g.  Perry  &  Homung  /12/.  The  typical  vorticity  distribution  of  a  real  vortex  Is  sketched  In  Fig.  6  and  is 
characterized  by  a  distinct  plateau  in  the  region  of  the  vortex  core  surrounded  by  an  almost  Irrotatlonal  region.  Using 
contour  plots  of  vorticity,  trie  location  of  secondary  vortices  can  be  easily  Identified  by  means  of  those  flow  regions 
where  the  vorticity  locally  exhibits  extreme  values.  The  advantage  of  this  method  is  that  only  one  contour  plot  is 
needed  for  the  localization  of  vortices,  and  that  the  strength  of  the  vortical  motion  can  be  estimated  by  the  absolute 
values  of  vorticity.  The  only  drawback  of  this  method  Is  that  the  vorticity  is  a  quantity  which  can  hardly  be  measured 
directly,  but  must  be  determined  by  calculating  velocity  gradients.  Measurements  with  sufficient  resolution  are 
required  to  achieve  adequate  accuracy. 

5.  CALCULATION  OF  VORTICITY  COMPONENTS 

The  vorticity  is  defined  as 
(1)  2  *  rot  c 
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For  a  cylindrical  coordinate  system  the  vorticity  vector  has  the  following  components: 
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Assuming  that  the  flow  field  is  traversed  in  circumferential  and  radial  direction  at  a  fixed  axial  position,  the 
axial  component  of  the  vorticity  vector  can  be  calculated  by  approximating  the  velocity  gradients  by  finite  differences. 
A  difficulty  arises  for  the  other  two  components  because  gradients  in  z-direction  are  required,  see  Eq.  (2)  and  (3).  In 
most  cases,  however,  these  gradients  cannot  be  determined  directly  because  the  flow  field  Is  traversed  at  one  axial 
position  only.  Even  if  traverses  are  performed  at  different  axial  positions,  the  distance  between  the  measurement 
planes  is  usually  too  large  to  calculate  the  remaining  two  vorticity  components  with  sufficient  accuracy.  Gregory-Smith 
et  al.  / 13/  proposed  a  method  for  the  calculation  of  the  vorticity  components  in  radial  and  circumferential  direction 
that  does  not  require  gradients  in  z-direction.  This  method,  called  Euler  approximation  in  the  following,  will  be  outlined 
here  and  extended  to  compressible  flows. 


Consider  the  momentum  equation  of  a  steady,  compressible,  viscous  flow  in  dimensionless  form,  see  e.g. 
Lagerstrom  /14/s 

s[gradi£  ♦  (rot£)x?  ♦  grad  p  ] 

(5)  2 
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Assuming  high  Reynolds  number  flow  (Re -woo),  the  right  hand  side  of  Eq.  (5)  is  negligibly  small,  i.e.  the  viscous 
terms  are  small  compared  to  the  other  terms  and  the  above  equation  reduces  to 

(6)  s[  grad  y  ♦  ( rot  7  )  x  7  ♦  grad  p  ]  ■  0  . 

Using  the  definition  of  vorticity,  cf.  Eq.  (1),  Eq.  (6)  can  be  rewritten  as 

7x2-  22±2  ♦  22 *£  . 
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Tor  Incompressible  flow  this  equation  degenerates  to 
(8)  ?  x  3  «  grad  ( |  ♦  )  •  grad  ^  , 


an  equation  which  is  used  In  the  derivation  of  Gregory-Smlth  et  al.  /13/,  Taking  the  components  In  radial  and 
circumferential  direction  of  Eq.  (7),  we  obtains 

(9)  “t  •  -£Ug!  •  3#  -  v*l  . 

H0>  *  v**!  • 

With  these  two  equations  the  components  of  the  vortlcity  vector  in  radial  tnd  circumferential  direction  can  be 
calculated.  In  contrast  to  the  vortlcity  definition  of  Eqs.  (2)  and  (3),  gradients  in  axial  direction  are  not  required 
anymore  so  that  the  complete  vortlcity  vector  can  be  determined  even  In  cases  where  the  flow  field  Is  traversed  at  one 
axial  position  only.  It  has  to  be  mentioned  that  Eqs.  (9)  and  (10)  have  a  singularity  at  c  =  0,  i.e.,  in  flow  regions  where 
c  tends  to  zero  (e.g.  boundary  layers  very  close  to  the  wall).  In  those  regtons  they  Ire  not  applicable  and  no  longer 
valid.  The  only  assumption,  however,  used  In  this  derivation  Is  that  the  Reynolds  number  tends  to  Infinity.  For  the  flow 
regions  of  Interest,  this  assumption  turned  out  to  be  approximately  valid,  and  the  method  produced  good  results,  as 
shown  later  on. 

6.  COMPUTATIONAL  METHODS 


6.1  THE  THREE-DIMENSIONAL  EULER -CODE 


All  Euler  calculations  were  made  with  an  explicit  time  marching  finite  volume  method  to  solve  the  three- 
dimensional  Euler  equations.  The  time  Integration  consists  of  the  so-called  'Damping  Surface  Technique',  see  Happel  & 
Sti&ert  /15/,  and  is  first  order  accurate.  A  second  order  central  nodal  point  scheme  is  used  for  spatial  discretization.  At 
the  nonperiodic  boundaries  the  equations  are  discretized  using  half-elements,  resulting  in  first  order  accuracy. 
Depending  on  the  geometry  of  the  problem  two  types  of  grids  can  be  generated.  In  the  case  of  blunt  body  configurations 
a  C-type  grid  is  preferred,  but  for  many  turbomachinery  cascades  a  H-grld  seems  to  be  sufficient  if  the  leading  edge 
region  of  the  grid  is  not  highly  skewed. 

The  explicit  one-step  Euler  calculations  for  a  central  discretization  is  unconditionally  unstable.  Therefore,  the 
solution  process  must  be  stabilized  by  additional  dissipative  terms  in  the  equations.  The  stabilization  is  accomplished  by 
a  periodic  addition  and  reduction  of  so-called  artificial  viscosity  which  can  be  adjusted  by  a  special  damping  parameter. 
Numerical  studies  have  shown  that  this  artificial  viscosity  has  a  strong  influence  on  the  vorticity  distribution  in  the 
flow  field.  Since  this  paper  is  mainly  concerned  with  secondary  flow  phenomena  a  minimum  of  artificial  damping  was 
used  for  the  calculations  although  this  produces  some  wiggles  in  the  solution. 

In  all  cases  aerodynamic  inlet  boundary  conditions  are  prescribed  by  radial  distributions  of  circumferentially 
constant  values,  namely  stagnation  pressure,  stagnation  temperature  and  flow  angles  in  radial  and  circumferential 
direction.  In  fact,  the  vorticity  of  the  oncoming  boundary  layers  is  simulated  by  the  total  pressure  distribution.  Hence 
the  task  of  a  three-dimensional  Euler  calculation  is  to  distribute  this  oncoming  vorticity  throughout  the  flow  field 
without  any  production  or  reduction  of  global  vorticity.  The  mass  flow  rate  is  obtained  as  a  calculation  result  by  the 
static  pressure  distribution  at  the  outlet  boundary.  Therefore,  at  the  midspan  of  the  outlet  boundary  the  pressure  is 
fixed,  and  the  radial  equilibrium  is  computed  every  time  step  depending  on  the  actual  solution.  In  order  to  save 
computer  time  a  grid  refinement  procecfcjre  is  used.  First,  an  initial  solution  is  calculated  on  a  coarse  grid.  The  final 
solution  is  subsequently  obtained  by  interpolation  and  calculation  on  successively  finer  grids.  Generally,  three  grid 
levels  are  used  for  a  complete  calculation. 

6.2  THE  THREE-DIMENSIONAL  PARTIALLY-PARABOLIZED  NAVIER-ST OKES  COOE 


In  order  to  calculate  the  three-dimensional  viscous  (turbulent)  flow  through  the  turbomachinery  cascades 
described  above,  a  three-dimensional  partially-parabolized  Navier-Stokes  code  has  been  used  that  solves  the  Reynolds- 
averaged  equations  numerically  with  a  space-marching  pressure-correction  method,  see  Lucking  /16/.  The  differential 
equations  of  motion,  energy,  and  possibly  turbulence  quantities  are  partially  parabolized  neglecting  the  diffusion  into  a 
previously  defined  main  flow  direction,  i.e.,  derivatives  with  respect  to  this  direction  are  cancelled  in  the  diffusion 
terms.  This  implies  that  reverse  flow  fiould  not  occur  in  this  special  direction,  and  that  separation  areas  can  be  treated 
only  to  a  small  extent  and  with  approximations.  Due  to  their  parabolization  rhe  equations  can  be  integrated  space 
marching,  i.e.,  the  solution  proceeds  through  the  cascade  or  duct  along  the  mean  flow  direction. 

The  other  condition  for  the  space  marching  solution  is  the  knowledge  of  a  pressure  field.  It  is  approximately 
prescribed  as  good  as  possible  and  is  corrected  during  the  calculation.  Satisfying  continuity  is  th»  measure  for  necessary 
changes  to  the  pressure.  The  pressure  corrections  are  performed  in  three  steps  -  two  of  them  during  the  marching 
solution  to  satisfy  global  and  local  continuity,  and  the  third  three-dimensionally  after  each  sweep  through  the  domain  to 
obtain  the  elliptic  coherence  of  the  (subsonic)  flow  field.  The  partially-parabolic  calculation  is  finished  when  the 
pressure  corrections  have  become  small  after  several  passes  through  the  channel. 

As  preparation  for  the  partially-parabolic  solution  through  a  cascade  a  quasi-three-dimensional  inviscid 
streamsurface  calculation  is  performed.  It  consists  of  an  iterative  coupling  of  one  mean  hub-to-tip  streamsurface  and 
several  blade-to-blsde  surfaces.  The  flow  is  two-dimensional  along  the  surfaces.  On  each  of  them  It  is  calculated  by  a 
finite  difference  method  using  the  stream  function,  see  LUcking  &  Gallus  /17/.  The  quasl-three-dimensional  calculation 
gives  the  solution  domain  for  the  partially-parabolic  marching  and  transforms  it  into  a  numerical  space  using  the 
streamlines  as  coordinate  lines  int£>  the  train  flow  direction  S  and  the  intersections  of  the  stream  surfaces  and  S1  = 
const,  as  secondary  coordinates  S  and  S  .  The  inviscid  spatial  pressure-  and  density-distribution  is  an  ideal  starting 
field  for  the  calculation  of  the  viscous  flow.  In  many  cases  one  single  marching  sweep  is  sufficient  for  practical 
purposes  on  the  basis  of  a  quasi-three-dimensional  solution. 
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The  basic  equations  for  steady  relative  flow  are  developed  for  the  norwrthogonal  curvilinear  coordinate  system 
rqentioned  above.  The  equation  of  motion  Is  multiplied  by  unit  vectors  in  the  S -direction,  and  normal  to  S*  =  const,  and 
S'5  =  const;,  respectively,  to  solve  for  the  eovariant  velocity  component  in  the  primary  flow  direction  and  the 
contravariant  components  in  the  secondary  flow  directions.  Parabolization  and  further  simplifications  are  performed  on 
the  viscous  terms.  The  viscosity  of  the  fluid  is  either  laminar  or  extended  by  turbulent  eddy  viscosity  evaluated  from  a 
turbulence  model.  The  equations  are  discretized  with  finite  differences  using  central  approximation  for  the  diffusion 
terms  and  upwind  approximation  for  the  convection  terms.  Linearization  and  introAjctlon  of  the  boundary  conditions 
leads  to  an  algebraic  system  of  equations  for  the  flow  values  of  the  grid  points  on  a  S  =  const,  surface.  The  continuity 
is  checked  at  the  finite  volumes  formed  by  the  mesh  lines  or  coordinate  lines.  Necessary  corrective  fluxes  are 
Introduced  by  a  modification  of  the  velocity  field  induced  by  a  correction  of  the  pressure.  A  simplified  equation  of 
motion  couples  the  velocity  and  pressure  corrections. 

7.  EXPERIMENTAL  INVESTIGATION  OF  AN  INLET  GUIDE  VANE  OF  A  LOW  PRESSURE  TURBINE 

7.1  EXPERIMENTAL  APPARATUS 

The  experiments  described  In  this  report  were  conducted  at  the  high-altitude  test  facility  of  the  university  of 
Stuttgart.  The  inlet  guide  vane  of  a  low  pressure  turbine  was  investigated  in  an  annular  cascade  rig  simulating  the 
annular  duct  of  a  commercial  jet  engine.  The  annulus  diverges  in  the  range  of  the  guide  vane,  see  Fig.  7.  The  correct 
Inlet  swirl  is  established  by  preswlrl  vanes  placed  sufficiently  far  upstream  of  the  guide  vanes,  such  that  the  wakes  have 
the  chance  to  mix  out.  The  blade  profiles  at  hub  and  tip  are  shown  in  Fig.  8. 

As  indicated  in  Fig.  7  the  flow  field  was  traversed  at  3  different  axial  positions,  namely  two  upstream  and  one 
downstream  of  the  guide  vane.  At  these  positions,  area  traverses  were  performed  with  five-hole  pressure  probes  (probe 
head  diameter  3.0  mm)  mounted  In  radial  traversing  devices.  Circumferential  traverses  were  obtained  by  rotating  those 
parts  of  the  casing  carrying  the  radial  traversing  devices.  The  resolution  of  the  traverses  was  28  points  in 
circumferential  direction  covering  2.8  pitches  of  the  preswirl  vane  in  the  inlet  plane  and  2.2  pitches  of  the  guide  vane  in 
the  exit  plane.  The  radial  traverses  consisted  of  16  points  in  the  inlet  plane  and  19  points  in  the  exit  plane  with  an 
increased  resolution  in  the  endwall  regions  in  each  case.  Besides  the  traverses,  the  static  pressure  distribution  on  the 
blade  surface  was  measured  on  three  quasi-streamlines  (hub,  mean,  tip),  and  the  flow  was  visualized  by  oil-and-dye 
injection  on  the  blade  surface  as  well  as  on  hub  and  casing. 


7.2  INLET  CONDITIONS  OF  THE  GUIDE  VANE 

The  inlet  conditions  of  the  inlot  guide  vane  were  measured  with  five-hole  pressure  probes  upstream  of  the  leading 
edge  (M.P.  2,  cf.  Fig.  7).  In  Fig.  9  a  contour  plot  and  the  radial  distribution  of  the  measured  total  pressure  related  to  the 
total  pressure  at  the  inlet  of  the  test  rig  as  well  as  the  radial  distribution  of  the  Mach  number  are  shown.  The  contour 
plot  illustrates  that  the  wakes  and  secondary  vortices  of  the  preswirl  vanes  are  completely  mixed  out.  The  flow  in 
circumferential  direction  is  almost  uniform,  for  all  quantities  the  range  of  variation  is  les3  than  0.7%  of  the  pitchwise 
averaged  values.  The  boundary  layers,  both  at  the  hub  and  the  casing,  are  relatively  thick  and  amount  to  20%  of  the 
duct  height  in  each  case.  The  boundary  layers  are  laminar  according  to  the  shape  parameter  H.?.  At  the  hub  the  shape 
parameter  was  calculated  as  =  2.7  end  at  the  casing  as  H12  =  2.2.  1£ 

7.3  EXPERIMENTAL  RESULTS 

The  topology  of  the  streamline  pattern  on  the  blade  surface  as  well  as  on  hub  and  casing  visualized  by  oil-and-dye 
injection  reveals  that  the  endwall  flow  region  of  the  inlet  guide  vane  matches  well  with  the  secondary  flow  model 
outlined  in  Chap.  2,  see  Fig.  10.  Both  on  hub  and  casing  a  negative  bifurcation  line  is  clearly  visible  in  front  of  the 
leading  edge  of  each  blade  indicating  the  generation  and  presence  of  a  horseshoe  vortex.  Owing  to  the  fact  that  only 
one  negative  bifurcation  line  is  visible,  just  a  single  horseshoe  vortex  is  formed  in  front  of  this  turbine  blade.  Inside  the 
blade  passage  the  bifurcation  line  and  other  limiting  streamlines  on  the  endwall  are  strongly  deflected  towards  the 
suction  surface  by  the  pitchwise  pressure  gradient.  Behind  the  location,  where  the  suction  side  branch  of  the  bifurcation 
line  and  the  bifurcation  line  of  the  neighboring  blade  meet  the  suction  surface,  these  lines  proceed  on  the  suction 
surface  with  a  deflection  towards  midchannel,  they  are  ending  in  a  separation  bubble  sitting  in  the  rear  part  of  suction 
surface.  However,  the  deflection  of  the  limiting  streamlines  towards  midchannel  behind  the  separation  bubble  continues 
to  exist  and  is  apparent  on  the  photographs  of  the  flow  visualization.  The  flow  in  the  endwall  of  the  casing  looks 
qualitatively  similar  to  the  one  in  the  hub  region.  However,  the  distance  between  the  negative  bifurcation  line  and  the 
leading  edge  is  larger  and  the  deflection  of  streamlines  towards  midchannel  on  the  rear  part  of  the  suction  surface  of 
the  blade  is  stronger,  indicating  a  more  intensive  vortical  motion. 

This  is  also  confirmed  by  the  five-hole  pressure  probe  measurements  in  the  exit  plane.  In  Fig.  11  the  distributions 
of  various  flow  quantities  are  shown  in  form  of  contour  plots.  The  flow  field  behind  different  blades  looks  almost 
identical,  indicating  a  good  periodicity  and  an  uniform  inlet  flow.  Applying  the  earlier  mentioned  isoclinal  method  of 
8inder  &  Romey  /ll/,  the  location  of  the  secondary  vortices  could  be  clearly  identified  by  means  of  the  flow  angles 
„  s™!  “■Tar*  center  of  each  vortex  is  marked  in  Fig,  11.  The  distribution  of  the  secondary  vorticity  calculated 
according  toTJnep.  5  is  shown  in  Fig.  11,  too.  It  is  clearly  visible  that  those  regions  where  the  secondary  vorticity 
exhibits  a  plateau  of  extreme  values,  coincide  with  the  location  of  the  secondary  vortices  identified  by  the  isoclinal 
method.  The  sense  of  rotation  is  apparent  by  the  sign  of  the  vorticity  and  is  in  agreement  with  the  isoclinal  method. 
Both  in  the  endwall  region  of  hub  and  casing,  a  pair  of  counterrotating  vortices  is  visible  behind  each  blade.  The 
vortices  Indicated  by  I  have  the  sense  of  rotation  of  the  passage  vortex  and  pressure  side  leg  of  the  horseshoe  vortex, 
respectively.  It  is  probably  composed  of  both.  The  remaining  vortices  (II)  have  the  opposite  sense  of  rotation  and  are 
located  in  the  wake  of  each  blade.  A  suction  side  leg  of  the  horeshoe  vortex  could  not  be  identified  explicitly  at  the  hub 
or  at  the  cosing.  It  is  either  dissipated  cktring  the  passage  or  its  vorticity  is  redistributed  during  the  passage.  The  sense 
of  rotation  coincides  with  vortex  II  so  that  vortex  II  is  likely  to  consist  partly  of  tiie  trailing  edge  vortex  and  partly  of 
the  suction  side  leg  of  the  horseshoe  vortex.  In  classical  secondary  flow  theory,  the  streamwise  vorticity  of  the  passage 
vortex,  called  distributed  vorticity  according  to  Hawthorne  /5/,  is  assumed  to  be  uniform  in  pitchwise  direction  at  the 
exit  of  the  passage.  However,  the  distribution  of  the  measured  vorticity  at  the  exit  of  the  guide  vane  clearly  shows 
that  this  is  not  the  case.  On  the  contrary,  the  vorticity  accumulates  and  is  concentrated  in  the  center  of  vortex  I. 
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Although  the  inlet  boundary  layer  thickness  at  hub  and  casing  Is  almost  identical,  cf.  Fig.  9,  and  the  flow  turning 
is  slightly  lower,  at  the  casing,  it  is  apparent,  that  the  secondary  flow  field  at  the  casing  is  significantly  stronger 
compared  to  the  hub.  The  local  extension  of  the  secondary  field  is  larger  combined  with  higher  loss  in  total  pressure  and 
stronger  secondary  vortices.  The  latter  can  be. seen  clearly  by  the  higher  density  of  the  almost  parallel  isoclines  in  the 
center  of  the  vortices.  The  change  of  the  radial  flow  angle  oc.  across  the  secondary  vortices  at  the  casing,  for 
instance,  reaches  values  of  approximately  40°  compared  to  20°  at  "the  hub.  These  significant  differences  between  hub 
and  casing  are  not  completely  understood.  One  reason  may  be  the  lower  inlet  total  pressure  at  the  casing. 

It  is  Interesting  to  note  that  the  region  of  highest  total  pressure  loss  In  the  endwall  flow  region  of  the  casing  does 
not  coincide  with  the  location  of  the  secondary  vortices,  but  lies  somewhere  between  passage  and  trailing  edge  vortex, 
see  Fig.  11a.  Obviously,  this  low  momentum  fluid  is  the  inlet  boundary  layer  material  conveeted  and  accumulated  by  the 
vortical  motion  inside  the  blade  passage.  The  hub  endwall  flow  region,  however,  looks  slightly  different.  It  exhibits  at 
least  a  loss  region  at  the  center  of  the  trailing  edge  vortex.  The  passage  vortex  is  very  close  to  the  endwall  and  could 
not  be  resolved  completely  by  the  five-hole  pressure  probe  measurements. 

0.  NUMERICAL  INVESTIGATION  OF  AN  INLET  GUIDE  VANE  OF  A  LOW  PRESSURE  TURBINE 

The  above  mentioned  three-dimensional  calculation  methods,  namely  the  Euler  and  the  Navier-Stokes  code,  were 
applied  to  the  inlet  guide  vane  described  in  Chap.  7  using  the  measured  inlet  conditions.  During  the  calculations  it 
turned  out  that  the  inlet  conditions,  especially  the  boundary  layer  profiles,  have  a  strong  influence  on  the  solution  and 
need  to  be  carefully  simulated  In  order  to  obtain  good  agreement  with  the  experiment. 

Results  of  the  three-dimensional  Euler  flow  calculation  are  presented  in  Fig.  12  in  fofm  of  contour  plots  of 
various  flow  quantities  in  the  exit  plane  of  the  guide  vane  (M.P.  3).  The  secondary  vortices  can  be  easily  identified  by 
means  of  the  Isoclinal  method  and  the  distribution  of  the  secondary  vorticlty.  As  before,  both  methods  yielded  Identical 
locations  of  the  vortices.  A  comparison  with  the  experimental  results  shows  that  the  calculated  flow  field  in  the  exit 
plane  looks  qualitatively  very  similar.  Both,  in  the  endwall  region  of  hub  and  casing  a  pair  of  counterrotating  vortices  i3 
present  and  the  positions  of  the  vortex  centers  are  almost  identical  to  the  experiment.  Vortex  II  was  tracked  upstream 
and  was  clearly  found  to  originate  from  the  trailing  edge  as  assumed. 

In  the  endwall  region  of  the  casing,  the  change  of  the  two  flow  angles  across  the  vortex  centers  compares  well 
with  the  experiment.  The  vorticlty  of  the  secondary  vortices,  however,  turns  out  to  be  slightly  lower,  but  has  a 
comparable  distribution  and  is  located  at  almost  identical  positions.  In  the  hub  endwall  region  the  vortical  motion  of  the 
secondary  flow  is  predicted  too  weak  by  the  Euler  calculation  according  to  the  distributions  of  flow  angles  and 
vorticlty.  This  may  be  due  to  the  lower  extension  of  the  secondary  flow  field  resulting  In  a  decreased  resolution  of  the 
numerical  mesh. 

In  Fig.  12a  the  distribution  of  the  total  pressure  is  presented  in  the  exit  plane.  Note  that  this  is  not  the  total 
pressure  loss  due  to  the  artificial  damping  of  the  Euler  solution,  but  the  low  momentum  material  of  the  inlet  boundary 
layers.  Similar  to  the  experiment  it  is  conveeted  and  accumulated  by  the  vortical  motion  of  the  secondary  flow.  The 
regions  with  lowest  total  pressure  are  located  between  vortex  I  and  II.  The  numerical  total  pressure  loss  is  much  lower 
than  that  and  turns  out  to  be  in  the  order  of  magnitude  of  about  one  percent  of  the  total  pressure  at  the  rig  inlet  P. .  as 
can  be  seen  by  means  of  the  'wake'  downstream  of  each  blade.  un 

According  to  the  contour  plots  in  the  exit  plane,  a  suction  side  leg  of  the  horseshoe  vortex  is  not  present.  A 
three-dimensional  calculation  of  streemiines  even  revealed  that  the  generation  of  a  horseshoe  vortex  could  not  be 
simulated  in  this  case.  This  becomes  apparent  by  the  calculated  wail  streamline  pattern  on  hub  and  casing,  which  does 
not  exhibit  any  negative  bifurcation  line  in  front  of  the  leading  edge,  see  Fig.  13  a  and  b.  This  line  is  finally  formed 
downstream  of  the  leading  edge,  i.e.,  inside  the  blade  passage.  The  H-type  grid  used  is  obviously  too  coarse  to  resolve 
the  leading  edge  region  sufficiently  in  order  to  enable  the  Euler  code  to  simulate  of  a  horseshoe  vortex.  The  number  of 
mesh  points  is  at  the  limit  of  the  computer  capacity  so  that  a  further  refinement  is  not  possible.  Nevertheless,  the  wall 
streamlines  on  the  suction  surface  look  qualitatively  very  similar  to  the  oil  flow  visualization,  cf.  Fig.  10,  although  no 
horseshoe  vortex  is  present  in  the  calculation.  Certainly,  the  separation  bubble  cannot  be  simulated  by  the  Euler  code, 
but  the  deflection  of  streamlines  on  the  rear  part  of  the  suction  surface  towards  midchannel  agrees  fairly  well  with  the 
experiment.  Even  the  stronger  deflection  at  the  casing  is  simulated  correctly.  However,  both  at  hub  and  casing  the 
calculation  predicts  slightly  lower  deflections  confirming  the  results  in  the  exit  plane  that  the  secondary  vortices  are  a 
little  stronger  in  the  experiment.  Another  reason  for  the  slight  difference  may  be  that  the  boundary  layers  on  the  blade 
are  not  simulated  by  the  Euler  calculation. 

Owing  to  the  fact  that  the  Euler  calculation  is  inviscid  and  did  not  even  simulate  the  horseshoe  vortex,  the 
agreement  between  computational  and  experimental  results  is  surprisingly  good.  Except  for  the  small  numerical  total 
pressure  losses,  the  Euler  code  is  an  inviscid  flow  calculation,  which  just  simulates  the  convection  process  of  the 
vorticity  at  the  iniet  during  the  passage  of  the  guide  vane.  Diffusion  and  total  pressure  losses  because  of  viscous  effects 
are  not  present  in  the  calculation.  Obviously  the  three-dimensional  flow  field,  at  least  in  this  inlet  guide  vane,  primarily 
depends  on  the  inlet  boundary  layers  which  obviously  dominate  the  viscous  effects  inside  the  blade  passage.  Although 
the  existence  of  the  Inlet  boundary  layers  is  caused  by  viscous  effects,  the  generation  and  development  of  the  passage 
vortex  is  mainly  an  inviscid  process.  Therefore,  inviscid  calculation  methods  are  a  valuable  tool  to  calculate  secondary 
flows  and  yield  good  results.  Since  no  horseshoe  vortex  is  present  in  the  flow  calculation,  vortex  I  and  II  are  identical 
with  the  passage  vortex  and  the  trailing  edge  vortex,  respectively.  Because  the  difference  between  numerical  solution 
and  experimental  data  is  small,  it  can  be  concluded  that  also  the  vortices  I  and  II  present  in  the  experiment,  see  Fig.  11, 
are  primarily  composed  of  the  passage  vortex  and  trailing  edge  vortex,  respectively.  This  means  that  the  secondary  flow 
in  the  exit  plane  is  controlled  by  the  passage  vortex,  and  the  horseshoe  vortex  seems  to  be  of  minor  importance. 
Otherwise  the  good  agreement  between  computational  and  experimental  data  cannot  be  explained.  Numerical 
simulations  in  two  model  configurations  confirming  this  conclusion  will  be  presented  in  the  next  chapter. 

Additional  flow  calculations  were  performed  with  the  parabolized  Navier-Stokes  code.  It  is  a  viscous  flow 
calculation  and  is  able  to  simulate  the  boundary  layers  on  the  endwalls  as  well  as  on  the  blades.  Separated  flow  regions 
or  regions  with  reverse  flow,  however,  have  to  be  approximated  owing  to  the  parabolization  of  the  Navier-Stokes 
equations.  Therefore,  it  is  expected  that  the  horseshoe  vortex  in  front  of  the  leading  edge  is  not  simulated  completely 
by  this  method.  Since  not  only  the  boundary  layers  at  the  inlet  are  laminar  but  also  the  boundary  layers  over  the 
dominant  part  of  the  blade  surface,  a  laminar  Navier-Stokes  flow  calculation  was  regarded  best  fitted  for  this  guide 
vane. 
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Some  of  the  results  in  the  exit  plane  of  the  guide  vane  are  presented  in  Fig.  14.  The  distribution  of  the  total 
pressure  reveals  that  the  total  pressure  loss  in  the  wakes  and  secondary  flow  regions  is  predicted  too  high  by  the 
calculation.  This  is  partly  due  to  laminar  separation  on  the  suction  surface  of  the  blade.  In  reality  the  laminar 
separation  is  followed  by  a  transition  and  turbulent  reattachment,  a  process  which  cannot  be  simulated  with  the  Navler- 
Stokes  code.  An  additional  separation,  which  is  obviously  not  present  in  the  experiment,  occurs  at  the  casing 
downstream  of  the  blades  and  is  due  to  the  diverging  annulus.  These  separated  flow  regions  no  longer  appear  when  a 
turbulent  Navier-Stokes  calculation  is  performed.  The  mixing  length  turbulence  mode!  used,  however,  was  not 
appropriate  for  this  kind  of  flow.  The  solution  appeared  to  be  too  viscous  associated  with  a  weak  vortical  motion  in  the 
endwali  regions. 

According  to  the  distribution  of  the  flow  angles  and  the  secondary  vorticity  of  Fig.  14,  the  calculated  flow  field 
again  looks  at  least  qualitatively  very  similar  to  the  experiment.  It  needs  to  be  mentioned  that  the  range  of  the 
vorticity  in  Fig.  14  b  was  limited  in  order  to  enhance  the  presentation  of  the  secondary  flow  phenomena.  The  wakes  and 
the  flow  region  close  to  the  casing  exhibit  large  portions  of  vorticity  outside  the  selected  range  due  to  the  mentioned 
laminar  flow  separation.  The  location  of  the  vortices  II  is  almost  identical  to  the  experiment,  and  the  vortices  are  of 
approximately  equal  magnitude.  The  vortex  1  at  the  casing  appears  to  be  too  close  to  the  endwali.  But,  similar  to  the 
Euler  calculation,  a  pair  of  vortices  is  observed  in  the  endwali  regions  behind  each  blade.  Again,  a  horseshoe  vortex  is 
not  visible  explicitly,  either  in  the  contour  plots  of  the  exit  plane  or  in  the  calculated  streamline  pattern  on  hub  and 
casing.  As  before,  the  pattern  does  not  exhibit  any  negative  bifurcation  in  front  of  the  leading  edge,  which  confirms 
that  no  horseshoe  vortex  is  present.  A  plot  of  the  streamline  pattern  is  not  presented  here  because  it  is  almost  identical 
to  the  Euler  solution.  Nevertheless,  the  Navier-Stokes  solution  compares  well  with  the  experiment.  This  confirms  again 
the  conclusion  that  the  passage  vortex  is  the  dominant  secondary  flow  phenomenon  in  the  endwali  region.  The  horseshoe 
vortex  appears  to  be  of  minor  importance. 

In  Fig.  15  the  radial  distribution  of  the  pitchwise  mass-averaged  flow  angle  of  the  two  numerical  results  is 
compared  to  the  flew  angle  obtained  from  experimental  data.  It  can  be  clearly  seen  that  the  predicted  flow  angle 
outside  the  secondary  flow  regions  is  predicted  too  low  by  the  Euler  code  and  too  high  by  the  Navier-Stokes  code.  This 
can  be  explained  as  follows.  The  Euler  code  does  not  simulate  the  boundary  layers  on  the  blades  resulting  in  an 
increased  throat  area.  The  Navier-Stokes  code,  on  the  contrary,  calculates  laminar  separation  and  accordingly  thick 
boundary  layers,  which  results  in  a  decreased  throat  area.  The  measured  distribution  lies  between  the  two  numerical 
solutions.  In  each  case  the  difference  is  less  than  2°  compared  to  the  experiment.  The  radial  distributions  of  the 
numerical  results  look  qualitatively  similar  to  the  experiment  and  the  regions  of  undertuming  and  overturning  caused  by 
the  secondary  flow  are  located  at  almost  identical  radial  positions.  Except  for  the  Euler  result,  which  predicts  the 
undertuming  in  the  hub  region  almost  correctly,  the  magnitude  of  undertuming  and  overturning,  however,  is  generally 
smaller  compared  to  the  experiment.  This  is  certainly  caused  by  the  weaker  secondary  vort;ces  of  the  computational 
results,  already  observed  by  means  of  the  contour  plots; 

9.  NUMERICAL  INVESTIGATION  OF  BASIC  SECONDARY  FLOW  PHENOMENA  IN  TWO  MODEL  CONFIGURATIONS 

In  the  previous  chapter  it  was  concluded  that  the  horseshoe  vortex  plays  a  minor  role  in  the  secondary  flow 
regions  at  the  endwali.  The  passage  vortex  appeared  to  be  the  dominant  effect  in  the  exit  plane  of  the  guide  vane.  In 
order  to  confirm  this  conclusion,  the  flow  in  two  model  configurations  was  studied  numerically.  Two  model  turbine 
cascades  in  an  axisymmetric  duct  were  designed  with  identical  inlet  conditions,  number  of  blades,  flow  turning,  and 
inlet  boundary  layers.  One  blade,  denoted  case  A,  has  an  infinitely  small  thickness  while  the  other,  case  B,  has  a 
thickness  distribution.  The  maximum  thickness  is  rather  large  for  a  typical  low  pressure  turbine  blade  nowadays,  but  has 
been  chosen  to  enhance  the  effects.  Both  blades  have  no  incidence  to  the  oncoming  flow  so  that  in  case  A  practically  no 
horseshoe  vortex  is  formed  in  front  of  the  leading  edge.  Therefore  the  secondary  flow  region  consists  of  a  passage 
vortex  only.  On  the  contrary,  the  blade  of  finite  thickness,  case  B,  will  lead  to  the  generation  of  a  horseshoe  vortex  and 
simultaneously  a  passage  vortex.  A  comparison  of  both  flow  fields  will  exhibit  the  influence  and  importance  of  the 
horseshoe  vortex. 

The  profiles  of  the  two  different  blades  are  presented  in  Fig.  16  and  do  not  vary  along  the  span.  For  the  three- 
dimensional  flow  calculations,  an  inlet  boundary  layer  was  prescribed  at  the  hub  only  in  order  to  achieve  a  high 
numerical  resolution  of  the  secondary  flow  region.  The  boundary  layer  thickness  amounts  to  25%  of  the  blade  height. 
The  total  pressure  and  temperature  of  the  free  stream  are  1.0  bar  and  300  K,  respectively.  The  mass  flow  amounts  to 
58.1  kg/s.  The  flow  turning  of  the  blades  is  relatively  small  for  the  following  reason.  Owing  to  the  experience  with  the 
three-dimensional  flow  calculations  applied  to  the  inlet  guide  vane,  a  C-type  grid  was  regarded  best  fitted  for  the  Euler 
flow  calculations  in  case  B  in  order  to  resolve  the  horseshoe  vortex  in  front  of  the  blade  properly.  It  was  necessary  to 
restrict  the  flow  turning  to  relatively  small  values  to  avoid  highly  skewed  and  distorted  grids  in  the  exit  region  of  the 
blade.  In  case  A  again  a  H-type  grid  was  used. 

Both  the  Euler  and  the  Navier-Stokes  code  were  applied  to  case  A  and  contour  plots  of  secondary  vorticity  of 
both  solutions  are  presented  in  Fig.  17.  The  Navier-Stokes  code  performs  a  viscous  flow  calculation  and  has  no  provision 
to  suppress  the  boundary  layer  on  the  casing  competely.  In  order  to  keep  its  influence  as  small  as  possible,  the 
calculation  started  with  a  new  boundary  layer  at  the  first  mesh  line.  The  boundary  layer  at  the  hub  was  defined  by  the 
radial  total  pressure  distribution  and  is  identical  for  the  Euler  and  Navier-Stokes  calculation.  Comparing  the  secondary 
flow  region  at  the  hub  reveals  that  both  methods  yield  almost  identical  solutions  in  the  exit  plane,  as  can  be  seen  from 
the  distribution  of  secondary  vorticity.  There  are  two  prominent  vorticity  plateaus  belonging  to  the  passage  vortex  (I) 
and  to  the  trailing  edqe  vortex  (II).  The  location  of  these  vortices  is  almost  identical  for  both  codes.  However,  the 
maximum  vorticity  of  the  passage  vortex  is  slightly  lower  for  the  Navier-Stokes  calculation  and  may  be  caused  by 
viscous  effects.  Additionally,  the  Navier-Stokes  code  predicts  the  presence  of  a  small  corner  vortex  (IV)  underneath  the 
passage  vortex,  a  vortex  which  is  not  present  in  the  inviscid  flow  solution. 

A  result  of  the  Euler  solution  inside  the  blade  passage  of  case  B  is  shown  in  Fig.  18.  Clearly  the  secondary 
vorticity  exhibits  two  plateaus  of  opposite  sign,  one  representing  the  suction  side  leg  of  the  horseshoe  vortex  and  the 
other  the  passage  vortex  and  pressure  side  leg  of  the  horseshoe  vortex,  respectively.  Although  the  size  of  vortex  I  is 
already  much  larger  at  this  axial  position,  it  definitely  dominates  the  flow  field  in  the  exit  plane  of  the  cascade,  see 
Fig.  19.  Only  a  small  portion  of  vorticity  with  an  opposite  sense  of  rotation  to  vortex  I  is  present.  Vortex  I  is  shifted  a 
little  less  towards  the  suction  surface  compared  to  case  A  and  sits  closer  to  the  endwali.  Also  the  vorticity  is  slightly 
lower,  indicating  a  reduced  vortex  strength.  This  is  further  confirmed  by  the  streamlines  on  the  endwali  which  are 
deflected  less  towards  the  suction  surface  in  case  B.  Obviously,  the  suction  side  leg  of  the  horseshoe  vortex  in  cascade 
B  requires  a  part  of  the  inlet  boundary  layer  which  in  turn  is  not  available  to  vortex  I  and  causes  its  reduced  strength.  It 
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was  noticed  that  close  to  the  exit  of  the  passage  the  vorticity  of  the  suction  side  leg  of  the  horseshoe  vortex  is 
redistributed  and  appears  to  be  contained  in  the  trailing  edge  vortex.  A  look  at  pitchwise  averaged  quantities  shows  that 
the  difference  in  the  exit  plane  of  case  A  and  B  is  small.  The  radial  distribution  of  the  pitchwise  mass-averaged  flow 
angle  a.  is  presented  in  Fig.  20.  Because  of  the  weaker  vortex  I  the  amount  of  undertuming  and  overturning  is 
slightly  finder  in  case  B.  However,  the  difference  between  both  cases  is  less  than  1°.  These  results  clearly  demonstrate 
that  for  these  relatively  low  turning  cascades  the  passage  vortex  is  the  dominant  secondary  flow  phenomenon  in  the  exit 
plane.  In  real  turbine  blades  the  flow  turning  is  usually  higher  so  that  the  influence  of  the  passage  vortex  increases 
further.  A  Navier-Stokes  calculation  was  performed  for  case  B,  too,  but  it  turned  out  that  the  generation  of  a  horseshoe 
vortex  could  not  be  simulated  adequately. 

In  Chap.  5  a  method  (Euler  approximation)  was  outlined  which  allows  the  calculation  of  all  vorticity  components 
even  in  cases  where  the  flow  field  is  traversed  at  one  axial  position  only.  The  Navier-Stokes  solution  of  case  A  was  used 
to  estimate  the  accuracy  and  the  potential  of  the  procedure.  In  Fig.  17  the  secondary  vorticity  was  shown  calculated 
according  to  the  definition  of  the  vorticity,  seo  eq.  (2)  to  (4),  i.e.,  using  velocity  gradients  in  the  radial,  circumferential, 
and  axial  directions.  Application  of  the  proposed  method  yields  the  distribution  of  Fig.  21.  In  this  case  all  vorticity 
components  are  calculated  by  velocity  gradients  in  the  radial  and  circumferential  directions  only.  Gradients  in  the  axial 
direction  are  not  required.  It  can  be  clearly  seen  that  the  difference  between  Fig.  17  and  21  is  negligibly  small,  except 
for  the  regions  very  close  to  the  wall,  l.e.,  in  regions  where  the  method  does  not  hold  a3  mentioned  in  Chap.  5.  However, 
the  method  offers  excellent  results  in  the  main  part  of  the  flow  and  even  in  the  secondary  flow  regions. 

10.  CONCLUDING  REMARKS 

The  generation  and  development  of  secondary  flows  in  turbine  cascades  was  investigated  experimentally  and 
numerically.  The  investigations  revealed  that  in  the  endwall  region  of  turbine  blades  the  passage  vortex  effect  is  the 
dominant  secondary  flow  phenomenon  and  dictates  the  flow  in  the  exit  plane.  The  horseshoe  vortex  turned  out  to  play  a 
minor  role. 

Furthermore,  it  was  found  that  although  the  existence  of  the  inlet  boundary  layers  are  caused  by  viscous  effects, 
the  rolling  up  process  of  the  oncoming  boundary  layer  material  and  the  formation  of  secondary  vortices  is  primarily  an 
inviscid  phenomenon.  Inviscid  flow  calculations  with  an  Euler  code  simulated  well  the  convection  of  the  vorticity 
contained  in  the  inlet  boundary  layers.  The  numerical  solution  in  the  exit  plane  of  the  turbine  cascade  did  not  differ 
much  from  the  experimental  result.  Certainly,  the  Euler  code  was  not  able  to  calculate  the  losses  associated  with  the 
secondary  flows. 

The  three-dimensional  computational  methods,  namely  the  Euler  and  the  partially-parabolized  Navier-Stokes 
methods,  are  able  to  simulate  the  dominant  secondary  flow  phenomena  in  typical  turbine  cascades  at  least  qualitatively 
and  are  a  valuable  tool  in  the  design  process  of  blades  with  reduced  secondary  losses. 
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ONCOMING  BOUNDARY  LAYER 


streamline  of  Invlscld 


Fig.  1  Formation  of  a  horseshoe  vortex  in  front  of  an  obstacle 
(obstacle  removed) 


Fig.  2  Deflection  of  streamlines  inside  the  endwall 
boundary  layer 
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Fig.  3  Passage  vortices  in  the  exit  plane  of  a 
straight  cascade 


oncoming  velocity  profile  trailing  edge  vortex 


Fig.  4  Formation  of  trailing  edge  vortices 


Velocity  ai 


Pt/Ptln 


Inlet  conditions  of  the  guide  vane  in  M.P.2  (cf.  Fig.  7) 


N  l  .000 
X  0.990 
Y  0.910 
Z  0.970 
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+  0.950 
♦  0.490 
X  0.930 


Fig.  10  Oil  flow  visualization  in  the  hub  region  of  the  inlet  guide  vane 
a)  front  view,  b)  side  view  (suction  surface) 

(notation:  L.E.  leading  edge,  T.E.  trailing  edge,  S.L.  separation  line, 
I.L.  intersection  line  of  blade  and  platform,  S.B.  separation  bubble) 


under turning 


a)  3-d  Euler  b)  3-d  partially-parabolized  Navier-Stokes 


suction  side 


5-16 


DISCUSSION 


Langston,  USA 


You  state  that  there  is  H2  horseshoe  vortex  in  Case  A.  Did  you  actually 
see  this  to  be  the  case  by  looking  at  the  results  within  the  passage?  As 
an  experimentalist,  I  would  expect  to  see  a  horseshoe  vortex  in  case  A. 

Tor  example.  See  rig  29  of  Herzig,  Hansend  &  Castello,  NACA  report  1163 
(1953) .  They  show  a  cascade  of  very  thin  (sheet  metal)  airfoils  a  zero 
angle  of  attack  (zero  incidence),  very  similar  to  your  case  A.  Their 
smoke-flow  visualization  clearly  shows  evidence  of  a  horseshoe  vortex.  We 
tried  to  point  out  in  an  earlier  paper '  that  the  formation  of  the 
horseshoe  vortex  does  not  depend  on  the  airfoil  leading  edge  radius,  but 
on  the  axial  chord  and  angle  of  attack„of  the  airfoil.  Please  also  see 
our  comments  on  a  paper  by  John  Moore'  at  VPI  on  the  effect  of  leading 
edge  radius.  One  other  comment  concerns  the  "separate  classification"  of 
the  passage  vortex  and  the  pressure  side  vortex.  They  are 
one-in-the-same .  One  becomes  the  other. 


Langston,  Mice  &  Hopper,  1977  ASMS  Journal  of  Engineering  for  Power 
Moore  &  Ransmayr,  1984  ASMS  Part  I 


Author's  Reply: 

Thank  you  for  your  interesting  comments.  First  of  all,  let  me  point  out 
that  I  did  not  say  that  na  horseshoe  vortex  is  present  for  cascade  A 
rather  than  practically  no  horseshoe  vortex.  1  do  agree  with  you  that  in 
reality  (experimentally)  of  course  a  horseshoe  vortex  will  be  generated  in 
front  of  the  l.e.  even  if  the  cascade  is  composed  of  very  thin  blades, 
because  the  flow  field  in  the  l.e.  region  will  exhibit  a  stagnation  point. 
It's  the  associated  pressure  field  which  will  be  responsible  for  the 
generation  of  the  horseshoe  vortex.  The  numerical  investigation  of  case  A 
is  somewhat  different  because  this  cascade  consists  truly  of  blades  with 
zero  thickness.  Because  of  the  inviscid  treatment  of  the  flow  and  the 
zero  incidence,  there  is  no  stagnation  point  in  front  of  the  l.e. 

Possibly,  a  horseshoe  vortex  may  be  generated  due  to  the  pressure  field 
caused  by  the  blade  loading.  In  our  opinion  however,  for  case  A,  its 
strength  will  be  negligibly  weak  in  relationship  to  the  turning  of  the 
"shear  flow"  (passage  vortex)  and  therefore  assumed  to  be  of  no  practical 
significance.  Consequently,  we  regard  the  comparison  of  the  flow  fields 
within  the  two  cascades  to  be  meaningful  to  estimate  the  contribution  of 
the  horseshoe  vortex  and  passage  vortex  to  the  secondary  flow  development 
in  a  typical  turbine  blading,  at  least  qualitatively.  Concerning  the 
numerical  Euler  solution  in  case  A.  1  was  actually  saying  that  no 
horseshoe  vortex  is  present.  This  is  based  on  the  fact  that  no  suction 
side  leg  of  the  horseshoe  vortex  was  found  by  analyzing  the  flow  field 
inside  the  blade  passage  (distribution  of  the  various  flow  quantities  in 
planes  at  different  axial  positions,  streamlines,  etc.).  Concerning  your 
last  comment  on  "separate  classification"  of  the  passage  vortex  and  the 
pressure  side  leg  of  the  horseshoe  vortex,  I  do  absolutely  agree  with  you. 
That  is  exactly  what  I  wanted  to  point  out  during  my  presentation. 
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Cambier,  France 

What  are  the  mesh  topology  you  have  used  and  the  number  of  mesh  points, 
for  the  Euler  and  for  the  Navier-Stokes  calculation? 


Aut  hor ' s  Reply : 


rid 


IGU  Euler  _ype 
IGU  Navier-Stokes  H-type 
Cascade  A  Euler  H-type 
Cascade  B  Euler  C-type 


grid  points  around  the  blade 
grid  points  in  normal  direction 


Axial 

Radial 

Circumferential 

73 

37 

17 

51 

52 

26 

73 

29 

23 

1131 

29 

252 

Harvey,  UK 

How  many  grid  points  (for  the  3D  calculations)  were  within  the  inlet 
boundary  layers?  Also  what  was  the  height  of  the  first  grid  points  from 
the  endwalls? 

Author's  Reply: 

In  case  of  the  IGV  about  ten  grid  points  were  used  in  the  boundary  layers 
for  the  Euler  calculations  and  about  20  for  the  Navier-Stokes 
calculations.  The  first  grid  point  had  a  distance  of  1%  of  the  duct 
height  for  the  Euler  and  0.1%  for  the  Navier-Stokes  calculations.  The 
numerical  resolution  of  the  inlet  boundary  of  cascade  A  and  B  was 
increased  for  the  Euler  calculation  and  consisted  of  20  grid  points 
associated  with  a  decreased  distance  of  less  than  1%  for  the  first  grid 
point  from  the  side  wall. 
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SECONDARY  FLOWS  AND  REYNOLDS  STRESS  DISTRIBUTIONS 
DOWNSTREAM  OF  A  TURBINE  CASCADE  AT  DIFFERENT  EXPANSION  RATIOS 
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SUMMARY 

This  paper  presents  the  results  of  an  experimental  investigation  on  secondary  flows 
and  turbulence  in  a  plane  located  30  per  cent  of  an  axial  chord  downstream  of  a  turbine 
cascade.  Mean  velocity  field,  energy  loss  and  'Reynolds  stress  distributions  have  been 
measured  with  pressure  and  hot  wire  probes  at  different  expansion  ratios  for  three 
isentropic  outlet  Mach  numbers  M2^s  =  0.3,  0.5,  0.7. 

High  levels  of  turbulence  kinetic  energy  are  found  in  the  passage-shed  vortex 
interaction  region  and  in  the  corner  vortex,  while  lower  values  are  present  in  the  wake. 
The  turbulent  shear  stress  distributions,  analysed  in  details,  are  consistent  with  the 
mean  strain  field.  As  the  Mach  number  increases,  the  turbulence  kinetic  energy  level  is 
significantly  reduced.  The  uv  and  vw  shear  stresses  show  a  similar  trend,  while  the  uw 
component  remains  of  the  same  magnitude,  revealing  different  contributions  to  the 
dissipation  rate. 

NOMENCLATURE 


“W 
B 

C 
H 

H1 
M 

n,s,z 


12 


61 


2is 


P 
<3 
Re 

Re 

5 
T 

TU 
U,  u 

U1 

U2is 

U* 

v,  v 

W,  w 

X,  Y,  7, 
3 

3' 

Y 

<; 

6 
v 

Vm 


Re2is  =  U2isC/v2 


wire  overheating  parameter 
blade  axial  chord 
blade  chord 
blade  height 

boundary  layer  shape  factor 
Mach  number 

flow  coordinate  system,  s  direction  of  the  undisturbed  flow  at  midspan, 

n  normal,  z  spanwise  direction 

pressure 

turbulence  kinetic  energy  coefficient 

Reynolds  number  based  on  the  upstream  boundary  layer  momentum  thickness 

Re61  =  ui0i/vi 

outlet  isentropic  Reynolds  number  based  on  the  chord 
pitch 

temperature 
turbulence  intensity 

mean  and  fluctuating  streamwise  velocity  components 
upstream  freestream  velocity 

downstream  isentropic  velocity _ 

local  mean  velocity  U*=  /U2  +  V2+  W2 
mean  and  fluctuating  transverse  velocity  components 
mean  and  fluctuating  spanwise  velocity  components 
cascade  coordinate  system  (figure  2) 
flow  angle  with  axial  direction 
blade  angle  with  axial  direction 
stagger  angle  with  axial  direction 
energy  loss  coefficient 
boundary  layer  momentum  thickness 
laminar  kinematic  viscosity 
turbulent  kinematic  viscosity 


Subscripts 


e  freestream 

is  isentropic  condition 

MS  midspan 

s  static 

t  total 
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upstream  of  the  cascade 
downstream  of  the  cascade 


1 

2 

Overbars 


time  averaged 


1.  INTRODUCTION 

The  extensive  flow  investigations,  performed  during  the  last  decade  in  large  scale 
low  speed  turbine  cascades  [1-6],  have  provided  detailed  descriptions  of  secondary  flow 
development  and  loss  distributions  and  have  suggested  the  guideline  for  understanding 
the  physical  aspects  of  the  phenomenon. 

Recently  some  results  on  turbulence  and  Reynolds  stress  distributions  within  and 
downstream  of  large  scale  cascades  have  become  available  [7-10].  These  experimental 
investigations  have  clearly  shown  how  turbulence  and  velocity  fields  are  deeply 
related,  giving  further  elements  for  a  more  thorough  comprehension  of  the  secondary  flow 
process  and  the  associated  loss  production  mechanism.  Moore  et  al.  [7]  identified  the 
work  of  deformation  of  the  mean  motion  operated  by  the  Reyrolds  stress  tensor  as  the 
main  cause  of  the  secondary  loss  generation. 

Due  to  various  experimental  difficulties,  at  present,  very  few  data  concerning 
secondary  flows  in  high  subsonic  and  transonic  cascades  are  available  [11-14]. 

Some  results  about  Mach  number  influence  on  vortex  configuration,  secondary  loss 
production  and  vorticity  distribution  downstream  of  a  turbine  cascade  are  provided  in 
[14].  Differences  in  the  flow  structure  and  in  the  loss  generation  process  were  observed 
even  in  the  range  of  subsonic  compressible  flows.  For  the  same  cascade  an  experimental 
research  program  is  now  in  progress  with  the  aim  of  providing  detailed  results  on 
turbulence  and  Reynolds  stress  tensor  for  expansion  ratios  ranging  from  incompressible 
to  high  subsonic  flows. 

The  difficulties  in  obtaining  good  quality  data  on  Reynolds  stress  distribution  in 
high  velocity  tridimensional  flows  are  well  known.  A  large  amount  of  effort  was 
therefore  spent  to  develop  and  verify  the  hot  wire  analysis  method,  to  set  up  the 
instrumentation  and  to  automatize  all  the  measurement  operations  and  the  data 
acquisition  procedure  in  order  to  reduce  the  large  air  consumption  required  for  detailed 
field  measurements  at  high  Mach  numbers. 

The  paper  presents  some  first  results  obtained  in  a  plane  located  at  30  per  cent  of 
an  axial  chord  downstream  of  the  blade  trailing  edge  for  three  expansion  ratios 
corresponding  to  M2is  =  0.3,  0.5,  0.7. 

2.  EXPERIMENTAL  PROCEDURE 
2 . 1  Experimental  apparatus 

The  investigation  was  carried  out  in  the  transonic  cascade  test  facility  of  the 
C.N.P.M.  (Centro  Nazionale  di  Propulsione,  Milano).  It  is  a  blowdown  type  wind  tunnel, 
fed  with  compressed  air  stored  in  high  pressure  tanks  (200  bar).  The  tunnel  is  described 
in  detail  in  [13].  An  air  storage  capacity  of  3100  kg  allows  for  continuous  operation 
for  more  than  200  s  at  the  maximum  flow  rate  of  12  kg/s.  The  air  is  accurately  filtered 
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Table  1  :  Cascade  geometry 


Chord  length 

C 

- 

47.7 

mm 

Pitch  to  chord  ratio 

S/C 

= 

0.63 

Aspect  ratio 

H/C 

= 

1.05 

Inlet  blade  angle 

ei 

= 

2.6 

deg 

Outlet  blade  angle 

4 

= 

66.0 

deg 

Stagger  angle 

V 

= 

45.2 

deg 

Number  of  blades 

N 

= 

12 

to  prevent  dirt  from  depositing  on  cascade  and  probes.  Ten-micrometer  pore  sintered 
metal  filters  were  recently  installed  in  the  settling  chamber  just  for  hot  wire 
measurements . 

The  test  section  is  400  mm  wide  and  50  mm  high.  It  allows  installation  of  a 
relatively  large  number  of  blades  (twelve  in  this  case).  Blades  are  mounted  on  a 
large  rotating  disk,  that  allows  inlet  flow  angle  variations  and  includes  the  probe 
traversing  carriages.  The  opposite  wall,  equipped  with  static  pressure  taps,  is  made  of 
plexiglas  to  allow  easy  control  of  probe  positioning. 

Cascade  periodicity  is  obtained  through  an  adjustable  tailboard,  and  checked  by  means 
of  downstream  wall  static  pressure  tappings.  Two  sliders,  equipped  with  eccentric  probe 
holders,  allow  a  continuous  selection  of  upstream  and  downstream  measuring  planes. 

Data  acquisition  and  probe  positioning  are  fully  automated  and  controlled  by  a  HP 
9000/319  microcomputer,  to  minimize  the  overall  measuring  time.  Four  stepping  motors 
are  used  to  perform  the  desired  probe  movements:  two  for  the  upstream  and  downstream 
pitchwise  traverses,  one  for  the  spanwise  traverse  and  the  last  one  for  the  rotation  of 
the  probe  about  its  own  axis.  The  pitchwise  position  is  continuously  controlled  by  an 
encoder  and  the  coordinate  is  also  stored  in  the  computer.  The  reference  condition  for 
the  probe  azimuthal  rotation  is  obtained  with  a  micrometric  turning  table.  Each  step  of 
the  probe  positioning  (translations  and  rotations)  and  of  the  data  acquisition  procedure 
was  carefully  optimized  to  minimize  the  overall  acquisition  time.  Typical  times  for  a 
complete  measuring  plane  (20x10  points)  are  about  120  s  for  the  five  holes  probe  and 
1800  s  for  the  hot  wire  measurements.  A  schematical  view  of  the  traverse  mechanisms  is 
given  in  figure  1. 


2 . 2  Cascade  geometry  and  test  conditions 

The  airfoil  profile  is  a  scaled  down  model  of  the  midspan  section  of  a  steam 
turbine  rotor  blade.  The  profile  coordinates  are  given  in  [14],  The  relevant  geometrical 
data  of  the  cascade,  shown  in  figure  2,  are  given  in  table  1. 

The  inlet  flow  conditions  measured  at  X/B  =  -0.8  are  given  in  table  2  for  the  three 
investigated  isentropic  outlet  Mach  numbers.  In  figure  3  the  inlet  Mach  number  is  shown 
as  a  function  of  the  isentropic  outlet  Mach  number. 

All  the  tests  were  performed  with  the  natural  turbulent  boundary  layer  developed 
upstream  of  the  cascade.  Velocity  profiles  and  turbulent  kinetic  energy  distributions 
(figure  4)  as  well  as  integral  parameters  (table  2)  remained  similar  for  all  the  three 
test  conditions. 


Table  2:  Test  conditions 


M2is 

0.3 

0.5 

0.7 

Ttl  <K> 

290 

290 

290 

ptl  (bar) 

1.09 

1.23 

1.43 

(mm) 

1.72 

1.68 

1.58 

H12 

1.26 

1.25 

1.26 

Reei 

5600 

8400 

9700 

8X  (deg) 

-17.4 

-17.4 

-17.4 

Tu  freestream 

0.025 

0.027 

0.025 

Tu  near  wall 

0.06 

0.06 

0.06 

Re2is*  10* 

0.34 

0.61 

0.90 

Fig.  3  Inlet  Mach  number 
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2.3  Instrumentation 

Static  pressure  and  mean  velocities,  measured  by  means  of  a  miniature  conical  five 
holes  probe  [14],  were,  used  as  reference  data  and  for  the  evaluation  of  mean  kinetic 
energy  losses. 

Mean  velocities  and  Reynolds  stresses  were  measured  with  a  hot  wire  anemometer . The 
hot  wire  instrumentation  consists  of  a  DANTEC  55M10  constant  temperature  anemometer  and 
of  single  sensor  miniaturized  hot  wire  probes.  The  instantaneous  hot  wire  outputs  are 
processed  by  a  digital  voltmeter  (Solatron  7060)  and  a  true  rms  voltmeter  (HP  3456A) 
controlled  by  the  HP  9000/319  microcomputer  through  a  IEE488  board.  Mean  and  rms  data 
are  stored  on  line  in  the  computer  memory  and  later  analysed  to  obtain  mean  velocity 
and  Reynolds  stress  components.  The  integration  time  was  progressively  reduced  to  250  ms 
without  finding  differences  with  results  obtained  for  an  integration  time  of  2  s. 

Two  miniature  hot  wire  probes,  made  by  modifying  DANTEC  single  sensor  normal  and 
slanted  probes  (models  55P11  and  55P12),  are  employed.  Sensors  are  tungsten  wires  5  pm 
diameter  and  1.5  mm  lenght.  Standard  probes  were  found  to  suffer  of  strain  gage  effects 
for  Mach  numbers  larger  than  .5.  On-line  FFT  of  the  signal  performed  by  a  spectrum 
analyser  (Ono  Sokki  CF-920)  sx.owed  disturbance  peaks  between  25  and  30  kHz.  No  spikes 
were  detected  below  M,<  =  0.9  in  the  range  0-50  kHz  after  reduction  of  the  needles 
length. 

The  system  frequency  response,  deduced  from  a  square  wave  test,  was  found  higher  than 
50  kHz  and  therefore  adequate  in  the  present  study  to  resolve  turbulent  disturbances 
with  characteristic  wavelengths  larger  than  about  one  fifth  of  the  upstream  boundary 
layer  thickness. 

Preliminary  tests  in  the  wind  tunnel  sidewall  turbulent  boundary  layer  and  power 
spectra  carried  out  during  the  field  measurements  in  the  downstream  plane  up  to  M2£?  = 
0.8,  showed  that  more  than  90  per  cent  of  the  turbulence  kinetic  energy  is  contained 
within  30  kHz. 

In  all  measurements  the  hot  wires  were  operated  at  a  high  overheat  ratio  (aw  =  0.9) 
so  that  the  contribution  of  total  temperature  fluctuations  to  the  fluctuating  voltage 
was  small  and  the  probe  sensed  essentially  mass  flow  fluctuations. 

The  estimated  experimental  uncertainties  are  given  in  table  3.  Repeatibility  of  the 
hot  wire  measurements,  checked  at  a  number  of  stations  was  good  and  always  the  results 
fell  within  the  estimated  experimental  uncertainties. 

2.4  Hot  wire  measuring  technique 

The  hot  wire  measuring  technique  is  based  on  the  analysis  of  the  signals  of  two 
single  hot  wire  probes,  oriented  with  the  primary  flow  in  a  plane  perpendicular  to  the 
probe  axis. 

For  ea.'h  measuring  point,  ten  readings  of  mean  and  rms  output  voltages  (seven  for  the 
slanted  probe  and  three  for  the  normal  probe)  are  taken  for  different  azimuth  angles 
about  their  stems. 

The  wires  were  calibrated  before  and  after  each  measuring  session  over  the  range  of 
the  wire  Reynolds  numbers  of  interest  in  a  free  jet  calibration  tunnel  and  the 
coefficients  A,  B,  n  of  a  relation  for  compressible  flow,  similar  to  the  King's  law  for 
incompressible  case,  were  obtained 

E2/(Tw  -  Te)  =  A  +  B  .(P<££ 

Once  the  operating  temperature  of  the  wire  Tw  is  set,  this  law  links  the 
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instantaneous  output  voltage  of  the  anemometer  E  to  the  effective  cooling  mass  flux 
(pU)eff  of  the  fluid  and  allows  accounting  for  the  variations,  during  the  experiment,  of 
the  equilibrium  temperature  Tg,  that  is  close  to  the  flow  stagnation  temperature. 

The  effective  cooling  mass  flux  is  assumed  to  be  related  to  the  mass  flux  components, 
tangential  and  normal  to  the  sensor  in  the  plane  of  the  prongs  and  normal  to  the  sensor 
i  and  the  prongs,  by  the  Jorgensen  relationship  [15].  The  directional  sensitivities  of  the 

employed  probes  were  carefully  investigated  at  different  Mach  numbers  and  flow  angles 
with  the  aid  of  a  fully  automated  mechanism  for  the  probe  positioning  in  the  calibration 
tunnel.  The  directional  coefficients  of  the  Jorgensen  law  were  found  sensitive  to  the 
Reynolds  number  and  to  the  velocity  direction. 

The  analysis  method,  that  relates  mean  velocity  and  Reynolds  stress  components  to 
mean  and  rms  voltages,  is  an  extension  to  compressible  flows  of  a  previous  procedure 
i  described  in  [16].  Through  the  probe  directional  coefficients,  the  mean  and  rms  values 

of  the  effective  cooling  mass  fluxes,  measured  for  different  probe  rotations,  are 
written  in  furction  of  the  mass  flux  components  in  a  fixed  system  of  coordinates.  Two 
systems  cf  equations  are  obtained  for  the  mean  and  fluctuating  quantities.  These 
systems,  that  are  over-defined,  are  solved  by  means  of  least  squares  techniques. 

Finally  the  mean  values  of  density  and  velocity  components  are  calculated  from  the 
mean  mass  flux  components,  utilizing  the  local  static  pressure  values  measured  by  the 
five  holes  probe  and  the  total  temperature,  assumed  to  be  constant,  measured  upstream  of 
the  cascade.  To  deduce  the  density  fluctuations  and  the  Reynolds  stress  tensor 
components  from  the  calculated  fluctuating  quantities,  the  ratio  of  the  pressure 
,  fluctuation  to  the  mean  absolute  pressure  is  assumed  to  be  negligeable,  if  compared  with 

the  density  relative  fluctuation  and  the  total  temperature  fluctuations  are  neglected, 
because  of  the  nearly  adiabatic  condition  of  the  flow  [17]. 

3.  RESULTS  AND  DISCUSSION 

3.1  Measurement  locations,  coordinate  systems  and  results 

The  measuring  plane  is  located  downstream  of  the  cascade  at  X/B  =  1.3.  Ten  pitchwise 
traverses  were  rmde,  each  of  them  consisting  of  twenty  equidistant  measuring  points. 
Traverses  are  spaced  4  mm  from  midspan  to  13  mm  from  the  endwall  and  2  mm  from  this 
position  to  1  mm  from  the  endwall. 

An  intrinsec  system  of  coordinates  s,  n,  z,  where  s  is  the  direction  of  the  mean 
velocity  at  midspan  (streamline  direction),  n  is  the  principal  normal  (transversal 
direction)  and  z  is  the  binormal  (spanwise  direction)  was  used  for  mean  velocity  vector 
l  and  Reynolds  stress  tensor.  U,  V,  W  and  u,  v,  w  are  respectively  the  mean  and 

i  fluctuating  velocity  components  in  s,  n,  z  directions.  The  flow  coordinate  system  is 

1  shown  in  figure  2  together  with  the  cascade  reference  coordinate  system  (X,  V,  Z). 

>  The  mean  flow  field  is  described  in  terms  of  secondary  velocity  plots  and  kinetic 

energy  loss  coefficient  contours  in  the  measuring  plane.  The  secondary  velocity  vectors 
are  the  resultants  of  the  secondary  velocity  components  V  and  W.  The  local  kinetic 
energy  loss  coefficient  is  defined  as 

j  t  =  (  u|ls(Y,ZI  -  U*  (V.ZI)  /  Viisns 

and  calculated  from  the  pressure  probe  results. 

Turbulence  quantities  are  described  as  contour  plots  of  the  Reynolds  stress  tensor 
components,  normalized  by  the  squared  upstream  reference  velocity  U  .  The  coefficient  of 
turbulence  kinetic  energy  q  and  the  turbulence  intensity  Tu  are  defined  as: 

q=(ua+VJ+WJ  )  /  U|  ;  Tu  =  /q7T 

The  eddy  viscosity  hypotesis  links  the  Reynolds  shear  sctess  components  to  the  mean 
flow  strain  tenser  by  means  of  the  following  relations,  ii  streamline  curvature  and 
convergence  are  neglected: 
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UV  =  -VT  •(  3U/3n  +  3V/3s)  ;  uw  =  -vT  •(  3U/3z  +  3W/3s) 

vw  =  -vT  •(  3V/3Z  +  3W/3n) 


(1) 


From  the  experimental  data  pertaining  to  only  one  plane,  only  the  spanwise 
derivatives  can  be  directely  calculated.  If  the  assumptions  3/3s  <<  3/3n,  3/3z  is  made, 
the  transverse  derivatives  3/3n  can  be  evaluated  from  the  tangential  derivatives  3/3  y 
and  the  three  mean  strain  components  can  be  approximated  by  the  terms  (3U/3n),  ( 3U/  3z), 
(3V/3z  +  3W/3n) .  Contour  plots  of  these  quantities  in  the  measuring  plane  are  presented 
to  support  the  qualitative  analysis  of  the  turbulence  results. 


3.2  Measurements  for  M2is  =  0.3 

The  experimental  results  for  M2^s  =  0.3  are  given  in  fig.  5  and  6  respectively  for 
mean  flow  and  turbulence  quantities. 

3.2.1  Secondary  flow  vectors  and  kinetic  energy  loss 

The  secondary  flow  pattern  shows  the  presence  of  three  well  distinct  vortices.  The 
clockwise  rotating  passage  vortex  occupies  a  large  part  of  the  spacing  between  two 
adjacent  wakes.  Its  centre  is  located  near  the  suction  side  of  the  passage,  large 
transverse  velocities  of  about  1/4  of  the  upstream  reference  velocity  u,  are  found  near 
the  endwall.  Larger  spanwise  velocities  towards  midspan,  of  the  order  of  U,  12,  are 
present  near  the  suction  side  of  the  blade  wake,  where  the  passage  vortex  interacts 
with  an  intense  shed  vortex  rotating  counterclockwise.  Near  the  endwall,  on  the  pressure 
side  of  the  wake,  the  presence  of  the  corner  vortex  is  evident. 
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Fig.  6  Turbulence  kinetic  energy  and  Reynolds  shear  stress  components  for  m...  =0.3 

2is 

The  mean  kinetic  energy  loss  coefficient  contours  identify  a  wake  with  high  loss 
values  up  the  25  per  cent  of  the  downstream  kinetic  energy  and  show  a  peak  of  30  per 
cent  located  at  about  Z/H  =  0.3  and  Y/S  =  0.75  in  a  region  where  the  losses  generated  by 
the  interaction  of  the  passage  and  the  shed  vortices  may  have  been  convected  by  the 
spanwise  velocities. 

Near  the  endwall,  a  second  25  per  cent  intensity  peak  is  present  in  the  corner 
vortex  region.  No  distinct  loss  core  related  to  the  passage  vortex  is  found  at  this 
plane;  on  the  contrary,  a  wide  zone  with  fairly  large  losses,  containing  the  endwall  low 
momentum  fluid  convected  by  the  passage  vortex,  occupies  all  the  suction  side  of  the 
passage  and  merges  into  the  wake. 

3.2.2  Turbulent  kinetic  energy 

Turbulent  kinetic  energy  distribution  resembles  the  mean  kinetic  energy  loss  plot, 
however  some  significant  differences  can  be  noticed.  The  wake  is  characterized  by 
relatively  low  turbulence,  that  is  about  of  the  same  intensity  of  that  found  in  the 
upstream  inlet  boundary  layer  near  the  endwall  (6-7  per  cent)  .  Turbulence  intensity  on 
the  suction  side  is  higher  than  on  the  pressure  side  of  the  wake;  the  wake  location  is 
determined  from  the  loss  contour  plot.  This  feature  indicates  a  more  turbulent 
development  of  the  boundary  layer  on  the  blade  suction  side  than  on  the  pressure  side. 
Midspan  free  stream  turbulence  intensity  is  found  to  remain  of  the  same  order  (about  2.5 
per  cent)  as  the  turbulence  at  the  edge  of  the  upstream  inlet  boundary  layer. 

A  large  and  intense  core  of  turbulence  kinetic  energy  is  located  near  the  suction 
side  leg  of.  the  passage  vortex,  with  a  local  peak  reaching  5  per  cent  of  the  reference 
kinetic  energy  (corresponding  to  a  turbulence  intensity  of  13  per  cent),  that  is  five 
time  larger  than  the  near  wall  turbulence  kinetic  energy  in  the  inlet  boundary  layer.  A. 
second  more  limited,  but  still  intense,  turbulence  core  is  located  in  the  corner  vortex 
region. 

The  low  turbulence  intensity  in  the  wake  near  midspan  suggests  that  rather  Intense 
viscous  dissipation  of  the  turbulence  kinetic  energy  takes  place  in  the  near  wake 
region,  upstream  of  the  measuring  plane. 

The  presence  of  a  turbulent  kinetic  energy  core  in  the  passage  vortex  region  may 
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result  from  the  action  of  convection  operated  by  the  passage  vortex  on  the  endwsll 
quantities  and  by  an  intense  production  due  to  the  concentration  of  Reynolds  stresses  in 
a  region  of  relatively  large  mean  velocity  gradients.  Actually  the  contour  plots  of 
(  3W/3n  +3V/»z)  in  figure  5  and  vw  in  figure  6  show  high  values  in  this  region  and,  as 
shown  by  Moore  et  al.  in  [7],  the  product  of  these  two  quantities  is  an  important  term 
in  the  dissipation  mechanism  of  the  secondary  mean  kinetic  energy  and  hence  in  the 
turbulence  kinetic  energy  production  process. 


3.2.3  Reynolds  shear  stresses 

The  uv  Reynolds  shear  stress  is  mainly  related  to  the  non  uniformity  of  the  primary 
flow  in  the  pitchwise  direction.  In  the  measuring  plane,  the  streamwise  flow  is 
perturbed  in  the  pitchwise  direction  essentially  by  the  presence  of  the  wake  and  of  low 
momentum  fluid  associated  with  j^aSSa^S  aud  corner  vortices ,  Because  of  the  positive 
direction  of  the  n  coordinate  from  the  pressure  to  the  passage  suction  side,  these  low 
momentum  regions  are  characterized  by  negative  transverse  derivative  3U/3n'  on  the  left 
side,  where  the  velocity  decreases,  and  by  positive  values  on  the  right  side  (figure  5). 
According  to  relations  (1),  the  uv  shear  stress  in  figure  6  shows  an  overall 
distribution  similar  to  3U/3n,  but  with  opposite  sign.  The  peak  values,  that  are 
positive  and  equal  tc  0.6  per  cent  of  U^,  occur  near  the  suction  side  leg  of  the  passage 
vortex  and  in  the  corner  vortex  region,  where  large  concentrations  of  turbulence  kinetic 
energy  were  previously  observed  and  where  higher  values  of  v  can  be  expected.  From  a 
different  point  of  view,  the  presence  of  higher  values  of  uv  in  the  same  region  where 
the  high  turbulence  kinetic  energy  is  present  can  be  explained  as  the  result  of  similar 
transport . and  production  mechanisms  for  both  normal  and  shear  stress  components. 

The  uw  is  mainly  associated  with  the  non  uniformity  of  the  streamwise  flow  in 
spanwise  direction.  In  a  boundary  layer  the  positive  spanwise  velocity  gradient  causes 


Fig.  8  Turbulence  kinetic  energy  and  Reynolds  shear  stress  components  for  M2is  =  0.5 


negative  values  of  uw.  In  the  cascade  the  endwall  boundary  layer  has  been  rolled  up  and 
convected  by  the  passage  vortex.  Large  negative  values  of  uw  therefore  can  be  expected 
in  the  passage  vortex  region.  However  the  local  spanwise  velocity  gradients  at  the 
measuring  plane,  shown  in  tig.  5,  are  different  from  those  of  a  boundary  layer,  because 
at  this  station  the  endwall  boundary  layer,  subjected  to  a  favourable  velocity  gradient 
m  the  cascade  and  swept  by  the  passage  vortex  is  very  thin  (less  than  2  mm  of  thickness 
at  mid  passage)  and  therefore  the  near  wall  positive  spanwise  gradient  of  U  cannot  be 
sensed  by  the  probes.  The  3U/8z  contour  plot  shows  large  positive  values  only  in  the 
corner  vortex  and  a  broad  band  of  negative  values  in  the  region  that  precedes,  in 
spanwise  direction,  the  loss  peak  occurring  in  the  wake.  These  negative  derivatives  are 
consistent  with  a  narrow  band  of  positive  shear  stresses  located  alongside  the  blade 
wake,  to  which  negative  values  of  ?W/3s  may  also  have  contributed.  The  negative  3W/  8s 
derivatives  are  expected  as  a  result  of  the  decay  of  the  high  spanwise  velocity  w 
measured  in  the  wake. 

The  vw  shear  stress  is  related  to  the  spatial  gradient  of  the  secondary  velocities  in 
the  secondary  vorticity  plane.  In  the  vw  distribution  three  distinct  regions  can  be 
observed.  A  first  one,  showing  low  positive  values  near  most  of  the  endwall,  is 
consistent  with  the  reduction  in  spanwise  direction  of  the  transverse  velocities  that 

occurs  near  the  endwall  leg  of  the  passage  vortex  (negative  values  of  8V/8z  in  a  region 

where  8W/8n  is  low).  A  large  core  of  high  negative  vw  values  is  associated  with  the 

passage  vortex  through  the  inherent  positive  tranverse  gradient  of  the  spanwise 

velocity  W  (large  positive  8W/3n  in  a  region  of  low  8V/3z  ).  Finally  positive 

contours,  displayed  along  the  wake,  account  for  the  shed  vortex  presence  that  is 
characterized,  in  the  pressure  side  of  the  wake,  by  negative  transverse  gradients  of  the 
j  velocity  W.  This  means  that  there  is  a  significant  deformation  work  associated  with  this 

shear  stress  component  acting  to  dissipate  the  secondary  kinetic  energy.  The  largest 
I  values  of  vw,  that  are  negative,  are  located  in  the  region  of  higher  turbulence  kinetic 

energy,  just  as  those  of  the  other  shear  stresses. 

3.3  Tests  at  different  Mach  numbers 

Tests  were  made  at  M,.  =  0.3,  0.5  and  0.7.  The  outlet  Mach  number  variation  was 
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obtained  by  changing  the  inlet  total  pressure  at  nearly  constant  inlet  total  temperature 
and  outlet  static  pressure.  The  change  of  the  expansion  ratio  has  a  direct  influence  on 
the  outlet  Reynolds  number  and  on  the  streamwise  and  transverse  velocity  gradients, 
which  grow  considerably,  because  of  the  compressibility  effect,  when  the  Mach  number 
increases.  These  gradients  are  believed  to  mostly  influence  the  -.econdary  flow 
development  and  the  outlet  flow  structure.  The  inlet  boundary  layer  velocity  profiles 
and  the  turbulence  kinetic  energy  distributions  were  found  to  be  quite  similar  for  the 
three  conditions,  as  shown  in  figure  4.  The  experimental  results  for  mean  flow  and 
turbulence  are  given  in  figures  i  and  8  for  M2is  =  0.5  and  in  figures  9  and  10  for  M2is= 
0.7. 


3.3.1  Mean  quantities 

The  comparison  of  the  kinetic  energy  loss  contour  plots  of  figures  5,  7  and  9 
indicates  that  the  increase  of  the  expansion  ratio  results  m  a  progressive  reduction  of 
overall  losses  when  referred  to  the  outlet  velocities.  As  M2^s  increases,  the  area  of 
corresponding  contours  is  reduced  and  the  positions  of  the  loss  cores  related  to  passage 
and  shed  vortices  are  found  to  be  closer  to  the  endwall.  The  secondary  velocity  vector 
plots  show  a  rather  similar  secondary  flow  pattern  for  the  three  cases.  Local  velocities 
in  the  passage  and  in  the  shed  vortices  are  about  of  the  same  order  if  referred  to  the 
inlet-  velocities.  The  corner  vortex,  on  the  contrary,  becomes  more  intense  as  M2is 
increases.  If  secondary  velocities  are  referred  to  the  outlet  isentropic  velocity, 
the  intensity  of  the  passage  and  the  shed  vortices  decreases  as  M2.,.  increases,  due  to 
the  larger  inlet  to  outlet  velocity  ratios  associated  with  the  higher  expansion  ratios. 
This  means  that  for  larger  Mach  numbers  secondary  kinetic  energy  is  a  smaller  fraction 
of  the  primary  outlet  kinetic  energy.  These  remarks  support  the  hypotesis  that  at  higher 
expansion  ratios  both  blade  and  cascade  endwall  boundary  layers,  subject  to  more 
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favourable  streamwise  velocity  gradients  and  larger  Reynolds  numbers,  grow  less, 
resulting  in  a  lower  loss  level  and  in  a  less  intense  passage  vortex. 

3.3.2  Turbulent  guantities 

Comparing  turbulent  quantities  at  different  Mach  numbers  (figures  6,  8,  10),  some  of 
the  previous  observations  are  confirmed. 

As  M2.s  increases,  turbulence  kinetic  energy  shows  a  significant  reduction  and  its 
contours  appear  weakly  disolaced  towards  the  endwall.  The  decrease  in  turbulence  kinetic 
energy,  observed  also  in  the  wake  near  midspan,  indicates  that  larger  flow  acceleration, 
related  to  the  higher  expansion  ratios,  has  a  stabilizing  influence  on  the  turbulence  in 
the  blade  boundary  layer,  as  confirmed  by  the  decreasing  trend  of  the  profile  losses 
versus  Mach  number  [14]. 

The  Reynolds  shear  stress  components,  also  for  M2is  =  0.5  and  0.7  (figures  8  and  10), 
are  consistent,  at  least  in  a  qualitative  way,  with  their  respective  spatial  derivatives 
(figures  7  and  9),  as  in  the  case  of  M2^g  =  0.3,  just  examined.  Therefore  a  similar 
analysis  applies,  showing  both  similarities  and  some  differences. 

The  3U/3n  derivatives  of  figures  5,  7  and  9  are  nearly  the  same  for  the  three  cases 
examined,  the  only  difference  is  a  weak  tendency  of  the  contours  to  move  towards  the 
endwall  as  M2is  ^ncreases-  Aiso  tne  associate*!  uv  snear  stress  distributions  of  figures 
6,8,10  look  very  similar  and  a  weak  displacement  of  the  isovalue  lines  appears  at  higher 
values  of  Mach  number.  In  spite  of  equal  levels  of  mean  velocity  derivatives  the  uv 
contour  values  tend  to  decrease  as  M,£s  increases,  ir  agreement  with  the  reduction  of 
the  vrbul'.nce  kinetic  energy  observed  In  the  passage  vortex  core  and  in  the  wake. 

About  tne  same  features  characterize  the  comparison  for  the  vw  shear  stresses  and  the 
related  velocity  spatial  derivatives.  Here  lower  levels  of  vw  in  the  passage  vortex  at 
constant  mean  motion  deformation  may  indicate  that  at  higher  M2^g  a  less  intense 
secondary  kinetic  energy  decay  occurs. 

The  uw  shear  stress  ai.'’  the  corresponding  strain  tensor  component,  on  the  contrary, 
show  a  rather  different  behaviour  as  a  function  of  M2ig.  Both  the  positive  spanwise 
gradients  of  U,  associated  with  the  corner  vortex  losses,  and  the  negative  ones,  related 
to  the  relatively  high  momentum  flow,  squeezed  between  the  endwall  and  the  mid  passage 
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loss  core  region,  increase  as  M2^s  rises.  The  uw  shear  stresses  are  about  of  the  same 
order  for  all  the  three  test  conditions  and  the  corner  vortex  peak  values  are  even 
larger  for  higher  M2is'  contrast  with  the  just  described  decreasing  trend  displayed 
by  the  other  turbulent  quantities  examined.  At  M2is  =  °’7  a  second  region  of  positive 
shear  stess,  that  appears  near  the  mid  passage,  reduces  the  extension  of  the  negative 
uw  regions  and  tends  to  split  the  two  negative  cores  associated  with  the  passes  nd 
corner  vortices.  These  positive  uw  shear  stresses,  acting  in  a  region  of  negative  values 
of  the  3U/3z  mean  strain  component,  work  to  reduce  the  spanwise  nonuniformity  of  the 
streamwise  velocity,  giving  a  contribution  to  the  dissipation  of  the  primary  kinetic 
energy,  not  found  at  lower  Mach  numbers. 

4.  CONCLUSIONS 

A  detailed  description  of  the  turbulence  field  associated  with  the  tridimensional 
flow  in  a  plane  downstream  of  a  turbine  cascade  for  different  expansion  ratios  ranging 
from  incompressible  to  high  subsonic  flow  has  been  given. 

Turbulence  kinetic  energy  shows  similar  distributions  for  all  the  examined  expansion 
ratios,  with  an  intensity  reduction  as  M2is  increases.  Concentrations  of  turbulence 
kinetic  energy  are  found  in  the  corner  vortex  and  in  the  passage/shed  vortex  interaction 
region,  where  the  passage  vortex  has  convected  the  endwall  turbulence  energy  and  where 

the  larger  amount  of  secondary  kinetic  energy  is  being  dissipated.  _  _ 

A  similar  decreasing  trend  as  the  expansion  rate  increases  is  found  for  the  uv  and  vw 
turbulent  shear  stresses,  *-hat  for  all  the  test  conditions  are  consistent  with  the  local 
gradients  of  mean  velocity.  The  occurrence  of  peak  values  of  these  two  quantities  in  the 
regions  of  larger  turbulence  intensity  suggests  that  similar  transport  and  production 
mechanisms  have  affected  both  normal  and  shear  stress  components.  As  the  expansion  ratio 
increases,  the  reduction  of  uv  and  vw  shear  stresses  and  the  nearly  Constance  of  the 
associated  mean  strains  result  in  a  lower  rate  of  dissipation  of  primary  and  secondary 
kinetic  energy. 

A  rather  different  trend  characterizes  the  uw  shear  stress.  At  low  Mach  number  its 
distribution  depends  more  on  the  convection  process,  due  to  the  passage  vortex,  than  on 
the  local  gradients  of  mean  velocity.  As  Mach  number  increases  the  uw  components  become 
more  consistent  with  the  mean  strain  and  therefore  a  larger  dissipation  of  the  primary 
kinetic  energy  is  believed  to  take  place. 

Further  indications  confirming  these  features  and  giving  an  organized  picture  of  the 
expansion  ratio  effects  are  expected  by  a  more  quantitative  analysis  performed  at 
different  planes. 
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DISCUSSION 


Moore,  USA 

1 .  The  authors  are  to  be  complemented  on  an  excellent  piece  of 
experimental  work.  I  believe  this  can  contribute  to  an  improved 
understanding  of  turbulence,  and  to  improved  models  for  turbulence  in 
turbine  blade  rows. 

2.  Are  the  authors  planning  to  use  their  data  to  test  current  turbulence 
models? 

Author's  Reply: 

The  authors  wish  to  thank  Professor  Moore  for  his  kind  comment. 
Measurements  in  other  planes  ranging  from  x/b  =  1,1  up  to  1.9  are  planned 
to  be  carried  out  in  the  near  future.  We  are  going  to  use  these  data  to 
evaluate  the  contributions  of  the  deformation  work  due  to  Reynolds 
stresses  to  the  loss  production  downstream  of  the  cascade.  Distributions 
of  quantities  like  eddy  viscosity,  mixing  length  and  turbulence  production 
terms  will  also  be  evaluated  from  the  experimental  data  to  test  current 
turbulence  models . 
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SUMNARY 

Much  of  the  energy  loss  that  occurs  in  turbine  nozzles  is  associated  with  the 
strongly  three-dimensional  secondary  flows  that  result  from  the  interaction  between  the 
surface  boundary  layers  and  the  nozzle  row  with  its  associated  pressure  field.  A  study 
is  made  of  three  alternative  nozzles,  each  performing  the  same  duty,  with  different 
degrees  of  three-dimensionality  in  their  designs  to  control  secondary  flows.  The  chosen 
nozzle  guide  vanes  are  fully  representative  of  the  current  generation  of  high  hub-tip 
ratio  aero  engine  nozzles  in  which  the  proportion  of  the  overall  loss  that  is 
attributable  to  secondary  flows  is  high.  A  computational  analysis  of  all  three  nozzles 
is  presented  including  predictions  from  three  alternative  viscous,  three-dimensional 
methods.  These  detailed  measurements  and  predictions  demonstrate  the  significant 
influence  of  the  vane  geometries  on  the  magnitude  and  the  distribution  of  the  secondary 
losses. 


LIST  OF  SYMBOLS 

C  “  chord  x 

Cx  “  axial  chord  y 

1.  passage  height  (span)  Y 
M  “  Mach  number 

p  "  static  pressure  z 

Po  “  total  pressure  8 

Re  “  Reynolds  Number 

s  *  pitch  6 

U  “  velocity 

subscripts 

”  “  free  stream  2 

1  "  inlet  28 


“  axial  distance  0 

**  tangential  distance 
“  total  pressure  loss  P 
coefficient 
"  spanwise  distance 
■  pitchwise  flow  angle 
(  from  axial  ) 

"  boundary  layer  disp¬ 
lacement  thickness 


■  traverse  plane  3 

“  downstream  isentropic  4 


boundary  layer  momentum 

thickness 

density 


"  pitchwise  mixed  out 
“  downstream  infinity  (  i.e. 
pitch  &  spanwise  mixed  out) 


INTRODUCTION 

A  part  of  the  loss  of  available  energy  that  occurs  in  axial  flow  turbines  arises  from 
the  essentially  two-dimensional  flow  of  the  fluid  over  the  blade  sections.  Typically 
this  accounts  for  less  than  half  of  the  total  fluid  dynamic  loss  in  the  turbine  although 
the  proportion  varies  significantly  with  turbine  geometry.  These  two  dimensional  flows 
have  been  widely  investigated  both  experimentally  and  computationally.  The  remaining 
'three-dimensional'  losses  result  from  such  influences  as  rotation  and  radial  pressure 
gradients,  tip  clearances,  seal  leakage,  heat  transfer,  interactions  between  rotors  and 
ctators  and  wall  boundary  layers.  In  the  absence  of  tip  leakage  and  rotation  effects  the 
blade  passage  corner  flow  depends  critically  upon  the  boundary  layers  on  the  annulus 
walls  at  the  inlet  to  the  blade  row.  Secondary  flows  develop  which  redistribute  the 
'old'  loss  in  the  inlet  boundary  layers  and  which  result  in  the  growth  of  new  wall 
boundary  layers  with  their  associated  loss  generation. 

Moves  towards  higher  pressure  ratios  and  higher  temperature  cycles  in  modern  aero 
engines  resuit  in  smaller  core  mass  flows  for  a  given  thrust  with  correspondingly 
smaller  components.  This  leads  to  low  aspect  ratio,  high  hub/tip  ratio  designs  in  which 
the  proportion  of  the  overall  loss  that  is  attributable  to  secondary  flows  is  high. 
Manufacturers  are  also  driven  towards  low  aspect  ratio  designs  with  their  associated 
three  dimensional  losses  by  commercial  and  reliaoility  considerations  which  require 
turbines  to  be  designed  with  the  minimum  number  of  vanes  and  blades.  The  requirement  to 
be  able  to  control  and  minimise  secondary  flows  and  losses  is  therefore  vitally 
Important. 

The  existence  of  secondary  flows  and  loss  mechanisms  within  axial  flow  turbines  has 
long  been  recognised  and  many  investigations  (  e.g.  1 1 3  —  1 4 1  )  have  been  undertaken  to 
understand  these  phenomena  and  their  effects.  As  a  result  the  main  parameters  which 
influence  the  growth  of  secondary  flows  and  losses  are  now  known  (  e.g.  [5]  )  even  if 
their  relative  importance  is  not  fully  understood.  Thus  it  is  possible  to  attempt  to 
inhibit  their  generation  by  attention  to  both  the  overall  and  detailed  design  of 
turbines  (  e.g.  [6], [7]  ).  Methods  of  controlling  three-dimensional  losses  include  er.d- 
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wall  profiling,  leaned  and  bowed  blades,  fillets,  boundary  layer  fences  and  unloading  of 
the  blade  tips.  In  many  investigations  of  these  effects  the  results  have  been 
inconclusive . 

Correlations  of  secondary  loss  are  available  (  e.g.  [8],  [9]  )  but  by  their  very 
nature  correlations  cannot  be  used  to  predict  ways  of  reducing  new  loss  generation  by 
the  use  of  detailed  blading  design  beyond  the  confines  of  the  database  from  which  the 
correlation  is  derived. 

The  redistribution  of  the  inlet  boundary  layer  loss  can  be  predicted  with  varying 
degrees  of  accuracy  (  e.g.  [10], [11]  )  and  numerical  computer  codes  designed  to  predict 
the  generation  of  new  losses  in  three-dimensional  flows  are  now  available  (  e.g.  [12]  - 
[14]  )  but  these  are,  as  yet,  in  their  infancy. 

Although  numerous  publications  are  available  relating  to  secondary  flow 
investigations  the  majority  are  limited  to  either  incompressible  flows  (  e.g.  [15]— [17]) 
or  linear  cascades  (  e.g.  [ 18]— [21]  ).  Those  that  are  relevant  to  transonic  nozzle  flows 
generally  make  useful  additions  to  the  available  data  but  often  fail  to  provide 
sufficient  information  to  enable  detailed  validation  of  prediction  methods. 

In  this  investigation  secondary  flows  are  studied  in  nozzles  that  are  fully 
representative  of  current  designs  which  incorporate  secondary  flow  control  features. 
Detailed  flowfield  measurements  are  presented  together  with  an  initial  evaluation  of  the 
latest  generation  of  viscous,  three-dimensional  numerical  prediction  methods.  The 
predictions  presented  in  this  study  have  been  generated  using  the  Denton  [13],  Dawes 
[14]  and  Moore  [12]  codes.  The  results  from  the  former  two  methods  have  been  provided  by 
the  authors  of  those  codes  whilst  the  predictions  from  the  Moore  code  have  been  provided 
by  Rolls-Royce  pic  [22]. 


EXPERIMENTAL  DETAILS 

The  experiments  described  in  this  report  were  conducted  in  the  Transonic  Cascade 
Facility  of  the  Whittle  Laboratory,  Cambridge  [23].  The  wind  tunnel  is  part  of  a  closed 
circuit  within  which  the  density  and  pressure  ratio  can  be  varied  independently.  Within 
the  system  a  new  annular  cascade  research  rig  has  been  constructed  specifically  for  this 
investigation  [24],  The  air  is  supplied  to  the  test  section  via  a  contraction  and  a 
short,  parallel  duct  and  is  exhausted  through  a  radial  diffuser  into  a  large  plenum.  The 
general  arrangement  is  shown  in  figure  1.  The  scale  of  the  rig  was  governed  largely  by 
the  restrictions  that  were  imposed  by  the  available  air  supply  but  conveniently  this 
allows  an  annulus  size  to  be  chosen  that  is  representative  of  the  full  scale  core  of  a 
medium  sized  aero  engine  (  40kN  sea  level  dry  static  thrust  class  ).  Geometric  details 
of  the  parallel-walled  working  section  and  of  the  three  alternative  blade  designs  are 
given  in  table  1. 

Each  cascade  contained  34  blades.  The  first,  datum  cascade  used  straight,  constant 
section  vanes,  each  stacked  about  its  centroid  (  figure  2  ).  The  profile  selected  was 
designed  to  operate  with  an  axial  inlet  flow  and  to  provide  a  nominal  65  degrees  of 
turning.  Th  ■>'  aspect  ratio  was  0.7  and  the  hub/tip  ratio  was  0.87.  Blade  designs  2  and  3 
were  fully  three-dimensional  designs  in  which  the  olade  profiles  changed  significantly 
across  their  spans.  In  both  designs  the  blade  camber  at  both  the  hub  and  the  tip  was 
reduced  relative  to  a  nominal,  mean  geometry  whilst  the  camber  was  correspondingly 
increased  near  mid-span.  Such  an  arrangement  induces  spanwise  pressure  gradients  which 
distort  the  secondary  flows  giving  rise,  in  principal,  to  a  more  uniform  redistribution 
of  the  low  energy  fluid  that  is  asso  iated  with  the  inlet  wall  boundary  layers  as  it 
passes  through  the  blade  passages.  Th1  cross  passage  pressure  gradients  at  the  walls  are 
also  reduced  which  has  a  further  influence  upon  the  secondary  flow  behaviour  and  upon 
the  development  of  the  boundary  payers  on  the  hub  and  casing.  Unlike  the  straight  vane 
the  blade  section  was  not  constant  across  the  span.  However,  the  two  ’3-D'  blade  designs 
shared  the  same  cross  pection  at  each  radial  station  but  differed  as  a  result  of  minor 
deviations  from  a  nominal  stacking  about  their  throats  (  figure  3  ). 

A  aingfe  passage  of  each  cascade  was  instrumented  with  0.25mm  diameter  static 
pressure  tappings  which  were  located  at  mid-span.  Typically  between  12  and  20  tappings 
were  located  on  each  surface.  Limited  static  pressure  measurements  were  also  made  at 
alternative  radial  positions.  The  static  pressure  tappings  at  the  cascade  inlet  were 
inrat-eri  0.35  axial  chord  lengths  upstream  of  the  cascade  leading  edge  plane.  A 
conventional  pitot  was  positioned  at  the  same  axial  location.  The  inlet  stagnation 
temperature  (  approximately  ambient  )  was  measured  using  a  thermocouple  located  upstream 
of  the  contraction  and  working  section. 

The  small  scale  of  the  blade  passages  and  their  associated  flow  phenomena  dictated 
the  requirement  for  probe  miniaturisation  in  order  to  achieve  acceptably  high  resolution 
and  to  minimise  any  probe  induced  flowfield  disturbances.  Considerable  effort  has 
therefore  been  put  into  the  construction  of  accurate  and  reliable  miniature  probes. 
Four  different  types  of  pneumatic  probe  have  been  employed  during  this  investigation. 
The  first  of  these  was  a  fixed-direction,  5-hole,  90  degree  conical  probe  with  an 
overall  diameter  of  1.85mm.  This  was  used  to  traverse  the  cascade  exit  flowfield  at 
nominal  axial  locations  of  104%  Cx  and  140%  Cx .  Calibration  of  the  probe  was  carried  out 
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in  the  new  transonic  probe  calibration  facility  at  the  Whittle  Laboratory  [25]. 
Immediately  downstream  from  the  trailing  edge  plane  a  five  element  total  pressure  rake 
(  tube  diameter  0.8mm,  spacing  2.0mm  )  provided  further  information  about  the  secondary 
flow  field  and  losses.  Within  the  blade  passages  only  a  single,  0.8ma  diameter  pitot 
probe  was  used  in  order  to  minimise  blockage  effects.  The  fourth  type  of  probe  was  a 
flattened  pitot,  0.14mm  thick,  which  was  used  to  traverse  the  blade  surface  boundary 
layers  and  also  the  wall  boundary  layers  at  entry  to  and  exit  from  the  cascades. 

‘The  facility  is  provided  with  a  fully  automated,  computer  controlled  data  acquisition 
system.  Probe  movement,  for  example,  can  be  achieved  using  one  linear  and  two  angular 
traverse  mechanisms  all  of  which  are  mutually  Independent.  All  pressures  are  measured 
using  a  Scanivalve  system. 

Oil  and  dye  surface  flow  patterns  were  obtained  using  a  mixture  of  silicone  oil  and  a 
fluorescent  pigment  which  was  photographed  under  ultraviolet  illumination.  Two  colours 
were  used,  one  on  the  blade  surfaces  and  the  other  on  the  endwalls  upstream  from  the 
inlet  boundary  layer  separation  line.  It  was  therefore  possible  to  trace  the  passage  of 
the  Inlet  endwall  fluid  through  the  cascade.  Where  possible  this  is  identified  on  the 
black  and  white  photographs  reproduced  here. 

The  current  investigations  were  conducted  at  exit  isentropic  Mach  numbers  of  0.83  and 
0.95  and  at  a  common  value  of  Re/C  of  2.25  x  10m  corresponding  to  actual  Reynolds 
numbers  of  9  x  10  (  Vane  1  )  and  1.0  x  10  (  Vanes  2  and  3  ).  The  free-stream 
turbulence  Intensity  at  inlet  to  the  cascade  was  0.8X. 


Hub  Diameter  . . .  0.357  m 

Tip  Diameter  . . . . .  0.412  m 

Passage  Height  .  0.028  m 

Hub  /  Tip  Ratio  .  0.867 

Annulus  Area  . . .  0.033  n> 

Number  of  Blades  in  Cascade  .  34 

Blade  Chord  (  Vane  1,  Constant  Section  )  ...  0.040  m 

Axial  Chord  (  Vane  1  )  .  0.025  m 

Blade  Chord  (  Vanes  2  &  3  ;  mid-span  )  .  0.044  m 

Axial  Chord  (  Vanes  2  &  3  ;  mid-span  )  .  0.031  m 

Inlet  Flow  Angle  . .  0.0  deg. 

Mean  Exit  Flow  Angle  (  Nominal  )  .  65.0  deg., 

Reynolds  Number  (  Vane  1  j  Cascade  Exit  )  ..  9.0  x  10^ 

Reynolds  Number  (  Vane  2,3  j  Cascade  Exit  ).  1.0  x  10b 

Mach  Numbers  (  at  Cascade  Exit  )  .  0.83,0.95 


Table  1  :  Cascade  Geometry 

RESULTS  AND  DISCUSSION 

Constant  Section  Vane  :  Midspan  Flow.  The  measured  mid-span  isentropic  Mach  number 
distribution  at  the  0.83  exit  Mach  number  condition  for  the  datum,  constant  section  vane 
is  presented  in  figure  4.  These  results  reveal  that  the  the  profile  is  relatively  mid- 
loaded  showing  two  distinct,  suction  side  velocity  peaks,  the  greater  velocity  occurring 
at  the  more  downstream  position  where  the  peak  suction  surface  Mach  number  just  exceeds 
unity.  The  diffusion  that  follows  the  first  velocity  peak  is  insufficient  to  cause  the 
boundary  layer  to  separate  but  the  diffusion  at  the  back  of  the  suction  surface  gives 
rise  to  a  short  separation  bubble  near  651  chord.  There  is  no  clear  evidence  of  the 
Influence  of  a  shock  interaction  which  would,  in  any  case,  be  weak.  The  boundary  layer 
on  the  suction  surface  at  the  trailing  edge  has  the  typical  characteristics  of  an 
attached,  turbulent  boundary  layer  with  a  displacement  thickness  of  0.27mm  (  <S * / c  * 
0.007  )  and  a  momentum  thickness  of  0.14mm.  On  the  pressure  surface  continuous 
acceleration  from  the  blade  leading  edge  results  in  a  laminar  boundary  layer  over  the 
entire  surface.  At  the  trailing  edge  its  measured  displacement  thickness  is  0.08mm 
although  in  such  a  thin  boundary  layer  measurement  errors  are  likely  to  be  relatively 
large.  Although  the  mid-span  results  may  give  an  indication  of  the  two-dimensional 
nature  of  the  flow  they  are  of  limited  value  in  such  a  low  aspect  ratio  nozzle  where  the 
secondary  flows  are  dominant. 

Surface  Flow  Visualisation.  Surface  oil  flow  visualisation  In  two  and  three- 
dimensional  flow  studies  is  a  well  established  investigative  tool.  It  is  of  course 
recognised  Lliai.  although  important  and  useful,  these  fiow  patterns  only  provide 
information  about  the  nature  of  the  near  surface  flow  and  care  must  therefore  be  taken 
when  inferences  are  made  regarding  the  main  body  of  the  flow.  Conclusions  which  are 
drawn  are  supported  by  other  measurements  or  by  other  investigations  of  similar 
phenomena  (  e.g.  [1]  —  [7] ,  [18]  ).  The  general  nature  of  the  secondary  flow  is  shown 
clearly  by  the  blade  suction  surface  flow  visualisation  (  figure  5  )  at  the  same  flow 
condition.  It  is  immediat,ly  apparent  that  little,  if  any,  of  the  surface  flow  may  be 
considered  to  be  two-dimensional.  The  spanwise  influence  of  the  passage  vortices, 
bounded  by  a  well  defined  separation  lines  is  clearly  visible.  In  particular  the 
asymmetry  of  the  flow  under  the  influence  of  the  radial  pressure  gradient  that  is 
generated  in  the  nozzle  row  is  evident.  At  the  trailing  edge  35X  of  the  blade  span  is 
directly  Influenced  by  the  casing  passage  vortex  compared  with  less  than  201  at  the  hub 


end  of  the  vane.  Between  these  clearly  defined  secondary  flow  regions  the  nominally  two- 
dimensional  surface  flow  is  Interrupted  by  a  boundary  layer  separation  line  running 
diagonally  across  the  blade.  At  mid-span  the  separation  line  occurs  at  approximately  65Z 
chord,  confirming  the  Interpretation  of  the  surface  Mach  number  distribution.  On  the  hub 
side  of  the  blade  Immediately  upstream  of  the  separation  line  is  a  region  of  almost 
radial  flow  which  reflects  the  low  axial  momentum  of  the  near-surface  flow  in  this 
region  and  the  relative  strength  of  the  radial  pressure  gradient. 

Inlet  Boundary  Layer.  The  velocity  profiles  of  the  incoming  hub  and  casing  boundary 
layers,  obtained  at  mid-pitch  on  the  cascade  leading  edge  plane,  are  plotted  in  figure 
7.  The  integral  parameters  of  these  boundary  layers  are  given  in  table  2.  They  were 
obtained  using  the  compressible  form  of  the  appropriate  expression  or  Integral.  These 
results  show  that  the  upstream  boundary  layers  are  turbulent  with  shape  factors  (  6*/ 8  ) 
of  1.57  and  1.44  on  the  hub  and  casing  respectively.  The  corresponding  values  of 
displacement  thickness-chord  ratio  (  S*/C  )  are  0.006  and  0.008.  The  boundary  layers  are 
thus  typical  of  those  found  at  inlet  to  model  turbines  (  e.g.  [26]  )  and  of  those 
measured  by  other  investigators  during  cascade  studies  (  e.g.  [3], [4]  ).  The  relevance 
of  these  parameter  values  in  relation  to  actual  turbines  remains  uncertain  since  the 
appropriate  data  do  not  appear  to  exist. 


Inlet  Mach  Number  . . . .  0.23  - 

Inlet  Reynolds  Number  (  based  on  vane  1  chord  )  ...  3.25xl0'> 


Casing 
0.327 
0.228 
1.436 

Table  2  :  Inlet  Boundary  Layers 


Hub 

Displacement  Thickness  (mm)  ...  0.224 


Momentum  Thickness  (mm)  .  0.142 

Shape  Factor  .  1.578 


Kxit  Flowfield.  The  truly  three-dimensional  nature  of  the  flow  is  revealed  by  the 
contours  of  total  pressure  loss  coefficient  (  -  Pq,  )  /  (  P„,  -  )  at  exit  from 
the  cascade  (  figure  6  ).  The  two  passage  vortices  are  clearly  defined  as  is  the  wake  in 
the  nominally  two-dimensional  flow  region  between  the  vortices.  The  asymmetric  nature  of 
the  flow  resulting  from  the  radial  pressure  gradient  leads  to  clearer  definition  of  the 
of  the  passage  vortex  near  the  tip  where  the  flow  is  'stretched'  across  the  span  than  at 
the  hub.  At  this  axial  location  (  104X  Cx  )  the  passage  vortices  confine  the  '2-D'  wake 
to  the  region  between  20Z  and  65Z  span,  a  result  which  identically  matches  the  estimate 
made  from  the  surface  flow  visualisation.  Near  the  hub  there  is  little  distinction 
between  the  loss  core  associated  with  the  passage  vortex  and  the  high  loss  endwall  fluid 
whilst  near  the  tip  the  two  loss  regions  remain  more  recognisable.  The  variation  across 
the  span  of  the  pitchwise  Integrated  total  pressure  loss  coefficient  deduced  from  the 
traverse  data  of  figure  6  Is  plotted  in  figure  6.  The  quantities  shown  have  been 
obtained  by  a  constant  area  mixing  calculation  at  each  spanwlse  position.  Even  though 
the  measurements  do  not  extend  right  to  the  wall  it  is  clear  that  the  greatest  losses 
are  associated  with  the  endwall  fluid.  The  total  pressure  loss  contours  of  figure  6  have 
been  integrated  over  the  area  of  the  traverse  giving  an  overall  loss  of  0.045.  A 
constant  area  mixing  calculation  has  been  used  in  which  the  conservation  of  mass, 
momentum  and  energy  were  employed.  The  addition  of  the  endwall  losses  that  are  not 
included  in  the  traversed  area  gives  an  overall  loss  of  approximately  0.078.  These  wall 
losses  are  based  on  boundary  layer  data  obtained  from  multiple  traverses  by  a  flat, 
fixed  direction  pitot  tube,  and  the  overall  loss  figure  should  only  be  taken  as  an 
indication  of  the  true  loss.  Details  of  the  casing  flow  obtained  from  the  flat  pitot 
data  are  presented  in  figure  9.  Of  particular  interest  is  a  distinct  region  of  high  loss 
close  against  the  wall  near  the  mid-pitch  position.  Evidence  of  such  a  feature  is  also 
found  upstream  within  the  passage  itself  at  80Z  Cx  although  here  it  is  located  closer 
to  the  suction  side  of  the  passage  (  figure  10  ).  Usually  a  loss  concentration  near  tne 
endwall  may  be  expected  to  be  swept  towards  the  suction  side  as  the  flo#  proceeds 
downstream,  not  towards  the  pressure  side  as  appears  to  occur  here.  Studies  of  the  flow 
further  upstream  in  an  attempt  to  trace  the  source  of  the  loss  zone  are  Inconclusive. 
Mid-passage  loss  cores  of  this  type  have  been  observed  by  other  investigators  [27]  and 
whilst  arguably  of  only  minor  Importance  in  terms  of  the  contribution  to  the  overall 
loss  within  the  nozzle  row  much  greater  significance  may  be  attached  to  the  heat 
transfer  implications.  Surface  oil  flow  visualisation  provides  no  indication  as  to  its 
origin  or  even  to  its  very  existence  but  a  little  further  evidence  of  a  deviation  from  a 
conventional  endwall  boundary  layer  may  be  found  in  the  velocity  profile  of  the  easing 
boundary  layer  at  mid-pitch  in  the  failing  edge  plane  (  figure  11  ).  Typically  a 
turbulent  or  maybe  transitional  boundary  layer  would  be  expected  here  and  although  the 
Integral  parameters  that  are  stated  match  such  a  boundary  layer  closer  examination 
reveals  the  reducing  near  wall  velocity  gradient  that  is  usually  associated  with  a 
boundary  layer  at  the  point  of  separation.  No  further  details  relating  to  this 
phenomenon  were  observed. 


Further  downstream  from  the  cascade  where  the  secondary  flows  have  developed,  no 
longer  constrained  by  the  blade  surfaces,  the  centre  line  of  the  wake  becomes  distorted 
as  the  fluid  rotates.  At  140X  Cx  this  is  clearly  apparent  (  figure  12  )  as  is  the  decay 
of  the  intense  loss  cores  that  were  evident  closer  to  the  trailing  edge.  The  tip  vortex 
core  is  seen  to  have  moved  radially  Inwards  from  80X  span  to  70Z  span  whilst  the  hub 
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passage  vortex  shows  little  sign  of  radial  migration  and  has  merged  with  the  endwall 
fluid.  Further  detail  is  provided  by  the  spanwise  loss  distribution  shown  in  figure  8. 
The  corresponding  variation  of  pitchwise  averaged  tangential  flow  angle  is  shown  in 
figure  13.  The  influence  of  the  passage  vortices  is  superinposed  upon  the  general 
reduction  of  turning  from  hub  to  tip  again  showing  the  relatively  smaller  extent  of  the 
influence  of  the  hub  side  flow.  The  use  of  a  five-hole  probe  for  these  measurements 
precluded  near  wall  measurements  and  thus  little  of  the  overturning  that  results  from 
the  passage  vortices  is  evident.  Nowhere  can  there  reasonably  be  said  to  be  two- 
dimensional  flow. 

*3-0'  Resalts  :  Vane  2.  The  three-dimensional  geometry  of  vane  design  2  is  shown  in 
figure  3.  Surface  flow  visualisation  for  this  vane  operating  at  the  same  exit  isentropic 
Mach  number  <  0.83  )  reveals  that  despite  the  different  appearance  of  this  vane  the 
general  nature  of  the  flow,  albeit  on  the  surface  of  the  blade  only,  differs  little  from 
that  of  the  datum,  constant  section  vane  (  figure  14  ).  Again  a  discontinuity  is  seen 
which  runs  across  the  centre  part  of  the  blade  between  the  boundaries  that  are  Imposed 
by  the  secondary  flows  at  hub  and  tip  and  immediately  upstream  from  the  discontinuity  is 
a  region  of  nearly  radial  (  Inward  )  flow  signifying  low  axial  momentum  of  the  flow.  For 
this  vane  it  is  less  clear  whether  the  apparent  discontinuity  signifies  separated  flow 
which  very  rapidly  re-attaches  or  whether  this  is  just  a  more  extreme  example  of  local 
low  streamwise  shear  stresses.  In  figure  4  the  mid-span  blade  surface  Mach  number 
distribution  reveals  a  more  aft  loaded  section.  The  interpretation  of  this  Information 
should  be  made  with  caution  in  view  of  the  changing  character  of  the  blade  section 
across  its  span.  At  mid-span  the  velocity  peak,  which  occurs  at  502  chord,  is  followed 
by-  an  initially  gentle  diffusion  which  leads  to  a  separation  at  approximately  702  chord 
and  almost  immediate  re-attachment. 

The  differences  between  the  flowflelds  generated  by  this  nozzle  and  the  first  design 
become  more  apparent  upon  examination  of  the  loss  contours  just  downstream  from  the 
trailing  edge  plane  (  figure  15  ).  The  curvature  of  the  wake  is  a  consequence  of  the 
bowed  trailing  edge  that  is  associated  with  this  particular  vane  geometry  (  figure  3  ). 
Two  features  are  of  particular  significance.  The  first  is  the  much  greater  containment 
of  the  passage  vortices  within  the  wake  than  la  achieved  using  the  constant  section  vane 
and  the  second  is  the  apparently  reduced  endwall  loss.  Study  of  the  spanwise 
distribution  of  the  total  pressure  loss  coefficient  reveals  that  a  consequence  of  the 
partial  containment  of  the  loss  cores  within  the  wake  and  the  spanwise  pressure 
gradients  that  are  Induced  by  th*8  vane  geometry  there  is  a  more  uniform  distribution  of 
the  secondary  losses  across  the  annulus  (  figure  16  ).  The  Integrated  total  pressure 
loss  derived  from  these  measurements  Is  0.043.  The  overall  loss  including  an  estimate  of 
the  near-wall  losses  based  on  limited  boundary  layer  data  is  0.068.  A  comparison  of 
figures  8  and  16  reveals  that  the  effect  of  Unloading  the  blade  tips  upon  the  magnitudes 
of  the  endwall  losses  is  dramatic.  This  latter  effect  is  confirmed  by  measurements  of 
the  casing  flow  (  figure  17  )  made  using  a  flat  pitot  probe  which  show  greatly  reduced 
loss  in  comparison  with  the  measurements  presented  in  figure  9.  The  results  of  figure  17 
also  show  how  the  thickness  of  the  endwall  boundary  layer  varies  across  the  pitch.  The 
variation  occurs  because  the  fluid  nearest  the  suction  side  of  the  wake  will  have 
originated  further  upstream  than  that  near  the  pressure  side  thus  allowing  greater 
growth.  There  is,  however,  no  sign  of  the  near-wall  loss  concentration  that  was  observed 
from  the  corresponding  measurements  made  on  the  constant  section  vane.  A  further  effect 
of  reducing  the  blade  camber  towards  its  tips  whilBt  increasing  the  camber  near  mid-span 
is  shown  by  the  greatly  increased  spanwise  exit  flow  angle  variation  (  figure  18  ) 
relative  to  the  datum  vane. 

The  effect  of  increasing  the  exit  isentropic  Mach  number  from  0.83  to  0.95  is 
demonstrated  most  clearly  by  blade  suction  surface  oil  flow  visualisation  (  figure  19  ). 
At  this  higher  Mach  number  the  separation  that  occurs  over  the  middle  part  of  the  blade 
between  the  boundaries  imposed  by  the  passage  vortices  is  more  clearly  defined.  The 
separation  occurs  at  the  same  chordwise  position  as  it  did  at  the  lower  Mach  number  flow 
condition  (  approximately  752  chord  )  but  in  this  case  re-attachment  is  not  immediate, 
there  being  clear  evidence  of  a  closed  separation  bubble  which  is  bounded  by  a  re¬ 
attachment  at  approximately  812  chord.  This  is  confirmed  by  the  measured  mid-span  blade 
surface  Mach  number  distribution  (  figure  20  ).  This  much  longer  region  of  separated 
flow  allows  the  some  of  the  endwall  fluid  at  the  casing  to  migrate  towards  the  hub  under 
the  Influence  of  the  spanwise  pressure  gradient.  This  is  shown  clearly  in  the  oil  flow 
visualisation  photograph  (  figure  19  ).  Two  colour  flow  visualisation  demonstrates  that 
the  spanwise  surface  flow  in  the  separation  bubble  has  its  origin  in  the  cascade  inlet 
casing  boundary  layer.  Upstream  from  the  separation  line  the  strong  component  of  radial 
flow  that  was  evident  at  the  lower  Mach  number  is  now  absent.  The  total  pressure  loss 
contours  (  figure  21  )  and  the  related  spanwise  loss  distribution  measured  at  1042  Cx  ( 
figure  22  )  are  almost  indistinguishable  from  those  at  the  lower  Mach  number  implying 
that  the  proportion  of  the  inlet  boundary  layer  fluid  that  is  redistributed  across  the 
passage  in  the  separation  bubble  is  small.  The  Integrated  loss  over  the  area  of  the 
traverse  remains  almost  unchanged  at  0.044. 

'3-D*  Results  t  Fane  3.  The  geometry  of  the  third  vane  is  essentially  similar  to 
that  of  the  second  design,  differing  only  in  its  stacking.  An  effect  of  this  re- 
stacking,  which  was  Implemented  primarily  for  mechanical  and  not  aerodynamic  reasons,  is 
shown  by  the  mid-span  surface  Mach  number  distribution  (  figure  4  ).  The  new 
distribution  has  a  'flat-top*  character  with  a  much  reduced  peak  Mach  number  (  0.94 
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compared  to  1.00  for  vane  2  )  and  consequently  less  diffusion  on  the  back  surface  of  the 
blade*  The  reduced  diffusion  eliminates  the  separation  that  was  in  evidence  In  both  of 
the  other  vsnes  at  this  flow  condition*  This  observation  is  confirmed  by  oil  flow 
visualisation  (  figure  23  ).  The  differences  between  the  flows  relating  to  these  two 
vanes  confirms  the  need  to  consider  such  flows  as  fully  three-dimensional  and  not  Blmply 
as  a  set  of  independent  two-dimensional  flows  at  different  radial  stations.  Figure  24 
shows  the  total  pressure  loss  contours  immediately  downstream  from  the  trailing  edge  ( 
1042  Cx  )  which  differ  from  those  of  figure  15  as  a  result  of  the  different  stacks  of 
the  alternative  vanes  but  in  other  respects,  notably  the  magnitude  and  position  of  the 
secondary  flow  features  there  is  little  difference.  Figure  25,  showing  the  spanwise 
variation  of  total  pressure  loss  identifies  a  small  radially  inward  shift  of  the  loss 
core  that  is  associated  with  the  casing  side  passage  vortex  and  the  integrated  loss  over 
the  traversed  area  is  a  little  higher  than  that  of  vane  2  at  0.047.  There  is  probably 
ilttle  significance  to  this  apparent  loss  increase  since  small  positional  changes  of  the 
area  traversed  would  be  sufficient  to  account  for  such  a  difference.  Approximations  of 
the  losses  associated  with  the  endwall  fluid  outside  the  traversed  area  lead  to  an 
estimated  overall  loss  of  0.070;  a  figure  which  is  still  significantly  less  than  that  of 
the  datum,  constant  section  vane. 

'3-D'  Viscous  Flow  Predictions.  The  calculations  presented  here  have  been  generated 
using  three  alternative,  three  dimensional  viscous  codes  namely  those  of  Moore  and  Moore 
[  12,28  J,  Dawes  [  14  ]  and  Denton  [  13  ].  The  noore  Elliptic  Flow  Program  (  MEFP  ) 
solves  the  Navler-Stokes  equations  in  three  dimensions  using  a  finite  volume  method  [  28 
].  A  rectangular  grid  is  adopted  which  is  deformed  to  fit  the  boundaries  of  the 
calculation  domain.  For  this  study  a  58x17x25  grid  was  used,  its  size  limited  by 
computer  capacity.  The  Dawes  approach  is  also  a  Navler-Stokes  solver  using  a  finite 
volume  method  to  solve  three-dimensional,  viscous,  compressible  flow  problems  [  14  ]. 
The  Denton  method  differs  by  extending  a  well  proven  invlscld,  three-dimensional  time- 
marching  Euler  solver  to  simulate  viscous  effects  by  the  use  of  a  distributed  body 
force.  Predictions  have  been  made  for  all  three  cascades  using  the  Moore  code  whereas 
only  predictions  relating  to  the  second  vane  are  available  to  the  author  in  relitlon  to 
the  Dawes  and  Denton  codes.  The  latter  predictions  were  performed  by  the  codes 
respective  authors  at  the  Whittle  Laboratory,  Cambridge  using  a  common  data  set 
including  the  flowfield  grid  structure  and  therefore  direct  comparisons  between  the  two 
are  particularly  valid.  A  denser  grid  (  90x15x29  )  has  been  used  than  for  MEFP  and  this 
must  be  taken  into  consideration  when  assessing  the  results.  Computations  using  the 
Moore  code  were  performed  independently  by  Rolls-Royce  pic.  All  calculations  were 
performed  using  inlet  free-stream  turbulence  and  wall  boundary  layers  to  match  the 
experimental  measurements.  Since  this  study  is  primarily  concerned  with  the  influence  of 
blade  geometry  upon  the  redistribution  of  the  incoming  losses  and  then  generation  of  new 
losses  the  most  illuminating  description  of  the  flowfield  is  provided  by  the  predicted 
total  pressure  loss  contours  at  exit  from  the  blade  passage.  Figure  26  shows  the  loss 
contours  predicted  by  MEFP  at  1262  Cx  for  each  of  the  three  vane  designs  at  the  same, 
subsonic  exit  Mach  number  (  approx.  0.8  ).  This  lies  between  the  two  measurement  planes 
adopted  for  the  experimental  investigation.  For  the  constant  section  vane  the  secondary 
flows  are  clearly  underpredicted  and  as  a  consequence  both  the  extent  of  the  passage 
vortices  and  the  distortion  of  the  blade  wake  which  they  Induce  are  underestimated.  The 
apparent  weakness  of  the  passage  vortices  is  reflected  in  the  corresponding  mass 
averaged  spanwise  loss  distribution  (  figure  28  ).  A  loss  peak  at  802  span  is  seen  but 
no  distinct  loss  core  is  evident  at  the  hub  side  of  the  passage  where  there  is  a 
continuous  spanwise  loss  increase  from  the  nominally  two-dimensional  wake  through  the 
endwall  fluid  to  the  hub.  The  mid-span  loss  is  approximately  double  that  recorded 
experimentally  resulting  in  a  close,  albeit  possibly  fortuitous,  agreement  between  the 
predicted  overall  loss  (  7.52  )  and  the  measured  value  (  7.82  ).  In  view  of  the 
underprediction  of  the  extent  of  the  secondary  flows  for  the  constant  section  vane  it 
would  be  surprising  if  significant  information  relating  to  the  redistribution  of  the 
inlet  wall  fluid  were  to  be  obtained  from  flowfield  predictions  for  three-dimensional 
vane  designs.  In  practice,  however,  the  spanwise  loss  distribution  that  is  presented  in 
figure  28  reveals  that  this  flowfield  is  more  accurately  modelled.  In  particular  the 
loss  cores  associated  with  the  passage  vortices  are  well  defined  and  they  match  the 
measured  distribution  for  vane  2  (  figure  16  )  both  in  magnitude  and  position.  The 
calculation  also  correctly  predicts  the  much  reduced  endwall  losses  arising  from  the 
less  severely  loaded  tips.  Overall  the  Integrated  loss  over  the  entire  passage  is  7.02  , 
again  a  figure  which  closely  matches  the  wind  tunnel  measurements  despite  a  mid-span 
loss  which  remains  approximately  double  the  measured  value.  For  both  cascades  the 
predicted  endwall  losses  are  less  than  the  measured  values  but,  as  mentioned  previously, 
the  loss  measurements  close  to  the  wall  may  only  be  treated  as  approximations  whilst  the 
accuracy  of  the  calculations  near  the  hub  and  casing  is  limited  by  the  chosen  grid.  The 
exit  flow  from  the  third  cascade  is  also  predicted  well  in  terms  of  the  secondary  flow 
distribution  relative  to  the  previous  two  cascades  (  figure  28  ).  At  the  hub  side  of  the 
passage  the  peak  loss  associated  with  the  passage  vortex  increases  to  10.52  at  252  span. 
The  corresponding  point  of  peak  loss  in  the  measured  distribution  occurs  closer  to  the 
hub  but  is,  of  course,  measured  in  a  plane  lying  closer  to  the  trailing  edge.  The 
measurements  suggest  that  the  natural  radial  migration  of  the  passage  vortex  loss  core 
is  approximately  balanced  by  the  radially  inward  pressure  gradient  in  this  cascade. 

Calculations  have  been  performed  on  the  second  cascade  using  all  three  computational 
methods.  Figure  27  shows  total  pressure  loss  contours  immediately  downstream  from  the 
trailing  edge  as  predicted  by  Denton  and  Dawes.  Both  methods  display  passage  vortices 
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extending  across  a  greater  spanwlse  distance  than  is  suggested  by  MEFP  and  of  the  three 
,  sets  of  results  it  1b  the  Dawes  code  that  generates  the  most  clearly  defined  vortices. 

\  However,  in  terms  of  quantitative  losses  there  is  little  difference  between  any  of  the 

j  methods.  It  has  already  been  shown  that  MEFP  generates  an  acceptable  loss  distribution 

1  across  the  passage  and  Dentons  results  display  an  even  closer  resemblance  to  the 

]  experimental  data  (  figure  29  ).  No  equivalent  data  set  from  the  Towes  calculation  was 

i  available  to  the  author. 

j 

|  Blade  suction  side  velocity  vectors  for  this  vane  have  been  derived  from  the  three 

>  computational  methods  (  figure  30  )  and  may  be  compared  to  the  auction  side  surface  oil 

flow  visualisation  for  this  vane  (  figure  14  ).  MEFP  displays  only  relatively  weak 
,  radial  velocity  components  relative  to  both  the  flow  visualisation  and  the  alternative 

1  predictions  although  the  scale  of  the  vector  plots  exaggerates  the  apparent 

j  underestimation.  Denton  too  displays  significant  radial  flows  over  only  the  rear  half  of 

the  blade  surface.  By  far  the  strongest  near-surface  radial  velocity  components  and 
those  most  closely  matched  to  the  flow  visualisation  are  generated  by  the  Dawes  code. 


CONCLUSIONS 

It  is  shown  that  three-dimensional  considerations  in  the  design  of  low  aspect  ratio, 
transonic  nozzle  guide  vanes  allow  a  significant  degree  of  control  over  the 
redistribution  of  the  total  pressure  losses  associated  with  the  incoming  wall  boundary 
layers  and  over  the  generation  of  new  loss  within  blade  passages.  The  reduction  of  the 
blade  loading  towards  the  hub  and  the  tip  reduces  the  cross  passage  pressure  gradients 
resulting  in  reduced  loss  generation  at  the  endwalls.  No  significant  loss  Increase  is 
observed  near  mid-span  where  the  blade  loading  is  Increased  relative  to  the  datum  to 
compensate  for  the  unloaded  tips.  A  further  result  of  the  resulting  pressure  field  is  to 
stretch  the  passage  vortices  across  the  span  resulting  in  a  more  uniform  loss 
distribution  across  the  passage  and  in  a  loss  distribution  that  is  largely  coincident 
with  the  blade  wake.  It  may  therefore  be  argued  that  a  downstream  rotor  experiences  a 
more  uniform  incident  flow  across  the  annulus  with  high  loss  fluid  spatially  confined  in 
the  circumferential  direction.  Acting  in  opposition  to  these  benefits  is  a  greater 
variation  in  the  nozzle  exit  flow  angle  across  the  span.  The  overall  loss  just 
downstream  from  the  trailing  edge  plane  Is  reduced  from  7.8X  to  6.8Z  as  a  result  of  the 
three  dimensionality  of  the  second  vane  in  relation  to  the  straight,  constant  section 
geometry  of  the  first,  datum  vane.  The  precise  stacking  of  the  blade  sections  of  the 
three-dimensional  design  is  of  less  significance  in  respect  of  the  overall  nozzle  total 
pressure  loss  although  differences  are  observed  in  the  detailed  nature  of  the  flow 
resulting  from  alternative  stacks. 

Current  three-dimensional,  viscous  flow  calculation  methods  are  shown  to  identify  the 
secondary  flow  phenomena  that  exist  in  these  nozzles.  The  MEFP  code  from  which  the 
greatest  range  of  predictions  were  available  demonstrates  correct  comparitive  flowfield 
predictions  for  straight  and  contoured  vanes  although  the  extent  and  magnitude  of  the 
passage  vortices  tend  to  be  underestimated.  The  calculated  losses,  Integrated  over  the 
entire  passage  closely  match  the  measured  results  although  the  relative  contributions  of 
ie  losses  associated  with  the  nominally  two-dimensional  wake,  the  passage  vortices  and 
it  endwall  differ.  Both  the  Denton  and  particularly  the  Dawes  predictions  provide  a 
oetter  representation  of  the  extent  of  the  flow  area  over  which  the  inlet  loss  is 
redistributed  at  exit  from  the  cascade.  For  these  cascades,  where  a  relatively  small 
proportion  of  the  overall  loss  is  attributed  to  the  inlet  flow  there  is  little 
difference  between  the  three  prediction  methods  in  terms  of  the  loss  distribution  at 
exit  from  the  cascades.  The  nominal  profile  loss  at  mid-span  is  overesti sated  by  both  of 
the  prediction  methods  for  which  these  data  are  available  to  the  au  :hor  (  MEFP  and 
Denton  )  although  the  Denton  results  are  closer  to  the  measurements  However  direct 
comparisons  between  the  calculations  and  the  measurements  for  the  nominally  two- 
dimensional  mid-span  flows  may  be  expected  to  show  such  differences  because  of  the 
fully  turbulent  condition  assumed  during  the  calculations. 

For  low  aspect  ratio,  highly  three-dimensional  nozzles  guide  vanes  such  as  those 
presented  in  this  study  there  is  little  doubt  that  fully  three-dimensional,  viscous  flow 
calculations  are  essential  for  reliable  analysis  of  the  flowfield. 


! 
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DISCUSSION 


Hah,  US 

X  heard  your  presentation  very  interestingly.  Experimental  data  (Fig  6 
and  Fig  12)  show  that  the  vortex  system  does  not  decay  between  4%  and  40% 
downstream.  However,  niamerical  results  at  26%  (Fig  26)  show  that  the 
vortex  system  is  completely  washed  out .  Can  you  present  numerical  results 
at  4%  and  40%  downstream  of  the  blade? 

Author's  Reply: 

I  have  presented  the  ioss  contours  at  26%  Cx  since  this  is  the  only  axial 
location  at  which  loss  contours  for  all  three  vanes  were  available  to  me. 
Given  a  little  time  and  effort  it  should  be  possible  to  extract  the 
results  corresponding  to  the  measurement  planes. 

Moustapha,  Canada 

1.  What  are  the  differences  between  vane  2  and  3  in  terms  of  stacking? 

Did  you  use  any  lean  for  these  designs? 

2.  The  reduction  in  losses  due  to  the  "3D  design"  is  relatively  small: 
were  you  able  to  explain  with  thi3  reduction  the  measured  improvement 
in  turbine  stage  efficiency? 

Author's  Reply: 

1.  Although  I  was  not  personally  involved  in  the  design  of  these  blades, 

I  understand  that  both  vanes  2  and  3  have  a  nominal  throat  stack.  The 
difference  between  the  vanes  derives  from  deviations  from  this  nominal 
stacking  which  seems  to  be  based  on  intuition. 

2.  I'm  not  sure  that  X  would  regard  a  reduction  of  NAV  loss  from  7.8%  to 
6.8%  as  small.  This  improvement  is  of  similar  magnitude  to  the  gains 
seen  in  the  turbine  stage  tests. 

Langston,  USA 

Were  all  three  set3  of  calculations  predictions  or  were  they  (some  or  all) 
postdiction j?  (That  is,  did  the  calculators  [some  or  all]  see  the 
experimental  results  before  they  performed  their  calculations?) 

Author's  Reply: 

I  believe  that  all  of  the  calculations  were  performed  with  at  least  some 
knowledge  of  the  experimental  results.  In  my  experience,  true  predictions 
are  rare  indeed! 


i.  _ _ 1 _ ) 

kjnxbLCA.j.auu 

Figs  14  and  19  of  the  paper  revealed  a  radial  flow  through  the  axis  of  the 
separation  bubble.  Usually,  a  flow  through  the  core  of  a  vortex,  here  the 
separation  bubble,  will  enhance  it  due  to  vortex  stretching  effect,  just 
like  the  longitudinal  spiral  vortex  of  a  delta  wing.  Would  this  radial 
flow  also  energize  the  swirling  moment  of  the  separation  bubble  and  then 
make  its  re-attachment  much  earlier? 

Author's  Reply: 

It  is  my  belief  that  the  energy  associated  with  the  separation  bubble  and 
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crossflow  is  so  small  as  to  be  insignificant  in  terms  of  the  mechanism 
that  you  refer  to.  The  best  evidence  that  I  have  for  this  view  is  a  video 
of  smoke  visualization  in  the  "LA"  cascade  that  was  presented  at  the  ASME 
meeting  in  Dusseldorf  to  demonstrate  the  secondary  flows  in  the  cascade. 

(see  Ref  18) 

Moore,  USA 

1.  You  presented  exit  flow  angle  data  for  vanes  1  and  2.  How  did  the 
exit  flow  angle  vary  with  vane  3? 

2 .  What  turbulence  models  were  used  for  the  calculations  with  the  codes 
of  Moore,  Dawes  and  Denton? 

Author's  Reply: 

1.  The  exit  flow  angle  distribution  across  the  span  of  vane  3  is  similar 
to  that  of  vane  2  but  with  slightly  increased  turning  near  mid-span 
and  reduced  turning  closer  to  the  casing. 

2.  The  calculations  using  the  Moore  code  used  a  Prandtl  mixing  length 
turbulence  model.  I  am  not  sure  of  the  turbulence  models  that  were 
adopted  by  Dawes  and  Denton. 
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SECONDARY  PLOW  PREDICTIONS  FOR  A  TRANSONIC  NOZZLE  GUIDE  VANE 

by 

G.C. Horton 

Propulsion  Department 
Royal  Aerospace  Establishment,  Pyestock 
Farnborough,  Hampshire,  England 


SUMMARY 


To  improve  turbine  efficiency  it  is  necessary  to  design  the  blading  to  control  the 
flow,  including  the  secondary  flow,  and  hence  reduce  the  losses.  A  method  is  therefore 
required  to  predict  the  three-dimensional  flow,  with  losses,  within  turbine  geometries. 
Three-dimensional  viscous  flow  programs  offer  the  capability  of  doing  this. 

Such  a  program  (as  developed  by  Dawes)  is  available  at  the  Royal  Aerospace  Estab¬ 
lishment,  Pyestock.  It  has  been  used  to  analyse  the  flow  through  a  transonic  turbine 
nozzle  guide  vane  which  has  been  tested  in  cascade  at  Pyestock.  The  predictions  are  com¬ 
pared  with  surface  pressure  and  downstream  traverse  results  to  assess  the  ability  of  the 
program  to  predict  secondary  flows  and  losses  in  a  highly  loaded  nozzle  guide  vane  opera¬ 
ting  at  representative  engine  conditions. 

1  INTRODUCTION 

To  increase  turbine  efficiency  it  is  necessary  to  reduce  the  total  pressure  losses 
within  the  blading  passages.  The  loss  within  the  nozzle  guide  vane  (ngv)  row  can  in 
general  be  divided  into  four  components;  profile  loss,  secondary  loss,  trailing  edge  loss 
and,  when  supersonic  flows  are  present,  shock  I033.  The  relative  importance  of  each  of 
these  depends  on  the  requirements  and  design  of  the  particular  turbine.  Of  particular 
interest  in  the  context  of  a  high  pressure,  low  aspect  ratio  turbine  is  that  loss  attri¬ 
butable  to  the  secondary  flows,  the  secondary  loss. 

The  nature  of  the  secondary  flows  is  illustrated  in  Fig  1.  The  boundary  layer  which 
has  formed  on  the  endwall  upstream  of  the  turbine  separates  at  a  saddle  point  ahead  of 
the  leading  edge  and  forms  the  two  legs  of  the  horseshoe  vortex.  One  leg  sweeps  around 
the  suction  surface  and  is  largely  dissipated  by  viscous  actions.  The  other  leg  sweeps 
across  the  passage  to  the  suction  surface  of  the  adjacent  blade.  As  most  of  the  fluid  in 
the  endwall  boundary  layer  is  entrained  into  this  leg  of  the  vortex,  a  new  boundary  layer 
forms  on  the  endwall  downstream.  This  new  boundary  layer  is  also  swept  across  the  passage 
by  the  blade-to-blade  pressure  gradient  reinforcing  the  horseshoe  vortex  and  forming  the 
passage  vortex.  The  formation  and  subsequent  mixing  of  these  flows  incur  loss,  the 
secondary  loss,  and  also  cause  the  exit  flow  distribution  to  be  significantly  non-uniform 
in  the  circumferential  direction  resulting  in  further  losses  being  generated  in  down¬ 
stream  blade  rows. 

A  variety  of  techniques  for  controlling  secondary  flows  and  hence  reducing  second¬ 
ary  losses  have  been  investigated  by  different  researchers  with  some  success.  These 
techniques  have  included  leaning  the  blade  and  profiling  the  endwall1 >2.  m  order  that 
such  techniques  may  be  incorporated  into  future  engine  designs  a  method  is  needed  for 
accurately  predicting  the  secondary  flows  and  losses  and  also  the  effect  of  changes  in 
geo'  jtry  on  them. 

Various  methods  have  been  used  to  predict  secondary  flows.  Rotational  inviscid 
techniques,  such  as  time  marching,  have  been  shown  to  be  capable  of  predicting  these 
flows  but  some  features  are  not  modelled  well  and  the  methods  are  not  able  to  give  pre¬ 
dictions  of  losses.  Only  three-dimensional  viscous  flow  methods  offer  the  likelihood  of 
accurately  modelling  the  secondary  flows  and  losses.  This  paper  details  the  modelling 
of  the  flow  through  a  turbine  ngv  with  such  a  program  and  the  comparison  of  the  results 
with  experiment. 

2  EXPERIMENTAL  DETAILS 

The  gecmetry  that  was  to  be  analysed  was  the  nozzle  guide  vane  of  the  RAE  High  Rim 
Speed  Turbine3,  This  is  a  high  work,  high  blade  speed  single  stage  research  turbine 
with  tr  nsonic  blading  which  has  been  tested  with  comprehensive  aerodynamic  instrumenta¬ 
tion  in  a  continuous  running  cold  flow  turbine  rig.  The  ngv  has  also  been  tested  in 
annular  cascade  in  a  short  duration  facility,  the  RAE  Isentropic  Light  Piston  Cascade^, 
at  representative  engine  Mach  numbers  and  Reynolds  numbers.  T'ne  theoretical  modelling 
is  compared  with  the  resu' ts  from  these  latter  measurements 

Details  of  the  ngv  design  are  shown  in  Fig  2,  The  exit  angle  varies  along  the 
span  with  a  mid-heiqht  -alue  of  75  degrees  and  reducing  slightly  towards  each  endwall. 

The  trailing  edge  is  stacked  on  a  curve  to  give  a  concave  suction  surface  to  encourage 
off-loading  of  the  sections  near  the  endwalls.  The  design  exit  Mach  number  at  the  hub 
was  1,02  but  matching  problems  with  the  rig  resulted  in  a  value  of  1.14  being  adopted  as 
the  datum  for  the  tests.  The  ngv  ring  contains  40  vanes  giving  a  pitch/axial  chord  ratio 
of  1.20  and  an  aspect  ratio  (height/true  chord)  of  0.62.  Tests  were  also  performed  at 
exit  Mach  numbers  of  0.94  and  1.29  and  at  three  different  Reynolds  numbers  at  the  datum 
Mach  number.  Static  pressure  measurements  were  taken  on  the  vanes  and  endwalls  at  each 
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condition  and  an  area  traverse  was  also  performed  at  a  plane  one  axial  chord  downstream 
of  the  trailing  edge  at  the  datum  condition.  This  area  traverse  was  built  up  from  a 
series  of  circumferential  sweeps,  each  of  which  was  performed  during  a  run  of  the  rig 
and  took  approximately  0.5  second.  The  total  pressures  were  measured  using  a  three-hole 
probe  fitted  with  high  response  miniature  transducers.  These  measurements  constituted 
the  first  use  of  this  mechanism  on  this  rig  and  the  signal/noise  ratio  was  rather  lower 
than  had  been  hoped  for. 

The  correlations  that  were  used  during  the  design  of  the  turbine  gave  a  profile 
loss  for  the  ngv  of  0.04.  The  effect  of  secondary  losses  and  endwall  boundary  layers 
were  modelled  at  the  design  stage  by  further  assuming  that  the  loss  increased  to  0.30 
near  the  endwalls,  giving  an  overall  mean  loss  of  0.08.  Until  the  acquisition  of  the 
Dawes  program,  no  method  was  available  at  RAE  Pyestock  for  predicting  the  three- 
dimensional  losses  of  this  ngv. 

3  THEORETICAL  MODELLING 

The  program  that  is  installed  at  RAE  Pyestock  is  a  three-dimensional  viscous  time 
marching  program  based  on  that  developed  by  Dr  Dawes  of  the  Whittle  Laboratory, 

Cambridge-*  with  further  development  by  the  author.  This  program  solves  the  thin  shear 
layer  form  of  the  time  dependent  Navier  Stokes  equations  for  a  time-independent  solution 
using  an  implicit  time  marching  algorithm.  The  eddy  viscosity  is  modelled  using  a  three- 
layer  mixing  length  formulation  based  on  the  method  of  Baldwin  and  Lomax**.  Spatial  dis¬ 
cretisation  is  accomplished  using  a  body-fitted  H-mesh. 

The  further  development  of  the  program  at  Pyestock  has  mainly  involved  extending 
it  to  include  extra  options,  a  principal  one  being  to  enable  the  user  to  specify  the 
position  of  the  start  and  end  of  laminar-turbulent  transition  on  the  blade  surfaces. 

The  endwall  boundary  layers  may  also  be  specified  to  be  laminar  or  turbulent  ahead  of 
the  blade  transition  locations.  The  other  modifications  are  chiefly  associated  with 
tailoring  the  program  to  the  computer  system  on  which  it  is  run  at  RAE  Pyestock  and  also 
some  changes  have  been  made  to  the  input  and  output  which  do  not  affect  the  results  of 
the  computation. 

The  program  is  run  at  RAE  Pyestock  on  a  FPS-164  attached  processor  with  2.5Mwords 
of  storage.  This  allows  a  total  of  approximately  46000  mesh  points  which  have  been  dis¬ 
tributed  in  the  following  manner  in  all  the  computations  reported  in  this  papers 

Axial  73  mesh  points 

Blade-to-blade  25  mesh  points 

Radial  25  mesh  points. 

The  leading  and  trailing  edges  are  positioned  at  axial  planes  14  and  63,  with  the  grid 
extending  0.55  axial  chords  upstream  of  the  leading  edge  and  0.67  downstream  of  the 
trailing  edge.  The  perspective  view  showing  the  geometry  of  the  ngv  in  Fig  2  also 
illustrates  the  intersection  of  the  calculation  grid  with  the  blading  surfaces.  This 
also  shows  the  refinement  which  was  applied  to  the  grid  near  the  blade  surfaces  and  end- 
walls,  and  also  near  the  leading  and  trailing  edges.  This  was  to  give  improved  resolu¬ 
tion  of  the  flow  details  in  these  important  regions  and  resulted  in  a  radial  grid  spacing 
at  the  wall  of  0.4%  of  vane  height  and  also  a  blade-to-blade  spacing  of  0.4%  pitch  at  the 
vane  surfaces.  The  axial  grid  spacing  at  the  leading  and  trailing  edges  was  0.3%  axial 
chord. 


Previous  experience  of  the  program  had  shown  that  2000  time  steps  were  needed  to 
ensure  adequate  convergence.  The  criterion  for  adequate  convergence  was  that  the  mass 
flow  should  be  conserved  to  within  1.0%  of  inlet  flow  throughout  the  flow  field  and  that 
the  other  properties,  such  as  total  pressure  loss,  should  be  varying  only  slowly  with 
time  step  number.  The  results  being  reported  are  all  taken  at  2000  time  steps,  at  which 
point  the  mass  flow  was  conserved  to  within  0.23%  of  inlet  flow  for  the  datum  case.  One 
run  was  continued  to  3000  time  steps  to  examine  the  effect  of  doing  so  on  the  solution. 
Only  minimal  changes  were  seen  leading  to  confidence  that  2000  time  steps  were  indeed 
adequate  for  convergence  to  be  obtained.  The  program  was  run  with  the  artificial  visco¬ 
sity  factors  reduced  to  half  the  value  recommended  by  the  author  of  the  program  as 
experience  had  shown  that  this  did  not  affect  the  stability  of  the  program  and  that  the 
predictions  of  secondary  flows  were  enhanced  by  doing  so. 

A  RESULTS 

The  mid-height  distributions  of  isentropic  Mach  number  of  the  vane  surfaces  are 
compared  with  the  experimental  values  in  Fig  3  for  the  three  different  exit  Mach  numbers, 
all  at  the  design  Reynolds  number.  The  results  on  the  pressure  surface  are  excellent  at 
all  three  conditions.  At  the  low  Mach  number  condition  the  suction  surface  Mach  number 
is  slightly  overpredicted  for  much  of  the  vane  chord,  though  the  results  downstream  of 
70%  axial  chord  are  in  very  good  agreement  with  the  experiment.  The  slight  overpredic¬ 
tion  of  the  Mach  number  over  the  first  50%  of  chord  is  also  evident  at  the  other  two 
conditions.  However,  downstream  of  mid-chord  the  differences  between  experiment  and 
prediction  are  more  marked  with  the  analysis  failing  to  correctly  capture  the  overexpan¬ 
sion  and  recompression  that  is  seen  in  the  experiment  where  the  trailing  edge  shock 
impinges  on  the  suction  surface  at  the  higher  Mach  number  conditions.  This  is  probably 
associated  with  poor  modelling  of  the  trailing  edge  base  region  and  would  be  improved 
with  an  increase  in  the  number  of  mesh  points  used  to  model  the  trailing  edge  geometry. 
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The  plots  at  5%  and  95%  vane  height  show  generally  similar  results.  The  over** 
expansion/recompression  at  about  65%  axial  chord  in  the  experimental  results  at  5% 
height  is  probably  due  to  the  effect  of  the  passage  vortex  impinging  on  the  suction  sur¬ 
face  at  this  point.  There  is  some  indication  that  the  program  has  picked  up  this  feature 
at  the  design  Mach  number  condition  though  it  appears  to  be  about  10%  axial  chord  further 
downstream  than  in  the  experiment.  There  is  no  indication  that  the  feature  is  modelled 
at  the  other  flow  conditions. 

The  predicted  velocities  near  the  outer  endwall,  as  illustrated  in  Pig  4  show  the 
saddle  point  ahead  of  the  leading  edge  and  the  crossflow  in  the  passage  corresponding  to 
the  formation  of  the  passage  vortex.  For  clarity  the  vectors  on  some  of  the  grid  lines 
have  been  omitted  from  this  Figure.  The  relatively  low  crossflow  is  due  to  the  design 
philosophy  of  the  vane?  as  it  is  rear-loaded  near  the  endwalls  the  cross-passage  pressure 
gradient  which  drives  the  secondary  flows  is  only  small.  The  velocities  near  the  suction 
surface  (Fig  5)  show  the  manner  in  which  the  passage  vortices  impinge  the  suction  surface 
at  approximately  50%  axial  chord  followed  by  a  region  of  strong  spanwise  flow  away  from 
the  endwalls. 

The  development  of  the  total  pressure  loss  contours  along  the  vane  passage  for  the 
design  Mach  number,  design  Reynolds  number  condition  is  illustrated  in  Fig  6.  The  effect 
of  the  sweeping  of  the  endwall  boundary  layer  across  the  passage  by  the  blade-to-blade 
pressure  gradient  can  be  seen  in  the  plane  at  40%  axial  chord  as  a  thickening  of  the  end- 
wall  boundary  layer  towards  the  suction  surface  side  of  the  passage.  Two  loss  cores  can 
be  seen  to  be  beginning  to  form  in  the  suction  surface  -  endwall  corners.  These  loss 
cores  then  grow  and  move  along  the  suction  surface  away  from  the  endwalls  and  by  the 
plane  at  95%  chord  they  have  almost  merged  with  the  thick  mid-height  suction  surface 
boundary  layer.  The  endwall  and  pressure  surface  boundary  layers  have  also  grown  con¬ 
siderably  by  this  plane. 

Fig  7  shows  the  secondary  velocity  vectors  on  the  same  planes.  The  secondary  velo¬ 
cities  are  defined  here  as  the  absolute  velocity  minus  the  component  parallel  to  the 
'quasi-streamlines'  which  form  part  of  the  calculation  grid.  The  flow  across  the  end- 
walls  and  up  the  suction  surface  can  be  seen  to  develop  through  the  passage,  though  this 
flow  is  confined  to  a  thin  layer  next  to  the  solid  surfaces  with  various  vortices  outside 
this  layer. 

A  photograph  of  some  oil  dot  flow  visualisation  is  shown  in  Fig  8  together  with  a 
similar  view  of  the  geometry  on  which  the  predicted  near-surface  velocities  are  shown. 

The  region  near  the  outer  endwall  that  has  been  affected  by  the  secondary  flow  can  be 
clear ly  seen  and  corresponds  well  to  the  region  bounded  by  the  secondary  flows  in  the 
prediction. 

The  circumferential  variation  of  total  pressure  at  the  downstream  plane  is  shown 
for  two  different  heights  in  Fig  9  together  with  the  relevant  circumferential  sweeps  from 
the  experiment.  The  prediction  and  experiment  are  shown  at  slightly  different  axial 
positions  (0.67  axial  chord  downstream  of  the  trailing  edge  for  the  prediction  compared 
with  1.0  axial  chord  for  the  experiment)  so  they  have  been  aligned  by  lining  up  the 
position  of  the  minimum  in  each  set.  The  levels  of  total  pressure  (and  hence  loss)  match 
up  well,  particularly  at  the  25%  height  location.  The  wake  appears  to  be  wider  in  the 
experiment  than  in  the  prediction;  this  is  not  altogether  surprising  as  the  experimental 
results  are  from  further  downstream  than  the  prediction  and  some  mixing-out  of  the  wake 
would  be  expected  between  the  two  axial  locations.  Such  good  agreement  is  not  apparent 
in  the  comparison  at  50%  height,  in  particular  the  wake  is  very  smeared  in  the  experiment 
but  is  still  well  defined  in  the  prediction.  The  maximum  and  minimum  levels  still  agree 
quite  well  however  which  is  encouraging  with  regard  to  the  ability  of  the  program  to 
successfully  predict  the  losses.  The  full  set  of  circumferential  sweeps  has  been  com¬ 
bined  into  an  area  traverse  and  the  results  plotted  as  contours  of  total  pressure  in 
Fig  10  together  with  a  similar  plot  from  the  prediction.  Because  of  the  design  of  the 
traverse  probe  it  was  not  possible  to  obtain  readings  near  the  endwalls  and  this  is  ref¬ 
lected  in  the  blank  areas  near  the  walls  in  the  experimental  plot.  Unfortunately  a  high 
degree  of  noise  was  evident  in  the  experimental  measurements  so  some  regions  have  been 
shaded  in  both  plots  to  allow  easier  comparison  between  prediction  and  experiment.  The 
general  shape  and  width  of  the  wake  is  modelled  quite  well  though  the  experiment  shows 
the  highest  loss  regions  near  the  endwalls  whereas  the  prediction  shows  the  highest  loss 
near  mid-height.  The  large  regions  of  low  total  pressure  on  the  extreme  right-hand  Side 

of  the  experimental  results  are  due  to  the  measurement  technique  rather  than  real  regions 

of  high  loss.  Overall  the  levels  of  total  pressure  have  been  modelled  very  well.  Fig  11 
shows  a  comparison  of  the  radial  variation  of  circumferentially  averaged  total  pressure 
between  prediction  and  experiment.  The  predicted  peaks  of  total  pressure  just  outside 
the  endwall  boundary  layers  are  probably  caused  by  freestream  fluid  being  swept  into  the 
suction  surface/endwall  corner  region  to  replace  the  boundary  layer  which  has  been  swept 
onto  the  vane  surface  by  the  secondary  flow.  The  very  high  level  of  these  peaks  suggests 
that  there  is  also  probably  some  numerical  error  in  this  region.  The  prediction  and 
experiment  are  m  good  agreement  in  the  mid-height  region  of  the  vane  but  the  experimental 
values  tend  to  reduce  near  the  endwalls  whereas  the  prediction  does  not.  In  fact  the  pre- 
dictea  distribution  does  not  exhibit  the  expected  regions  of  secondary  loss  near  the  end- 
walls.  It  is  believed  that  this  is  due  to  the  low  aspect  ratio  nature  of  the  design 

having  resulted  in  the  losses  being  spread  out  across  the  span  of  the  vane.  These  com¬ 

parisons  of  predicted  and  experimental  total  pressure  measurements  suggest  that  the  pro¬ 
gram  could  be  used  to  give  predictions  of  loss  during  the  design  of  a  new  turbine  with 
a  reasonable  degree  of  confidence. 
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The  total  pressure  loss  at  mid-height  is  predicted  to  be  0.075  with  the  secondary 
loss  being  0.003.  These  give  an  overall  loss  of  0.078.  These  compare  with  the  values 
derived  from  the  correlations  at  the  design  phase  of  0.040  (mid-height)  and  0.080  overall. 
The  analysis  predicts  a  significantly  higher  mid-height  loss  than  had  been  assumed  with 
a  similar  reduction  in  secondary  loss.  It  is  clearly  important  to  be  able  to  predict  the 
radial  distribution  of  loss  at  the  design  stage,  and  this  prediction  method  evidently  has 
the  potential  to  do  so. 

5  CONCLUSIONS 

A  three-dimensional  viscous  flow  program  has  been  applied  to  the  calculation  of  the 
flow  through  a  transonic  nozzle  guide  vane  geometry.  Good  agreement  has  been  obtained 
with  experimental  isentroplc  Mach  number  distributions  at  three  different  conditions, 
though  it  appears  that  an  insufficient  number  of  mesh  points  were  used  near  the  trailing 
edge  to  successfully  capture  a  shock  which  appears  there  in  the  experiment.  The  predic¬ 
tions  of  secondary  flows  show  the  development  of  the  features  found  in  experimental  flows 
along  the  vane  passage  and  a  comparison  of  the  predicted  total  pressures  with  those  from 
a  downstream  area  traverse  suggests  that  the  program  could  be  used  to  give  predictions  of 
loss  as  part  of  a  turbine  design  process. 
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Fig  5.  Velocity  vectors  near  suction  surface 


j  7.  Development  of  secondary  velocities  along  passage 
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DISCUSSION 


Sieverding,  Belgium 

Referring  to  Figure  9,  could  you  explain  the  non-periodicity  of  the 
measurements?  What  type  of  probe  did  you  use? 

Aut  hor '  s  Rep ly : 

The  probe  used  for  these  measurements  was  a  three  hole  probe  with  small 
Kulite  transducers  mounted  near  the  probe  tip.  Some  more  recent 
measurements  have  been  performed  with  the  transducers  mounted  further  from 
the  probe  tip  and  the  probe  closer  to  the  blade  trailing  edge.  These 
measurements  have  shown  better,  more  periodic  definition  of  the  blade 
wakes  so  it  appears  that  the  lack  of  periodicity  in  the  experimental 
results  presented  is  due  to  a  form  of  noise  associated  with  the  probe 
design  and  placement . 

Servaty,  Germany 

You  have  used  an  H-type  grid  with  great  distortions  at  leading  and 
trailing  edge. 

1.  Is  there  a  special  treatment  concerning  these  points  in  the  numerical 
algorithm? 

2.  Did  you  consider  using  an  O-type  grid? 

Author's  Reply: 

1.  No  special  treatment  is  used  in  these  regions.  A  periodic  boundary 
condition  is  applied  upstream  of  the  leading  edge  and  downstream  of 
the  trailing  edge  with  a  solid  surface  boundary  condition  applied 
between  the  two. 

2.  The  program  was  originally  developed  by  Dr  Dawes  with  the  current 
H-grid.  It  would  be  interesting  to  try  it  on  an  O-grid  but  time  has 
not  permitted  this  yet. 

Hansen,  USA 


You  attribute  the  discrepancy  between  experiment  and  prediction  to 
inadequate  computational  grid  spacing  for  accurate  shock  capturing.  What 
change  in  grid  spacing  would  be  required  for  the  requisite  3hock 
capturing? 

Aut  hor ' s  Reply : 


Some  previous  computations  using  a  two-dimensional  version  of  the  program 
on  a  similar  Ngv  geometry  had  shown  adequate  shock  capturing  with  about 


i  f\r\  .1  i  4  . 

Aiv  aAiax  yxxu 


This  calculation  used  about  8  grid  points  to  model 


the  trailing  edge.  I  would  estimate  that  this  number  of  grid  points  would 


be  adequate  for  shock  capturing  in  the  3-D  program. 
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SECONDARY  FLOW  IN  A  TURBINE  GUIDE  VANE  WITH  LOW  ASPECT  RATIO 

by 

D.  Wegener,  J.  Quest  and  W.  Hoffmann 
DLR  -  Institut  ftir  Antriebstechnik 
Linder  Htthe,  5000  K51n  90,  West-Germany 


ABSTRACT 

The  flow  field  of  an  annular  turbine  cascade  with  low  aspect  ratio  (0.6)  is 
investigated  by  means  of  experiments  and  numerical  calculations.  An  advanced  computer 
code  was  applied  to  solve  the  three  dimensional  Reynolds  averaged  Navier-Stokes 
equations.  Detailed  measurements  with  5-hole  probes  and  an  advanced  Laser-Two-Focus 
velocimeter  (L2F)  were  carried  out  to  evaluate  the  numerical  solution  of  the  flow  field. 
Flow  visualizations  on  the  endwalls  and  on  the  blade  surfaces  complement  the 
experimental  data  and  help  to  understand  the  secondary  flow  phenomena. 

The  results  show  that  this  3D-NS-calculation  is  an  efficient  tool  to  predict  complex 
secondary  flow  phenomena. 


SYMBOLS 


c 

velocity 

Cfl 

absolute  velocity 

4 

<  .JL  ■  =*  i  °-5 

H 

blaC  r  -ight 

> 

axjc(  -c'ord  length  (midspan) 

m 

mass  ■  rw  rate 

"'red 

reduc.!  •  mass  flow  rate 
m  MTt0)0*5  *  <Pt0 > _1 

Ma 

Mach  number 

P 

pressure 

R 

radius,  spanwise  coordinate 

T 

temperature 

Tu 

turbulence  level 

X 

axial  coordinate 

a 

flow  angle  with  respect  to 
pitchwise  direction 

C 

total  pressure  loss  coefficient 

(P~t0  -  Pt4,loc>  '  (Pt0  -  P4>  *  100 

Subscripts 


ax 

loc 

pr 

sec 

t 

u 

0 

1,  2,  3,  4 


axial  direction 
local  value 
primary  flow 
secondary  flow 
total 

pitchwise  direction 
upstream  conditions 
measuring  planes  (Fig.  3) 


Superscripts 

(-)  pitchwise  averaged  value 

(=)  average  over  the  entire 

measuring  plane 


INTRODUCTION 

The  requirements  for  high  performance  and  high  efficiency  turbomachines  necessitate  an 
optimization  of  all  turbomachinery  components.  In  the  case  of  turbines  it  is  well  known 
that  secondary  flows  are  significantly  influencing  the  loss  generation  inside  the 
rotating  and  stationary  blade  channels  (about  30  -  50  %)  .  In  addition  to  that  these 
effects  are  influencing  the  deflection  and  the  heat  transfer  at  the  blade  surfaces  /l, 
2/.  Therefore  detailed  knowledge  about  turbine  secondary  flows  is  a  prerequisite  for  a 
further  improvement  of  todays  turbine  efficiencies.  One  important  tool  for  under¬ 
standing  and  predicting  secondary  flows  are  the  solutions  of  three  dimensional  Navier- 
Stokes  calculations  (3D-NS)  for  compressible  flow.  Experimental  investigations  can  help 
to  verify  the  calculated  flow  field  at  locations  of  interest. 

An  advanced  3D-NS-Code  developed  by  Dawes  / 3 /  was  applied  to  detailed  flow  studies 
in  a  subsonic  turbine  guide  vaue  with  low  aspect  ratio.  The  flow  field  was  also 
investigated  with  conventional  probes  and  advanced  L2F-velocimeter  in  four  planes  which 
has  been  selected  identically  to  the  calculation  grid  geometry.  Detailed  comparisons 
between  measured  and  calculated  data  were  carried  out. 


TEST  RIG  AND  INSTRUMENTATION 

Fig.l  illustrates  the  test  rig  geometry  and  the  arrangement  of  the  measuring  planes. 
The  test  rig  is  an  annular  turbine  cascade  with  a  tip-diameter  of  400  mm  and  a  hub-to- 
tip  ratio  of  0.79.  It  is  supplied  with  cold  air  from  a  distant  compressor  station.  The 
maximum  total  pressure  is  2.0  bar  and  maximum  total  inlet  temperature  is  315  K.  The 
operation  point  is  settled  by  measuring  the  mass  flow  rate,  the  total  pressure  and  the 
total  temperature  upstream  of  the  stator. 
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TEST  RIG  AND  INSTRUMENTATION 
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Fig,  1;  Test  rig  and  instrumentation  of 
turbine  annular  cascade 


The  results  of  detailed 
investigations  show  that  the  inlet 
flow  of  the  stator  is  uniform  (at 
plane  0)  /4,  5/.  The  flow 

direction  is  axial  and  the  spanwise 
total  pressure  distribution  is 
constant  between  5%  and  95%  blade 
height.  The  pitchwise  traversing 
of  a  total  pressure  probe  shows  a 
nearly  constant  pitchwise  total 
pressure  distribution  at  hub, 
midspan  and  tip.  The  conventional 
probes  used  in  the  test  rig  are 
mounted  in  computer  controlled 
actuators  which  allow  spanwise  and 
pitchwise  traversing  in  the 
measuring  planes  4,  5  and  6. 

The  L2F-velocimeter  developed 
at  DLR  /6/  was  applied  for  detailed 
flow  field  investigations  inside  of 
the  stator.  The  L2F-velocimeter 
was  mounted  on  a  table  which  is 
driven  by  actuators  for  axial  and 
spanwise  traversing.  Pitchwise 
traversing  is  achieved  by  turning 
the  stator  hub.  Flow  measurements 
are  possible  with  natural  seeding, 
however  to  shorten  the  measuring 
time  seeding  has  been  applied  which 
was  especially  useful  close  to  the 
walls  where  the  boundary  layers  are 
developing. 


The  flow  patterns  on  the  surfaces  of  the  blades,  the  hub  and  the  casing  are  also 
investigated  by  means  of  the  oil  tracing  technique.  Good  results  have  been  achieved  by 
using  a  mixture  of  oil  (SHELL  T  220),  titanium  dioxyd  powder  and  a  little  of  oleic  acid. 

Fig.  2  shows  the  performance  map  of  the  stator  as  a  result  of  overall  tests  with 
conventional  probes  in  plane  4  / 7/.  The  reduced  mass  flow  rate  and  thg  total  pressure 
loss  coefficient  are  plotted  as  a  function  of  the  outlet  Mach  number  Ma..  The  data  of 
Table  1  are  representing  the  operating  point  for  which  the  measurements  and  calculation 
to  be  presented  were  carried  out.  Measurement  accuracy  is  illustrated  in  Table  2. 


Fig.  2:  Performance  map  of  stator 
(OP  =  operating  point) 


Table  1:  Characteristic  data  for 


operating  point  OP  (Fig. 

2) 

inlet  Mach  number 

0.18 

outlet  Mach  number 

0.74 

total  pressure  (inlet) 

1.7090  bar 

total  temperature 

(inlet) 

299.6  K 

inlet  flow  angle 

90.0  ° 

outlet  flow  angle 

20.1  ° 

mass  flow  rate 

5.7  kg/s 

Reynolds  number  (based  on  lm) 

1.0  x  106 

inlet  turbulence  intensity 

4.4  % 

Table  2:  Measurement  accuracy 

flow  angle 

absolute 

+  0.25  0 

(5-hole) 

reproducible 

+  0.25  ° 

IL2F) 

reproducible 

+  0.1  ° 

pressure 

absolute 

+0.1  mbar 

temperature 

static 

+  0.5  K 

dynamic 

+  0.5  K 

velocity  (L2F) 

relative 

<  +  1.0  % 

(depending  on  Tu-level) 
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NUMERICAL  PROCEDURE 


Fig.  3:  Mesh  geometry  and 

locations  of  measuring 
planes 


The  3D-viscous  stator  flow  is  simulated  by  the 
solution  of  the  Reynolds  averaged  Navier-Stokes 
equations.  Fig,  3  shows  the  mesh  structure  in  the 
meridional  plane  and  on  an  axis  symmetric  blade- 
to-blade  surface.  Due  to  the  boundary  layers  the 
grid  points  are 

clustered  to  both  endwalls  as  well  as  on  the  blade 
surfaces.  The  locations  of  the  four  measuring 
planes  that  fit  exactly  into  the  mesh  geometry  are 
also  indicated.  Planes  1  and  2  (inside  the  stator) 
are  located  at  x/1  =  81  %  and  95  %.  Planes  3  and 
4  are  located  downstream  of  the  stator  and  their 
axial  positions  are  x/1  =  111  %  and  140  %. 

This  3D-NS-Code  has1  an  option  for  using  the 
FAS-multigrid  technique  to  force  convergence.  For 
this  turbine  case,  however,  a  faster  convergence 
is  obtained  without  using  the  multigrid  option 
which  is  due  to  the  strong  sustained  acceleration 
in  the  blade  passage.  A  converged  solution  of  the 
stator  flow  field  with  a  total  grid  point  number 
of  about  78000  needs  3000  timesteps.  This 
corresponds  to_jJ  1/2  hours  c.p.u.-tdme  on  a  CRAY 
X-MP  (6.9  x  10_'>  sec/  grid  point/  time  step).  The 
input  for  the  3D-calculation  is  taken  from 
detailed  measurements  and  consists  of  the  spanwise 
distributions  of  total  pressure,  total  temperature 
and  flow  angles  at  the  inlet  (plane  0)  and  of  the 
static  pressure  at  the  stator  exit  (plane  4) .  The 
output  of  the  3D-NS-Code  is  a  large  dataset 
containing  information  about  the  velocity 
components,  densities,  static  pressures  at  the 
centers  of  all  volume  elements.  This  makes  it 
necessary  to  have  sophisticated  graphic  software 
for  a  time  saving  post  processing.  Such  a  graphic 
tool  for  flow  field  visualization,  running  on  a 
mainframe  computer,  was  developed  at  the  Institute 
for  Propulsion  Technology  of  DLR  /8/. 


8LADE  SURFACE  MACH  NUMBER 


-50  0  50  100  150 


- *■  x / lm  (V.) 

(MEASUREMENTS  TAKEN  FROM  AVA-DIR,  /9/ ) 


Fig.  4:  Isentropic  blade  surface  Mach 
number  at  midspan 


Fig.  4  shows  a  comparison 
between  the  isentropic  blade 
surface  Mach  number  at  midspan 
taken  from  the  calcula'-.ion  and  the 
measurement  (triangle) .  This  Mach 
number  is  calculated  from  the  mean 
total  pressure  at  the  inlet  and 
from  the  static  pressure 
distribution  along  the  blade 
surfaces.  The  static  pressure 
measurements  at  the  blade  surfaces 
were  carried  out  for  a  plane 
turbine  cascade  with  the  identical 
blade  shape  at  the  AVA  (DLR)  / 9/ . 
The  agreement  between  the 
calculated  distribution  and  the 
measured  values  is  very  good.  The 
small  wiggles  at  the  leading  edge 
(LE)  are  probably  due  to  the 
non-uniform  spacing  of  the  mesh  in 
axial  direction.  The  same  is  due 
to  the  varying  outlet  Mach  number 
between  x/lm  =  100  %  and  150  *.  A 
further  optimization  of  the  mesh 
geometry  should  provide  better 
results  but  has  not  heen  carried 
out  yet. 


COMPARISION  BETWEEN  MEASURED  AND  CALCULATED  DATA 

The  reliability  of  the  3D-NS-code  was  checked  by  a  comparison  between  measured  and 
calculated  data  before  its  results  were  used  for  a  detailed  flow  field  analysis.  Fig.  5 
and  6  show  comparisons  between  calculated  and  measured  spanwise  distributions  of  axial 
and  circumferential  velocities  for  planes  1-4.  Planes  1  and  2  are  located  in  the 
bladed  area  close  to  the  stator  trailing  edge  (Fig.  3) ,  whereas  planes  3  and  4  are 
already  located  downstream  of  the  trailing  edge.  The  spanwise  distributions  are 
achieved  by  pitchwise  area-averaging  the  local  values  at  a  given  radius  /10/. 
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A  very  good  agreement  between 
the  calculated  and  measured 
distributions  is  obtained  in  planes 
1  and  2.  Only  at  the  endwalls,  i. 
e.  at  hub  and  tip,  the  calculated 
values  deviate  from  the  measured 
ones.  Fig .  6  shows  on  the  left- 
hand  side  the  spanwise  dis¬ 
tributions  in  plane  3.  The  agree¬ 
ment  is  good  except  the  calculated 
peaks  at  hub  and  tip  which  are 
higher  compared  to  those  in  plane  1 
and  2.  On  the  right-hand  side  of 
Fig.  6  the  calculated  distributions 
in  plane  4  are  compared  with  those 
taken  from  the  L2F-measurements  and 
in  addition  taken  from  the  5-hole- 
probe  measurements.  The  measured 
distributions  agree  well  which 
proves  the  reliability  of  the  used 
instrumentation . 


Fig.  5:  Spanwise  distributions  in  planes  1,  2 


SPANWISE  DISTRIBUTIONS  OF  AXIAL  AND  CIRCUMFERENTIAL  VELOCITIES 

PLANE  A 
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Fig.  6;  Spanwise  distributions  in  planes  3,  4 


The  calculated  distributions  of 
the  axial  velocity  correspond  well 
with  the  measured  ones.  The  fact 
that  the  axial  velocity  is  pre¬ 
dicted  well  by  the  calculation  is 
supported  by  the  comparison  of  the 
total  mass  flow  rate  through  the 
cascade.  Measurements  with  a  mass 
flow  orifice  show  a  deviation  less 
than  3  %  when  compared  to  the  cal¬ 
culated  flow  rate.  The  circum¬ 
ferential  velocity  distribution 
agrees  well  from  25  %  to  75  %  blade 
height.  In  the  endwall  regions  the 
calculated  values  differ  much  from 
the  measured  data. 

Fig.  7  shows  the  local  distri¬ 
butions  of  the  absolute  velocity  in 
plane  4  which  is  defined  here  as 
the  vector  sum  of  the  axial  and 
circumferential  velocity.  The 
velocity  distributions  of  one 
spacing  are  doubled  for  better 
illustration.  The  upper  and  middle 
plots  show  the  distributions  taken 
from  the  L2F-measurements  and 
5-hole-probe  measurements.  The 
measured  data  are  in  good  agree¬ 
ment.  Comparing  these  dis¬ 
tributions  to  the  calculated  data 
shown  at  the  bottom  of  the  figure 
one  can  realize  striking  dif¬ 
ferences.  The  clear  shape  of  two 
v,ake  regions  is  remarkable  and 
proves  that  the  calculation 
predicts  losses  too  high  caused  by 
the  trailing  edge.  Except  these 
wake  regions  the  calculated 
velocities  fit  well  to  the  measured 
ones  in  the  main  flow.  At  the  tip 
the  code  predicts  remarkably  high 
velocities  up  to  230  m/s  that  are 
obviously  responsible  for  the  peaks 
in  the  spanwise  distribution  of  the 
circumferential  velocity  in  Fig.  6. 

Looking  at  the  mesh  given  in 
Fig.  3,  it  should  be  noted  that  in 
this  application  the  insufficiently 
large  stretching  of  the  mesh 
supports  the  transport  and  growth 
of  numerical  errors  that  are 
dominant  at  the  trailing  edge. 


Fig.  7;  Distribution  of  absolute  velocity 
in  plane  4 


i 
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SECONDARY  FLOW  ANALYSIS 

An  overview  of  basic  aspects  of  secondary  flows  in  turbine  blade  passages  is  given 
in  /2/.  The  development  of  secondary  flow  through  a  blade  passage  is  described  in  the 
following  secondary  flow  model  / 11/.  The  inlet  boundary  layer  separates  near  the 
leading  edge  and  forms  a  leading  edge  vortex  also  called  horseshoe  vortex  with  two  legs, 
i.e.  a  pressure  side  leg  and  a  suction  side  leg.  The  pressure  side  leg  seems  to  be 
responsible  for  a  fluid  motion  from  pressure  side  to  suction  side  at  the  endwall  within 
the  blade  passage.  The  passage  vortex  which  forms  independently  from  the  leading  edge 
vortex  due  to  the  deflected  inlet  boundary  layer  (see  passage  vortex  in  curved  ducts) 
turns  in  the  same  sense  as  the  pressure  side  leg  of  the  leading  edge  vortex.  A  detailed 
investigation  of  the  formation  of  these  two  vortices  is  given  in  / 1 2 /  and  shows  that 
these  vortices  cannot  continue  to  exist  separately  next  to  each  other.  They  will 
combine  to  form  a  single  vortex  which  is  called  passage  vortex  in  the  following.  The 
suction  side  leg  of  the  leading  edge  vortex  turns  in  the  opposite  sense  to  the  passage 
vortex  and  is  much  smaller.  It  remains  in  the  suction  surface-endwall  corner  due  to  the 
radial  and  transverse  pressure  gradients  and  may  be  dissipated  by  viscosity. 

The  identification  of  vortices 
in  a  three  dimensional  flow  field 
can  be  achieved  in  different  ways. 
Considering  the  experimental  data 
obtained  from  5-hole  probe 
measurements  and  L2F-measurements 
it  is  possible  to  identify  vortices 
by  analysing  the  flow  angle 
distributions  in  the  measuring 
planes  / 1 3 / .  Fig.  8a  shows  a 

typical  turbine  blade-to-blade 
section.  The  measuring  plane  is 
perpendicular  to  the  machine  axis 
and  the  secondary  flows  are  defined 
to  be  perpendicular  to  the  main 
flow  direction.  In  a  plane 
perpendicular  to  the  main  flow 
direction  a  cylindrical  vortex 
consisting  of  a  solid  body  vortex 
and  a  potential  vortex 
8b)  is  associated  with 
pattern  shown  in  Fig.  8c.  This 
pattern  results  from  overlapping  a 
system  of  parallel  isoclines  and  a 
system  of  circles  touching  each 
other  in  the  vortex  centre.  In 
general  measurements  are  carried 
out  in  planes  that  aren't  per¬ 
pendicular  to  the  main  flow  direc¬ 
tion.  So  the  isocline  pattern  has 
a  different  shape  in  this  plane, 
i.  e.  the  isoclines  are  parallel 
to  each  other  in  the  solid  body 
Fig.  8;  Identification  of  a  vortex  vortex  area  and  are  of  elliptical 

by  flow  angle  analysis  shape  in  the  potential  vortex  area. 

Fig,  9  shows  the  calculated  and 
measured  flow  angles  in  plane  1. 
The  L2F-measurement  data  were  taken 
for  this  comparison.  The  corres¬ 
pondence  between  the  two  isocline 
patterns  is  very  good.  They 
indicate  two  passage  vortices  at 
hub  and  tip.  Their  sense  of 
rotation  is  given  by  the  direc¬ 
tional  markers.  Due  to  the  radial 
leaning  of  the  blades  measurements 
were  not  possible  in  region  "A" 
near  pressure  side.  The  minimum 
measurement  distance  from  the 
pnrlwa  11s  2.1  HOT  which  corrss — 

ponds  to  5  %  blade  height.  Since 
the  L2F-system  works  in  a  back- 
scattering  mode  a  closer  approach 
to  the  hub  wall  was  not  possible 
because  of  the  high  reflexions 
although  the  surface  was  coloured 
black.  At  the  endwalls  it  is  in 
addition  difficult  to  seed  the  flow 
streamlines  with  particles.  High 
components  of  radial  velocities 
prevent  the  use  of  the  two- 
Fig.  9:  Distribution  of  flow  angle  in  dimensional  L2F-  velocimeter  in 

plane  1  (isoclines)  region  "B"  near  suction  side. 


part  (Fig. 
an  isocline 
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FLOW  PATTERN  OH  SUCTION  SURFACE 
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Fig.  10:  Flow  pattern  on  suction  surface 
of  guide  vane 
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Fig.  11:  Distribution  of  flow  angle  in 
plane  3  (isoclines) 


Fig.  10  illustrates  calculated 
and  measured  flow  patterns  on  the 
suction  surface.  The  calculated 
flow  field  shows  two  regions  of 
high  radial  velocities  at  hub  and 
tip  at  the  rear  part  of  the  blade 
surface.  The  region  at  the  hub  is 
smaller  than  that  at  the  tip  which 
is  due  to  the  radial  pressure 
gradient.  The  picture  below  taken 
by  an  oil  tracing  technique  shows 
also  two  regions  of  strong  radial 
velocity  components.  But  the 
extensions  of  these  areas  are 
different  when  compared  to  the 
calculated  regions.  The 
wedge-shaped  area  of  tracing  lines 
on  the  lower  part  of  the  surface  is 
caused  by  a  big  particle  and 
doesn't  represent  the  real  flow 
field.  The  calculated  and  measured 
flow  fields  on  the  pressure  side 
correspond  well  to  each  other  and 
do  not  show  remarkable  radial 
velocity  components. 

The  oil  tracing  technique  at 
hub  (Fig.  10)  shows  a  saddle  point 
near  leading  edge  and  the  shapes  of 
two  endwall  separation  lines 
belonging  to  the  legs  of  a  weak 
leading  edge  vortex.  The  vector 
plot  of  the  calculated  flow  field 
at  hub  indicates  also  the  existence 
of  a  suction  side  leg  of  the 
leading  edge  vortex  which 
dissipates  at  about  x/1  =40  *. 
The  development  of  the1  pressure 
side  leg  of  the  leading  edge  vortex 
is  difficult  to  analyze.  Up  to  now 
neither  the  calculation  nor  the 
measurements  give  detailed 
information  about  its  development. 
This  seems  to  be  due  to  the  thin 
inlet  boundary  layer  generating 
only  a  weak  leading  edge  vortex 
which  is  believed  to  attribute  only 
a  small  rate  to  the  overall 
secondary  flow  loss  production. 


Fig,  11  shows  the  flow  angles 
calculated  and  measured  by  the 
L2F-velocimeter  in  plane  3.  The 
agreement  between  both 

distributions  is  quite  good.  The 
two  systems  of  parallel  isoclines 
at  hub  and  tip  indicate  the  two 
passage  vortices  already  known  from 
plane  1  (Fig.  9) . 


12 


illustrates 


the 


comparison  of  the  calculated  and 
the  by  5-hole  probes  measured  flow 
angles  in  plane  4.  They  agree 
quite  well  except  in  the  main  flow 
region.  But  the  two  passage 
vortices  again  can  be  clearly 
identified  by  the  isocline 
paLLenis.  The  existence  of  these 
vortices  in  plane  4  has  been 
additionally  proved  by 
L2F-measurements . 


Fig.  12:  Distribution  of  flow  angle  in 
plane  4  (isoclines) 
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Fig.  13  shows  the  loss  dis¬ 
tribution  In  plane  4.  The  3D-NS 
calculated  total  pressure  loss 
coefficient  is  plotted  against  the 
results  based  on  5-hole-probe 
measurements. 

In  Fig.  13a  high  losses  are 
concentrated  to  the  wake  regions  of 
the  turbine  guide  vanes.  These  are 
inclined  to  the  radial  direction 
due  to  the  spanwise  distribution  of 
flow  angle  and  due  to  the  different 
axial  distances  between  the 
trailing  edge  and  the  measuring 
plane  (axial  leaning  of  trailing 
edge) .  High  loss  regions  of  12  % 
and  16  %  are  caused  by  secondary 
flows. 

The  calculated  distribution  in 
Fig,  13b  differs  much  from  the 
measured  one.  A  large  region  of 
very  high  losses  (16  %)  is 
predicted.  The  measurements  are 
showing  much  lower  losses  in  these 
areas.  The  present  work  is 
concentrated  to  check  the  influence 
of  the  computational  grid  on 
calculated  results.  It  has  to  be 
pointed  out  that  the  presented 
calculations  are  based  on  a  not 
adapted  grid  which  might  cause 
uncertainities  in  predicted  losses. 

Fig.  13;  Distribution  of  total  pressure 
loss  coefficient  in  plane  4 


CONCLUSIONS 

The  comp,  -isons  between  measured  and  calculated  flow  field  data  resulted  in  an 
overall  good  agreement  and  contributed  to  a  better  understanding  of  the  flow  phenomena 
in  this  annular  turbine  cascade  with  low  aspect  ratio.  Additionally  these  comparisons 
have  shown  that  a  further  improvement  of  calculated  results  seems  to  be  possible  by 
using  a  modified  mesh  structure.  The  following  aspects  were  founds 

1)  The  secondary  flows  in  this  blade  passage  consist  of  two  passage  vortices  at  hub 
and  tip.  Due  to  the  thin  inlet  boundary  layer  the  leading  edge  vortices  are  weak. 
The  suction  side  leg  of  this  vortex  at  hub  dissipates  at  about  x/1  =  40  %  while 
the  development  of  the  pressure  side  leg  cannot  be  described  up  to  nSw. 

2)  The  applied  3D-NS-code  is  able  to  predict  the  secondary  flow  phenomena  in  the  blade 
passage.  But  for  detailed  numerical  flow  studies  a  much  finer  mesh  is  necessary. 

3)  The  correspondence  between  measured  and  calculated  velocities  is  already  quite 
good.  Only  the  predicted  velocities  near  hub  and  tip  are  too  high  which  probably 
will  be  improved  by  using  the  finer  mesh  structure. 

4)  The  loss  prediction  is  not  satisfying  yet,  an  improvement  seems  also  to  be  possible 
by  optimizing  the  mesh  geometry  at  the  trailing  edge  and  in  the  downstream  region. 
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DISCUSSION 


Howard,  OK 

1.  The  comparison  of  losses  at  plane  4  suggests  that  in  the  experiment 
the  wake  is  mixing  out  faster  than  in  the  prediction. 

2.  Have  comparisons  at  other  axial  planes  been  made  to  study  the  wake 
mixing  experiment  compared  to  prediction? 

Author's  Reply: 

Five  hole  probe  measurements  in  planes  4,  5  and  6  show  that  the  wake  is 
totally  mixed  out  in  plane  6,  i.e.,  at  about  two  axial  chord  lengths 
behind  stator  exit.  The  numerical  approach  is  based  on  a  mesh  given  in 
Fig  3  which  has  downstream  only  an  axial  extension  of  2/3  of  axial  chord 
length.  I  believe  that  the  short  downstream  mesh  is  responsible  for  this 
different  mixing  out  behavior. 

Adamczyk,  USA 

Did  you  attempt  to  incorporate  a  transition  model  in  you  numerical 
simulation? 

Author's  Reply: 

No,  I  don't.  Our  numerical  approach  is  based  on  the  unchanged  3D-NS-code 
we  applied  from  Prof  Dawes. 
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MEASUREMENT  OF  THE  FLOW  FIELD  IN  THE  BLADE  PASSAGE 
AND  SIDE-WALL  REGION  OF  A  PLANE  TURBINE  CASCADE 

E.  Detemple-Laake 

Deutsche  Forschungsanstalt 
fOr  Luft-  und  Raumfahrt  e.V. 

Institut  fOr  Experimentelle  StrPmungsmechanik 
Bunsenstr.  10 
D-3400  Gdttingen 
F.  R.  Germany 


SUMMARY 

The  transonic  flow  through  a  plane  cascade  consisting  of  profiles  designed  for  a  highly  loaded 
gas  turbine  rotor  of  a  high  pressure  stage  is  investigated.  The  experiments  presented  here  are  part  of 
an  entire  test  program  performed  in  a  special  wind  tunnel  at  the  DLR.  This  paper  describes  the  meas¬ 
urements  of  the  side-wall  pressure  distribution  in  a  blade  passage.  The  parameters  varied  are  the  inlet 
flow  angle  and  the  downstream  isentropic  Mach  number.  Based  on  the  results  of  schlie.en  photographs 
of  the  flow  field  and  surface  oil  flow  patterns  on  the  blades  and  the  side-wall  the  experimental  results 
are  interpreted. 


NOMENCLATURE 

/W2S  isentropic  Mach  number  of  the  cascade  exit  flow 
P  inlet  flow  angle 

p„0  side-wall  pressure 

pt1  total  pressure  of  the  inlet  flow 
x  coordinate  normal  to  the  cascade  outlet  plane 

y  coordinate  parallel  to  the  cascade  outlet  plane 

/,  axial  profile  chord 

t  blade  pitch 

<j o  viewing  angle 


INTRODUCTION 


In  the  plane  cascade  wind  tunnel  EGG  of  the  DLR  GPttingen  various  measurement  techniques  are 
used  to  investigate  transonic  flow  fields  within  plane  cascades.  On  the  one  hand  the  development  of  the 
flow  field  resulting  from  the  shock  wave  boundary  layer  interaction  is  studied,  on  the  other  hand  the 
development  of  the  flow  field  along  the  blade  from  the  middle  of  the  passage  to  the  side-wall  is  studied. 


A  sequence  of  joint  investigations  of  a  highly  loaded  turbine  cascade  consisting  of  profiles 
designed  hv  MTU  was  performed  by  the  DLR  Institute  for  Experimental  Fluid  Mechanics  GOttingen  and 
MTU  Mtinchen.  The  measurement  techniques  used  comprise:  surface  pressure  measurements,  trailing 
edge  wake  traverse  measurements,  schlieren  visualization  (Dietrichs  et  al.  (Ref.1)),  infrared  image 
technique,  surface  oil  flow  visualization  (BrSunling  et  al.  (Ref.2)),  heated  thin-film  measurements  (Kost 
et  al.  (Ref.  3)), 


The  main  objective  of  the  present  investigations  is  to  extend  this  existing  knowledge  of  the  flow 
field  within  the  blade  passage  to  the  flow  phenomena  resulting  from  side-wall  effects  and  three  dimen¬ 
sional  separation.  A  systematic  experimental  investigation  of  the  side-wall  pressure  has  been  performed 
with  four  differe*.*  inlet  flow  angles  p  =  120°,  140°,  150°,  155°  at  various  downstream  Mach  numbers  in 
the  range  0.8  £  M}S  £  1.3.  The  experimental  results  are  interpreted  with  respect  to  the  existing  flow 
models  describing  secondary  flow  effects  (Sieverding  (Ref.4))  and  shock-wave  boundary  layer  inter¬ 
actions  (Delery  and  Marvin  (Ref.5)). 
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EXPERIMENTAL  METHODS 

The  experiments  were  carried  out  in  a  plane  cascade  wind  tunnel  of  the  DLR  Gdttingen  (Fig.  1). 
The  test  faciiity  is  described  by  Heinemann  (Ref.6).  The  wind  tunnel  is  a  suction  type  tunnel  with  an  open 
circuit  which  operates  intermittently  or  continuously.  The  testing  time  is  about  50  seconds  for  high  Mach 
numbers  (M  ~  1.3),  for  lower  Mach  numbers  the  wind  tunnel  operates  continuously.  Figure  2  shows  a 
typical  arrangement  of  the  test  section.  The  test  section  can  accomodate  8-12  blades  of  high  deflection 
geometry  and  about  20  blades  of  low  deflection  geometry.  The  blade  chord  length  is  60  mm,  the  blade 
height  is  125  mm.  The  blades  are  fabricated  in  brass. 

The  side-wall  pressures  were  measured  in  one  passage  by  use  of  two  exchangable  side-walls 
with  170  and  196  pressure  tappings,  respectively.  Figure  3  shows  the  configuration  of  the  pressure  tap¬ 
pings  of  0.4  mm  diameter  in  5x5mm  grids.  The  flow  field  in  the  midspan  is  visualized  by  schlieren 
technique.  The  schlieren  optic  is  arranged  conventionally.  The  surface  oil  flow  pictures  were  taken  by 
coating  the  blade  and  side-wall  surfaces  with  a  mixture  of  titanium  dioxide  powder  and  baby  oil.  An 
overview  of  the  visualization  techniques  is  given  among  others  by  Merzkirch  (Ref.  7). 

EXPERIMENTAL  RESULTS  AND  CONCLUSIONS 

The  experiments  were  carried  out  with  a  plane  cascade  consisting  of  profiles  designed  for  a  highly 
loaded  gas  turbine  rotor  of  a  high  pressure  stage.  The  cascade  was  designed  for  130°  inlet  flow  angle 
with  respect  to  axial  direction.  The  test  program  comprised  the  variation  of  the  isentropic  downstream 
Mach  number  Mts  (based  on  the  pressure  in  the  test  chamber)  and  the  inlet  flow  angle  /?.  The  side-wall 
pressures  (Fig.  3)  have  been  measured  at  seven  Mach  numbers  in  the  range  0.8  <,  Mts  <,  1.3  with  four 
inlet  flow  angles  p  =  120°,  140°,  150°,  155°.  The  presentation  of  experimental  results  is  mainly  confined 
to  the  flow  fields  for  p  =  120°  at  MiS  =  0.9,  1,0,  1.25. 

Figure  4  illustrates  the  development  of  the  midspan  flow  field  with  increasing  Mach  number  in  the 
case  of  negative  incidence.  In  the  subsonic  case,  MiS  =  0.9,  the  flow  is  strongly  accelerated  along  the 
suction  side.  As  a  result  of  the  expansion  of  the  flow  down  to  the  throat  local  supersonic  regions  develop 
-  indicated  by  the  weak  compression  fans  -  which  are  terminated  by  a  normal  shock.  The  wake  consists 
of  the  boundary  layers  coming  from  the  pressure  side  and  suction  side  forming  a  vortex  street.  At  the 
leading  edge  the  pressure  side  separation  and  the  local  expansion  region  in  suction  side  direction  are 
revealed.  Profile  pressure  distributions  (Ref.1)  and  oil  flow  patterns  (Fig.  5)  show  a  laminar  separation 
bubble  on  the  suction  side  which  is  not  visible  in  the  schlieren  picture.  With  increasing  Mach  number  a 
trailing  edge  shock  occurs  at  Mzs  -  1.0.  With  further  increase  of  the  Mach  number  the  trailing  edge 
shock  becomes  stronger  and  more  oblique.  At  MiS  =  1.25  a  typical  transonic  flow  pattern  for  plane 
cascades  develops.  Trailing  edge  shocks  are  formed  in  the  near  wake.  The  right  shock  is  deflected  by 
the  upper  wake.  The  left  shock  is  reflected  at  the  lower  suction  side  as  a  sequence  of  compression-ex¬ 
pansion-compression  waves  due  to  the  wedge-shaped  thickened  boundary  layer.  The  laminar  boundary 
layer  has  lifted  due  to  the  adverse  pressure  gradient  and  a  separation  bubble  has  developed.  Finally 
at  MIS  -13  the  flow  is  fully  separated  and  no  reattachment  occurs.  Detailed  explanations  of  the  flow 
structures  in  the  cascade  investigated  are  given  in  Ref.1  and  Ref.2. 

The  associated  flow  structures  on  the  blade  suction  side  and  on  the  side-wall  are  shown  in 
Figures  5  and  6.  In  the  case  of  negative  incidence  for  all  Mach  numbers  separation  bubbles  exist  on  the 
suction  side,  here  clearly  revealed  by  the  blade  surface  oil  flow  patterns. 

Figure  5  shows  a  subsonic  case.  The  rolling  up  of  the  side-wall  boundary  layer  in  front  of  a  blade 
into  the  leading  edge  horseshoe  vortex  causes  the  separation  saddle  point,  i.e  distinct  flow  regions  are 
delimited  by  the  3D  separation  lines  and  the  stagnation  streamline.  Along  the  stagnation  streamline  the 
inlet  boundary  layer  divides  into  the  fluid  entering  the  suction  leg  of  the  horseshoe  vortex  and  the  fluid 
forming  the  pressure  leg  which  merges  with  the  passage  vortex  in  the  passage.  The  two  major  sepa¬ 
ration  lines  ahead  of  the  leading  edge  are  the  liftoff  line  of  the  horseshoe  vortex  and  the  boundary  layer 
separation  line  ahead  of  the  horseshoe  vortex.  They  merge  while  swinging  around  the  leading  edge. 

The  suction  leg  of  the  horseshoe  vortex  is  swept  onto  the  suction  surface  behind  the  leading  edge 
due  to  the  transverse  pressure  gradient  in  the  blade  passage.  The  associated  separation  line  interferes 
with  the  suction  side:  the  vortex  leg  moves  on  the  blade  suction  side  towards  the  midspan  and  touches 
the  separation  bubble  (Fig.  5,  top).  The  separation  line  is  visible  up  to  the  trailing  edge. 

The  pressure  leg  of  the  horseshoe  vortex  is  deflected  towards  the  suction  side  of  the  adjacent 
blade  due  to  the  transverse  pressure  gradient.  On  its  way  the  pressure  leg  merges  with  the  existing 
passage  vortex  to  one  single  vortex.  In  the  suction  surface  flow  pattern  the  side-wall  side  separation  line 
denotes  the  separation  of  the  passage  vortex  from  the  suction  surface.  On  the  side-wall  side  of  the 
separation  line  of  the  passage  vortex  -  in  the  corner  of  suction  side  and  side-wall  -  the  separation  of  the 
suction  side  endwall  corner  vortex  is  revealed.  The  side-wall  flow  pattern  (Fig.  5,  bottom)  shows  the 
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associated  separation  line  originating  downstream  of  the  intersection  point  of  the  suction  leg  with  the 
suction  surface.  Also  a  pressure  side  endwall  corner  vortex  is  indicated  by  a  reattachment  line  on  the 
side-wall  along  the  corner  of  pressure  side  and  side-wall. 

Figure  6  shows  the  supersonic  case.  In  principle  the  oil  flow  patterns  show  qualitatively  the  same 
features.  Additionally,  the  trailing  edge  shock  traces  are  revealed  which  coincide  with  the  shock 
locations  in  the  midspan  which  are  known  from  schlieren  pictures  (Fig.  4)  and  thln-film  measurements 
(Refs.2  and  3).  The  skin-friction  lines  are  strongly  deflected  in  the  shock  foot  regions.  They  turn  parallel 
to  the  shock  direction  and  then  continue  downstream  of  the  shock  in  outlet  flow  direction.  The  lines' 
crossing  of  the  shock  traces  indicates  an  interaction  without  separation.  The  development  of  the  struc¬ 
tures  at  increased  inlet  flow  angle  causes  the  saddle  point  as  well  as  the  intersection  point  on  the  suc¬ 
tion  surface  to  move  dependent  on  the  flow  direction.  Additionally,  the  suction  side  corner  vortex  is 
greater. 

Figures  7,  8,  and  9  show  the  side-wall  pressure  distributions  in  a  passage  for  p  =  120°.  Three 
different  viewing  angles  <p  (see  Fig.  3)  are  chosen  to  show  the  pressure  fields  from  different  points  of 
view.  The  side-wall  pressure  distribution  at  MiS  —  0.9  (Fig.  7)  reveals: 

•  a  weak  pressure  maximum  due  to  the  trailing  edge  expansion  (□)  as  can  be  seen  in  the  schlieren 
picture  (Fig.  4); 

•  a  weak  pressure  maximum  at  the  location  of  the  saddlepoint  (*)  as  can  be  seen  In  the  side-wall  flow 
pattern  (Fig.  5); 

•  pressure  decrease  across  the  passage  towards  the  suction  side; 

•  a  local  pressure  maximum  next  to  the  suction  surface  (o). 

At  Mts  =  1.0  (Fig.  8)  the  pressure  differences  are  greater  due  to  the  increased  Mach  number.  The 
development  of  the  pressure  field  at  the  leading  edge  and  across  the  passage  is  qualitatively  similar  to 
the  previous  case.  Additionally,  the  side-wall  pressure  distribution  shows: 

•  a  greater  local  pressure  maximum  next  to  the  suction  surface  (o); 

•  the  shock  trace  (--)  of  the  shock  upstream  of  the  trailing  edge  which  can  be  seen  in  the  schlieren 
picture  (Fig.  4). 

In  the  supersonic  case  at  Mts  -  1.25  (Fig.  9)  the  pressure  field  shows: 

•  the  local  pressure  maximum  next  to  the  suction  surface  (o)  coincides  with  the  location  of  the  sep¬ 
aration  bubble  as  shown  by  schlieren  pictures  (Fig.  4)  and  thin-film  measurements  (Ref.2); 

•  the  trailing  edge  shock  traces  in  the  near  wake  (— )  in  agreement  with  the  schlieren  pictures 
(Fig.  4). 

For  comparison  of  the  extreme  inlet  flow  conditions  at  p  =  120°  and  p  =  155°  Figure  10  shows 
the  midspan  flow  field,  the  suction  side  flow  pattern,  and  the  side-wall  pressure  distribution  for  /?  =  155° 
at  M}S  =  1.25.  While  the  flow  structures  develop  qualitatively  analoguous  for  p  =  120°,  140°,  150°  at 
/?  =  155°  the  flow  separates  at  all  Mach  numbers  at  the  suction  surface  downstream  of  the  leading  edge 
starting  with  a  shock.  Schlieren  pictures  and  oil  flow  patterns  reveal  in  connexion  with  pressure  meas¬ 
urements  and  thin-film  measurements  (Ref.3)  that  at  the  nose  of  the  profile  a  separation  bubble  exists 
and  the  flow  reattaches  turbulent  shortly  behind  the  separation.  The  fully  turbulent  boundary  layer 
resists  the  pressure  rise  due  to  the  impingement  of  the  shock  from  the  upper  blade  and  no  separation 
bubble  occurs.  The  oil  flow  pattern  reveals  on  the  one  hand  that  the  suction  leg  moves  nearer  to  the 
midspan  and  its  separation  line  is  deflected  by  the  shock,  and  on  the  other  hand  that  the  passage  vortex 
extends  to  the  midspan.  The  side-wall  pressure  distribution  also  indicates  the  characteristic  change  of 
the  flow  around  the  leading  edge  with  a  local  pressure  maximum  at  the  separation  (o).  In  comparison 
to  pressure  distributions  for  p  =  120°  the  suction  side  local  pressure  maximum  (o)  also  exists  at  the 
shock  impingement  point  but  in  contrast  in  this  case  no  separation  occurs. 
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Fig.  1  Plane  cascade  wind  tunnel  EGG 


Fig.  2  Test  section 


Fig.  3  Side-wall  pressure  tappings 
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Fig.  7  Side-wall  pressure  distribution-  p  =  120°,  MiS  -  0.9,  <■/>  =  45°  (top),  </>  =  135' 
q>  ~  225°  (bottom) 


hs  -  1  -25;  <p  =  45°  (top),  <p 


=  135°  (left), 


Fig.  10  Schlieren  picture,  surface  flow  pattern,  side-wall  pressure  distribution,  p  =  155°, 
Mts  =  1.25;  (p  =135°  (top),  q>  =  225°  (bottom) 
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DISCUSSION 


Ahmed,  UK 

You  mention  you  had  difficulties  in  getting  seeding  in  your  L2F 
measurement  volumes .  What  sort  of  seeding  material  did  you  use  and  what 
was  the  arrangement  to  get  the  seeding  particles  in  the  measurement 
volumes? 

Author's  Reply: 

I  mentioned  that  we  only  had  difficulties  in  getting  seeding  close  to  the 
suction  surface  in  plane  1  at  x//m=81%.  The  seeding  of  our  L2F  - 
measurement  volumes  is  achieved  by  a  probe  which  is  mounted  further 
upstream  of  plane  0.  This  probe  is  supplied  with  oil  droplets  by  a 
seeding  generator. 

Sieverding,  Belgium 

You  showed  colored  schlieren  pictures  with  a  lammar  shock  B.L. 
interaction.  On  what  ground  do  you  suppose  that  transition  takes  place 
between  the  apex  of  the  separated  zone  and  the  reattachment  point? 

Author's  Reply: 

From  other  experimental  results  (see  Ref  1-3) ,  it  is  known  that  the 
boundary  layer  separates  laminar  and  reattaches  turbulent .  Thus  the 
transition  occurs  within  this  separated  region.  Taking  into  account  the 
photograph  of  the  separation  bubble  which  shows  a  thickened  boundary  layer 
downstream  of  the  ape*,  we  suggest  that  the  thickened  boundary  layer 
indicates  that  transition  has  occurred. 

Jones,  UK 

You  referred  to  two  separation  lines  ahead  of  the  leading  edge  of  the 
blade.  The  downstream  separation  you  associate  with  the  horseshoe  vortex. 
Do  you  have  information  about  the  flow  between  the  two  separation  lines? 
Wa3  any  vertical  motion  observed  in  this  area? 

Author's  Reply: 

The  only  information  I  have  are  those  from  oil  flow  patterns  and  r  *all 
pressure  distributions.  They  do  not  allow  any  conclusion  concerning  ;iow 
structure  and  vortical  motion. 


Moustapha,  Canada 

Did  you  measure  the  losses  as  a  function  of  inlet  angle  change?  It  will 
be  nice  to  report  these  data. 

Author's  Reply: 

These  losses  were  measured  by  Dr  Braunling.  The  data  have  been  published 
in  a  DLR-Internal  Report 
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Centrifugal  Impeller  Geometry  and  its  Influence  on  Secondary  Flows 

by 
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1.  ABSTRACT 

Detailed  experimental  and  theoretical  flow  field  studies  are  carried  out  for  two  30 
deg. ,  high  pressure  ratio  impellers  having  the  same  blade  geometry  but  different  shroud 
contours.  An  advanced  Laser-Two-Focus  Velocimeter  is  used  to  obtain  experimental 
data  (8),  the  theoretical  investigations  are  performed  with  a  3D- viscous  cede  (4)  that 
was  coupled  with  a  postprocessor  primarily  suitable  for  turbomachinery  flow  field 
studies  (2)  .  Comparisons  between  measured  and  calculated  data  are  carried  out  and  the 
influence  of  the  flow  channel  variation  on  the  through  flow  velocity  patterns  and 
secondary  flow  structures  are  discussed. 


SYMBOLS 


A* 

constant  damping  factor,  A4  =26 

V 

finite  volume 

C/Ueb 

Klebanoff  constant  CKM  =  0.3 

V 

absolute  velocity 

CwK 

constant,  CWK  =  0.25 

w 

relative  velocity 

C/nl. 

velocity  component  perpendicular  to 

y,y* 

coordinate  normal  to  the  wall, 

laser  beam  axis 

.v  =  Jijp*  Ip„ 

cp ,  c. 

constants  of  specific  heat 

ylt 

dimensionless  blade  pitch 

e 

volume-specific  total  energy 

z 

axial  coordinate 

m 

flux 

z/b 

dimensionless  channel  depth 

F(y) 

function,  Eq.  (7)  on  page  8 

ZR 

rotor  blade  number 

h 

static  enthalpy,  h  =  (tc/«  -  1  )pjp 

a 

constant,  a  =  0.0268 

I 

rothalpy,  I  =  h  +  {w*)l2  -  (£bj:/2 

5S 

surface  element  of  finite  volume 

l 

mixing  length,  /  =  ky,  k  =  0.41 

5V 

finite  volume  element 

m 

mass  flow  rate 

P 

density 

n 

finite  volume  surface  normal 

K 

K  =  Cp/C„ 

nlf,0 

shaft  speed  /  design  speed 

P 

viscosity 

PS 

pressure  side 

P-tuib 

eddy  viscosity 

P 

pressure 

T 

stress  tensor 

r 

radial  coordinate 

total  /total  pressure  ratio 

S 

surface  of  finite  volume 

<P 

circumferential  coordinate 

SS 

suction  side 

a 

constant  angular  velocity 

T 

temperature 

<5 

<ii>  =  l/2Vxv 

t 

time 

Vx 

differential  operator:  rotor 

u 

circumferential  velocity 

w 

value  taken  at  the  wall 

2.  INTRODUCTION 

The  flow  character  of  advanced  centrifugal  compressor  impellers  is  typically  governed 
by  fully  3D-viscous  flow  effects  being  primarily  due  to  the  complex  flow  channel 
geometry  and  to  the  high  loading  of  these  components.  Strong  curvature  effects  in 
conjunction  with  boundary  layer  developments  are  causing  significant  secondary  flows  in 
both  the  hub-to-tip  and  blade-to  blade  planes.  Coriolis  forces,  tip  clearance  effects  as 
well  as  strong  decelerations  of  the  relative  flow  in  the  shroud  area  are  additionally 
contributing  to  the  development  of  pronounced  cross  flows.  The  loss  productions  and  the 
performance  characterstics  of  centrifugal  compressors  are  believed  to  be  strongly 
dependent  on  secondary  flow  development  inside  the  impellers.  The  interdependence 
between  secondary  and  primary  flows  have  been  experimentally  studied  with  the 
L2F-velocimeter  for  a  30  deg,  backswept  impeller,  (1) ,  (8) .  These  studies  revealed  that 
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the  through  flow  velocity  pattern  was  disturbed  in  areas  of  pronounced  vortex 
development.  This  points  to  an  impeller  efficiency  drop  in  the  areas  of  high  secondary 
flow  development  and  to  a  reduction  of  the  flow  range  of  the  overall  machine,  especially 
if  vaned  diffusors  are  used  that  are  generally  applied  for  high  pressure  ratio 
compressors  (it.  >3).  For  these  reasons  a  secondary  flow  control  during  the  design  process 
of  centrifugal  impellers  seems  to  be  a  prerequisite  for  a  further  improvement  in 
efficiency  and  flow  range.  This,  however,  necessitates  the  development  of  reliable 
tools  capable  to  predict  and  analyse  such  effects  during  the  design  process.  Todays 
advanced  3D-viscous  calculation  methods  in  combination  with  increasing  computer 
capacities  are  offering  the  possibilities  to  solve  the  problem  indicated,  (4),  (5),  (6) 
and  (7) .  However,  presently  it  is  not  well  known  whether  the  available  3D-viscous  codes 
can  be  reliably  applied  to  complex  flow  situations  like  those  occuring  in  centrifugal 
compressor  impellers.  For  example,  it  is  not  quite  clear  up  to  now,  whether  the  simple 
turbulence  models  applied  are  sufficient  to  describe  flow  phenomena  like  wake 
development,  separation  and  backflow  that  are  known  to  occur  frequently  in  centrifugal 
impellers.  Therefore  these  methods  should  be  checked  against  reliable  measurement  data 
before  becoming  a  regular  design  tool.  This  paper  describes  the  application  of  an 
impeller  design  procedure,  (2),  containing  Q3D  calculations  on  hub-to-tip  and 
blade-to-bJade  stream  surfaces,  boundary  layer  calculations  as  well  as  3D~viscous 
calculations.  The  design  procedure  was  applied  tc  two  different  impeller  designs  that 
have  been  experimentally  investigated  with  the  help  of  laser  velocimetry,  (8) .  Both  the 
experiments  and  the  calculations  give  insight  into  the  secondary  flow  development  of  the 
two  impellers.  The  influence  of  the  flow  channel  geometry  on  secondary  flows  has  been 
studied  and  it  was  found  that  a  detailed  control  of  secondary  flow  during  the  design 
process  should  be  possible  by  the  application  of  3D-viscous  codes  which  probably  would 
contribute  to  a  further  efficiency  improvement  of  impellers  and  to  a  significant  cost 
reduction  during  the  development  process  of  advanced  centrifugal  compressors. 

3.  TEST  IMPELLERS 

3.1  GEOMETRICAL  DATA 

Two  30  deg.  backswept  impellers  have  been  used  for  the  flow  studies.  Both  had  the  same 
blade-  und  hub  geometry  and  were  operated  at  the  same  mass  flow  rate  and  shaft  speed  but 
differed  in  their  shroud  contour  shape.  The  second  impeller  was  a  redesign  of  the  f'rst 
one.  The  detailed  blade  geometry  of  the  first  impeller  is  submitted  in  Table  1, 
containing  the  pressure-  und  suction  surface  coordinates  of  the  blades.  Fiqure  1  shows  a 
comparison  of  the  meridional  cross  sections  for  both  impellers. 


PRESSURE  SIOE 

HUB 

! 

T 

P 

1 

X 

(MM) 

Y 

(MM) 

Z 

(MM) 

X 

(HM) 

Y 

(KM) 

Z 

( HM) 

1 

0 

00 

-27 

76 

35 

41 

0.00 

-65 

64 

91 

67 

2 

6 

40 

-26 

03 

39 

76 

5.36 

-57 

95 

96 

86 

3 

12 

70 

-24 

40 

43 

97 

10.53 

-51 

16 

101 

01 

4 

18 

90 

-22 

82 

48 

15 

15.52 

-45 

07 

104 

49 

5 

24 

98 

-21 

23 

52 

36 

20.35 

-39 

55 

107 

51 

6 

30 

93 

-19 

62 

56 

64 

25.04 

-34 

50 

110 

22 

7 

36 

76 

-17 

97 

61 

01 

29.61 

-29 

82 

112 

73 

8 

42 

44 

-16 

25 

65 

49 

34.05 

-25 

46 

115 

10 

9 

47 

98 

-14 

45 

70 

08 

38.39 

-21 

36 

117 

40 

10 

53 

37 

-12 

57 

74 

79 

42.64 

-17 

48 

119 

66 

11 

58 

59 

-10 

59 

79 

62 

46.80 

-13 

77 

121 

93 

12 

63 

64 

-8 

49 

84 

56 

50.88 

-10 

21 

124 

22 

13 

68 

52 

-6 

28 

89 

62 

54.89 

-6 

75 

126 

57 

14 

73 

22 

-3 

93 

94 

79 

58.82 

-3 

39 

128 

99 

15 

77 

72 

-1 

44 

100 

06 

62,68 

-0 

07 

131 

51 

16 

82 

03 

1 

20 

105 

43 

66.47 

3 

20 

134 

13 

17 

86 

14 

4 

00 

no 

88 

70.18 

6 

48 

136 

88 

Id 

90 

04 

6 

97 

116 

41 

73.80 

9 

77 

139 

76 

19 

93 

73 

10 

12 

122 

00 

77.34 

13 

11 

142 

80 

20 

97 

20 

13 

46 

127 

66 

80.79 

16 

52 

146 

00 

21 

100 

45 

16 

99 

133 

35 

84.12 

20 

04 

149 

38 

22 

103 

48 

20 

73 

139 

07 

87.32 

23 

68 

152 

93 

23 

106 

27 

24 

68 

144 

81 

90.37 

27 

49 

156 

67 

24 

108 

83 

28 

85 

150 

54 

93.25 

31 

48 

160 

60 

26 

111 

15 

33 

o 

150 

Zo 

55.92 

OP 

6o 

1o4 

72 

26 

113 

23 

37 

88 

161 

94 

98.36 

40 

13 

169 

01 

27 

115 

07 

42 

75 

167 

56 

100.52 

44 

83 

173 

46 

28 

116 

66 

47 

87 

173 

14 

102.37 

49 

80 

178 

06 

29 

118 

00 

53 

26 

178 

62 

103.86 

55 

06 

182 

76 

30 

119 

09 

58 

91 

183 

98 

104.95 

60 

62 

187 

60 

SUCTION  SIOE 

HUB 

Tl 

P 

1 

X 

(KM) 

Y 

(MM) 

z 

(MM) 

X 

(MM) 

Y 

(MM) 

Z 

(MM) 

1 

0.00 

-23.88 

38. 

14 

0.00 

-63. 

92 

92.88 

2 

6.40 

-21.66 

42. 

31 

5.36 

-55. 

46 

98.31 

3 

12.70 

-19.63 

46 

30 

10.53 

-48. 

11 

102.50 

4 

18.90- 

-17.74 

50. 

24 

15.52 

-41. 

65 

105.90 

5 

24.98 

-15.94 

54. 

21 

20.35 

-35. 

89 

108.78 

6 

30.93 

-iu.19 

58. 

24 

25.04 

-30. 

70 

111.34 

7 

36.76 

-12.44 

62 

38 

29.61 

-25. 

97 

113.68 

8 

42.44 

-10.67 

66 

63 

34.05 

-21. 

60 

115.89 

9 

47.98 

-8.86 

71 

01 

38.39 

-17 

53 

118.03 

10 

53.37 

-6.97 

75 

52 

42.64 

-13. 

70 

120.16 

11 

58.59 

-4.99 

80 

16 

46.80 

-10 

04 

122.29 

12 

63.64 

-2.91 

84 

94 

50.88 

-6 

53 

124.47 

13 

68.52 

-0.72 

89 

84 

54.89 

-3 

12 

126.71 

14 

73.22 

1.60 

94 

86 

58.82 

0 

21 

129.04 

15 

77.72 

4.05 

99 

99 

62.68 

3 

50 

131.46 

16 

82.03 

6.63 

105 

22 

66.47 

6 

75 

134.00 

17 

86.14 

9.35 

110 

56 

70.18 

10 

01 

136.66 

18 

90.04 

12.21 

115 

98 

73.80 

13 

28 

139.47 

19 

93.73 

15.23 

121 

47 

77.34 

16 

59 

142,44 

20 

97.20 

18.40 

127 

04 

80.79 

19 

95 

145.57 

21 

100.45 

21.73 

132 

66 

84.12 

23 

38 

148.89 

22 

103.48 

25.24 

138 

32 

87.32 

26 

92 

152.40 

23 

106.27 

28.93 

144 

02 

90.37 

30 

57 

156.10 

j  24 

108.83 

32.82 

149 

73 

93.25 

34 

37 

160.01 

CP 

1 1 1 .  «P 

36.92 

■»  CC 

■  S 

IQ 

Qt;  op 

38 

ju 

164,12 

26 

113.23 

41.26 

161 

12 

98.36 

42 

53 

168.42 

27 

115.07 

45.84 

166 

76 

100.52 

46 

95 

172.90 

28 

116.66 

50.69 

172 

34 

102.37 

51 

65 

177.53 

29 

118.00 

55.82 

177 

83 

103.86 

56 

66 

182.29 

30 

119.09 

61.26 

183 

.21 

104.95 

62 

02 

187.15 

Table  1.  Blade  coordinates  of  the  first  impeller. 
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center  of 


Figure  1.  Meridional  cross  sections  of 
both  impellers 


Figure  2.  Generation  of  blade  surfaces. 
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Figure  3.  Performance-  map  of  the  first  stage. 


The  blade  surfaces  are  composed 
of  straight  line  elements, 
which  ensures,  that  the  impeller 
can  be  manufactured  in  a  flank 
-milling  mode  on  a  5-axis  nume¬ 
rically  controlled  milling 
machine  (Fig.  2) . 

The  blade  leading  edge  is  gene¬ 
rated  by  radially  varying 
circles  that  are  tangent  to  the 
blade  surfaces.  The  main  im¬ 
peller  dimensions  and  operating 
conditions  for  the  measurements 
and  calculations  are  as  follows: 
d,  =  400  mm,  zR  =  22363  rpm, 
m  -  4.0  kg/s.  The  specific 
speed  of  the  first  impeller  was 
N  =  80  (US  units) .  Both  im- 
pillers  were  manufactured  from 
aluminium  and  operated  up  to 
a  maximum  shaft  speed  of  23481 
rpm.  During  the  tests  the  im¬ 
pellers  were  coupled  with  diffu¬ 
sers  of  constant  areas  adopted 
to  the  specific  impeller  geome¬ 
try  each.  Tip  clearance  for  the 
design  point  was  measured  to  be 
0.5  mm  at  the  inlet  and  0.2  mm 
at  the  exit.  For  the  3D-viscous 
calculations  a  linear  clearance 
distribution  was  assumed  from 
inlet  to  exit. 


3.2.  PERFORMANCE  CHARACTERISTICS 

The  performance  characteristics 
of  both  stages  are  submitted  in 
Figures  3  and  4 .  Detailed  con¬ 
ventional  measurements  were 
carried  out  for  the  first  stage 
that  included  mass  flow  rate, 
total  and  static  pressure,  tem¬ 
perature  as  well  as  flow  angle 
measurements.  The  development 
of  static  pressure  was  taken 
from  rotor  inlet  to  the 
diffuser  exit.  Total  tempera¬ 
tures  were  measured  at  the  com¬ 
pressor  inlet  and  exit  and 
assumed  constant  throughout  the 
diffuser  for  calculating  the 
impeller  efficiency.  For  these 
calculations  a  mean  static 
pressure  derived  from  24  cir¬ 
cumferentially  distributed 
measurement  positions  was  used. 
The  maximum  total/total  isen- 
tropic  impeller  efficiency  was 
94%.  The  flow  angle  and  total 
pressure  distribution  at  the 
diffuser  exit  was  measured  with 
6  circumferentially  distributed 
3-hole  probes  that  have  been 
moved  in  the  axial  direction. 
From  the  measurement  arrangement 
described  the  performance 
map  shown  in  Figure  3  has  been 
derived. 
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The  experimental  investigations  for  the 
second  impeller  were  mainly  concerned  with 
laser  measurements.  Therefore  only  limited 
conventional  measurements  were  carried  out. 
These  included  total  pressure  and  total 
temperature  measurements  at  the  impeller 
inlet  nescessary  for  shaft  speed  and  mass 
flow  corrections.  Additionally,  the  total 
pressure  was  measured  at  the  diffuser  exit. 
But  for  these  measurements  only  one 
stationary  Pitot-tube  was  used.  From 
this  simple  arrangement  the  second  per¬ 
formance  map  shown  in  Figure  4  has  been 
derived.  Nevertheless,  the  comparison  of, 
of  both  maps  gives  useful  information 
about  the  different  compressor  charac¬ 
teristics.  Obviously  the  flow  range  of 
the  second  stage  has  been  significantly 
increased  by  changing  the  compressor 
shroud  contour.  As  expected,  for  the 
the  same  shaft  speed  the  pressure  ratio 
of  the  second  stage  is  lower  than  that 
of  the  first  stage  which  is  due  to  the 
lower  energy  input  per  mass  flow  rate. 

Due  to  the  higher  absolute  design  flow 
angle  at  the  impeller  exit,  the  surge 
line  for  the  second  stage  has  shifted  to 
lower  mass  flow  rates. 


Figure  4.  Performance  map  of  the  second  stage. 

4.  TEST  RESULTS 
4.1  INSTRUMENTATION 

The  internal  flow  fields  of  both  impellers  were  analysed  with  the  Laser-Two-Focus 
Velocimetry  developed  at  DLR.  This  measurement  system  gives  information  about  the 
magnitude  and  direction  of  the  absolute  velocity  vector  and  its  turbulent  components. 

The  relative  velocity  components  can  be  easily  derived 
from  the  velocity  triangle  that  can  be  constructed  with 
the  help  of  the  known  circumferential  rotor  velocity. 
Generally  the  error  of  mean  absolute  velocity 
measurements  is  less  than  +  1  %  and  the  uncertainty  in 
flow  angle  measurements  is  usually  less  than  +  1  deg.. 
Only  in  pronounced  wake  areas  an  increased  uncertainty 
has  to  be  taken  into  account.  Here  the  error  in 
absolute  velocity  can  raise  up  to  +  3  %,  and  an 
error  in  flow  angle  measurement  up  to  +  3  deg.  can 
occur.  However,  pronounced  jet/wake  flows  did  not  occur 
inside  the  flow  channels  of  the  two  rotors  investigated 
excluding  increased  L2F-uncertainties  in  the  specific 
applications.  From  the  velocity  triangle  it  can  be 
derived  that  the  uncertainty  in  relative  flow  angle  for 
the  backswept  impellers  is  less  than  +  0.5  deg.. 
Additional  information  about  the  L2F-measurement 
technique  and  its  application  to  complex  turbomachinery 
flow  conditions  are  described  in  (9).  Measurements  in 
both  impellers  were  carried  out  in  6  planes  equally 
cnapo/j  2 long  ths  shroud  contour.  Figure  5  gives  the 
the  arrangement  of  the  measurement  planes  for  the  first 
rotor. 


Plane  windows  inserted  parallel  to  the  shroud 
contour  were  used  for  measurements.  Thus  all 
measurement  planes  were  perpendicular  to  the  shroud.  Extensive  laser  measurements  were 
carried  out  for  the  first  impeller  at  70,  90  and  100  percent  shaft  speed  and  also  for 
each  speed  measurements  close  to  surge  at  BEP  and  close  to  choke  were  carried  out.  For 
the  redesigned  impeller,  however,  L2F-measurements  were  limited  to  only  one  operating 
point  (n/nQ  =  1.0,  m  =  4.0  kg/s)  which  was  the  design  point  for  the  first  impeller. 

4.2  MEASUREMENT  RESULTS 

Information  about  the  vortex  flow  in  rotating  turbomachinery  components  can  be  ob¬ 
tained  from  L2F-measurements  by  plotting  lines  of  constant  relative  flow  angle.  This  is 


Figure  5.  Arrangement 
of  measurement  planes. 
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illustrated  in  Figure  6 ,  taken  from 
(1).  The  appearance  of  the  isocline 
pattern  gives  information  whether  a 
vortex  flow  is  present  or  not.  The 
basic  equations  for  a  real  vortex, 
composed  of  a  solid  body  vortex 
ane  a  potential  vortex  part  are 
given  in  the  same  figure.  From 
these  equations  it  can  be  derived 
that  lines  of  constant  relative 
flow  angle  are  parallel  to  each 
other  in  the  solid  body  vortex  area 
(0<r<rQ) ,  whereas  the  isoclines  are 
of  elliptic  type  in  the  potential 
vortex  area  (r>rQ) .  The  derivative 
given  in  Figure  6  has  been  carried 
out  for  a  main  through  flow  direc¬ 
tion  that  is  inclined  against  the 
drawing  plane  (6.  =  35  deg.). 
According  to  this  result  the 
vortex  center  is  always  located  in 
the  middle  of  the  parallel  iso¬ 
clines.  The  approach  presented  was 
originally  applied  by  Binder  (10) 
who  derived  similar  equations  for  a 
through  flow  direction  perpendicu¬ 
lar  to  the  drawing  plane.  This 
approach  has  been  used  to  analyse 
the  vortex  flow  inside  the  flow 
passages  of  the  two  backswept 
impellers.  A  real  vortex  was 
assumed  to  be  present  when  an  iso¬ 
cline  pattern  like  that  shown  in 
Figure  6  occured.  It  should  be 
mentioned  that  the  measurements  were  taken  in  planes  orientated  in  the  circumferential 
direction.  Therefore  the  analysis  of  the  vortex  flow  could  also  only  be  carried  out  in 
these  planes.  Very  often,  however,  secondary  flows  are  plotted  in  planes  perpendicular 
to  the  main  flow  direction  or  perpendicular  to  a  somehow  defined  main  channel  direction 
which  makes  it  difficult  to  compare  secondary  flow  patterns.  The  shape  of  the  secondary 
flow  pattern  depends  strongly  on  the  view  direction  and  can  extremly  change  when  the 
view  direction  changes.  Therefore  from  the  simple  approach  presented  in  Figure  6  only  an 
overall  information  about  the  presence  of  a  vortex  flow  can  be  extracted,  but  it  is  not 
to  be  expected  that  such  a  detailed  information  as  that  of  3D-calculations  can  be 
obtained  f-om  this  approach.  That  is  also  due  to  the  rather  limited  measurement  data 
used  for  the  interpolation  procedure.  Nevertheless,  vortex  flow  patterns  derived  from 
measurements  in  two  different  impellers,  drawn  in  the  same  way  and  plotted  on  the  same 
planes,  as  done  here,  should  give  information  in  which  way  the  secondary  flows  are 
changinq  when  different  impeller  geometries  are  applied. 
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Figure  7.  Blade  angle  distribution  for  the  second  rotor. 

Figure  7  at  first  shows  the  blade  angle  distibution  for  both  impellers.  High  blade  angle 
variations  are  present  in  the  shroud  area  where  a  turning  of  about  32  deg.  occurs  which 
does  not  include  the  turning  in  the  meridional  plane  that  is  in  the  range  of  84  deg.. 
This  illustrates  that  strong  3D-effects  are  to  be  expected  in  these  impellers. 
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Figuie  6.  Sketch  of  vortex  flow  model  (1). 
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Figure  8.  Isocline  patterns  for  plane  I  of  both  impellers. 


The  measured  flow  angle 
distributions  at  the  inlet 
(plane  I)  are  shown  for  both 
impellers  in  Figure  8.  The 
patterns  are  actually  results  of 
an  interpolation  between  a 
limited  number  of  measurement 
points.  About  65  measurement 
points  were  available  for  these 
interpolations.  In  principal 
both  isocline  patterns  are  very 
similar  to  each  other  and 
no  closed  isoclines  pointing  to 
a  real  vortex  are  seen.  The 
relative  flow  angle  at  the  hub 
of  the  second  impeller  is  lower 
than  that  of  the  first  impeller 
which  is  equivalent  to  a 
slightly  lower  through  flow 
close  to  the  hub  of  the  second 
impeller.  A  comparison  with 
Figure  7 ,  illustrating  the  blade 
angle  distribution,  reveals  that 
the  blade  and  flow  angles  of 
both  impellers  are  in  the  same 
range  pointing  to  a  blade 
congruent  flow  for  the  operating 
point  under  consideration.  A 
different  situation  occurs  at 
plane  IV  located  at  60  percent  flow 
path  length  for  which  the 
corresponding  isocline  patterns  are 
shown  in  Figure  5 . 


Figure  9.  Isocline  patterns  for  plane  IV  of  both  impellers. 


12-7 


In  this  area  the  mean  flow  angle  levels  are  similar  for  both  impellers  and  they  are  in 
good  agreement  with  the  angle  prescribed  by  the  blade  (Figure  7) ,  however,  the  isocline 
structure  is  different  for  both  impellers.  The  pronounced  channel  vortex  flow  occuring 
at  this  measurement  plane  in  rotor  1  and  indicated  by  the  isoclines  of  elliptic  type  is 
not  seen  for  the  second  rotor.  In  contrast,  similar  isocline  structures  are  present  in 
the  shroud  areas  of  both  impellers  indicating  that  no  principal  change  in  secondary 
flows  is  obtained  in  this  region  where  secondary  flows  are  mainly  governed  by  tip  clear¬ 
ance  effects  that  are  strongly  dependent  on  blade  loading.  Since  the  blade  geometry  is 
the  same  for  both  designs  the  blade  loading  characteristic  will  also  be  similar  for  both 
rotors  resulting  in  similar  tip  clearance  effects  at  the  same  measurement  positions.  A 
similar  situation  occurs  at  the  impeller  exit  (plane  VI)  for  which  the  measured  iso¬ 
cline  distributions  are  plotted  in  Figure  10. 


Although  the  isocline  structure 
has  slightly  changed  inside  of 
the  flow  channel,  the  concen¬ 
tration  of  parallel  isoclines 
pointing  to  a  strong  vortex 
development  is  again  present  in 
the  shroud  regions  of  both  im¬ 
pellers.  Obviously,  distinct 
changes  in  the  secondary  flow 
characteristic  at  this  plane 
were  mainly  obtained  in  the 
center  of  the  flow  channel 
whereas  the  secondary  flows 
due  to  tip  clearance  effects 
have  again  conserved  their 
features.  The  results  obtained 
are  showing  that  secondary 
flows  can  be  influenced 
by  changes  of  the  flow  channel 
geometry.  Probably  an  even 
stronger  reduction  in  secondary 
flows  could  be  possible  by  an 
additional  variation  of  the 
blade  geometry.  In  this  case  an 
improvement  of  impeller  effi¬ 
ciencies  could  be  expected,  because  secondary  flows  are  strongly  contributing  to  the 
loss  production  of  impellers.  Additionally  they  are  influencing  the  primary  flow  pattern 
at  the  exit  of  the  impeller  that  controls  the  flow  range  of  the  machine.  Therefore, 
developping  theoretical  tools  capable  to  predict  reliably  the  secondary  flow  development 
in  impellers  seems  to  be  a  valuable  step  forward. 


Figure  10. 
Isocline  patterns 


for  plane  VI  of  both  impellers 


for  NC-HRbog 
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5,  NUMERICAL  APPROACH 
5.1  DESIGN  PROCEDURE 


The  impeller  design  proceeds  in 
running  iteratively  modular  programs 
of  the  design  procedure,  Figure  11, 
starting  in  GEOB  on  a  set  of  16  input 
parameters  for  analytical  functions 
describing  hub-  and  shroud  meridional 
contours  and  the  blade  geometry. 

The  fluid  dynamic  variables  corre¬ 
sponding  to  the  designed  flow 
channel  are  calculated  on  hub-to 
-shroud  and  on  blade-to-blade  sur¬ 
faces  at  different  radial  positions. 
The  latter  take  care  of  input  data 
from  GEOB  and  the  hub-to-shroud 
calculation.  A  feed-back  of  the 
blade-to-blade  solution  to  the 
hub-to-shroud  calculation  is  not 
provided.  The  boundary  layer  calcula¬ 
tions  for  pressure  and  suction  sides 
of  the  blades  and  for  the  hub  and 
shroud  surfaces  are  independent  of 
the  flow  calculation.  In  this  flow 
calculation,  viscous  effects  are 
already  incorporated  through  aerody¬ 
namic  blockage.  The  boundary  layer 
calculations  are  carried  out  to  indi¬ 
cate  whether  separation  occurs  or 
not.  Secondary  flow  and  vortex 
development  cannot  be  predicted  by 
this  Sl/S2-flow  solution. 


Figure  11.  Block  diagram  for  the  impeller  design, 
flow  field  calculations  and  3D-data  visualization 
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In  principal,  it  is  possible  to  replace  this  Sl/S2-calculation  by  the  3D-viscous 
time-dependent  flow  solution  mentioned  below,  but  iterative  loops  of  the  Navier-Stokes 
code  are  too  expensive  and  time-consuming  and  would  typically  need  45  times  of  CPU-time 
of  one  Sl/S2-solution  on  a  supercomputer.  Thus,  in  this  approach,  the  impeller  is 
designed  to  a  relative  optimum  running  a  lot  of  fast  Sl/S2-calculations.  Finally,  the 
3D-viscous  flow  field  is  simulated  by  a  solution  of  the  Navier-Stokes  equations. 


5.2  3D-VISC0US  FLOW  CALCULATIONS 

The  following  time-dependent  Navier-Stokes  equations  (1)  have  been  solved  with 
respect  to  a  steadily  rotating  frame  of  reference  and  cylinder  coo  mates  r,  <p  and  z 
by  the  code  of  Dawes  (4)  that  has  been  modified  for  efficient  us  on  CRAY-type  vector 
processing  computers  for  which  a  speedup  of  1.5  has  been  achieved  up  to  now  for  a 
typical  3D-solution,  measured  against  the  auto-vectorized  version.  An  even  higher 
acceleration  seems  to  be  possible  by  vectorizing  the  remaining  scalar  calculation  of 
viscous  terms,  that  needs  42  %  of  the  overall  CPU-time  for  a  converged  solution. 
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These  equations  are  interpreted  as  Reynold-averaged  Navier-Stokes  Equations  with 
viscosity  and  static  pressure  formally  replaced  in  the  following  way,  where  the 
turbulent  kinetic  energy  has  been  added  to  the  static  pressure: 

P*-P+  Plurb  P'-P  +  Y  pv'k v'k  (2) 

In  the  program  the  eddy  viscosity  y  .  .  is  derived  from  a  modified  Baldwin-Lomax 

turbulence  model  with  r 

Pturblm,  =  Pi2 1  w  I  with  /  =  ky  [  I  -  cxp(  -  / +  /A  + )]  (3) 

+  + 

for  an  inner  region  y  <  y  .  For  an  outer  region  y  >  y  ,  the  modified  Clauser  formula 


PlurbMUr  ~  P*Fw  F/(Mi 


(4) 
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+ 

has  been  applied.  Switching  between  these  two  formulas  occurs  at  positions  y  with 

..  .  ,  .  The  Klebanof f  intermittency  factor  is  chosen  to  be 

^  turb  inner  >1turb  outer 

^Kleb  -  [*  +  5.5  (CKlfbyly,mx)  ]  ^ 

and  P  is 

W 

Fw=  niin(ymnx  F(y)mM  ,  CWKymmvln.Fl  F{y) max)  (6) 

with  F  ,  the  maximum  of  function  (7)  and  vDJpF  the  maximum  difference  of  the  absolute 
veloci?ies  on  a  y  -coordinate  line  and 

F(y)  =  j’|wl[l  —  cxp(  — j'+/ /1+)J  (7) 

Stable  solutions  were  reached  after  2000  and  2600  time  steps  for  the  first  and  the 
redesigned  impeller,  respectively.  Both  impeller  flow  channels  were  discretized  into  16 
x  16  x  94  blade-to-blade ,  span-  and  streamwise  finite  volumes  with  ?  volumes  filling  the 
tip  clearence  gap,  Figure  12. 


The  blade  tip  gap  was  formed  by  reducing  blade  thickness  smoothly  to  zero.  In  the  finite 
tip  gap  volumes,  circumferential  periodicity  has  been  assumed  for  the  calculation  of 
boundary  values.  With  respect  to  the  metal  geometries  tested,  the  computing  grids  did 
not  fit  exactly  the  spinner  shape,  the  leading-  and  trailing-edges  and  the  sharp  edges 
at  the  blade  tips  due  to  grid  point  number  restrictions.  Grid  refinement  in  these  flow 
regions  and  the  response  of  the  numerical  code  on  that  have  not  been  studied  up  to  now. 
This  may  be  important  for  an  even  more  precise  numerical  analysis  of  the  channel 
boundary-  and  tip  gap  flows,  that  drive  secondary  flow. 


Figure  12.  Grid  used  for  3D  calculations. 
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5.3  POSTPROCESSING 

The  solutions  have  been  postprocessed  by  a  modular  and  partly  interactive  program 
system  (2)  (lower  right  part  of  Figure  11)  .  With  this  a  flexible  3D  grafic  and  numeric 
analysis  of  the  primary  and  secondary  variable  field  has  become  possible.  Although 
computing  times  of  postprocessing  routines  are  small  compared  to  that  for  a  single 
converged  Navier-Stokes  solution,  postprocessing  demands  for  a  large  amount  of  time 
selecting  and  producing  evident  graphics  of  flow  variables  based  on  a  complex  spatially 
wounded  geometry  as  that  of  a  backswept  radial  impeller.  To  reduce  this  amount  of  work, 
some  special  turbomachinery  applications  have  been  implemented  that  are  automatically 
processed.  For  ease  of  secondary  flow  studies  flow  vectors  can  be  plotted  on  crossflow 
surfaces.  Such  a  surface  shows  the  secondary  velocity  in  a  plane  normal  to  the  viewpoint 
direction  that  is  impliciteiy  defined  by  the  program.  In  this  case,  the  viewpoint 

direction  may  be  defined  as  local  mean  flow  direction  which  is  the  mean  direction  of  the 
four  channel  corner  tangents.  The  following  secondary  flow  pictures  are  examples  of  this 
approach.  Any  other  definition  is  possible,  but  each  definition  produces  its  specific 
projected  view  of  the  relative  velocity,  hence  its  own  picture  of  secondary  flow. 

5.4  SECONDARY  FLOW  ANALYSIS 

A  detailed  comparison  between  measured  and  calculated  3D  results  carried  out  for  the 
first  rotor  revealed  predominantly  good  agreement  between  measured  and  calculated 
through  flow  velocity  profiles.  Additionally,  a  reasonable  cross  flow  structure  was 
predicted  for  the  boundary  layer  development  along  the  blade  surfaces  (2) .  The 

encouraging  agreement  obtained  suggests  that  the  code  can  also  be  used  for  particular 
secondary  flow  studies  that  could  give  more  insight  into  the  flow  mechanisms  of  the  two 
impellers  under  consideration.  For  these  studies  the  output  of  the  postprocessor  (Figure 
11 ,  Program  LOOK)  has  been  used.  With  this  program  secondary  flow  plots  have  been 

generated  for  specific  cross  sections.  Before  going  into  these  details  an  additional 

comparison  between  measured  and  calculated  through  flow  velocity  profiles  is  shown  for 
both  rotors  in  Figures  13  and  14. 


Figure  13.  Comparison  of  measured 
through  flow  velocity  profiles  for 
both  impellers  at  60  percent  flow 
path  length. 


Figure  14.  Calculated  meridional  velocity 
distribrution  for  both  impellers  on  mid-pitch 
planes. 
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Figure  13  shows  the  measured  meridional  velocity  profiles  for  the  two  impellers  at 
measurement  plane  IV,  located  at  60  per  cent  flow  path  length  and  Figure  14 
illustrates  the  calculated  meridional  velocities  for  both  designs  on  mid-pitch  surfaces. 
The  measurements  clearly  show  significant  differences  in  the  velocity  profiles  of  the 
two  impellers.  The  disturbed  profiles  of  the  first  rotor  that  are  extending  from  the 
shroud  up  to  50  per  cent  flow  channel  depth  (z/b  =  0  -  0.5)  have  smoothed  out  for  the 

second  rotor.  The  second  rotor  has  only  a  slightly  disturbed  velocity  profile  in  the 
vicinity  of  the  shroud  which  seems  to  be  due  to  tip  clearence  effects.  The  disturbance 
in  this  region,  however,  is  also  smaller  than  for  the  first  rotor.  A  very  regular 
profile  occurs  for  the  second  rotor  inside  of  the  flow  channel  that  was  the  aim  of  the 
redesign  approach.  For  the  redesign  the  Q3D-calculation  procedure  was  used  because  at 
that  time  the  3D-viscous  calculation  method  was  not  available. 

The  3D-mathod  was  applied  to  calculate  the  flow  field  of  the  second  rotor  when  the 
measurements  were  already  taken.  The  calculations  indeed  confirmed  the  measurement 
results  what  is  shown  in  Figure  14.  The  calculated  meridional  velocity  distributions  are 
indicating  a  distinct  low  velocity  region  in  the  shroud  area  of  the  first  rotor  that  is 
not  predicted  for  the  second  rotor.  At  60  percent  flow  path  length  the  calculation 
indicates  a  very  smooth  velocity  distribution  from  hub  to  shroud  for  the  second  rotor 
what  corresponds  fairly  well  with  the  measurements  of  Figure  13.  Obviously  the  3D  code 
is  capable  to  predict  correctly  flow  phenomena  that  are  very  important  to  be  known 
during  the  design  process.  Especially  the  knowledge  whether  a  wake  development  inside 
the  impeller  is  to  be  expected  or  not  is  of  importance  to  the  designer  of  these  machines 
who  generally  wants  to  avoid  this  effect.  The  measured  and  calculated  results  are 
suggesting  that  the  3D-code  in  conjunction  with  an  appropriate  geometry  generation 
procedure  could  help  to  solve  this  problem. 

The  following  Figures  will  give  additional  information  about  the  secondary  flow 
development  inside  the  flow  passages  of  both  impellers.  Here  the  secondary  flows  are 
plotted  on  cross  flow  planes  that  are  perpendicular  to  a  mean  flow-channel  direction. 
The  mean  flow-channel  direction  is  defined  by  the  directions  of  the  tangents  at  the  four 
corner  points  of  a  cross  flow  plane.  The  relative  flow  vectors  are  perpendicularly 
projected  on  these  cross  flow  planes.  In  this  paper  the  result  of  this  projection  is 
called  "Secondary  Flow".  It  should  be  mentioned  again  tnat  the  secondary  flow  structure 

can  look  quite  different  if  the  projection  is  only  slightly  changed  which  makes  it 

sometimes  difficult  to  compare  calculated  secondary  flow  patterns.  These  difficulties, 
however,  do  not  occur  for  the  comparisons  to  be  presented  for  the  two  rotors  which  is 

primarily  due  to  the  fact  that  both  rotors  had  the  same  blade  geometry  and  that  the 

comparisons  are  carried  out  at  the  same  meridional  flow  path  positions.  Figure  15  shows 
an  arrangement  of  cross  flow  planes  inside  of  the  impeller  flow  channel.  Those  planes 
are  labeled  from  34  to  66.  Cross  flow  plane  34  is  located  just  aft  of  the  impeller 
leading  edge,  plane  66  is  located  close  to  the  exit.  Secondary  flow  patterns,  meridional 
velocity  distributions,  Mach  number  distributions,  loss  distributions  etc.  can  be 
plotted  with  the  help  of  the  postprocessor  at  any  plane.  The  numbers  L  =  35,  42,  55  and 
65  in  Figures  16  to  19  correspond  with  the  cross  flow  plane  arrangement  of  Figure  15  and 
thus  illustrate  the  exact  location  of  the  planes  inside  of  the  flow  channel.  Cross  flow 
planes  ahead  and  aft  of  the  rotor  that  can  also  be  chosen  are  not  shown  in  Figure  15. 


Figure  15.  Arrangement  of  cross  flow  planes  in  the  impeller  area. 
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Figure  16.  Calculated  secondary  flows  for  both  impellers  at  cross  flow  plane  35 
(Fig.  15) 

Figure  16  shows  the  calculated  secondary  flows  for  both  impellers  at  plane  35  located 
just  aft  of  the  leading  edge.  The  analysis  was  carried  out  for  the  same  operating  point 
(m  =  4.0  Kg/s,  n/nQ  =  1)  and  the  length  of  the  secondary  flow  vectors  is  scaled  in  both 
cases  to  the  rotor  tip  speed  which  was  equal  for  the  two  impellers.  Therefore  a  direct 
comparison  is  possible  between  the  two  secondary  flow  patterns.  The  rotor  is  moving  in 
the  clockwise  direction  thus  the  pressure  side  of  the  blade  is  located  on  the  left  and 
the  suction  side  on  the  right.  The  Figure  indicates  very  similar  patterns  for  both 
impellers.  Secondary  flows  seem  to  be  very  small  inside  of  the  flow  channels  which 
corresponds  with  the  measurement  results  of  Figure  8  that  are  also  showing  negligible 
secondary  flows  in  the  inlet  areas  of  both  impellers.  At  this  position  the  tip  clearence 
flows  are  also  low  which  is  due  to  the  small  blade  loading  in  this  region. 

Since  the  changes  of  the  flow  channel  geometry  were  rather  small  in  the  inlet  area 
(Figure  1)  the  calculated  secondary  flows  are  also  quantitatively  in  good  agreement  what 
was  to  be  expected.  A  similar  situation  occurs  at  plane  43  located  at  about  30  percent 
flow  path  length  (Figure  17) . 

At  this  position  a  main  channel  vortex  is  predicted  for  both  rotors  that  seems  to  be 
driven  by  tip  clearence  effects  and  boundary  layer  flows  along  the  hub  and  the  suction 
side  of  the  blade.  Compared  to  plane  35  tip  clearence  flows  are  now  higher  which  is  due 
to  the  increasing  blade  loading. 

Vortex  flow  patterns  of  different  appearance  are  predicted  for  plane  55  located  at  66 
percent  flow  path  length  (Figure  18)  . 
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Figure  17.  Calculated  secondary  flows  for  both  impellers  at  cross  flow  plane  43 
(Fig.  15) 


At  this  position  two  corner 
vortices  are  predicted  for  both 
rotors  that  are  generated  by  tip 
clearance  and  boundary  layer 
flows.  However,  in  rotor  1  these 
vortices  are  extending  far 
deeper  into  the  channel  area 
than  in  rotor  2  what  is  mainly 
true  for  the  vortex  in  the 
shroud/ suction  side  area.  In 
rotor  2  the  distinct  vortex 
development  is  more  concentrated 
in  the  shroud  area  what  qualita- 
tatively  agrees  with  the  mea¬ 
surement  results  discussed  in 
Figure  9.  The  corner  vortices, 
however,  were  not  resolved  with 
the  laser  measurement  technique 
what  is  mainly  due  to  the 
limited  number  of  measurement 
points  close  to  the  channel 
boundaries.  Principally  the  same 
vortex  structure  occurs  for  both 
rotors  but  the  extension  of  the 
vortices  is  different.  In  total 
a  rather  small  secondary  flow 
development  seems  to  be  present 
in  both  rotors.  Expecially  in 
the  second  rotor  the  secondary 
flow  is  totally  suppressed  in 
the  middle  of  the  flow  channel. 


Rotor  2 


Figure  18.  Calculated  secondary  flows  for  both  impellers  at  cross  flow  plane  55 
(Fig.  15) 
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The  situation  close  to 
the  rotor  exit  is  illu¬ 
strated  in  Fig.  19.  In 
both  cases  cross  flows 
are  mainly  directed  in 
the  negative  circumferen¬ 
tial  direction  which  is 
due  to  the  slip  effect 
generally  occuring  at  the 
exit  of  centrifugal  im¬ 
pellers.  According  to 
this  result  and  excluding 
the  near  shroud  region, 
cross  flows  appear  to  be 
lower  at  the  exit  of  ro¬ 
tor  2  than  at  the  exit  of 
rotor  1  what  can  be  de¬ 
duced  from  the  length  of 
the  velocity  vectors. 
Primarily  in  the  shroud 
/pressure  side  area  cross 
flows  are  more  pronounced 
in  rotor  1  than  in  rotor 
2.  Furthermore  the  shroud 
/suction  side  corner  vor¬ 
tex  is  clearly  developed 
in  rotor  1,  whereas  in 
rotor  2  this  vortex  is 
degenerated  to  two  cross 
flow  layers  moving  in  the 
opposite  direction. 


Figure  19.  Calculated  secondary  flows  for  both  impellers  at  cross  flow  plane  65 
(Fig.  15) 


6.  CONCLUSIONS 

The  secondary  flow  studies  carried  out  for  the  two  backswept  rotors  having  different 
shroud  contours  but  the  same  blade  geometry  gave  insight  into  basic  flow  characteristics 
of  these  impellers.  The  experimental  as  well  as  the  theoretical  results  indicated 
noticeable  differences  in  the  secondary  flow  structure  of  both  rotors  and  were 
qualitatively  in  good  agreement.  The  main  differences  in  secondary  flow  structure  were 
observed  in  the  center  of  the  flow  channels,  whereas  the  corner  vortex  development  in 
the  shroud  area  was  similar  for  both  impellers  being  mainly  due  to  tip  clearance  and 
boundary  layer  flows  that  are  generating  vortices  of  this  type.  However,  the  change  of 
the  flow  channel  hight  significantly  influenced  the  through  flow  velocity  pattern.  By 
varying  this  hight  it  was  possible  to  eliminate  the  low  kinetic  energy  area  present  in 
the  first  rotor  which  resulted  in  a  wider  flow  range  of  the  machine  and  in  a  smoother 
velocity  profile  at  the  rotor  exit  what  was  proved  by  laser  measurements  as  well  as  by 
3D-viscous  calculations.  Probably,  the  secondary  flow  development  in  the  second  rotor 
could  have  been  even  more  suppressed  if  an  additional  variation  in  blade  geometry  would 
have  been  carried  out  since  secondary  flows  are  also  strongly  dependent  on  blade 
curvature  effects.  The  results  optained  are  suggesting  that  the  3D-viscous  code  can  be 
used  for  secondary  flow  control  during  the  design  process  of  future  impellers. 
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DISCUSSION 


Hoffmann,  Germany 

A  question  by  Dr  Joan  Moore  concerning  the  color  plots  of  the  two  impeller 
designs . 

Author's  Reply: 

In  the  colored  figure  (shown  only  in  the  oral  presentation)  showing  in 
crossflow  planes  the  meridional  velocities,  each  crossflow  plane  solution 
is  scaled  individually  to  the  maximum  and  minimum  value  occurring  in  that 
specific  plane.  By  this  a  higher  resolution  in  isocolor  is  achieved. 
Moreover,  color  tables  are  different  for  each  impeller  shown.  This  is  due 
to  the  different  tip  speeds  of  the  two  impellers  to  which  the  color  maps 
have  been  referenced.  The  intention  to  show  these  figures  was  not  to 
compare  directly  their  velocities,  but  to  demonstrate,  that  the  wake 
development  could  be  supressed  for  the  redesigned  impeller. 

Skoe,  Norway 

Were  the  number  of  grid  points  in  the  clearance  region  sufficient  to 
predict  realistic  clearance  losses?  Have  you  made  systematic  "numerical 
tests"  to  investigate  the  relation  between  aerodynamic  blade  loading  and 
clearance  losses  (test  results  indicate  an  adverse  effect) ?  Additionally, 
what  was  the  relative  polytropic  efficiency  difference  between  the  two 
rotors? 

Author's  Reply: 

Only  two  volume  elements  were  used  in  the  gap  for  the  initial  calculations 
to  model  clearance  effects.  This  is  the  minimum  number  of  elements  for 
getting  information  about  clearance  flow.  But  a  much  higher  grid  line 
number,  probably  between  six  and  seven  should  be  used  for  systematic 
clearance  loss  predictions.  Up  to  now,  this  has  not  been  done  but  will  be 
tried  in  the  future.  Detailed  conventional  measurements  giving 
information  about  impeller  efficiency  were  only  carried  out  for  the  first 
rotor  whereas  the  measurements  for  the  second  rotor  were  primarily  dealing 
with  laser  measurements.  From  the  laser  measurements,  an  impeller 
efficiency  cannot  be  derived.  Therefore  a  quantitative  comparison  between 
the  rotor  efficiencies  is  not  possible.  However,  since  the  relative  flow 
in  the  redesigned  rotor  is  less  decelerated  than  in  the  original  impeller, 
it  is  to  be  expected  that  we  lost  one  or  two  points  in  impeller 
efficiency. 

Chen,  Switzerland 

The  authors  of  this  paper  are  to  be  congratulated  for  the  finding  of  the 
vortices  in  the  corner  of  the  shroud  surface.  The  discusser  is  also  very 
happy  to  see  that  the  argument  made  by  him  and  his  co-authors  in  the  ASME 
paper  of  1988  at  Amsterdam  (88-GT-120)  about  the  appearance  of  the 
longitudinal  vortex  in  the  corner  "suction-surface/ shroud"  is  confirmed  by 
the  present  investigation  at  the  original  impeller,  which  would  correspond 
to  the  impeller  investigated  by  the  discusser.  The  discusser  made  that 
time  color  injection  into  the  outlet  of  the  impeller  at  the  design  point 
and  found  that  the  colored  dye  travelled  backwards  along  the  corner 
mentioned  onto  the  inlet  region.  Since  a  sharp  pulse  was  also  found  in 
the  dynamic  pressure  along  the  said  corner,  the  discusser  argued  that  a 
longitudinal  vortex  arises  in  this  corner  guiding  the  high  pressure  of  the 
outlet  through  its  core  onto  the  inlet  region. 
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Author's  Reply: 

It  is  interesting  to  learn  that  you  have  found  similar  vortex  structures 
as  we  in  the  shroud/ suction  side  area  of  your  impeller  by  using  a 
different  type  of  measurement  technique.  Nevertheless,  there  seem  to  be 
specific  flow  effects  present  in  your  impeller,  because  we  did  not  measure 
backflow  in  either  of  our  impellers . 
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RESUME 


La  prAsente  communication  est  consacrAe  A  la  simulation  numArique  de  l'Acoulement  tridimensionnel 
turbulent  dans  un  aubage  rectiligne  de  turbine,  par  resolution  des  equations  de  Navier-Stokes  compres- 
sibles  moyennes  et  complAtAes  par  un  modAle  de  turbulence  algAbrique.  La  mAthode  numArique  se  caractd- 
rise  par  l'utilisation  d'un  schema  de  differences  finies  explicite  centre,  associd  A  une  phase  multigril¬ 
le  d' acceleration  de  convergence.  La  decomposition  du  domaine  de  calcul  en  un  sous-domaine  en  0  autour  de 
l'aube  et  deux  sous-domaines  en  H  A  l'amont  et  A  l'aval  permet  d' assurer  une  bonne  description  des  bords 
d'attaque  et  de  fuite  arrondis,  tout  en  plagant  les  frontidres  amont  et  aval  du  domaine  de  calcul 
suffisamment  loin  de  l'aube.  Les  rdsultats  obfenus  dans  un  maillage  comportant  plus  de  300  000  points 
(dans  un  domaine  limitd  par  un  plan  de  symAtrie)  mettent  en  evidence  des  phdnomdnes  complexes  d'Acoule- 
ments  secondaires,  analogues  qualitativement  A  ceux  observds  dans  une  experience  rdalisde  A  vitesse  plus 
faible. 


ABSTRACT 

The  paper  deals  with  the  numerical  simulation  of  a  three-dimensional  turbulent  flow  in  a  linear 
turbine  cascade,  by  solution  of  the  Reynolds-averaged  compressible  Navier-Stokes  equations  with  an 
algebraic  turbulence  model.  The  numerical  method  is  characterized  by  an  explicit  centered  finite  diffe¬ 
rence  scheme,  associated  with  a  multigrid  convergence  acceleration.  The  splitting  of  the  computational 
domain  in  an  O-type  subdomain  around  the  blade  and  two  H-type  subdomains  upstream  and  downstream  allows 
an  accurate  description  of  the  round  leading  edges  and  trailing  edges,  while  setting  the  upstream  and 
downstream  boundaries  of  the  domain  sufficiently  far  from  che  blade.  The  results  obtained  in  a  mesh 
containing  more  than  308,000  points  (in  a  domain  bounded  by  a  symmetry  plane)  show  complex  phenomena  of 
secondary  flows,  qualitatively  similar  to  the  phenomena  observed  in  an  experiment  carried  out  at  a  lower 
flow  velocity. 


1.  INTRODUCTION 


L'amAlioration  des  performances  des  moteurs  nAcessite  aujourd'hui  la  mise  en  oeuvre  d'une  simula¬ 
tion  numArique  de  l'Acoulement  dans  une  roue  de  turbomachine  prAsentant  une  valeur  predictive  sure.  Pour 
obtenir  une  description  correcte  d'un  Acoulement  aussi  complexe,  il  serait  souhaitable  de  prendre  en 
compte  simultanAment  les  effets  de  la  viscositA  du  fluide,  le  caractAre  tridimensionnel  de  l'Acoulement 
et  les  phAnoraAnes  instationnaires.  Les  travaux  menAs  A  1' ONERA  dans  le  domaine  de  la  resolution  insta- 
tionnaire  ou  pseudo-mstationnaire  des  Aquations  i' Euler  ou  de  Navier-Stokes  compressibles  ont  conduit  au 
cours  des  derniAres  annAes  A  1' analyse  de  l'Acoulement  dans  une  roue  de  turbomachine  en  rAgime  permanent 
(1]  de  fluide  visqueux  bidimensionnel,  et  en  rAgime  permanent  [2]  ou  instationnaire  [3]  de  fluide  parfait 
tridimensionnel. 

Les  ordinateurs  actuels  ne  semblent  pas  encore  assez  puissants  pour  permettre  la  rAsolution  des 
Aquations  de  Navier-Stokes  tridimensionnelles  dans  un  maillage  adAquet,  pour  le  calcul  d' Acoulements 
instationnaires  de  turbomachines.  Les  premiers  essais  effectuAs  par  Rai  (voir  par  exemple,  [4])  sur  un 
cas  d' interaction  rotor-stator  et  dans  des  maillages  sans  doute  encore  insuffisants  ont  conduit  A  des 
oouts  de  calcul  beaucoup  trop  AlevAs  pour  des  applications  industrielles. 

En  revanche,  i]  est  dAs  maintenant  possible  de  rAsoudre  les  Aquations  de  Navier-Stokes  tridimen¬ 
sionnelles  en  rAgime  permanent.  Plusieurs  publications  rAcentes  [5  A  9]  sont  d'ailleurs  relatives  A  des 
analyses  d'Acoulements  stationnaires  de  turbomachines  fondAes  sur  cette  rAsolution. 

La  prAsente  communication  est  consacrAe  au  calcul  d'un  Acoulement  tridimensionnel  stationnaire  de 
turbomachme  par  rAsolution  des  Aquations  de  Navier-Stokes  compressibles  moyennes  et  complAtAes  par  un 
modAle  de  turbulence  algAbnque.  La  mAthode  numArique  qui  ne  sera  que  briAvement  rappelAe  se  caractArise 
par  l'utilisation  d'un  schAma  de  diffArences  finies  explicite  centrA,  auquel  on  adjoint  une  phase 
d'accAlAration  de  convergence  de  type  "multigrille",  et  par  la  mise  en  oeuvre  d’une  approche  par  sous- 
domaines.  Le  code  "Navier-Stokes  3D"  (11]  a  AtA  rAalisA  A  partir  du  code  "Euler  3D"  [2]  et  du  code 
"Navier-Stokes  2D"  [10],  [1]  prAcAdemment  dAveloppAs  A  l'ONERA.  Une  comparaisor,  satisfaisante  des  rAsul- 
tats  du  calcul  avec  des  donnAes  expArimentales  dAtaillAes,  sur  un  cas  d'interaction  onde  de  choc-couche 
liraite  turbulente  dans  un  canal  tridimensionnel,  a  AtA  prAsentAe  dans  [11]  et  a  constituA  une  premiAre 
validation  du  code  "Navier-Stokes  3D". 
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L'application  traitde  ici  concerne  le  calcul  de  l'dcoulement  turbulent  dans  une  grille  rectiligne 
de  turbine  placde  entre  deux  parois  planes  paralldles.  Cette  configuration  a  fait  l’objet  d'une  dtude 
expdrimentale  4  l'Ecole  Centrale  de  Lyon  [12,  13]  qui  a  permis  en  particulier  de  mettre  en  Evidence 
l'importance  des  effets  lids  aux  dcpulements  secondaires.  Or,  la  rdduction  des  pertes  lides  4  ces 
dcoulements  est  essentielle  pour  accroitre  l'efficacitd  des  turbomachines,  et  une  prddiction  correcte  des 
dcoulements  secondaires  par  voie  numdrique  est  done  d'un  grand  intdret. 

Dans  le  calcul  prdsentd,  une  grande  attention  a  dtd  portde  au  choix  du  maillage.  La  ddcomposition 
(Fig.l)  du  domaine  de  calcul  en  un  sous-domaine  en  0  autour  de  l'aube  et  deux  sous-domaines  en  H  respec- 
tivement  situds  en  amont  et  en  aval  permet  k  la  fois  d' assurer  une  bonne  description  des  rdgions  de  bord 
d'attaque  et  de  bord  de  fuite  et  de  placer  les  frontidres  amont  et  aval  du  domaine  de  calcul  k  des 
distances  suffisamment  grandes  de  l'aube.  L'existence  d'un  plan  de  symdtrie  permet  de  rdduire  le  domaine 
de  calcul  qui  s'dtend  (Fig.  1)  d'une  paroi  latdrale  au  plan  de  symdtrie  et  qui  est  diserdtisd  4  l'aide 
d'un  maillage  comportant  plus  de  300  000  points. 

Dans  l'expdrience,  le  nombre  de  Mach  en  amont  de  la  grille  est  dgal  k  6,^44  et  l'effet  de  la 
compressibilitd  du  fluide  est  ndgligeable.  Eu  dgard  4  des  difficultds  de  convergence  prdvisibles  lides  4 
la  trds  faible  valeur  de  ce  nombre  de  Mach,  un  premier  calcul  a  dtd  tentd  sans  succds  pour  un  nombre  de 
Mach  amont  dgal  4  0,15,  et  les  rdsultats  prdsentds  dans  cette  communication  ont  dtd  obtenus  pour  une 
valeur  du  nombre  de  Mach  amont  encore  plus  dlevde,  et  dgale  4  0,27.  Le  nombre  de  Mach  aval  dtant  alors 
dgal  4  0,7,  l'effet  de  la  compressibilitd  n'est  plus  ndgligeable  et,  par  consdquent,  seule  une  comparai- 
son  qualitative  du  calcul  avec  l'expdrience  sera  prdsentde. 

2.  MODELE  MkTHEMATIQUE  ET  RESOLUTION  NUKERIOUE 

Equations  de  Navier-Stokes  moyennes 

Le  moddle  mathdmatique  mis  en  oeuvre  pour  la  simulation  numdrique  d'dcoulements  tridimensionnels 
compressibles  turbulents  est  formd  des  dquations  de  Navier-Stokes  compressibles  moyennes  et  compldtdes 
par  un  moddle  de  turbulence  algdbrique  de  type  longueur  de  mdlange.  Les  dquations  de  Navier-Stokes 
permettant  de  ddcrire  l'dcoulement  moyen  s'dcrivent  sous  la  forme  suivante  : 


(1) 


dp  — 

—  +  div  (  pV  )  —  0 

at 

— —  +  div  ( p  V  (g>  V  +  pf )  =  div  ( ?  +  ~rn  ) 

at 


dpE 

at 


+  div  ( pEV  +  pV  )  =  div  |(  r  +  tr  ) .  V  —  q  —  ?,  ) 


Dans  ces  dquations,  p,  V  et  E  ddsignent  respectivement  la  masse  volumique,  la  vitesse  de  l'dcoule¬ 
ment  et  l'dnergie  totale  par  unitd  de  masse. 

En  supposant  que  le  fluide  considdrd  est  un  gar  p^rfait  4  chaleurs  spdcifiques  constantes  de 
rapport  Cp/Cv  =  7f  ,  la  pression  statique  p  est  relide  4  p,  V  et  E  par  la  loi  d'dtat  : 


(2)  ;i  =(0-l)/>(/i — ^-) 

Le  fluide  dtant  en  outre  supposd  Nevtonien  et  vdrifiant  l'hypothdse  de  Stokes,  le  tenseur  des 
contraintes  T  et  la  densitd  de  flux  de  chaleur  q  ont  pour  expression  : 


(3) 


f  =  —  2/3//(  divV  )7  +  ii \W  +  (  VV  )r  ) 
?  =-xvr 


o4  n  est  le  coefficient  de  viscositd  moldculaire  qui  varie  en  fonction  de  la  tempdrature  selon  la  loi  de 
Sutherland,  et  X  est  le  coefficient  de  conductibilitd  thermique  qui  est  donnd  par  X  =  p*Cp/Pr  (le  nombre 
de  Prandtl  Pr  est  supposd  constant  et  dgal  4  0,72). 

Les  expressions  du  tenseur  des  contraintes  de  Reynolds  fl  et  de  la  densitd  de  flux  de  diffusion 
turbulents  d'snthslpic  qt  sent  denudes  par  le  aoddle  de  turbulence. 

Moddlisation  de  la  turbulence 

Les  rdsultats  prdsentds  dans  cette  communication  ont  dtd  obtenus  4  l'aide  d'un  moddle  de  turbu¬ 
lence  algdbrique  pour  lequel  le  tenseur  Yr  et  le  vecteur  qt  sont  relids  aux  gradients  de  vitesse  et  de 
tempdrature  par  des  expressions  analogues  4  (3),  c'est-4-dire  : 


(4) 


rR  =-2/3/1,  ( divV )  7  +  /i,  [  VK  +  (  VV  )T  j 


q,=- 


Vi  o, 

Pr, 


VT 
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Le  nombre  de  Prandtl  turbulent  Prt  est  suppose  constant  et  dgal  A  0,9.  Le  coefficient  de  viscosity 
turbulente  vt  est  donnd  par  le  module  de  longueur  de  mdlange  initialement  ddveloppd  par  Michel,  Qudmard 
et  Durant  [14]  dans  le  cadre  de  1' approximation  de  couche  limite  et  pour  des  dcoulements  bidimensionnels. 
w  a  pour  ‘expression  : 

(5)  i,,  =  />/2/'’2<v 


oil  1,  F  et  u  ddsignent  respectivement  la  longueur  de  melange,  la  fonction  correctrice  de  sous-couche 
visqueuse  et  le  module  du  rotationnel  de  la  Vitesse. 

La  quantity  u  remplace  la  ddrivde  suivant  la  direction  normale  k  la  paroi  de  la  composante 
tangentielle  de  la  vitesse,  qui  intervient  dans  le  module  original  [14].  La  longueur  de  mdlange  1  est 
donnde  par  : 


(6)  /  =  0,08k S/A  (  — — )  avec  K  =  0,41, 

0,085  6 

oil  d  et  s  ddsignent  respectivement  une  distance  aux  parois  et  une  dpaisseur  de  couche  limite  dont  la 
determination  sera  expliqude  plus  bas. 

La  fonction  F,  destinde  k  reprdsenter  l'amortissement  de  la  turbulence  au  voisinage  des  parois, 
est  donnde  par  : 


H)  F(g)  =  I  —  cxp(~— ^-)  nveo  <  =  p/2 - „v 

26  /v  ,r 

ce  qui  conduit  k  une  definition  implicite  de  vt . 

Dans  le  moddle  original  [14],  les  quantitds  d  et  »  apparaissant  dans  1’ expression  de  la  longueur 
de  mdlange  (  6)  ddsignent  sans  ambiguite  la  distance  k  la  paroi  et  1 'dpaisseur  de  la  couche  limite.  Pour 
l'application  tridimensionnelle  prdsentde  ici,  la  distance  k  la  paroi  est  remplacde  par  une  distance 
raodif ide  tenant  compte  de  la  presence  de  plusieurs  parois,  et  l’dpaisseur  de  la  couche  limite  est  rem- 
placde  par  la  valeur  de  cette  distance  modifide,  en  un  point  Mv  de  la  frontidre  de  la  couche  visqueuse. 

Pour  l'application  traitde  dans  cette  communication,  la  determination  de  d  et  »  depend  du  sous- 
doaaine  considdrd.  Dans  le  sous-domaine  en  0,  la  distance  d  est  obtenue  k  l’aide  de  la  formule  : 


A  l'intrados  de  l'aube  considdrde  A i  (voir  la  figure  2),  di  et  di  ddsignent  respectivement  les 
distances  du  point  M  k  la  paroi  intrados  de  l'aube  A*  et  k  la  paroi  extrados  de  l'aube  consecutive  Ak-i. 
A  l'extrados  de  l'aube  Ak,  di  et  d2  ddsignent  alors  les  distances  du  point  HA  la  paroi  intrados  de 
l'aube  Akti  et  A  la  paroi  extrados  de  l'aube  Ak.  Les  quantitds  Zi  et  Z2  ddsignent  les  distances  du  point 
M  aux  deux  parois  latdrales. 


La  formule  (8)  qui  a  dtd  dtablie  A  l'origine  par  Buleev  [15]  dans  le  cas  d'une  tuyere  A  section 
rectangulaire  est  utilisde  ici  par  extension  pour  un  canal  interaube.  Cette  formule  prdsente  la  propridtd 
souhaitde  suivante  :  quand  une  des  distances,  d.i  par  exemple,  tend  vers  0,  alors  que  les  autres  distances 
sont  fixes,  la  distance  d  se  comporte  comme  di . 

La  frontidre  de  la  couche  limite  est  ddterminde  de  la  manidre  suivante  :  dans  chaque  section  de 
maillage  ( Y, Z)  oil  les  coordonndes  Y  et  Z  reprdsentent  les  indices  des  points  de  discretisation  (Fig. 3), 
on  recherche,  en  allant  en  direction  du  coin,  le  point  0  de  la  bissectrice  od  le  tourbillon  u  devient 
supdrieur  A  une  valeur  <a> .  La  section  (Y,  Z)  est  alors  divisde  en  trois  regions  comme  il  est  indiqud  sur 
la  figure  3.  Dans  la  rdgion  II,  on  recherche  pour  chaque  ligne  de  maillage  Y  =  cste  et  en  allant  vers  la 
paroi,  le  point  P  od  o  devient  supdrieur  A  <•*> .  Dans  la  rdgion  III,  on  procdde  de  fagon  analogue. 

Le  choix  du  point  Mv  associd  au  point  M  od  est  appliqud  le  moddle  et  permettant  de  determiner  la 
valeur  de  s  (voir  plus  haut)  est  alors  le  suivant.  Si  le  point  M  appartient  A  la  rdgion  I,  le  point  Mv 
est  choisi  en  B.  Si  le  point  M  appartient  A  la  rdoion  II,  par  exemple  au  segment  QH  (Fly.  3) /  ic  point  Hv 
est  choisi  sur  ia  frontidre  de  la  couche  limite  en  P.  La  rdgion  III  est  traitde  de  manidre  similaire  A  la 
rdgion  II. 

Dans  les  sous-domaines  en  H  amont  et  aval,  situds  A  une  distance  notable  de  l'aube,  la  distance  d 
est  obtenue  A  l'aide  de  la  formule  simplifide  : 


</  = 


r,22 


(9) 
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qui  se  ddduit  de  (8)  en  considdrant  que  zi  et  sont  petits  par  rapport  4  di  et  d2 .  La  recherche  de  la 
frontidre  de  la  couche  limite  se  fait  uniquement  selon  les  lignes  de  raaillage  orthogonales  4  la  paroi 
latdrale. 

Mdthode  numdrique 

La  mdthode  numdrique  utilisde  [11]  est  ddrivde  de  la  mdthode  prdsentde  par  Vuillot  [2]  pour  les 
dquations  d' Euler  tridimensionnelles  et  par  Cambier,  Couaillier  et  Veuillot  [10]  pour  les  dquations  de 
Kavier-Stokes  bidimensionnelles . 

Les  dquations  (1)  sont  discrdtisdes  4  l’aide  d'un  schdma  explicits  centrd  de  type  Lax-Wendroff  4 
deux  pas,  les  termes  dissipatifs  dtant  pris  en  compte  4  1' instant  tn  pour  le  calcul  de  la  solution  4 
l'instant  t"'1  =  tn  +  At  (technique  attribute  4  Thommen  [16]  et  largement  rdpandue) .  La  discrdtisation  en 
espace  des  termes  de  divergence  et  des  termes  dissipatifs  est  ddcrite  dans  [11] . 

Une  viscositd  artificielle  [2]  consistant  en  un  terme  non-lindaire  du  second  ordre  et  un  terme 
lindaire  du  quatridme  ordre  est  ajoutde  aux  dquations. 

Pour  accdldrer  la  convergence  vers  une  solution  stationnaire,  on  applique  la  technique  bien  connue 
du  pas  de  temps  local  (calculd  4  partir  d'un  critdre  de  stabilitd  prenant  en  compte  les  limitations  de 
type  CFL  et  de  type  diffusif),  et  on  utilise  une  mdthode  d'accdldration  multigrille.  Cette  mdthode  est 
fondde  sur  les  travaux  prdsentds  initialement  par  Ni  [17]  pour  les  dquations  d'Euler  bidimensionnelles, 
et  a  dtd  ddveloppde  4  l'ONERA  pour  les  dquations  d'Euler  bidimensionnelles  [18]  et  tridimensionnelles 
[19],  et  pour  les  dquations  de  Navier-Stokes  bidimensionnelles  [10].  La  mdthode  multigrille  appliqude  au 
systdme  (1)  consiste  4  intdgrer  sur  des  grilles  grossidres,  un  systdme  aux  rdsidus  fondd  sur  la  ddriva- 
tion  en  temps  des  dquations  de  fluide  parfait  seulement.  Ainsi,  la  phase  multigrille  ddveloppde  pour  les 
dquations  d'Euler  tridimensionnelles  est  utilisde  sans  modification  pour  le  systdme  (1).  Le  calcul 
prdsentd  dans  cette  communication  a  dtd  rdalisd  en  utilisant  deux  grilles  grossidres  dans  chacun  des 
trois  sous-domaines. 

Le  traitement  des  conditions  aux  limites  amont  et  aval  et  des  raccords  entre  sous-domaines  (y 
compris  la  frontidre  de  pdriodicitd)  est  effectud  4  1’aide  de  la  technique  des  relations  caractdristiques 
ddveloppde  de  fagon  rigoureuse  pour  des  systdmes  hyperboliques  [20] ,  et  appliqude  par  extension  dans  le 
cadre  des  dquations  de  Navier-Stokes  [10] . 

3.  CALCUL  DE  L'ECOULEMENT  DANS  UNE  GRILLE  RECTILXGNS  DE  TURBINE 
Conditions  adrodynamiques 

L’expdrience  ([12],  [13])  a  dtd  rdalisde  dans  la  soufflerie  de  grille  d'aubes  plane  installde  au 
Laboratoire  de  Hdcanique  des  Fluides  de  l’Ecole  Centrale  de  Lyon.  Elle  a  permis  une  dtude  portant  sur  les 
dcoulements  secondaires,  en  absence  et  en  prdsence  d'injections  4  la  paroi.  Le  calcul  a  dtd  effectud  sans 
reprdsentation  des  injections  paridtales. 

Le  profil  constant  des  aubes  est  celui  d’une  grille  distributrice  de  turbine  4  gaz.  L’aubage 
prdsente  une  hauteur  2L  =  274  mm,  une  corde  de  163  mm,  un  pas  interaube  de  141  mm  et  un  angle  de  calage, 
comptd  par  rapport  4  la  direction  axiale  Ox,  de  41°30‘. 

Les  conditions  adrodynamiques  expdrimentales  donndes  dans  un  plan  situd  4  24  mm  en  amont  du  front 
de  grille  sont  les  suivantes  :  nombre  de  Mach  dgal  4  0,044,  direction  de  la  vitesse  selon  Ox,  nombre  de 
Reynolds  (calculd  4  partir  de  la  corde  et  de  la  vitesse  extdrieure  4  la  couche  limite)  dgal  4  165  000.  La 
couche  limite  se  ddveloppant  sur  la  plaque  plane  qui  constitue  la  paroi  latdrale  z  =  0  mm  atteint  dans  le 
plan  x  =  -24  mm  une  dpaisseur  importante,  dgale  4  50  ma. 

Ccmme  il  a  dtd  dit  dans  l'introduction,  le  calcul  a  dtd  effectud  4  un  nombre  de  Mach  amont 
beaucoup  plus  grand  que  dans  l'expdrience,  et  dgal  4  0,27.  En  revanche,  la  similitude  en  nombre  de 
Reynolds  a  dtd  respectde  gr4ce  4  une  diminution  des  longueurs  (dimensions  de  la  grille  et  dpaisseur  de 
couche  limite  amont)  dans  un  rapport  dgal  au  rapport  des  vitesses. 

Conditions  aux  limites 

Sur  la  frontidre  amont,  on  impose  la  direction  de  la  vitesse  (selon  Ox),  la  tempdrature  totale  (4 
sa  valeur  dans  les  conditions  gdndratrices)  et  le  profil  de  pression  totale.  Ce  dernier  profil  est  ddduit 
d'un  profil  initial  de  vitesse  longitudinale  en  supposant  que  la  pression  statique  est  constante  et 
calculde  4  partir  des  donndes  de  la  pression  totale  notde  pn  et  de  la  vitesse  4  l'extdrieur  de  la  couche 
limite.  Le  profil  initial  do  vitesse  est  lui-meme  obtenu  4  partir  de  la  formule  de  Whitfield  [21]  faisant 
intervenir  1' dpaisseur  de  la  couche  limite,  son  dpaisseur  de  ddplacement,  son  pararadtre  de  forme  et  le 
coefficient  de  frottement  paridtal  dont  les  valeurs  sont  extraites  de  [12] .  On  peut  noter  que  le  profil 
de  vitesse  est  un  peu  modifid  en  cours  de  calcul  et  ddpend  de  la  condition  aux  limites  imposde  sur  la 
frontidre  aval  et  ddcrite  daps  le  paragraphe  suivant  ;  en  revanche,  le  profil  de  pression  d'arret  n'est 
pas  remis  en  cause. 

Sur  la  frontidre  aval,  on  impose  la  valeur  de  la  pression  statique.  La  valeur  choisie  (pz  =  0,7065 
P«»)  a  dtd  obtenue  en  dcrivant  la  conservation  du  ddbit  par  rapport  4  1' amont,  et  en  estimant  les  valeurs 
de  1 'angle  de  la  vitesse  et  de  la  pression  d'arret  dans  cette  section  od  les  valeurs  expdrimentales 
dtaient  inconnues. 

Sur  la  paroi  de  l'aube  et  sur  la  paroi  latdrale  z  =  0,  on  impose  la  condition  d'adhdrence  et  la 
valeur  de  la  tempdrature  (prise  dgale  4  la  tempdrature  gdndratrice) .  La  pression  statique  est  calculde  en 
supposant  nul.le  sa  ddrivde  le  long  de  la  ligne  de  maillage  passant  par  le  point  considdrd  et  pratiquement 
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normale  4  la  paroi. 

Enfin,  une  condition  de  symdtrie  est  appliqude  sur  le  plan  de  3yadtrie  z  =  L. 

Haillage 

Les  aubes  dtant  non  vrilldes  et  prdsentant  un  profil  constant,  le  maillage  tridiraensionnel  (Fig. 
4)  a  dtd  obtenu  par  empilement  de  maillages  bidimensionnels  identiques.  Sur  les  deux  frontidres  de 
raccord  entre  le  sous-domaine  en  0  (autour  de  l'aube)  et  les  deux  sous-domaines  en  H  (situds  en  amont  et 
en  aval),  il  y  a  correspondance  des  points  de  maillage,  ce  qui  permet  d'dviter  de  faire  des  interpola¬ 
tions  pour  1’ application  de  la  technique  de  raccord  et  assure  done  une  meilleure  rdgularitd  de  la 
solution  4  la  traversde  de  ces  deux  frontidres.  En  revanche,  sur  la  frontidre  de  pdriodicitd,  il  n'y  a 
pas  correspondance  des  points  de  maillage,  car  cette  correspondance  se  ferait  ndeessairement  au  prix 
d'une  ddgradation  de  la  qualitd  du  maillage. 

Les  maillages  des  trois  sous-domaines  ont  dtd  obtenus  grace  4  une  mdthode  d'optimisation  varia- 
tionnelle  [22]  permettant  d'amdliorer  grandement  la  rdgularitd  et  l'orthogonalitd  de  maillages  initiaux 
construits  algdbriquement.  Le  maillage  bidimensionnel  comprend  13  x  25  points  dans  le  sous-domaine  en  H 
amont,  161  x  53  points  dans  le  sous-domaine  en  0  et  33  x  21  points  dans  le  sous-domaine  en  II  aval,  soit 
9551  points  au  total.  Le  maillage  tridiraensionnel  correspond  4  un  empilement  de  33  maillages  bidimension- 
nels  et  comprend  done  315  183  points. 

Les  resserrements  opdrds  au  voisinage  des  parois  pour  une  discretisation  correcte  des  couches 
limites  conduisent  4  des  tailles  de  maille  dgales  environ  4  0,2  10-4  Cx  sur  l'aube  (pr4s  du  bord  d'atta- 
que)  et  4  1,6  lO--*  Cx  sur  la  paroi  latdrale  (Cx  ddsigne  l'encombrement  axial  de  l'aube). 

Rdsultats 

Les  rdsultats  prdsentds  ont  did  obtenus  aprds  une  ddcroissance  des  rdsidus  supdrieure  4  trois 
ordres  de  grandeur.  Le  temps  CPU  sur  an  ordinateur  CRAY-2  est  dgal  environ  4  vingt  micro  secondes  par 
iteration  et  par  point,  ce  qui  v,ondui'.  4  un  temps  de  l'ordre  de  dix  heures  pour  les  rdsultats  prdsentds. 

La  figure  5  reprdsente  les  distributions  de  pression  sur  l'aube  pour  quatre  valeurs  de  z  :  z  =  0 
(paroi  latdrale),  z  *  0,041  L,  z  =  0,178  L  et  z  =  L  (plan  de  symdtrie).  Alors  que  la  pression  n'est 
pratiquement  pas  modifide  sur  la  quasi-totalitd  de  l’intrados  quand  z  varie,  la  pression  4  l'extrados 
connait  en  revanche  de  fortes  variations  et  augmente,  sur  la  majeure  partie  de  l'extrados,  quand  on 
s'approche  de  la  paroi  latdrale.  Ce  comportement  lid  aux  effets  secondaires  correspond  tout  4  fait  aux 
constatations  expdrimentales  [12,  13].  Far  ailleurs,  dans  les  trois  plans  autres  que  la  paroi  latdrale, 
le  calcul  met  en  dvidence  dans  la  rdgion  du  bord  de  fuite,  correctement  diserdtisde  par  le  maillage  en  0, 
une  chute  de  la  pression  du  cotd  intrados  correspondant  4  l’accdldration  de  l'dcoulement  dans  la  rdgion  4 
forte  courbure,  suivie  d'une  recompression  rapide  associde  au  ddcollement  de  bord  de  fuite. 

Les  courbes  iso-nombre  de  Mach  dans  le  plan  de  symdtrie  sont  reprdsentdes  sur  la  figure  6.  Cette 
figure  raontre  en  particulier  la  bonne  description,  par  le  maillage  en  0,  de  l'dcoulement  dans  la  rdgion 
du  bord  d'attaque,  et  la  rdgularitd  des  courbes  iso-nombre  de  Mach  dans  le  sillage  4  la  traversde  de 
1' interface  entre  le  sous-domaine  en  0  et  le  sous-domaine  en  H  aval. 

La  figure  7  rep,. 'sente  les  vecteurs  vitesse  obtenus  par  le  calcul  dans  le  plan  de  symdtrie.  Sur 
les  tracds  des  vecteurs  vitesse  prdsentds  dans  cette  communication,  il  faut  noter  que  les  points  corres¬ 
pondent  aux  ongines  des  vecteurs.  Par  ailleurs,  l'dchelle  de  longueur  des  vecteurs  est  propre  4  chaque 
tracd  et  ne  donne  done  qu’une  indication  du  module  de  la  vitesse  relative  au  tracd  considdrd.  Enfin,  les 
vecteurs  ne  sont  pas  tracds  en  tous  les  points  de  maillage. 

L'agrandissement  du  champ  de  vecteurs  vitesse  au  voisinage  du  bord  de  fuite  (Fig.  8)  met  en 
dvidence  la  prdsence  de  deux  tourbillons  conirarotatifs  dans  le  proche  sillage. 

Dans  le  plan  de  maillage  situd  au  voisinage  immddiat  de  la  paroi  latdrale,  les  vecteurs  vitesse 
reprdsentds  sur  la  figure  9  ont  une  allure  trds  diffdrente  de  ceux  tracds  dans  le  plan  de  symdtrie. 
L'examen  de  la  figure  9  raontre  la  prdsence  d'un  col  (ddsignd  par  la  lettre  C)  en  amont  de  l'aube,  associd 
4  l'existence  d'un  courant  de  retour  allant  du  bord  d'attaque  de  l'aube  vers  ce  point  C.  Ce  ddcollement 
de  la  couche  limite  provient  de  1' important  gradient  de  pression  contraire  subi  par  l'dcoulement  sur  la 
paroi  latdrale  lorsqu'il  approche  du  bord  d'attaque  de  l'aube.  Ce  comportement  classique,  correspondant  4 
la  naissance  d'un  tourbillon  en  fer  4  cheval,  a  dtd  ddcrit  au  cours  des  dernidres  anndes  par  rdsolution 
numdnque  des  dquations  de  Navier-Stokes  dans  le  cas  de  la  configuration  plus  simple  d'un  cylindre  sur 
une  plaque  plane,  en  rdgirae  laminaire  [23]  ou  en  rdgirae  turbulent  [6] . 

On  peut  noter  par  ailleurs  sur  la  figure  9  la  forte  augmentation  du  module  de  la  vitesse  dans  la 
rdgion  du  bord  d'attaque  par  rapport  4  l'dcou.ement  en  amont.  Une  bonne  description  de  ce  phdnomdne  nd- 
cessite  l'utilisation  d'un  maillage  trds  fin  cans  la  direction  z  au  voisinage  de  la  paroi  latdrale.  Dans 
le  calcul  prdsentd,  l'dpaisseur  de  la  maille  prds  de  la  paroi  latdrale  correspond  4  une  division  par  6  de 
I'dpaisseui  initiaieraent  choisie  dans  un  essai  prdliminaire  et  adaptde  au  profil  de  couche  limite  en 
amont.  L'influence  sur  la  solution  d'une  rdduction  suppldraentaire  de  la  taille  de  maille  (qui  reste 
probablement  encore  trop  importante)  devra  etre  soigneusement  dtudide  dans  l'avenir. 

Dans  le  plan  de  maillage  passant  par  le  bord  d'attaque  de  l’aube,  prds  du  coin  formd  par  ce  bord 
d'attaque  et  la  paroi  latdrale  plane,  le  comportement  de  l'dcoulement  calculd  est  illustrd  par  les 
figures  10a  4  10d  qui  reprdsentent  le  maillage,  les  lignes  iso-nombre  de  Mach,  les  lignes  iso-pression 
totale  et  le  champ  de  vecteurs  vitesse.  En  particulier,  l'examen  des  lignes  iso-pression  d'arrdt  (Fig. 
10c)  montre  l'enroulement  de  la  partie  interne  de  la  couche  limite  autour  d'un  noyau  de  pertes  dlevdes. 
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Sur  ia  figure  10d  reprdsentant  les  vecteurs  vitesse,  on  voit  clairement  l'enroulement  de  1'dcoulement 
dans  le  coin,  le  mot  "enroulement"  n'dtant  peut-etre  pas  parfaitement  approprid  dans  la  mesure  cu  1'dcou¬ 
lement  s'dchappe  du  plan  considdrd  dans  la  direction  tangentielle  A  l’aubage.  La  figure  11  prdsentant  un 
fort  agrandisseraent  des  vecteurs  vitesse  dans  le  coin  indique  la  presence,  en  plus  du  tourbillon  princi¬ 
pal,  d'un  petit  tourbillon  secondaire  contrarotatif . 

Les  vecteurs  vitesse  sur  la  surface  de  maillape  immddiatement  voisine  de  la  paroi  de  l'aube  sont 
reprdsentds  sur  les  figures  12,  13  et  14  respectivement  dans  la  rdgion  du  bord  d'attaque,  du  cotd 

extrados  et  du  cotd  intrados. 

On  peut  constatcr  4  nouveau  sur  la  figure  12  la  grande  valeur  de  la  composante  verticale  de  la 
vitesse  prds  de  la  ligne  de  bord- d'attaque.  Du  cotd  extrados,  l'examen  de  la  figure  13  montre  la  forte 
deviation  de  1'dcoulement  vers  le  milieu  de  l'aube  et  1' important  ralentissement  dans  la  partie  arridre. 
En  revanche,  du  cotd  intrados  (Fig.  14),  1  dcoulement  est  quasi-bidimensionnel  sur  la  majeure  partie  de 
l'aube. 


L’dcoulement  est  reprdsentd  enfin  (Fig.  15  k  18}  sous  forme  de  courbes  iso-pression  d'arret  et  de 
vecteurs  vitesse  dans  deux  plans  paralldles  au  front  de  grille. 

Pour  le  premier  plan  situd  k  I’intdrieur  de  la  grille  en  une  abscisse  dgale  k  86%  de  l'enoorabre- 
ment  axial,  1'dcoulement  calculd  est  compard  aux  rdsultats  expdrimentaux  [12]  sur  les  figures  15  et  16. 
L'examen  des  courbes  iso-pression  d'arret  (Fig.  15)  montre  que  1'dpaisseur  de  la  couche  limite  sur  la 
paroi  latdrale  est  beaucoup  plus  faible  dans  le  calcul  que  dans  l'expdrience.  Ceci  est  sans  doute  du  en 
partie  L  l'accdldration  plus  forte  de  l'dcouleoent  calculd,  lide  au  changement  de  conditions  adrodynami- 
ques.  En  revanche,  l'allure  des  courbes  calculdes  prdsente  une  certaine  similitude  k  celle  observde  dans 
l'expdrience  Ik  1 'exception  des  rdgions  proches  des  parois  od  les  mesures  ne  sont  pas  disponibles) ,  et  le 
calcul  prddit  de  manidre  conforne  k  l'expdrience  des  pertes  plus  importantes  du  cotd  extrados. 

Les  vecteurs  vitesse  reprdsentds  sur  la  figure  16  tdmoignent  de  la  prdsence  dans  le  calcul  du 
tourbillon  de  passage  qui  occupe,  comme  dans  l'expdrience,  tout  lc  canal  interaubes. 

Les  rdsultats  du  calcul  sont  dgalement  prdsentds  dans  un  plan  situd  k  une  distance  dgale  k  52%  de 
l’encombrement  axial  en  aval  du  bord  de  fuite.  Deux  canaux  ont  dtd  tracds  par  pdriodicitd.  L'allure  des 
courbes  iso-pression  d'arret  (Fig.  17)  et  des  vecteurs  vitesse  (Fig.  18)  est  classique  pour  ce  type 
d'dcoulement  avec  un  noyau  dans  le  sillage  correspondant  J  une  perte  de  pression  d'arret,  et  la  prdsence 
d'un  tourbillon  dtendu. 

4.  CONCLUSION 


Les  rdsultats  prdsentds  dans  cette  communication  ont  montrd  que  la  mdthode  numdrique  utilisde, 
appliqude  dans  un  maillage  fin  associant  deux  seus-domaines  en  H  et  un  sous-domaine  en  0,  conduit  k  une 
description  prdcise  de  l'dcoulenent  dans  une  grille  de  turbine,  et  permet  de  mettre  en  dvidence  des 
phdnomdnes  complexes  d’dcoulements  secondaires.  En  raison  du  changement  de  conditions  de  l'dcoulement  lid 
au  caractdre  compressible  des  dquations  rdsolues,  seule  une  comparaison  qualitative  limitde  avec  l'expd¬ 
rience  a  dtd  effectude.  Cette  comparaison  peut  etre  considdrde  comme  encourageante,  mais  une  validation 
plus  poussde  du  code  est  bien  entendu  ndcessaiie  pour  pouvoir  l’utiliser  comme  un  outil  prddictif.  Cette 
validation  constituera  la  suite  immddiate  de  nos  travaux. 
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Paroi  laterals 


c)  C'oiirbes  iso-pression  d’  arret 


d)  Vecleurs  vitesse 


Pig.  10  -  Ecoulement  calcule  dans  lc  coin  forme  par  la 
paroi  laterale  el  le  bord  d’  attaque  de  I'  aube 


t 


Fig.'ll  -  Vccteurs  vitesse  -  Agrandissenienf  pres  du  point  de  jonction 
entre  la  paroi  laterale  et  le  bord  d'attaque  de  l*  aube 


Bol  d  d'attaqvie 


Plan  de  syme'trie  Plan  de  symetrie 


Fig.12  -  Vecteurs  vitesse  -  Surface  de  inaillage 
voisine  de  la  paroi  de  1’  aube  - 
Region  du  bord  d’  attaque 


Fig.  15  -  Courbes  iso-pression  d’  arret,  dans  le  plan  x  =  0,86  C 
(  Echelle  dilatce  dans  la  direction  z  ) 


Fig.16  -  Vecteurs  vitesse  dans  le  plan  x  =  0,86  Cz 
(  Echelle  dilatee  dans  la  direction  z  ) 


Plan  de  symetrie  Plan  desymetrie 


Paroi  latcrale  Paroi  jaterale 


Fig.  17  -  Courbes  iso-pression  d’  arret 
dans  le  plan  x  =  1,52  C 


Fig.18  -  Vecteurs  vitesse 
dans  le  plan  a:  = 
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DISCUSSION 

Savini,  Italy 

1.  Can  you  comment  about  comparison  with  experimental  total  pressure 
contours  downstream  of  trailing  edge? 

2.  Was  the  multigrid  effective  for  this  computation? 

3.  How  did  you  treat  the  wake  region  in  the  O-mesh  subdomain? 

Author's  Reply: 

1.  Due  to  the  different  flow  conditions,  we  have  done  a  limited 
comparison  between  computation  and  experiment;  in  particular,  we  have 
not  compared  the  total  pressure  contours  downstream  of  the  trailing 
edge.  Besides,  the  total  pressure  contours  downstream  of  the  trailing 
edge  were  available  in  the  experiment  only  in  one  section  very  close 
to  the  trailing  edge  (at  a  distance  equal  to  0.024  C  ) . 

X 

2.  The  multigrid  acceleration  technique  was  tested  in  Ref  10  for  a  2-D 
Navier-Stokes  calculation  and  was  found  to  yield  in  that  case  an 
acceleration  factor  of  about  3.  We  have  not  tried  to  do  the  present 
3-D  computation  without  multigrid  because  it  would  have  been  too 
costly.  I  think  that  the  acceleration  factor  is  slightly  smaller  in 
the  3-D  computation  than  it  was  in  the  above  mentioned  2-D 
calculations . 

3.  There  is  no  special  treatment  for  the  wake  region  in  the 
0-subdomain.  In  particular,  the  turbulence  model  is  applied  in  the 
same  way  at  any  point  of  the  0-subdomain,  as  it  is  described  in  the 
paper. 

Hoffmann,  Germany 

Did  you  try  a  calculation  with  an  H-type  grid  instead  of  your  O-type  grid 
equivalent  to  that  of  your  O-grid?  If  yes,  did  you  achieve  a  comparable 
accuracy  near  the  trailing  and/or  leading  edges.  Using  such  a  fine  H-type 
grid  as  you  did  with  the  O-type,  to  my  opinion,  may  yield  in  comparable 
accurate  results . 

Author' 3  Reply: 

I  did  not  try  a  calculation  with  an  H-type  grid.  However,  I  am  convinced 
that,  with  an  equivalent  number  of  mesh  points,  an  O-type  grid  is  capable 
of  providing  improved  solution  accuracy  when  compared  with  an  H-type  grid. 
The  use  of  an  O-type  grid  allows  the  minimizing  of  the  discretization 
errors  at  the  leading  and  trailing  edges. 

Erkilet,  Turkey 

From  the  paper  I  understand  that,  you  assumed  ?rfc  =0.2  Pr  =  0.9.  May  I 

learn,  how  did  you  assume  these  values? 

Author's  Reply: 

We  assumed  from  general  information  given  in  literature.  Do  you  have  a 
comment  for  those  values? 

Comment:  As  far  as  I  know,  for  turbulent  turbomachinery  flows,  it  is 
advised  to  assume  values  about  1. 
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Papailiou,  Greece 

1.  Which  is  the  number  of  nodes  for  your  calculation? 

2.  Can  you  give  some  more  details  about  the  physical  meaning  of  the 
distance  d? 

Author's  Reply: 

1.  The  number  of  nodes  is  equal  to  315,183. 

2.  The  distance  d  is  used  to  account  for  the  turbulent  length  scale 
corresponding  to  the  presence  of  several  walls.  More  details  about 
its  physical  meaning  may  be  found  in  Buleer' s  paper  [15], 


15-1 


CALCUL  DES  ECOULEMENTS  SECONDAIRES 
DANS  UNE  TURBINE  AXIALE 


J.  BERNARD  -  F.  FALCIIETTI 
SNECMA,  Centre  de  Villaroche 
77550  MOISSY  CRAMAYEL  -  FRANCE 


RESUME 


L’estimation  des  ecoulements  secondaires  est  un  objectif  majeur  pour  la  conception  des  uubes  de  turbine 
et  l’analyse  de  leurs  performances.  Une  methode  de  calcul  des  ecoulements  secondaires,  developpee 
initialement  pour  les  compresseurs  multi-etages,  a  ete  appliquee  en  grilles  d’aubes  de  distributeui  et  sur 
un  etage  de  turbine  basse  pression.  La  methode,  couplee  A  un  calcul  meridien  classique,  determine 
correctement  la  vorticite  secondaire,  et  la  correction  locale  de  la  triangulation  qui  lui  est  associee.  La 
determination  des  pertes  secondaires  et  du  blocage  restc  insuffisante  car  liee  a  un  calcul  integral  des 
couches  limites  de  paroi.  La  methode  peut  neanmoins  etre  utihsee  conjointement  aux  correlations  usuelles 
et  dans  ce  cadre  son  emploi  permet  une  meilleure  adaptation  des  grilles  d’aubes  successives  lors  de  la 
conception.  L 'analyse  des  performances  d’un  aubage,  et  notamment  la  prevision  detaillee  des  ecoulements 
secondaires,  exige  bien  sur  l’emploi  de  methodes  de  resolution  des  equations  di  Navier-Stokes 
tridimensionnelles. 


ABSTRACT 


Satisfactory  prediction  of  secondary  flow  effects  can  be  considered  a  majoi  objective  in  the  design  and 
analysis  of  turbine  blades.  A  method,  initially  developed  for  the  computation  of  secondary  flows  in 
multi-stage  compressors,  is  biiefly  presented  together  with  results  obtained  on  a  turbine  nozzle  cascade 
and  on  a  low  pressure  turbine  stage.  Satisfactory  results  are  obtained  for  the  secondary  vorticity  as 
well  as  for  the  local  variations  in  the  velocity  triangles.  However,  secondary  losses  and  blockage  are  not 
well  predicted  due  to  the  integral  character  of  the  wall  boundary  layer  calculation  used  in  the  model. 
However  use  of  the  method  together  with  current  correlations  can  yield  interesting  results  especially  as 
far  as  successive  blade  row  adaptation  is  concerned.  For  detailed  predictions  of  blade  row  performance, 
in  particular  secondary  flow  effects,  the  turbine  designer  must  implement  more  complex  methods 
developed  for  the  resolution  of  the  three-dimensional  Navier-Stokes  equations. 

Nomenclature 

8  x-  coefficient  de  blocage 

h  x  hauteur  de  veine 

hm,  hb  x  mdtriques 

ki,>  x  courbure  (  =-*•*■  1 

(m,b,8)  x  sy3tfeme  de  coordonnde3  curvilignes  axisymdtriques 
-p  i  pression  statique 

P  =  pression  totale 

(s,b,n)  x  systfcme  de  coordonndes  intrinsdques,  orthogonal 
um,  ub  =  coordonndes  selon  les  directions  m  et  b 
I  x  temperature  totale 

V~  =  vitesse  absolue 

w"-  —  vitesse  relative 

(z,r,8)  x  systdme  de  coordonndes  cylindriques  , 

oC  =  angle  absolu  de  l'dcoulement  (x  tan”  (vg/vm)) 

J3  x  angle  relatif  de  l'dcoulement  (x  tan'(wg/wm)) 

fi'  x  angle  du  profil 

£  z  dpaisseur  de  la  couche  limite 

/•  -  dpaisseur.de  ddplacement  mdridienne 

m  (:  I  r  -  <  v/«)  Jb) 

in  x  dpaisseur  de  ddplacement  transversals 

4q  x  d’dficitYe  ddbit  (=  2TTB (,% ) 

At^AOia  =  composantes  du  ddficit  de  force  d'aubage 
A0Jm  =  ddficit  de  pression  statique 

0  =  angle  entre  le3  directionsz  et  m 

=  vitesse=2ng*jl2ire  de-rotation 
z  vortlcitd  relative  {=  vTvvT") 

?  x  masse  volumique 

=  viscositd  cindmatique  turbulente 
Z>  =  tenseur  des  tensions  visqueuses 

indices  infdrieurs  : 

o  r  valeur  t  la  paroi 

m,b,8  =  composantes  d'un  vecteur  dans  le  systdme  de  coordonndes  axisymdtriques 

S,b,n  =  composantes  d'un  vecteur  dans  le  3ystfcme  de  coordonndes  intrinsdques 

$  x  valeur  &  la  limite  extdrieure  de  la  couche  visqueuse 

indice  supdrieur  : 

A  z  relatif  &  l'dcoulement  sain  non  visqueux 
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INTRODUCTION 


Les  objectifs  croissants  de  charge  et  de  rendement  pour  les  turbines  de  moteur  d’avion  Impliquent  une 
estimation  correcte  des  pertes.  Les  pertes  secondaires  doivent  en  particulier  etre  connues  des  le  stade 
de  la  definition  de  la  triangulation  d’un  projet  de  turbine.  Or  les  cnlculs  mdridiens  servant  h  etablir 
cette  triangulation  ne  prennent  pas  en  compte  les  effets  visqueux  associes  aux  parois  du  moyeu  et  au 
carter;  ceci  conduit  le  concepteur  a  appliquer  des  corrections  tres  globales  sur  la  triangulation.  A  partir 
de  correlations  semi-empiriques  ou  l'experience  du  constructeur,  l’effet  de  blocage  et  les  pertes  dus 

aux  couches  limites  se  developpo  r  la  veine  sont  pris  en  compte  par  un  coefficient,  et  par  une 

correction  globale  des  pertes  di  tees.  Le  probieme  de  la  desadaptation  locale  en  pied  et  en 

tete  de  grilles  d’aubes  successi'  * v—t  ,  .rde  qu’en  termes  de  tenue  a  l’incidence. 

Une  approche  plus  complete  du  cah  ues  phdnomenes  secondaires  est  en  fait  souhaitable  des  le  stade  de 
la  definition  de  la  triangulation  :  la  correction  du  calcul  meridien  sous  I’effet  des  ecoulements  secondaires 
est  seule  capable  d'aboutir  a  l'estimation  correcte  de  la  triangulation,  notamment  en  pied  et  on  tete  des 
aubages.  L'objectif  doit  done  etre  de  disposer  non  seulement  de  revolution  axiale  du  blocage  associ6  aux 
couches  limites  du  moyeu  et  du  carter,  mais  aussi  de  revolution  radiale  des  pertes  et  de  l’angle  de  sortie 
de  I’ecoulement  liee  A  la  presence  des  ecoulements  secondaires. 

Un  code  de  calcul  des  ecoulements  secondaires  a  ete  developpe  a  l’Ecole  Centrale  de  Lyon  et  a  la  SNECMA 
<•!;>  pour  le  cas  des  compresseurs  monoetages.  Une  adaption  du  code  aux  compresseurs  multi-6tages  a  dte 
realise*?  <-2z.  L'objet  de  ce  present  travail  concerne  l'application  de  ce  code  a  des  ecoulements  de  turbine 
afin  d’en  determiner  la  validite. 

Dans  un  premier  temps  les  caracteristiques  de  la  methode  seront  presentees  en  insistant  sur  les 
hypotheses  simplificatrices  entrant  dans  la  modelisation.  Celles-ci  pourront  etre  discutees  au  vu  des 
resultats  obtenus  pour  dss  ecoulements  de  turbine.  Le  comportement  du  code  sera  en  effet  analyse  sur 
des  configurations  industriclles  de  grille  d’aubes  et  d'etage  de  turbine  sur  lesquelles  des  rdsultats 
experimentaux  sont  disponibles. 

Cette  analyse  doit  permettre  de  comprendre  le  domaine  d'application  et  les  limitations  de  ce  type 
d’ap  -roche.  Les  perspectives  plus  generates  quant  au  calcul  des  phenomenes  secondaires  seront 
egalement  abordees  sous  l’eclairage  de  l’experience  acquise  a  la  SNECMA. 

1  -  METHODE  DE  CALCUI. 

La  methode  de  calcul  utilisee  est  decrite  en  detail  par  Leboeuf-Brochet  <1>.  Nous  reprendrons  ici  les 
caracteristiques  pnncipales  de  la  methode  en  insistant  sur  les  points  particulierement  importants  dans  le 
cadre  d’une  application  en  grille  d’aubes  de  turbine. 


1.1.  Une  approche  de  type  couche-limite 


L'ecoulement  est  represente  par  un  modele  a  trois  zones  .  deux  zones  visqueuses  au  voisinage  des  parois 
du  moyeu  et  du  carter,  separees  par  une  zone  saine  oil  l’ecoulement  meridien  classique  est  peu  perturb! 
(voir  figure  1).  Notons  toutefois  que  le  calcul  de  la  zone  saine  tient  compte  des  effets  visqueux  lies  a  la 
presence  des  profils. 

Les  ecoulements  secondaires  presents  dans  les  deux  zones  visqueuses  sont  apprehendds  par  une 
correction  visqueuse  apportee  a  l’ecoulement  sain.  Le  niveau  d ’approximation  du  calcul  des  ecoulements 
secondaires  est  comparable  a  celui  du  calcul  meridien  .  la  methode  determine  ainsi  la  valeur  moyennee  en 
azimut  des  effets  secondaires  dans  tout  le  plan  meridien. 

Les  couches  visqueuses  sur  le  moyeu  et  le  carter  sont  traitees  separement,  l’ecoulement  exterieur  de 
reference  etant  la  valeur  a  la  parol  de  l’ecoulement  oain.  L’ecoulement  complet.  est  reconstitue  en  fin  de 
calcul  par  superposition.  Un  couplage  classique  ecoulement  meridien  -  couches  visqueuses  est  realise  par 
des  injections  de  debit  parietales  au  moyeu  et  au  carter,  I’epresentant  le  blocage  (voir  fig.  2). 
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Fig.  1  Modelisation  de  l’ecoulement  meridien 
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Fig.  2  Couplage  calcul  ra6ridien-ecoulement  secondaire 
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1.2.  CALCUL  DES  COUCHES  VISQUEUSES 


La  correlation  visqueuse  relative  a  chaque  paroi  est  obtenue  en  resolvant  un  systeme  d’equations 
deiivces  des  equations  do  Nav ier-Stokes  compressibles  stationnaites  et  parabolisees  dans  la  direction  de 
l’ecoulement.  La  connaissance  de  l’ecoulement  sain  a  la  paroi  definit  une  direction  privilegiee  de 
I'ecoulement  secondaire.  Cette  propriety  est  utilisee  pour  decomposer  ce  dernier  en  un  ecoulement 
longitudinal  sun  ant  cette  direction  et  un  ecoulement  transversal  directement  lie  a  la  vorticite  secondaire 
(tourbillon  de  passage). 

On  utilise  ainsi  un  systeme  de  coordonnees  meridiennes  (m,  b,  0)  et  un  systeme  de  coordonnees 
intrinseques  (s,  b,  n)  lie  a  chuque  aubage  (fig.  3).  Un  traitement  particular  est  applique  dans  les  plans 
de  calcul  situes  entre  deux  grilles  et  ou  on  passe  d'un  repere  fixe  a  un  repere  mobile  ou  inversement. 


Fig.  3  Systemes  orthogonaux  de  coordonnees  Fi{J>  4  jnt6grati0n  des  Equations  suivant  l’envergure 


La  methode  est  enfin  basee  Bur  une  approche  integrale  de  la  couche  limito.  Les  equations  decx'ivant 
Involution  de  la  couche  lirnite  sent  : 


-  I’equation  integrale  de  continuite  moyennee  en  azimut  : 


Le  second  membre  de  cette  equation  represente  l’entralnement  du  fluide  dans  la  couche  lumte,  modehse 
par  une  loi  de  Head  <3>. 

-  les  deux  composantes  selon  m  et  0  de  1’equation  integrale  de  quantile  de  mouvement,  moyennee  en 
azimut,  ecrites  sous  forme  deficitaire  par  rapport  h  I’ecoulement  sain,  et  integrees  jusqu’a  la  frontiere 
exterieure  (voir  fig.  4). 


<2)  %  WLo  ‘  ,V«‘ Vdb  :  aV603m 

(3)  i_  jV(fv9Cm-fv4vm)ob-[6rsm(?w8v.x:b0l]b;o  ♦  | pKmo»0  w- 1  v9v.  r^ldb 


Le  vecteur  Di  represente  1’effet  visqueux  sur  la  force  d’aubage.  Dans  une  zone  libre  d’aubage,  ce  terme 
est  nul  et  (2)  et  (3)  sont  resolues  directement.  En  zone  aubee  il  est  necessaire  de  se  donner  la  direction 
du  vecteur  Di. 


(4)  AUlfn  +  d-S)  tanJ3’  60ig  =0 

ou  le  coefficient  6  represente  un  ecart  de  Di  par  rapport  a  la  perpendiculaire  au  profil. 


Les  trois  equations  de  base  (1),  (2),  (3)  ne  permettent  pas  une  resolution  du  champ  adrodynamique 
complet  :  il  est  necessaim  de  determiner  les  trois  composantes  de  la  valeur  moyennee  en  azimut  du 
vecteur  vitesse.  L’approche  integrale  retenue  nous  conduit  a  decrire  la  composante  longitudinale  Wi  par 
un  profil  analytique.  Le  choix  s’est  port4  sur  un  profil  de  Kuhn  et  Nielsen  <4>. 


Une  description  analytique  des  profils  de  vitesse  Wi  et  Wt  semble  cependant  plus  difficile.  La  composante 
tranversale  W, ,  directement  liee  a  1’existence  de  la  vorticite  secondaire  (tourbillon  de  passage)  est  alors 
obtenue  par  une  methode  differentielle  basee  sur  la  resolution  d’une  equation  de  transport  de  la  vorticite 
secondaire  longitudinale  ft,  ! 
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II  est  necessaire  de  rdsoudre  dans  le  plan  transversal  une  Equation  de  Laplace  : 

(6) 


la  fonction  de  courant  verifiant  : 


(7) 


w  -  .  15L 

"  >b 


Si  la  composante  Wi  represente  directement  l’effet  de  la  vorticite  secondaire,  il  n’en  est  pas  ainsi  pour  la 
composante  Wi  (moyennee  en  azimut).  Seules  les  fluctuations  azimutales  de  W»  pourraient  etre  deduites  de 
la  connaissance  de  la  vorticite.  Ainsi  cette  composante  est  quant  a  elle  obtenue  en  resolvant  une  forme 
appropriee  de  liquation  de  continuite,  traduisant  l’epaisfaissement  de  la  couche  limite  : 

(8)  6<-rv(b)  .  ai><  wo(0is 

Le  terme  W»  (O)  etant  nul  sauf  dans  le  cas  de  prelAvement  ou  d’injection  parietale  de  debit  pour  la 
ventilation  interne  du  moteur. 

Le  calcul  de  la  vitesse  est  complete  par  ceux  de  la  pression  statique  et  de  la  temperature  totale.  L’ecart 
de  pression  statique  avec  l’dcoulement  sain  est  calculd  en  resolvant  la  composante  selon  b  de  l’equation 
de  quantite  de  mouvement.  La  fluctuation  azimutale  de  W»,  d'un  ordre  de  grandeur  nettement  superieur  a 
sa  valeur  moyenne  n’est  cependant  pas  prise  en  compte.  La  temperature  totale  T,  qui  intervient  dans  le 
calcul  de  la  masse  volumique  est  obtenue  en  resolvant  une  forme  non  visqueuse  de  l’equation  de 
l’dnergie;  en  particulier,  les  transferts  thermiques  parietaux  no  sont  pas  modelises  par  la  methode. 


La  parabolisation  des  equations  reduit.  les  temps  de  calcul  necessaires,  mais  peut  conduire  a  ,  des 
instabilites  numeriques.  Les  effets  elliptiques  negliges,  lies  surtout  au  champ  de  pression  statique  sont 
restitues  de  fa?on  approchee  en  resolvant  une  equation  supplementaire  relative  a  l’ecoulement  sain,  en 
meme  temps  que  les  equations  pour  l’ecoulement  visqueux.  En  pratique  cette  equation  se  presente  comme 
une  Equation  en  Wi  et  calcule  les  effets  linearises  de  blocage  et  de  courbure  sur  l’ecoulement  sain; 
ceux-ci  sont  provoques  par  les  variations  entre  deux  iterations  de  couplage  du  deficit  de  debit 
representant  la  couche  limite.  L’effet  complet  est  bien  entendu  restitue  par  le  couplage  au  calcul 
meridien. 


Apres  discretisation,  cette  equation  supplementaire  s’ecrit  sous  une  forme  vectorielle: 


de  nature  elliptique  et  assure  ainsi  la  stabilite  du  calcul. 

La  description  de  la  methode  de  resolution  adoptee  pour  cet  ensemble  d’equations  (1)  a  (9)  n’apporterait 
pas  d’eclairage  sur  le  travail  realise,  le  comportement  numerique  etant  satisfaisant  dans  l’ensemble  des 
cas  presentes.  Le  lecteur  interesse  pourra  se  reporter  a  une  description  donnee  dans  <I>  et  dans  <2>. 


2  -  TESTS  DE  LA  METHODE  AXISYMBTRfQUE 

2.1.  Grille  d’aubes  de  distributeur  de  turbine  basse  pression 

La  premiere  application  presentee  ici  est  le  calcul  des  ecoulements  secondaires  pour  une  grille  d’aubes  de 
distributeur  de  turbine  basse  pression.  Cette  geometrie  a  pu  etre  testee  en  soufflerie  de  grille  annulaire, 
et  des  resultats  experimentaux  disponibles  permettent  une  comparaison  des  resultats  de  calcul  aux 
valeurs  mesurees. 


La  geometrie  de  l’aube,  fortement  tridimensionnelle  est  presentee  en  fig. 5.  L’aubage  est  subsonique  :  le 
nombre  de  Mach  a  l’amont  vaut  0.5,  le  nombro  de  Mach  a  l’aval  vaut  0.65.  La  deviation  de  l’aubage  est 
relativement  forte  pour  un  distributeur  (  Afi  -  85')  ce  qui  correspond  A  une  application  realiste  pour  le 
test  de  la  methode  en  grille  d’aubes  de  turbine. 


Les  mesures  disponibles  sont  les  suivanter,  :  conditions  generatrices  de  la  soufflerie,  profils  radiaux  de 
pression  totale  et  de  l’angle  de  1’ecoulement  a  1 ’entree  et  A  la  sortie  de  la  grille  d’aubes,  mesures  de 
pression  statique  aux  parois  du  moyeu  et  du  carter  d’une  part,  sur  la  section  du  profil  a  mi-hauteur  de 
veine  d’autre  part  (non  utiles  dans  le  cadre  de  ce  travail).  Une  attention  particuliere  aux  mesures 
proches  des  parois  moyeu  et  carter  a  ete  portee,  afin  de  determiner  1’effet  des  ecoulements  secondaires 
sur  les  performances  de  la  grille. 


Fig.  5  Gdomdtrie  de  I’aubage 
Vue  arriere 


Un  calcul  meridien,  coupld  au  calcul  des  ecoulements  secondaires,  a  ete  tealise.  La  geometrie  de  la  veine, 
le  maillage  de  calcul  et  les  injections  modelisant  le  couplage  sont  representes  en  fig. 6.  Le  maillage 
"vertical"  est  commun  auv  deux  codes,  mais  le  code  d 'ecoulements  secondaires  est  evidemment  plus 
resserre  au  voisiriage  des  parois,  une  vingtaine  de  points  de  calcul  se  trouvant  dans  la  zone  visqueuse. 

Le  comportement  numerique  de  la  methode  couplee  a  ete  satisfaisant.  Cinq  iterations  de  couplage 
seulement  sont  necessaires,  grace  a  l’equation  d’mteraction  fluide  visqueux  -  ecoulement  sain  presente 
dans  la  methode  de  calcul  des  ecoulements  secondaires. 

Les  mesures  de  pression  totale  et  d’angle  a  1’amont  (fig. 7  et  8)  ont  servi  a  l’initialisation  du  calcul 
d’ecoulement  secondaire  dans  le  premier  plan  (plan  18  du  maillage).  Les  resultats  dans  le  plan  35  du 
maillage,  correspondant  au  plan  de  mesures  a  l’aval  de  l’aube,  sont  presentes  en  fig. 9  et  10. 

On  peut  constater  sur  ces  resultats  une  adequation  correcte  de  Tangle  de  sortie  calcule  a  Tangle  de 
sortie  mesure  (voir  fig. 10).  Au  inoyeu  la  concordance  est  tres  bonne,  quelques  ecarts  subsistant  au 
carter.  L’angle  de  sortie  depend  bien  sur  du  rapport  de  la  vitesse  transversale  W»  a  la  vitesse 
longitudinale  W«.  Ici,  compte-tenu  des  ecarts  entre  1’ecoulement  secondaire  et  l’ecoulement  sain  ne 
depassant  pas  quelques  degres,  le  bon  accord  de  Tangle  de  sortie  denote  essentiellement  un  calcul 
satisfaisant  de  la  vitesse  transversale  W*,  par  le  biais  de  la  vorticite  secondaire  !i>. 

Les  resultats  sont  moms  bons  pour  ce  qui  eoncerne  la  p.ession  totale.  L'evolution  ladiale  de  la  pression 
totale,  deduite  de  Involution  radiate  de  la  vitesse  W  et  de  la  pression  statique,  presente  un  ecart 
important  entre  valeurs  calculees  et  valours  mesurees,  dans  les  zones  visqueuses  proches  du  moyeu  et 
du  carter  (voir  fig. 9).  Ce  resultat  provient  pour  Tessentiel  d’une  mauvaise  adequation  du  profil  de 
vitesse  analytique  pour  decrire  ces  couches  visqueuses. 

Enfin  des  ecarts  de  pression  statique  a  Taval  de  la  grille  d'aube  demontrent  un  calcul  du  blocage 
insuffisant  (voir  fig. 11  et  12).  L’evolution  de  la  couche  limite,  decrite  par  une  methode  integrate,  n'est 
pas  correctement  predite.  Par  le  biais  du  couplage  au  calcul  meridien  par  injections  parietales,  les 
corrections  de  debit  sont  errondes  et  conduisent  a  une  valeur  trop  faible  de  la  pression  statique. 


2.2.  Etage  de  turbine  basse  pression 

La  deuxieme  application  du  code  a  ete  realisee  pour  un  calcul  des  ecoulements  secondaires  dans  le 
premier  etage  d’une  turbine  basse  pression.  Cette  geometrie  a  ete  testee  en  banc  de  turbine  et  les 
resultats  disponibles  permettent  une  comparaison  des  resultats  de  calcul  aux  valeurs  mesurees. 

La  geometrie  du  distributeur  est  plus  simple  que  dans  le  test  precedent,  mais  1'ecoulement  est  de  meme 
type  :  subsonique,  ie  nombre  de  Mach  valant  environ  0.5  a  l’amont,  0.60  a  Taval;  la  deviation  est  du 
meme  ordre  :  A  0  =  90*.  Pour  ce  qui  eoncerne  la  roue  mobile,  1’ecoulement  relatif  est  egalement 
subsonique,  le  nombre  de  Mach  relatif  valant  0.35  a  l’amont,  0.66  a  Taval.  La  deviation,  quant  a  elle,  vaut 
AP'  80  .  Cet  etage  de  turbine  est  representatif  du  premier  etage  d’une  turbine  basse  pression  de  moteur 
civil. 


Les  mesures  disponibles  pour  la  validation  de  la  methode  sont  moins  nombreuses  et  moms  fines  que  dans 
le  cas  precedent.  La  veine  d’essais  est  equipee  de  trois  plans  de  mesure,  a  l’amont  du  distributeur,  entre 
les  deux  grilles  et  a  Taval  de  la  roue  mobile,  notes  *180,  490,  et  49A  respectivement. 

Les  conditions  generatrices  de  Tecoutement  sont  cormues,  ainsi  que  les  profils  radiaux  de  pression  totale, 
angle  et  temperature  totale  de  Tecoutement  aux  plans  480,  490  et  49A.  Derriere  les  aubages  des  mesures 
en  bossage  (deplacement  radial  de  la  sonde,  azimut  fixe)  et  en  lumiere  (integration  azimutale  des  siliages 
sur  un  pas  a  diyerses  profondeurs  d'immersion  de  la  sonde).  Les  mesures  proches  des  parois  n’ont 
cependant  pas  ete  effectuecs  avec  toute  la  precision  souhaitable  ici.  Enfin,  notons  que  les  mesures  de 
temperature  totale  n’ont  pas  etc  exploitecs  dans  ce  travail  sauf  pour  s’assurer  de  la  coherence  du  calcul 
mfoidiert  par  rapport  au  point  dc  fonctiotmemenfc  de  la  turbine. 


Connie  precedemment  le  calcul  meridien,  couple  au  calcul  des  ecoulements  secondaires,  a  ete  realise,  avec 
sutant  de  coherence  qu’il  est  possible  pour  reconstit.uer  le  point  de  fonctionnement  de  la  turbine.  La 
veine  et  le  maillage  de  calcul  sont  representes  en  fig.  13.  Les  plans  de  mesure  480,  490,  49A 
correspondent  respectivement  aux-  plans  de  maillage  17,  30,  et  37. 


Fig,  13  Veine  mdridienno  et  plans  de  mesure 
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Le  comportement  numArique  de  la  mAthode  couplAe  a  AtA  satisfaisant.  Sept  iterations  de  couplage  ont  ete 
rAalisAes. 

Les  mesures  de  pression  totale  et  d’angle  au  plan  480  ont  servi  k  ^initialisation  du  calcul  des 
6coulements  secondaires  dans  son  premier  plan.  Ces  rAsultats  sont  presentes  fig. 14  et  15. 

Les  rAsultats  au  plan  de  mesure  490,  A  l’aval  du  distributeur,  sont  presents  fig. 16  et  17  pour  la 
pression  totale  et  l’angle  de  l’Acoulement.  On  note  comme  prAcAdemment  un  calcul  realiste  de  l’angle  de 
sortie,  associA  k  une  ^valuation  des  pertes  moins  precise.  Dans  ce  cas  cependant,  il  faut  noter  des  Acarts 
de  pression  totale  dans  la  zone  saine,  dus  &  des  ecarts  importants  des  valeurs  mesurees  entre  les  plans 
480  et  490,  non  pris  en  compte  par  le  calcul  mAridien.  De  plus  la  conclusion  sur  l’angle  de  sortie  est  plus 
difficile  compte  tenu  de  l’absence  de  mesures  fiables  au  voisinage  des  parois. 

Les  rAsultats  au  plan  49A,  A  l’aval  de  la  roue  mobile  sont  presentAs  fig. 18  et  19,  pour  la  pression  totale 
et  l'angle  de  sortie.  LA  encore  les  conclusions  sont  rendues  difficiles  par  1’interprAtation  des  mesures. 
Pour  ce  qui  concerne  l’angle,  on  notera  que  l’Acoulement  sain  racoupe  plutot  les  valeurs  mesurees  en 
bossage.  Par  contre  l’allure  de  l’Acoulement  A  la  paroi,  au  raoyeu  et  au  carter,  s’accorde  plutot  aux 
mesures  dAduites  de  l’integration  de  — 'Hages.  Pour  ce  qui  concerne  la  pression  totale,  l’accord  entre  le 
calcul  et  les  mesures  est  tree  satiffe'  nt,  notamment  pour  les  sillages  integres.  Bien  que  mal  calculee  au 
plan  490,  la  pression  totale  semble  b,en  AvaluAe  au  plan  49A,  ceci  Atant  en  fait  en  grande  partie  du  A 
l’ajustement  du  calcul  mAridien  au  point  de  fonctionnement  de  la  turbine. 

Enfin  un  rAsultat  interessant  concerne  devolution  du  blocage,  representee  par  Involution  de  la  pression 
statique  aux  plans  480,  490,  49A.  (voir  fig.20,  21,  22).  On  note  un  disaccord  assez  important  au  plan 
intermAdiaire,  montrant  une  sous-estimation  du  blocage  produit  par  les  couches  limites  a  la  traversAe  du 
distributeur.  Cependant  au  plan  49A  l’accord  calcul-experience  est  a  nouveau  satisfaisant,  laissant 
presager  une  estimation  correcte  du  blocage  A  la  traversAe  de  l’Atage.  Cependant  l’incertitude  sur 
l'accord  du  calcul  concernant  l’angle  de  l’Acoulement  au  plan  49A  entache  ce  dernier  rAsultat  d’une  marge 
d’incertitude  importante. 

Ce  dernier  tr  •’t  montre  l’obtentfon  de  rAsultats  rAalistes  dans  l’ensemble  mais  des  essais  en  turbine  plus 
prAcis  seraient  necessaires  pour  conclure;  ceci  d’autant  plus  que  des  ecarts  locaux  importants  ont  ete 
dAmontrAs,  notamment  pour  les  pertes  et  le  blocage,  tant  pour  un  distributeur  isolA  que  pour  un  etage 
complet. 


3  -  ANALYSE  DES  RBSULTATS.  PERSPECTIVES  POUR  LE  CALCUL  DES  PHENOMENES  SECONDAIRES  EN 
TURBINE 

3.1.  Domaine-d [’application  de  la  mAthode 

Les  rAsultats  obtenus  en  grille  d’aubes  de  distributeur  d’une  part,  sur  le  premier  etage  d’une  turbine 
basse  pression  d’autre  part,  permettent  de  delimiter  sur  un  certain  nombre  de  points  le  domaine 
d’application  de  la  mAthode  axisymAtrique. 

II  faut  noter  tout  d’abord  que  la  discussion  ne  porte  que  sur  les  turbines  subsoniques,  la  mAthode 
n’ayant  pas  AtA  testee  sur  des  aubages  transsoniques;  aucune  prise  en  compte  des  chocs  n’est  d’ailleurs 
incluse  dans  la  mAthode. 

Le  premier  point  dAmontrA,  largement  positif,  est  une  bonne  adAquation  de  l’Aquation  de  transport  de  la 
vorticitA  secondaire  pour  le  calcul  du  champ  de  vitesse  transversale  W, .  Ce  rAsultat  semble  pouvoir  etre 
expllquA  par  le  caracterc  esser.tiellement  "potentiel"  du  mAcp.nisme  de  formation  du  tourbillon  de  passage. 

Certains  auteurs  obtiennent  une  estimation  tres  correcte  des  Acoulements  secondaires,  au  moins  pour  le 
champ  des  vitesses,  a  l’aide  de  mAthodes  de  calcul  tridimensionnelles  en  fluids  parfait  ’es  travaux  de 
Boletis  et  Arts  <5>  pour  une  grille  d’aubes  de  turbine  basse  vitesse,  et  ceux  de  Bassi,  Osnaghi, 

Perdichizzi,  Savini  <6>  corroborent  largement  cette  hypothese. 

En  revanche,  le  calcul  de  la  couche  limite  pariAtale,  au  moyeu  et  au  carter,  se  heurte  k  des  obstacles 
plus  serieux.  11  ne  semble  pas  que  1’hypothAse  de  couche  limite  retenue  soit  suffisament  per*inente,  n»  la 
mAthode  intAgrale  suffisament  prAcise,  pour  un  calcul  pleinement  satisfaisant  du  blocage  et  des  pertes 
secondaires. 

Ceci  peut  etre  aisAment  confirmA  par  une  revue  experimentale  de  la  nature  des  phenomenes  secondaires. 

Gregory-Smith  et  Graves  <7>  ont  realise  des  mesures  tridimensionnelles  detaillAes  des  phenomenes 
secondaires  en  turbine.  On  peut  aisement  vArifier  que  le  champ  de  pression  statique  est  fortement 
influencA  par  la  prAsence  du  tourbillon  de  passage  (voir  fig.  23).  D’autre  part,  la  production  des  pertes  , 

est  liAe  a  des  phAnomAnes  tridimensionnels  localisAs  prAsence  de  lignes  de  decollement  et  de  recollement 

tridimensionnelles  sur  la  plate-forme  et  sur  1’extrados  (voir  fig.  24).  convection  de  fluide  de  basse 
Anergie  au  sein  du  tourbillon  de  passage,  interaction  de  celui-ci  avec  la  couche  limite  s  1’ext.rados  (voir 
fig.  25). 

i 

Cependant,  le  manque  de  precision  au  niveau  des  pertes  et  du  blocage  ne  condamne  pas  l’emploi  de  la  j 

mAthode  pour  le  calcul  de  conception  des  turbines.  On  peut  noter  en  effet  que  la  mAthode  donne  des  ! 

rAsulte  i  intAressants  pour  ce  qui  concerne  l’angle  de  sortie;  par  ailleurs,  l’imprecision  du  calcul  du 
blocage  ne  pAnalise  pas  le  calcul  au  niveau  du  plan  de  sortie  de  l’Atage  de  turbine;  enfin,  l’estimation  j 

des  pertes  secondaires  peut  etre  obtenue  par  les  corrAlations  utilisees  largement  par  les  constructeurs. 

i "  5  Jv 

En  conclusion,  la  corr.binaison  calcul  raAridien  -  methode  axisymAtrique  -  corrAlations  expArimentales  > 

semble  prometteuse  pour  la  conception  des  turbin'  .  ,e  probleme  de  l’ajustement  de  la  triangulation  aux 
effets  visqueux  tridimensionneis  est  notamment  oborde  de  faqon  satisfaisant.e;  l’adaptation  locale  en  pied 
et  en  tete  des  grilles  d’aubes  successives  est  nossible. 
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Fig.  23  Champ  de  pression  statique 
dans  un  canal  interaube 
de  turbine 


Fig.  25  Champ  de  pression  to  tale 
dans  un  canal  interaube 
de  turbine 


Ces  resultats  d’ensemble,  que  l’on  peut  juger  positifs  compte  tenu  de  la  simplicity  de  la  formulation 
(quelques  secondes  de  calcul  IBM  3090  pour  un  etage  de  turuine)  devront  bien  enter.du  etre  confirmes 
sur  des  tests  incluant  des  turbines  completes  de  quatre  ou  cinq  etages. 

Une  amelioration  de  la  methode  reste  sans  doute  possible  par  une  meilleure  modelisation  des  couches 
visqueuses,  de  la  "couche  limite"  longitudinale  notamment.  Cependant  ceci  ne  se-a  realisable  qu’au  prix 
d’une  lourdeur  accrue.  Enfin  il  n’est  pas  assure  qu’une  methode  de  type  axisymetrique  soit  capable 
d’estimer  correctement  la  production  des  pertes  secondaires,  phenomene  essentiellement  tridimensionnel. 


S  :  lignes  de  ddcollement 
R  :  lignes  de  recollement 


Fig.  24  Lignes  de  courant  &  la  paroi 
d’une  aube  de  turbine 


3.2.  Calcul  des  ecoulements  visqueux  tridimensionnels  en  grille  d’aubes  de  turbine 

Parallelement  aux  travaux  precedents,  portant  sur  des  methodes  legeres,  adaptees  a  la  conception  des 
turbines  multi-etages,  le  dyveloppement  de  methodes  de  calcul  des  ecoulements  visqueux  tridimensionnels 
est  une  priority. 

La  pryvision  de  ces  ecoulements  est  en  effet  essentielle  pour  l’analyse  des  performances  d’un  aubage  : 

-  prevision  fine  des  ycoulements  secondaires,  incluant  la  description  du  tourbillon  en  fer-a-cheval,  des 
lignes  de  dycollement  associyes,  du  tourbillon  de  passage,  des  lignes  de  courant  au  voisinage  des 
plates-formes  et  des  nr'-fils. 

-  pryvision  fine  des  rertes  de  l’aubage  incluant  les  pertes  de  profil  et  pertes  secondaires;  la 
connaissance  de  la  localis«r>vn  des  nertes  doit  permettre  de  mieux  comprendr*-  et  mieux  controler  leur 
production.  L’optimisatior  ayrodynamique  tridimensionnelle  des  aubages  depeno  de  ces  deux  points. 
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-  provision  fine  des  effets  thermiques  tridimensionnels  redistribution  du  profil  radial  de  temperature  & 
l’entree  de  la  grille  d’aubes,  Evolution  dans  le  canal  interaube  d’un  pic  de  temperature  derriere  un 
injecteur,  transferts  thermiques  parieuiux  sur  les  aubes  et  les  plates-formes. 

Compte  tenu  de  cet  objectif  multiple,  la  SNECMA  a  engage  un  effort  important  pour  la  resolution  des 
equations  de  Navier-Stokes  compressibles  moyennees  stationnaires  en  grille  d’aubes  de  turbine.  Cet 
effort,  complementaire  du  travail  presente  au  paragraphe  2,  aboutit  des  aujourd’hui  a  des  applications 
industrielles. 

Le  developpement  d’un  code  Navier-Stokes  parabolise  tridimensionnel  a  ete  entrepris  A  l’Ecole  Centrale  de 
Lyon,  pour  le  calcul  des  ecoulements  secondaires  en  grille  d’aubes  de  turbine  ventilees.  Une  premiere 
application  est  en  cours  sur  une  grille  d’aubes  de  distributeur  basse  Vitesse  <8>. 

Le  developpement  d’un  code  Navier-Stokes  tridimensionnel  It  l’ONERA,  soutenu  par  la  SNECMA,  permet 
aujourd’hui  une  application  en  grille  d’aubes  de  distributeur  <9>.Les  resultats  montrent  un  calcul 
correct  de  l’Acoulement  tridimensionnel  y  compris  au  voisinage  de  la  plate-forme  (voir  fig.  26). 


Ces  applications,  qui  doivent  aboutir  aux  objectifs  cites  plus  haut,  prAsagent  pour  la  SNECMA  la 
possibilite  d’appliquer  une  panoplie  de  methodes  adaptees  au  calcul  des  ecoulements  secondaires  a  divers 
stades  d’un  projet:  methodes  ldgAres,  axisymetriques,  pour  les  calculs  de  conception  multi-etages, 
methodes  tridimensionnelles,  bien  plus  couteuses,  pour  l’analyse  des  performances  d’un  aubage. 


Vitesses  A  mi-hauteur 


Vitesses  au  voisinage  de  la  paroi 


Fig.  26  Calcul  de  l’€coulement  tridimensionnel 
visqueux  dans  une  turbine 


CONCLUSION 


La  prevision  des  ecoulements  secondaires  est  un  objectif  majeur  pour  la  conception  des  aubes  de  turbine 
et  pour  1’analyse  de  leurs  performances. 

Une  methode  de  calcu’  axisymetrique  des  ecoulements  secondaires,  initialement  developpee  a  l’ECL  et  A  la 
SNECMA  pour  les  corapresseurs  multi-etages,  a  ete  appliquee  sur  deux  configurations  de  turbine  une 
grille  d’aubes  de  distributeur  de  turbine  basse  pression  et  un  premier  etage  de  turbine  basse  pressiun. 

Des  comparaisons  calcul/experience  ont.  permis  de  mettre  en  evidence  les  qualites  ainsi  que  les  limitations 
de  la  methode.  Le  calcul  correct  de  la  vorticite  secondaire  (tourbillon  de  passage)  permet  d’employer  aver, 
succes  la  methode  pour  la  correction  locale  de  la  triangulation  en  pied  et  tete  d’aube,  ce  qui  rend 
possible  une  meillcure  adaptation  des  grilles  H’aubes  successiv.  s.  Le  calcul  de  la  couche  limite 
longitudinale,  au  moyeu  et  au  carte:  est  plus  difficile  et  la  methode  ne  rend  pas  compte  avec  precision 
des  pertes  secondaires  et  de  revolution  uu  biuoage. 

Cependant  l’emploi  de  cette  methode,  couplee  au  calcul  meridien  classique  d’une  part,  aux  correlations  de 
pertes  secondaires  d’autre  part  repond  A  1’objectif  de  prediction  globale  des  phenomAnes  secondaires  au 
stade  de  la  conception  d’un  projet  de  turbine. 

Des  methodes  plus  lourdes  sont  bien  ertendu  nccessaires  pour  l’analyse  des  performances  d’un  aubage. 
La  connaissance  de  l’Acoulement  visqueux  tridimensionnel  est  desormais  indispensable  pour  l’optimisalion 
a6rodynamique  et  thermique  d’un  aubage  de  turbine.  La  SNECMA  s’est  assoc iee  A  des  programmes  de 
recherche,  A  l’ECL  et  A  l’ONERA,  pou*-  la  resolution  des  equations  de  Navier-Stokes  tridimensionnelles,  Des 
applications  industrielles  de  ces  codes  sont  aujourd’hui  disponibles. 

Ainsi  1’objectif  de  prevision  des  ecoulements  secondaires  peut  etre  atteint  grace  A  une  panoplie  de 
methodes  compiementaires  :  les  methodes  legAres  correctives  d’un  calcul  meridien,  sont  indispensables 
lors  de  I’etablissement  de  la  triangulation  d’un  projet  de  turbine;  les  methodes  tridimensionnelles  lourdes 
et  couteuses,  permettent  une  analyse  fine  de  l’6coulement  visqueux. 
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- - —  CALCULS 

_  ECOULEMENT  SAIN 


Fig.  7  plan  a*ont 
PRESS ION  TOTALE 


Eig.  8  plan  amont 
ANGLE  DE  L’ECOULEMENT 


1.CC  '  «  a 
C.90 
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t.soj 

c.xj 
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Fig.  9  plan  aval 
PRESS  ION  TOTALE 


Fig.  10  plan  aval 
ANGLE  DE  L’ECOULEMENT 


Fig.  11  plan  aaont 
PRESS ION  STATTQUE 


Fig.  12  plan  aval 
PRESSION  STATIQUE 


MESURES  (A  :  SILLAGES,  B  :  BOSSAGES) 


aaaaaoo  calculs 

-  ECOULEMENT  SAIN 


PT  Cfiul  *10 


Fig.  14  plan  480 
PRESS ION  TOT ALE 


•T  *» 


Fig.  15  plan  480 
ANGLE  DE  L’ECOULEMENT 


Fig.  16  plan  490 
PRESS ION  TOTALE 


Fig.  17  plan  490 
ANGLE  DE  L’ECOULEMENT 


Fig.  18  plan  49  A 
PRESS ION  TOTALE 


Fit,.  19  plan  49  A 
ANGLE  DE  L’ECOULEMENT 
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Summary 

A  three-dimensional  viscous  flow  code  is  used  to  distinguish  aerodynamic  performance  of  different  designs  of  tur¬ 
bomachinery  components.  Two  designs  of  a  high-pressure-ratio  turbine  nozzle  and  a  centrifugal  compressor  impeller  are 
numerically  studied  to  investigate  detailed  flow  development  and  overall  aerodynamic  performance.  The  present  study  indi¬ 
cates  that  the  current  viscous  code  can  differentiate  aerodynamic  performance  of  various  designs  of  turbomachinery  com¬ 
ponents. 


Introduction 

Computational  fluid  dynamics  are  frequent!}’  used  for  the  analysis  and  design  of  turbomachinery  components.  Various 
methods,  such  as  streamline  curvature,  potential  flow,  Euler,  and  Navier-Stokes,  are  an  integral  part  of  computer-aided 
engineering  systems.  As  computer  architecture  becomes  more  powerful,  increasingly  complex  Navier-Stokes  methods  are  used 
to  get  more  realistic  pictures  of  the  flow.  Although  Navier-Stokes  methods  are  more  expensive  than  Euler  methods  or  Euler- 
boundary  layer  methods,  they  provide  invaluable  information  when  the  design  is  pushed  beyond  the  current  envelope  of  correla¬ 
tions. 

Various  previous  numerical  studies  based  on  Navier-Stokes  solutions  [14]  have  shown  great  promise  for  the  prediction  and 
evaluation  of  aerodynamic  performance  of  newly  designed  components.  One  of  the  purposes  of  doing  viscous  flow  computation 
is  to  estimate  aerodynamic  performance  parameters  of  a  particular  component  To  predict  aerodynamic  performance  correctly, 
various  important  viscous  flow  phenomena  (boundary  layer  development,  secondary  flow  generation,  flow  separation,  shock¬ 
boundary  layer  interaction,  etc.)  must  be  adequately  represented  in  the  solution.  Because  the  currently  available  physical 
models  (flow  transition,  turbulent  shear  stress,  turbulent  heat  flux,  etc.)  are  rather  restricted,  the  numerically  predicted  value  of 
aerodynamic  performance  parameters,  especially  aerodynamic  losses,  are  not  always  exactly  the  same  as  the  experimentally 
measured  values.  However,  it  is  believed  that  the  differences  in  aerodynamic  performance  of  different  designs  can  be  predicted 
numerically  using  Navier-Stokes  solutions. 

In  this  study,  a  relatively  well-established  numerical  method  for  Reynolds-averaged  Navier-Stokes  solutions  is  applied  to 
compare  numerically  the  aerodynamic  performance  of  slightly  different  designs.  Designs  for  a  high-pressure-ratio  turbine  noz¬ 
zle  and  two  different  centrifugal  impeller  designs  are  used  for  comparison  purposes. 

Governing  Equations  and  Turbulence  Modeling 

The  following  Reynolds-averaged  Navier-Stokes  equations  are  solved  for  the  current  problem: 
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A  modified  k-c,  two-equation  model  is  used  to  estimate  Reynolds  stresses  and  heat  flux.  The  turbulence  model  is  extended 
to  the  solid  wall  following  the  studies  of  Chien  [5].  The  folkwing  additirnal  transport  equations  are  solved  to  calculate  tur¬ 
bulent  stress  terms: 
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No  attempt  was  made  to  optimize  constants  of  the  turbulence  modeling  equations  for  this  study.  Therefore,  standard  values  of 
various  constants  of  the  turbulence  model  are  used;  the  values  are 

CM  =  0.09,  C,  =  135,  C2  =  1.8,  ak  =  1.0,  a,  =  13,  C3  =  0.0115,  C4  =  0.5 


Numerical  Scheme  and  Boundary  Conditions 

Equations  1  through  6  are  solved  numerically  with  a  fully  conservative  control  volume  approach.  The  finite  difference  equa¬ 
tions  are  formulated  in  terms  of  Cartesian  momentum  (pUi),  static  pressure  (p),  total  internal  energy  ( e ),  turbulence  kinetic 
energy  (k)  and  turbulence  energy  dissipation  rate  (e).  The  numerical  fluxes  through  control  volume  surfaces  are  estimated  with 
a  quadratic  upwinding  scheme  and  so  the  formal  spatial  accuracy  is  third  order  on  smoothly  varying  meshes.  The  steady-state 
solution  is  obtained  through  the  elliptic  relaxation  of  the  finite  difference  equations  and  each  relaxation  consists  of  one  semi- 
implicit  prediction  and  two  implicit  correction  steps.  During  each  iteration,  pressure-based  correction  equations  are  used  to 
ensure  global  conservation. 

With  the  static  pressure  field  at  the  previous  iteration,  the  momentum  conservation  equations  are  solved  using  the  following 
equation  on  nonorthogona!  body-fitted  coordinates: 
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where  TJ  is  the  diffusion  coefficient,  G,-  is  a  velocity  component  along  the  transformed  coordinates  (£,r?,y>),  and  S+  consists  of 
additional  body  force  terms  and  pressure  terms.  A  3-point  central  difference  approximation  is  used  for  all  ihe  diffusion  terms 
and  a  modified  quadratic  upwinding  scheme  is  used  for  convection  terms. 

Because  the  coefficients  of  the  finite  difference  equation  (7)  are  based  on  the  values  at  the  previous  step,  the  resulting  pUj 
does  not  satisfy  mass  conservation.  Two  correction  steps  are  needed  to  satisfy  the  mass  conservation  at  each  iteration.  The 
concept  of  pressure-implicit  splitting  is  used  for  the  correction  of  p  and  eUj  after  the  prediction  step. 

The  two  correction  steps  are  as  follows: 

W)“  -  (pUi)'  =  a;1  mp'  -  Pn)  (8) 


(MY  +1  -  ( pUi )"  =  a;1  LApm  [( pU T  -(pU)'}-  A,-  (Pn+1  -  P*)  (9) 

For  equations  (8)  and  (9),  the  mass  conservation  condition  is  imposed  as 

a iW = a Mr +i  =  a iwr = o  (io) 


By  combining  equation  (10)  with  equations  (8)  and  (9),  Pcisson-fype  equations  are  obtained  for  (P*  -  P")  and  (P**  -  P*) 
and  the  value  of  (plJ) f  +1,  P" +1  is  calculated  with  the  corrected  pressure.  With  the  correction  step  in  equations  (8)-(10),  den¬ 
sity  is  handled  rather  implicitly  and  (pUi)  and  P  are  updated.  A  single  implicit  step  is  used  to  calculate  k,  c,  and  e  with  the 
corrected  values  of  pUJ-,  and  p. 

The  computations  were  carried  out  on  1-0  type  composite  grids.  With  the  1-grid,  spatial  periodicity  of  the  grid  at  the 
periodicity  surface  is  not  forced  and  the  physical  flow  periodicity  condition  is  handled  inside  the  flow  solver  by  a  high-order 
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interpolation  of  variables.  Good  orthogonality  of  the  grid  can  be  maintained  near  the  blade  surface  and  at  periodic  surfaces, 
which  is  essential  for  accurate  solution  of  transonic  viscous  flow  inside  turbine  blade  rows  with  high  turning.  Near  the  blade 
surface,  an  O-grid  is  wrapped  around  the  blade.  This  inner  O-grid  is  used  mainly  to  represent  the  high  gradient  of  variables 
near  the  surface.  With  the  1-0  type  grid,  dimensionless  wall  distance  (y  + )  at  the  first  node  can  be  in  the  order  of  1  to  5  with  an 
acceptable  overall  grid  size. 

At  the  inflow  boundary,  the  distribution  of  total  pressure,  total  temperature,  and  inlet  flow  angles  are  fixed.  At  the  outflow 
boundary,  the  static  pressure  is  fixed  at  one  location.  For  the  turbulence,  the  experimental  value  of  turbulent  kinetic  energy  is 
used  at  the  inflow  boundary  and  the  equilibrium  condition  is  used  to  estimate  the  inflow  condition  of  the  turbulence  dissipation 
rate.  Residuals  of  each  finite  difference  equation  are  integrated  over  the  entire  domain.  When  the  integrated  residuals  of  all 
the  equations  are  required  by  four  orders  of  magnitude  from  their  initial  value,  the  solution  is  considered  to  be  converged.  The 
code  is  vectorized  on  Cray-XMP  and  has  an  option  to  run  out-of-core  solution  (solid-state-disk  storage  on  Cray-XMP)  for 
large-scale  problems. 


Two  High-Pressure-Ratio  Axial  Turbine  Nozzles 

The  current  turbomachinery  design  practices  are  still  mainiy  based  on  quasi-three-dimensional  methods.  Various  correla¬ 
tions  for  the  viscous  effect  are  built  on  these  methods,  which  are  also  based  on  past  experiences.  The  current  standard  design 
procedures  work  well  as  long  as  the  design  is  within  the  envelope  of  valid  correlations.  As  expected,  the  current  quasi-three- 
dimeasional  methods  become  less  reliable  when  the  aerodynamic  or  geometric  parameters  are  changed  drastically  beyond  past 
experience. 

Tne  basic  flow  structure  in  turbine  blade  passage  is  believed  to  be  fairly  well  understood  [6,7].  Various  numerical  studies 
based  on  fully  three-dimensional  Navier-Stokes  analysis  [2^]  have  also  indicated  that  the  entire  flowfield  can  be  predicted  with 
tbe  accuracy  for  design  applications. 

Two  different  designs  of  a  high-pressure  ratio  turbine  nozzle  are  numerically  simulated  to  determine  whether  the  numerical 
solution  can  distinguish  differences  in  aerodynamic  performances. 

The  geometry  of  two  nozzles  is  shown  in  Figure  1.  Nozzle  A,  with  42  blades,  and  nozzle  B,  with  24  blades,  were  both 
designed  to  operate  at  a  pressure  ratio  of  2.1.  Nozzle  B  was  designed  to  reduce  the  overall  weight  of  the  stage.  As  expected, 
nozzle  A  has  very  good  aerodynamic  performance.  However,  experimental  test  results  of  nozzle  B  indicate  significant 
deterioration  cf  aerodynamic  performance,  which  is  quite  contradictory  to  the  design  intention.  Figure  2  shows  static  pressure 
distributions  on  the  blade  surface  for  both  nozzles.  Mach  number  contours  near  the  hub  are  compared  in  Figure  3:  Nozzle  A 
shows  conventional  Mach  number  distribution  and  usual  supersonic  shock  system  near  the  trailing  edge,  a  weak  shock  on  the 
pressure  side,  and  a  strong  shock  on  the  suction  side  that  propagates  toward  the  next  blade  row,  even  after  strong  interaction 
with  the  wake.  However,  nozzle  B  does  not  indicate  such  a  conventional  shock  system  near  the  trailing  edge.  The  velocity  vec¬ 
tors  near  tne  hub  are  compared  in  Figure  4:  Flow  separation  is  clearly  shown  for  nozzle  B,  which  might  contribute  to  the  rela¬ 
tively  high  aerodynamic  loss.  Radial  distribution  of  total  pressure  loss  is  compared  in  Figure  5.  The  current  numerical  solutions 
for  the  two  high-pressure-ratio  turbine  nozzles  indicate  that  the  numerical  solution  can  distinguish  aerodynamically  good  design 
from  aerodynamically  bad  designs,  which  conventional  correlation-based  methods  cannot  correctly  identify. 


Figure  1.  Compntmtkmai  grids  for  two  nozzle*. 


4,  Comparison  of  velocity  vectors  near  the  hub. 
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Figure  5.  Comparison  of  spanwise  distribution  of  total  pressure  loss. 


Two  Backswept  Centrifugal  Impellers 

The  development  of  an  aerodynamicaliy  efficient  centrifugal  compressor  stage  is  essential  for  the  high-performance  small 
gas  turbines.  The  flow  inside  the  centrifugal  compressor  stage  is  very  complex  and  various  three-dimensional  viscous  flow 
phenomena  dominate  the  flowfield.  Experimental  investigations  with  the  well-developed  optical  measurement  techniques  [8,9] 
have  further  shown  the  complex  nature  of  the  flowfield  (flow  separation,  large  vortex  motion,  different  exit  flow  profiles,  etc.). 
In  recent  years,  various  studies  have  been  made  to  calculate  the  flows  inside  Eckardt’s  backswept  impeller  [4,10]  and  Krain’s 
backswept  impeller  [11,12]  with  full  three-dimensional  Navier-Stokes  code.  As  reported  earlier,  the  impeller  exit  velocity 
profiles  from  these  two  impellers  are  distinctively  different.  Eckardt’s  impeller  shows  a  traditional  jet/wake  type  profile  at 
design  and  choke  flow  condition  while  Krain’s  more  advanced  impeller  shows  smoother  profiles  at  all  operating  conditions. 

As  detailed  numerical  studies  of  these  impellers  at  design  condition  have  been  published  previously  [10,11],  the  aerodynamic 
performances  of  Eckardt’s  impeller  and  Krain’s  impeller  at  off-design  conditions  (choke  condition)  are  compared  numerically. 
Figure  6  shows  both  impellers.  The  detailed  geometry  and  test  conditions  are  given  in  [8,9].  Eckardt’s  impeller  has  20  blades, 
and  Krain’s  impeller  has  24  blades.  Both  impellers  have  30°  backswept  geometries  and  operate  with  vaneless  diffusers.  The 
computations  were  carried  out  on  H-type  grids  with  the  same  number  of  nodes  (26  x  31  x  51  in  blade-to-blade,  spanwise, 
streamwise  directions).  Six  span-wise  nodes  are  located  inside  the  tip-clearance  regions  for  both  impeller  calculations.  Figure  7 
shows  meridional  impeller  shapes  and  measurement  planes  where  comparisons  are  made. 

For  the  current  study,  detailed  development  of  vortex  motion  and  secondary  flow  inside  the  impeller  is  investigated  using  the 
numerical  solution.  Krain  [9]  and  Hah  and  Krain  [11]  have  used  the  shape  of  the  lines  of  constant  relative  flow  angles  (iso¬ 
clines)  to  identify  the  existence  of  a  vortex. 


Eckhardt 

Figure  6.  Eckardt’s  and  Krain’s  impellers. 
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Eckhardt  Krain 


Figure  7.  Measurement  planes. 

The  basic  equations  for  the  isoclines  of  a  real  vortex  moving  with  the  relative  velocity  Wb  are  derived  in  Figure  8a.  The 
result  of  the  analysis  for  a  through  flow  inclined  against  the  drawing  plane  ( 0  =  35°)  is  shown  in  Figure  8b.  According  to  this 
analysis  the  isoclines  are  parallel  to  each  other  in  the  solid  body  vortex  area  and  are  elliptical  in  the  potential  vortex  area.  The 
vortex  center  is  always  located  in  the  middle  of  the  parallel  isoclines.  A  real  vortex,  which  consists  of  a  solid-body  vortex  and  a 
potential  vortex  part,  is  assumed  to  be  present  when  isoclines  similar  to  those  shown  in  Figure  8b  are  identified. 

In  Figure  9,  circumferentially  averaged  shroud  static  pressure  distribution  is  compared  for  the  two  impellers,  and  typical  dis¬ 
tribution  of  wall  static  pressure  at  this  operating  condition  is  observed.  As  shown  in  Figure  9,  the  overall  impeller  performance 
is  very  well  predicted  for  both  impellers.  A  detailed  flow  angle  analysis  is  given  in  Figure  10.  At  Plane  I,  the  impellers  show  no 
effect  of  tip-clearance  and  similar  distribution  of  contours  are  observed.  From  Plane  I  to  Plane  III,  two  vortex  systems  are 
developed  near  the  shroud.  The  pressure-side  vortex  of  Bckardt’s  impeller  is  more  clearly  formed  and  its  location  is  nearer  to 
the  center  of  the  passage  than  is  Krain’s  impeller.  For  both  impellers,  this  vortex  is  formed  because  of  tip-clearance  flow  and 
this  difference  in  vortex  structure  might  be  due  to  the  relatively  stronger  tip-clearance  effect  in  Eckardt’s  impeller.  From 
Plane  III  to  the  exit  Plane  IV,  three  distinctive  vortex  systems  are  developed  for  both  impellers.  However,  the  relative  magni¬ 
tude  and  location  of  the  vortices  are  quite  different  between  the  impellers.  Compared  with  Krain’s  impeller,  the  vortices  of 
Eckardt’s  impeller  are  rather  concentrated  near  the  shroud  and  toward  the  center  of  the  blade  passage.  The  vortices  represent 
velocity  gradient,  so  some  high-velocity  gradient  is  expected  near  the  pressure  side  of  the  centerline  in  Eckardt’s  impeller  from 
Figure  lQf.  The  exit  relative  total  velocity  component  is  compared  with  the  experimental  data  in  Figure  11.  The  agreement 
between  experimental  data  and  numerical  prediction  in  Figure  11  is  very  good  for  both  impellers  considering  the  complex 
nature  of  the  flowfield.  The  current  numerical  study  indicates  that  the  distinctive  difference  of  flowfield  in  two  different  centri¬ 
fugal  impellers  can  be  numerically  predicted. 
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Figure  8a.  Measurement  of  vortex  flow  with  L2F  measurement  technique. 
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Figure  10a.  Comparison  of  isocline  pattern  at  Plane  I. 


Figure  10c.  Comparison  of  isocline  pattern  at  Plane  III. 
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Figure  lOe.  Comparison  of  isocline  pattern  at  Plane  V. 
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Figure  lOf.  Comparison  of  isocline  pattern  at  Plane  VI. 


NUMERICAL  PREDICTION  MEASURED  DATA 
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Figure  11a.  Comparison  of  meridional  velocity  profiles  at  impeller  exit  (choke 
condition). 
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Figure  lib.  Comparison  of  meridional  velocity  profiles  at  impeller  exit  (choke 
condition). 


Concluding  Remarks 

'  The  current  study  presented  the  results  of  the  application  of  a  three-dimensional  viscous  flow  code  to  distinguish  aero¬ 

dynamic  performance  of  different  designs  of  turbomachinery  components.  Two  different  designs  of  a  high-pressure-ratio  tur¬ 
bine  nozzle  and  a  centrifugal  impeller  are  used  for  verification  purposes.  Detailed  examination  of  the  numerical  solutions  ini  ,i- 
>  cates  that  the  current  three-dimensional  Reynolds-averaged  Navier-Stokes  code  does  properly  predict  the  differences  in  aer  o- 

dynamic  performance  of  the  different  designs,  which  other  correlation-based  methods  or  inviscid  methods  do  not  predict  Th; 
,  current  work  concludes  that  the  Reynolds-averaged  Navier-Stokes  method  can  indeed  be  applied  to  the  real  design  work  of  tur- 

i  bomachinery  components.  Designers  can  examine  and  verify  several  candidate  designs  numerically  before  any  final  verification 

j  test.  Therefore,  the  overall  development  cycle  can  be  significantly  shortened. 

I 
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DISCUSSION 


Skoe,  Norway 

1.  Are  the  number  of  gridpoints  within  clearance  region  sufficient  to 
calculate  realistic  clearance  loss,  and  the  adverse  effect  of  loading 
(on  clearance  loss)  ? 

2.  How  is  comparison  between  test  &  analysis  for  design  point  operation? 

3.  Is  the  code  capable  of  treating  splitter  blades  which  is  usually  used 
on  high  performance  centrifugal  rotors  for  elevated  pressure  ratios? 

Author's  Reply: 

1.  We  have  six  grid  points  inside  tip-clearance  and  I  think  that  the 
overall  effects  of  tip-clearance  on  the  main  flow  can  be  properly 
represented. 

2.  We  published  the  results  at  design  condition  in  the  ASME  paper 
89-GT-181  and  the  results  were  very  encouraging. 

3 .  As  all  our  current  impellers  have  flow-splitter,  the  code  is  written 
to  handle  flow-splitters. 


Leboeuf,  France 

Can  you  comment  about  the  turbulent  low  Reynolds  number  effect  included  in 
your  code? 

Author's  Reply: 

The  low  Reynolds  number  modification  of  our  standard  two-equation 
turbulence  model  is  intended  to  solve  the  transport  equations  to  the  solid 
wall  without  any  assumption  of  profiles.  Generally,  this  modification 
improves  prediction  of  separated  flow  region  especially  near  the  trailing 
edge.  Also,  it  simulates  the  effect  of  freestream  turbulence 
qualitatively  well  when  the  freestream  turbulence  is  above  1~2%. 

Papailiou,  Greece 

Do  you  perform  accurate  unsteady  computations  with  the  appropriate 
accuracy  for  the  unsteady  terms? 

Author's  Reply: 

Yes,  we  use  a  scheme  which  is  second-order  accurate  in  time  when  we 
perform  unsteady  time-accurate  calculations. 


Hansen,  USA 

As  you  look  forward  from  today  and  into  the  future,  what  is  your  own  best 
thinking  about  turbulence  models  that  should  be  used  for  complex 
turbomachinery  flows? 

Author's  Reply: 

Thank  you  for  your  question  about  a  very  important  issue  of  turbomachinery 
CFD.  As  you  know  very  well,  the  turbulent  flow  inside  turbomachinery  is 
significantly  influenced  by  the  effects  of  curvature  and  rotation.  AI30, 
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flow  transition  must  be  properly  modeled  for  the  heat  transfer  computation 
on  the  turbine  blades.  With  the  currently  available  computers, 
three-dimensional  flow  computation  inside  turbomachinery  with  large  eddy 
simulation  or  direct  simulation  of  turbulence  becomes  impractical  because 
of  unrealistic  amount  of  computing  time.  As  we  should  produce  useful 
computations  for  design  purposes  with  reasonable  cost,  rather  simpler 
mixing  length  or  two-equation  type  model  is  used  currently.  Further 
research  efforts  to  improve  rather  simpler  models  for  complex  flow 
application  are  essential  for  successful  CFD  for  turbomachinery. 


17-1 


;  SECONDARY  FLOW  CALCULATIONS  FOR  AXIAL  AND  RADIAL  COMPRESSORS 

| 

|  DOUVIKAS,D. ,  Assistant 

3  KALDELLIS , J . ,  Assistant 

]  PAPAILIOU.K.D. ,  Professor 

!  NATIONAL  TECHNICAL  UNIVERSITY  OF  ATHENS, 

I  Lab.  of  Thermal  Turbomachines, 

I  P.O.Box  64069,  15710  Athens,  Greece. 


I 


ABSTRACT 

A  secondary  flow  calculation  method  is  presented,  the  development  of  which  has  recently  been  comple¬ 
ted  in  the  Thermal  Turbonachines  Lab.  of  the  National  Technical  University  of  Athens.  This  method  makes 
use  of  the  meridional  vorticity  transport  equation,  the  momentum  integral  equation  and  the  mean  kinetic 
energy  integral  equation.  Emphasis  is  placed  upon  the  use  of  a  coherent  two-zone  model  and  care  is  taken 
to  describe  adequately  the  flow  inside  an  unbounded  (external),  semi-bounded  (annulus)  and  fully-bounded 
(bladed)  space.  The  hub  and  tip  secondary  flow  development  is  calculated  simultaneously,  so  that,  use  of 
an  approximate  model  for  the  interaction  between  the  viscous  shear  layer  and  the  external  flow,  permits 
to  adapt  this  last  flow  field  to  the  growth  of  the  wall  shear  layers  during  the  computational  procedure. 
Not  only  the  meridional  but  also  the  peripheral  blockage  is  taken  into  account  during  this  procedure. 

An  additional  approximate  viscous-inviscid  interaction  model  is  used,  when  shocks  are  present  in  the 
passage. 

An  attempt  is  made  to  place  the  method  in  historical  perspective.  Then,  after  its  brief  description, 
comparisons  with  experimental  results  are  presented  along  with  the  appropriate  discussion  in  order  to 
evaluate  the  capabilities  of  the  method. 

1.  INTRODUCTION 


The  meridional  flow  model  has  been  proved  successful  for  the  calculation  of  the  flow  field  in  single- 
and  multi-stage  compressors.  The  same  flow  model  has  been  proved  successful  for  the  computation  of  the 
external  flow  field  in  turbines.  However,  for  the  wall  shear  layer  case  in  turbines,  the  meridional  flow 
model  which  utilizes  circumferentially  averaged  quantities  has  been  found  to  be  inadequate  and  fully 
three-dimensional  analyses  have  been  proposed  instead.  It  remains  to  be  seen  how  these  approaches  will 
deal  with  the  unsteady  effects  in  the  peripheral  direction  and  the  corresponding  circumferential  mixing, 
when  one  or  more  stages  are  considered. 

Coming  back  to  the  compressor  case,  the  main  effort  in  the  past  decades  has  been  directed  towards 
producing  a  wall  shear  layer  calculation  method  compatible  with  the  meridional  flow  one  used  to  calcula¬ 
te  the  external  "inviscid"  flow.  Railly( 1)  was  the  first  to  develop  equations  for  the  wall  shear  layer 
behaviour  in  accordance  with  the  meridional  plane  model.  Although  he  identified  the  additional  unknowns 
resulting  from  the  loss  of  information  related  to  the  circumferential  integration  of  the  flow  equations 
(appearance  of  the  force  defect,  "fluctuation"  and  pressure  terms  as  they  were  named  later^2  ,  he  failed 
to  recognize  their  importance.  Being  unable  at  that  moment  to  propose  an  adequate  modelling,  he  decided 
to  drop  them  out  altogether.  The  importance  of  the  force  defect  term  was  recognized  some  years  later  by 
L.H.  Smith^  on  the  basis  of  experimental  evidence  from  multistage  compressors.  Mellor^2',  then,  re¬ 
considering  Railly's  analysis,  was  able  to  formulace  a  closed  problem  taking  into  account  the  force  de¬ 
fect  terms  but  neglecting  the  "fluctuation"  and  the  pressure  terms.  Yot  being  able  to  propose  detailed 
assumptions  needed  for  closure,  lie  proceeded  to  an  additional  integration  in  the  axial  direction  for  a 
distance  equal  to  an  axial  chord.  Observing  that,  for  compressor  configurations,  secondary  vorticity 
was  large  at  the  inlet  of  each  blade  row  but  diminished  drastically  as  the  flow  proceeded  towards  the 
trailing  edge,  he  assumed  a  collateral  shear  layer  at  each  blading  exit  (zero  secondary  vorticity).  He 
relaxed,  this  assumption  for  the  case  of  non  zero  tip  clearance  and  formulated  the  corresponding  cor¬ 
rection  on  the  basis  of  secondary  vorticity  theory.  He,  then,  argued  that  the  blade  defect  force  was 
normal  to  the  mean  blade  direction.  Essentially,  using  these  assumptions,  he  was  able,  in  the  frame 
of  an  integral  formulation,  to  reproduce  the  qualitative  and  quantitative  behaviour  of  the  wall  shear 
layers^  .  The  same  method  was  used  lateral,  where  Head's  entrainment  equation  was  added,  in 
order  to  compute  multistage  compressor  wall  shear  layer  behaviour  successfully. 

Mellor's  method,  although  attractive  formally,  could  not  take  into  account  the  flow  field  situa¬ 
tion  inside  the  blade  passage,  considering  integral  flow  properties  only  at  each  blade  row  inlet  and 
exit.  Additionally,  the  assumptions  used  did  not  permit  the  calculation  of  the  secondary  flow  beha¬ 
viour  of  a  single  blade  row.  Following  Mellor's  work  a  series  of  experiments  was  undertaken  and  avail¬ 
able  experimental  results  were  used  (this  work  is  reported  in  references  (5)  to  (18)),  in  order  to 
establish  semi-empirical  information,  in  an  effort  to  obtain  closure  relaxing  the  restrictions  of  his 
formulation. 


The  analysis  of  the  experimental  results  was  performed  using  the  two-zone  model.  Through  this 
nclycis  it  was  possible  to  establish  the  following  facts; 

)  the  circumferentially  averaged  longitudinal,  velocity  profile,  viewed  in  the  reduced  form  propo¬ 
sed  by  Mellor'2'  could  be  described  with  adequate  accuracy  for  engineering  purposes  by  the  clas¬ 
sical  two-dimensional  turbulent  boundary  layer  velocity  profile  family. 

)  the  defect  force  vector  was  locally  normal  to  the  blade  mean  camber  line. 

)  the  transverse  velocity  profile  was  s-shaped  following  Hawthorne's  theory  (see,  for  instance, 

ref. (181). 


d)  the  defect  force  vector  was  the  most  important  of  the  three  additional  unknown  terms  resulting 
from  the  circumferential  integration,  tha"fluctuation"  and  pressure  found  to  be  only  correction 
terms,  in  the  cases  where  these  could  be  evaluated. 


The  above  mentioned  experimental  facts  pointed  towards  establishing  a  method,  which  could  be 
integral  in  the  longitudinal  direction  but  had  to  be  differential  in  the  transverse  one.  This  ought 
to  be  so,  because  the  transverse  velocity  profile  shape  depends  upon  the  passage  geometry.  The  va¬ 
rious  stages  of  development  of  this  method  can  be  found  in  references  (9) , (11)  ,(12) ,(13) ,(15) ,(16) , 
(17), (18)  and  (44).  Using  a  two  parameter  velocity  profile  family  for  the  description  of  the  longi- 
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tudinal  velocity  profile )  two  integral  equations  were  necessary.  The  momentum  integral  equation  in  the 
meridional  direction  and  Head’s  entrainment  equation  were  used  for  this  purpose.  This  last  equation 
was  found  to  be  particularly  suitable  for  a  circumferentially  averaged  formulation.  For  the  calculation 
of  the  transverse  velocity  field,  the  secondary  vorticity  transport  equation  was  used  in  a  single  form 
(Squire  and  Winter's  formula  was  utilized  at  the  very  beginning)  disregarding  viscous  terms.  A  linear 
matching  to  the  solid  wall  no  slip  condition  was  employed  in  order  to  simulate  the  viscous  part  of  the 
transverse  profile. 

Initially,  Horlock's' s- shaped  velocity  profile  family  was  tried,  but  quickly  it  was  abandoned 
in  profit  of  Hawthorne's  approximate  solution,  in  spite  of  the  fact  that  this  could  not  produce  Johns¬ 
ton'  s(22)  triangular  transverse  velocity  profile,  when  the  passage  walls  were  removed  to  infinity. 

Considering  a  calculation  step  (Section  1,  where  all  quantities  are  known  and  Section  2,  where  the 
various  viscous  quantities  are  calculated) ,  the  following  simple  algorithm  may  demonstrate  the  basis 
of  the  corresponding  calculation  procedure: 

STEP1  Assume  a  longitudinal  velocity  profile  at  Section  2. 

STEP2  Establish  the  streamlines  between  stations  1  and  2  and  calculate  the  secondary  vorticity  increase 
between  the  two  stations.  Use,  for  this,  the  secondary  vorticity  transport  equation.  Having  the 
secondary  vorticity  at  station  2  compute  the  corresponding  transverse  velocity  profile. 

STEP3  Use  the  longitudinal  and  transverse  profiles  at  station  2  and  compute  all  integral  quantities  ap- 
“  pearing  in  the  two  momentum  equations  and  the  entrainment  equation. 

STEP4  Use  the  peripheral  component  of  the  momentum  equation  in  order  to  compute  one  of  the  defect  force 
components.  The  others  are  computed  from  the  condition  of  perpendicularity  to  the  mean  blade  cam¬ 
ber  surface  of  the  blade  force  vector. 

STEPS  Search  for  a  longitudinal  velocity  profile,  repeating  STEPS  2  and  3,  for  which  the  meridional 
momentum  integral  equation  and  the  entrainment  equation  are  satisfied. 

Since  the  above  theoretical  development  started,  until  the  last  contribution  cited  above,  it  was 
possible  to  improve  the  sophistication  of  the  calculation  procedure.  This  was  due  to  the  increased  un¬ 
derstanding  of  the  secondary  flow  behaviour  coupled  with  increasing  availability  of  fast  computing  e- 
quipment.  We  may  cite  hare  as  examples  the  inclusion  of  viscous  terms  in  the  secondary  vorticity  trans¬ 
port  equation,  the  inclusion  of  the  pressure  term  in  the  calculation  procedure  or,  finally,  the  inclu¬ 
sion  of  adequate  viscous-inviscid  interaction  techniques,  in  order  to  avoid  computational  failure  when 
flow  separation  takes  place. 

Considering  the  cascade  cases  that  have  been  computed,  one  can  see  that  secondary  flow  behaviour 
is  accurately  predicted  even  for  high  turning  turbines.  It  was  the  viscous  part  of  the  calculation  that 
failed  in  this  last  case  rather  than  the  secondary  vorticity  inviscid  part.  On  the  other  hand,  losses 
are  underestimated  in  highly  loaded  compressor  cascades,  probably  because  the  flow  model  does  not  in¬ 
clude  explicitely  the  dissipation  taking  place  in  the  suction  side  corner  vortex.  It  is  interesting 
to  note  that  good  prediction  of  tip  clearance  flow  was  realized  using  the  model  developed  by  Lakshmi- 
narayana^23).  Considering  the  compressor  cases  for  which  computations  were  performed,  we  can  see  that 
secondary  flow  behaviour  is,  as  well,  adequately  well  predicted. 

In  spite  of  the  success  of  the  method  described  above,  it  was  felt  that  additional  improvements 
could  be  achieved.  At  the  same  time,  the  problem  of  the  shock-secondary  flow  interaction,  appearing 
for  high  speed  machines,  could  be  successfully  treated  using  as  basis  the  existing  theoretical  deve¬ 
lopment.  The  corresponding  investigation  that  was  undertaken  resulted  in  a  calculation  method,  which 
presented  several  improvements  in  respect  to  the  existing  one.  However,  the  same  basic  methodology, 
was  concerved.  This  new  method  is  described  in  the  following  section. 

2.  THE  PRESENT  CALCULATION  METHOD  (refs. (24)  to  C3D). 

The  method  presented  in  this  work  was  developed  in  the  Thermal  Turbomachinery  Lab.  of  the  Athens 
National  Technical  University  for  the  past  seven  years.  The  formulation  was  developed  as  previously, 
using  the  difference  of  the  circumferentially  averaged  equations  for  the  external  "inviscid"  and  the 
real  viscous  flow  fields.  Care  was  taken  from  the  very  beginning  to  neglect  as  few  terms  as  possible 
and  remain,  thus,  as  close  as  possible  to  the  Navier-Stokes  equations  for  turbulent  flow. 

The  reasons  for  undertaking  this  new  development  will  be  made  clearer  below.  As  was  said  above, 
the  general  structure  of  the  calculation  method  follows  that  already  described.  "Fluctuation"  terms 
were  neglected,  although  this  is  still  an  open  question,  while  the  pressure  term  is  calculated  using 
the  third  momentum  equation.  Calculated  are  also  the  three  defect  force  components  (until  now  only 
two  were  considered  in  the  plane  tangent  to  the  axisyrametric  stream  surface  of  the  external  flow)  and 
in  this  way,  dihedral  effects  are  taken  into  account. 

Local  static  pressure  differences  arise  in  the  viscous  flow  region  because  of  the  non-zero  value 
of  the  normal  defect  force  term  and  the  additional  terms  appearing  in  the  third  momentum  equation  for 
non-zero  rotational  speed.  A  basic  characteristic  of  the  two-zone  model,  however,  is  the  identity  of 
the  static  pressure  fields  of  the  external  and  the  real  flow  outside  of  the  viscous  flow  region.  This 
ensures  the  parabolicity  of  the  two-zone  deficit  formulation  (difference  between  real  and  external 
flow  fields).  On  the  other  hand,  the  external  and  the  real  flow  possessing  the  same  total  conditions 
outside  of  the  region  influenced  by  hub  and  tip  wall  viscous  effects,  it  follows  that  the  velocity 
field  for  the  real  and  external  flow  must  be  identical  there.  This  result  is  in  direct  contradiction 
with  the  existance  of  an  s-shaped  transverse  velocity  profile,  mentioned  previously,  and  the  results 
of  the  secondary  flow  theory  applied  to  internal  flow  problems. 

An  investigation  was  undertaken  in  order  to  understand  the  reasons  for  this  contradiction,  the 
results  of  which  are  reported  in  detail  in  references  (25), (26)  and  (27).  It  is  possible  to  indicate 
where  lies  the  problem  by  the  following  analysis.  Consider  the  two-dimensional  flow  sketched  in  Fig. 
(la).  In  addition  to  the  real  flow  velocity  profile,  the  inviscid  flow  field  is  presented  for  both  ze¬ 
ro  and  non-zero  wall  shear  layer  blockage.  In  both  cases  the  external  flow  total  conditions  are  iden¬ 
tical  and  equal  to  those  of  the  real  flow  outside  of  the  wall  shear  layer  regions.  In  the  first  case, 
however,  the  velocity  field  of  the  external  and  the  real  flow  being  identical  outside  of  the  shear  lay¬ 
er  regions,  the  static  pressures  of  the  two  fields  are  identical  (in  fact,  they  differ  slightly  inside 
the  shear  layer  regions).  In  the  second  case,  however,  the  velocity  fields  differ  and  so  differ  the 
static  pressure  fields.  Global  mass  flux  conservation  across  the  passage  results  to  zero  displacement 
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thickness  for  this  last  case.  Neglecting  modifications  of  the  effective  wall  curvature  due  to  displace¬ 
ment  effects,  all  differences  vanish  when  the  upper  wall  moves  to  infinity  (external  flow  case).  Consi¬ 
der  now  Fig. (lb),  where  the  flow  in  the  transverse  plane  is  sketched  for  a  bladed  passage.  Initially 
(Fig. (lb, a))  the  external  transverse  velocity  field  is  equal  to  zero  by  definition  (zero  transverse  mass 
flux).  When,  due  to  three-dimensional  effects,  the  mass  flux  inside  the  shear  layer  increases  in  the 
transverse  direction  (Fig.(lb,b  )),  the  external  flow  velocity  field  must  move  accordingly,  in  order 
to  create  the  necessary  opposide  mass  flux,  which  will  conserve  the  zero  mass  flux  condition  in  the  trans¬ 
verse  direction  (and  zero  total  displacement  thickness).  If  the  lateral  walls  did  not  exist  (or  if  they 
were  moved  to  infinity)  we  would  have  the  case  of  Fig.(  lb,c  ),  which  applies  to  external  aerodynamics. 

For  this  case  no  reaction  of  the  external  flow  field  is  visible. 

In  order  to  ensure  that  the  static  pressure  fields  of  the  external  and  the  real  flow  are  identical 
outside  of  the  wall  viscous  shear  layer,  it  is  necessary  to  include  the  above  mentionned  opposite  mass 
flux  to  the  external  flow.  Then  the  corresponding  increase  in  the  external  flow  velocity  will  result  to 
the  appropriate  decrease  in  the  external  flow  static  pressure. 

Fig.(lb,d  )  is  added  in  order  to  differentiate  between  what  was  done  before  and  what  Fig.(  lb,b)  is 
done  in  the  present  method. 

The  analysis  presented  in  ref. (27)  demonstrates  that  instead  of  the  transverse  velocity  profile,  it 
is  much  easier,  for  computational  reasons,  to  consider  the  peripheral  velocity  profile  of  the  circumferen¬ 
tially  averaged  flow.  This  profile  may  be  deduced  by  a  simple  quadrature  from  the  meridional  vorticity  com¬ 
ponent  distribution,  when  the  integration  constant  is  known.  For  this  reason,  the  meridional  vorticity  com¬ 
ponent  transport  equation  is  used  in  the  present  method.  In  this  way,  Hawthorne's  computational  procedure 
is  not  anymore  necessary  along  with  the  assumption  that  the  secondary  flow  alone  verifies  the  continuity 
equation  in  each  transverse  plane. 

According  to  the  theoretical  development  of  ref.(27)(and  the  above  discussion),  the  peripheral  velo¬ 
city  profile  is  decomposed  into  two  parts.  The  first  one  belongs  to  the  viscous  wall  shear  layer  and  is 
totally  confined  inside  a  strip  of  width  6,  the  shear  layer  thickness.  The  second  one  belongs  to  the  ex¬ 
ternal  flow  and  denotes  its  reaction  to  the  blockage  in  the  peripheral  direction  introduced  by  the  modi¬ 
fication  of  the  mass  flux  inside  the  wall  shear  layer  in  the  same  direction.  This  external  flow  profile 
part  restores  the  total  mass  flux  in  a  manner  compatible  with  the  degree  of  confinement  excerced  to  the 
flow  by  the  physical  boundaries  and  ensures  the  identity  of  the  external  and  real  flow  static  pressure 
fields  outside  of  the  viscous  region.  The  external  flow  reacts  to  both  the  upper  and  lower  wall  shear 
layer  peripheral  blockage  and,  thus,  it  is  necessary  that  the  hub  and  tip  shear  layer  development  is 
performed  simultaneously.  This  is  the  case  for  the  present  method. 

From  what  was  said  above,  in  addition  to  the  well  established  meridional  blockage,  which  increases 
the  velocity-density  product  in  the  meridional  direction,  the  peripheral  blockage  must  be  taken  into 
account,  modifying  the  external  flow  angle.  The  two  blockage  effects  are  independent  from  one  another. 

The  present  method  utilizes  an  approximate  procedure,  which  accounts  for  this  viscous-inviscid  in¬ 
teraction  and  gives  a  good  estimate  of  the  modifications  that  the  external  flow  must  undertake  during 
the  calculation  procedure,  in  order  to  account  for  both  blockage  effects.  As,  however,  at  present,  no  me¬ 
ridional  external  flow  calculation  accounts  for  the  peripheral  blockage  effects,  computations  are  carried 
out  for  the  first  iteration  only,  using  the  approximate  procedure  mentioned  above  and  the  meridional  ex¬ 
ternal  flow  calculation  results  obtained  with  zero  wall  shear  layer  blockage.  This  viscous-inviscid  ap¬ 
proximate  interaction  procedure  has  been  built  in  the  present  calculation  method,  protecting  it  as  well 
from  failure,  when  flow  separation  is  encountered. 

The  analysis  of  ref. (27)  demonstrates  that  for  a  given  meridional  vorticity  profile,  the  peripheral 
blockage  alone  decides  about  the  peripheral  viscous  profile  shape  (circumferentially  averaged)  regard¬ 
less  of  the  degree  of  geometrical  confinement  (external  aerodynamics  (unbounded  space),  annular  duct 
(semibounded  space)  and  bladed  (rotating  or  non  rotating)  region  (fully  bounded  space)). 

This  has  quite  a  few  important  consequences: 

a)  The  case  of  a  vortex  structure  coming  out  of  a  bladed  region  is  greatly  simplified,  because  one  is 
not  obliged  to  distinguish  between  this  structure,  which  will  be  conserved  downstream  and  the  essential¬ 
ly  different  velocity  field,  which  will  be  developed  because  of  the  additional  secondary  vorticity  creat¬ 
ed  downstream 

b)  The  case  of  external  aerodynamics  (Johnston's  profile)  is  a  particular  case  of  the  present  develop¬ 
ment  and  is  established  when  the  confining  walls  are  moved  to  infinity. 

c)  The  fact  that  the  whole  shear  layer  profile  is  confined  inside  a  distance  6  from  the  wall,  which  is 
not  modified  when  one  passes  from  an  absolute  to  a  relative  coordinate  system  (and  vice-versa),  facili¬ 
tates  particularly  the  calculation,  when  rotating  parts  are  present. 

Of  course,  when  a  bladed  region  is  entered,  the  flow  is  adapted  to  local  conditions  because  of  the 
change  in  peripheral  blockage.  The  external  flow  field  in  respect  to  which  the  calculation  will  be  per¬ 
formed  is  then  modified  and  this  generally  gives  rise  to  non  zero  defect  force  terms  at  the  inlet  of  the 
particular  space  considered,  that  have  to  be  specified,  if  compatible  initial  conditions  are  to  be  used. 

Another  feature,  which  distinguishes  the  present  method  from  what  was  done  before  is  the  use  of  the 
total  kinetic  energy  integral  equation  instead  of  the  entrainment  equation  of  Head.  This  equation  was  de¬ 
veloped  and  adopted  in  view  of  extending  the  method  to  cases,  where  the  two  viscous  shear  layers  are  mer¬ 
ging  (the  reasons  are  explained  in  ref. (28)).  The  computational  algorithm  of  the  present  calculation  me¬ 
thod  is  a  completely  inverse  one.  It  computes,  as  well,  simultaneously  the  lost  work  and  the  correspond¬ 
ing  total  temperature  increase,  something  which  was  done  previously  after  the  calculation  was  completed. 

When  a  shock  is  present  in  the  passage,  an  approximate  procedure  is  used  in  order  to  overcome  dif¬ 
ficulties  related  to  its  presence.  The  shock  case  is  idealized  in  the  sense  that  it  is  considered  nor¬ 
mal  to  the  external  flow  direction,  while  its  strength  is  conserved.  Then,  the  approximate  theory  of 
Panaras  and  Inger”2  is  used  (see  also  ref. (33)),  modified  accordingly  (refs. (24)  and  (31))  in  order  to 
give  an  estimate  of  the  wall  static  pressure  distribution  resulting  from  this  kind  of  viscous-inviscid 
interaction.  Otherwise,  the  wall  shear  layer  calculation  method  remains  the  same.  Unfortunatelly,  it 
was  not  possible  to  find  experimental  results  in  order  to  check  the  accuracy  of  this  approximate  proce¬ 
dure  estimating  the  shock-secondary  flow  interaction. 

In  what  follows,  comparisons  between  theoretical  and  experimental  results  will  be  presented  and  dis¬ 
cussed. 
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COMPARISON  BETWEEN  THEORETICAL  AND  EXPERIMENTAL  RESULTS. 
DISCUSSION. 


3. 


A  cascade  experiment  is  considered  first  (Case  B  of  Flot( 34)) .  The  leading  of  the  blading  is  quite 
high  and  separation  occurs  near  the  trailing  edge  on  the  blade  suction  side.  This  experiment  constitutes 
a  severe  test  for  the  loss  producing  mechanisms  of  the  calculation  method.  The  computation  was  realized 
using  as  external  flow  field  the  one  resulting  from  an  inviscid  two-dimensional  cascade  calculation  cor¬ 
rected  for  the  blade  suction  and  pressure  side  boundary  layers.  Fig. (2a)  gives  a  schematic  representa¬ 
tion  of  the  test  cascade  and  Figures  (2b)  and  (2c)  comparisons  between  theory  and  experiment  concerning 
overall  and  detailed  parameters  of  the  wall  shear  layer  (more  details  can  be  found  in  ref.(29)). 

On  the  same  figures  some  older  predictions  are  reported  in  order  to  demonstrate  the  progress  that 
has  be  realized  with  the  present  calculation  method.  It  is  rather  surprizing  that  the  two-dimensional 
turbulent  boundary  layer  velocity  profile  family  is  capable  to  describe  the  circumferentially  averaged 
experimental  shear  layer  velocity  profiles  so  well.  On  the  other  hand,  use  of  the  meridional  vorticity 
transport  equation  along  with  the  total  kinetic  integral  aquations  seems  to  result  in  a  better  predic¬ 
tion  of  both  the  peripheral  velocity  profile  and  the  shear  layer  momentum  thickness.  Still,  however, 
the  losses  (momentum  thickness)  are  not  predicted  accurately  enough.  Probably  this  happens,  because  the 
corner  vortex  dissipation  mechanism  is  not  represented  in  the  method  with  the  necessary  accuracy. 

The  flow  field  in  a  radial  compressor  is  considered  next.  This  compressor  was  designed  in  the  Fluid 
Mechanics  Lab.  of  the  Ecole  Centrale  of  Lyon  and  manufactured  by  NEU  Co.  The  design  details  and  experimen¬ 
tal  results  are  reported  in  refs  (37)  and  (18).  The  compressor  stage  is  presented  schematically  in  Fig. 

(3a),  where  the  positions  where  measurements  were  performed  (and  comparisons  between  theory  and  experi¬ 
ment  are  presented),  are,  as  well  indicated.  The  utilization  of  a  small  size  scroll  created  circumfe¬ 
rential  non  uniformities  in  the  vaneless  diffuser  space.  Consequently,  valid  comparisons  between  theory 
and  experiment  could  be  performed  only  for  the  station  immediately  downstream  of  the  rotor  exit.  The 
calculation,  more  details  of  which  can  be  found  in  refs.  (25)  and  (30),  was  carried  out  using  the  me¬ 
ridional  plane  flow  field  issued  from  a  streamline  curvature  meridional  external  flow  calculation  method 
with  no  wall  shear  layer  presence.  The  calculation  results  describe  the  shear  layer  evolution  along  with 
the  modified  external  flow  field,  resulting  from  the  approximate  interaction  procedure  incorporated  in 
the  secondary  flow  calculation  itself.  No  additional  (second)  iteration  was  performed  using  the  exter¬ 
nal  flow  calculation.  Fig. (3b)  present  comparisons  between  prediction  and  experimental  results  for  the 
spanwise  evolution  of  the  various  flow  quantities  at  the  rotor  exit.  Care  has  been  taken  to  start  the 
calculation  with  such  shear  layer  initial  conditions,  so  that  matching  of  predicted  quantities  and  ex¬ 
perimental  results  was  ensured  at  the  rotor  inlet.  Solid  lines  of  the  figures  represent  the  pitchwise 
averaged  flow  field  as  computed  by  the  present  method.  The  "stars"  represent  the  results  of  the  external 
flow  field  calculation  without  wall  shear  layer  presence  and  the  squares  represent  the  experimental  re¬ 
sults.  The  total  temperature  was  not  measured  during  the  experiment.  The  "experimental"  values  present¬ 
ed  here  are  all  issued  from  Euler  turbine  equation  considerations. 

The  agreement  between  theory  and  experiment  at  the  rotor  exit  can  be  termed  quite  good.  The  predict¬ 
ed  increase  of  total  temperature  inside  the  shear  layer  is  qualitatively  correct.  For  the  reasons  evoked 
above,  no  quantitative  comparison  can  be  made  concerning  this  parameter. 

Although  comparisons  can  only  be  made  at  the  exit  station  of  the  rotor,  it  is  interesting  to  examine 
the  evolution  of  the  velocity  field  inside  the  rotating  wheel  relative  to  the  blading.  This  evolution  is 
presented  in  Fig. (4)  for  four  calculated  stations  (47%,  73%,  87%  and  100%  of  the  meridional  chord).  Good 
inlet  and  outlet  flow  field  agreement  gives  a  good  chance  that  the  evolution  presented  in  Figure  (4)  re¬ 
presents  reality. 

The  above  presented  comparison  demonstrates  that  the  secondary  flow  losses  and  secondary  vorticity 
have  been  well  predicted.  In  addition  the  wall  shear  layer  combined  meridional  and  peripheral  blockage 
effect  was  correctly  estimated,  although  small.  No  correction  for  the  presence  of  the  suction  side  cor¬ 
ner  vortex  seems  to  be  here  necessary,  while  peripheral  non-uniformities  seem  to  contribute  little. 

We  consider  next  the  flow  fields  of  two  axial  flow  compressor  stages.  The  first  of  these,  ECL1, 
is  transonic  (schematic  representation  in  Fig.C5a),  along  with  the  measurement  stations)  and  the  second 
one,  ECL3,  is  supersonic  (schematic  representation  in  Fig. (5b),  along  with  the  measurement  stations). 

Both  possess  inlet  guide  vanes.  Reference  (34)  gives  details  about  the  measurements  and  the  experimental 
set  up  for  the  compressor  ECL1,  while  corresponding  information  about  compressor  ECL3  can  be  found  in 
ref. (35).  More  details  about  the  comparisons  presented  here  can  be  found  in  refs  (24)  and  (31),  Both 
wall  shear  layer  calculations  were  based  on  the  meridional  external  flow  field  issued  from  a  meridional 


flow  calculation  performed  with  no  wall  shear  layer  blockage.  The  calculation  results  describe,  as  pre¬ 
viously,  the  shear  layer  evolution  along  with  the  modified  external  flow  field,  resulting  from  the  ap¬ 
proximate  interaction  procedure  incorporated  in  the  secondary  flow  calculation  itself.  No  additional 
(second)  iteration  was  performed  using  the  external  flow  calculation.  Figures  (6)  to  (8)  present  some 
comparisons  between  prediction  and  experimental  results  for  the  spanwise  evolution  of  certain  flow 
quantities  at  the  rotor  and  stator  exits.  Again,  solid  lines  of  the  figures  represent  the  pitchwise 
averaged  flow  field  as  computed  by  the  present  method.  The  "stars"  represent  the  results  of  the  exter¬ 
nal  flow  field  computation  without  wall  shear  layer  presence  and  the  squares  represent  the  experimen¬ 
tal  results. 

At  the  exit  of  the  rotor  of  compressor  ECL1,  agreement  between  computed  and  experimental  results 
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remark  the  changes  due  to  the  peripheral  blockage  both  upon  the  flow  angle  and  the  energy  level  at  the 
i  I™  details  of  the  shear  lay*rs  are  relatively  well  predicted,  especially  the  exit  flow  ang- 

ie.  Still,  the  total  temperature  level  inside  the  shear  layers  is  underestimated,  indicating  that  the 
computation  of  the  lost  work  needs  reexamination. 

It  is  interesting  to  note  that  the  real  flow  static  pressure  distribution  follows  closely  that  of 
the  external  flow. 

At  the  exit  of  the ^stator,  agreement  between  computed  and  experimental  results  is  good  (Fig, (6b)). 
The  external  flow  quantities  agree  well  with  the  real  ones  inside  the  "inviscid"  flow  region,  so  that 
t,.e  same  remark  as  before  can  be  made  for  the  overall  blockage  prediction.  The  details  of  the  wall  shear 
layers  are  well  predicted.  We  can  observe  the  same  discrepancy  for  the  total  temperature  value,  as  for 
the  rotor  exit  station.  The  same  reasons  are  advanced. 
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In  Fig. (7a),  the  evolution  of  the  velocity  field  inside  the  rotor  is  examined  as  it  was  done  for 
the  radial  compressor  case.  Again  good  inlet  and  outlet  flow  field  agreement  gives  a  good  chance  that 
this  evolution  represents  reality. 

The  comparisons  presented  above  concern  the  meridional/peripheral  velocity  fields  and  the  longitu¬ 
dinal  one.  Other  approaches,  though,  utilize  secondary  vorticity  and  the  corresponding  transverse  velo¬ 
city  profile.  A  comparison  of  computed  and  experimental  results  for  such  a  profile  is  presented  in  Fig. 
(7b)  for  the  exit  of  the  rotor.  The  agreement  is  good  and  one  can  remark  the  important  difference,  which 
exists  between  the  initial  and  modified  (by  the  combined  effect  of  the  meridional  and  peripheral  block¬ 
age)  transverse  external  flow  field. 

Comparisons  between  theory  and  experiment  at  the  rotor  and  stator  exits  of  supersonic  compressor 
ECL3  are  presented  in  Fig. (8).  The  comparisons  are  good  and  the  effect  of  blockage  is  quite  smaller 
in  this  case.  It  is  interesting,  though,  to  remark  here  that,  for  the  calculation  of  the  rotor  tip  shear 
layer  it  was  necessary  to  apply  the  approximate  viscous  inviscid  interaction  procedure  to  which  referen¬ 
ce  was  made  in  Section  2. 

This  procedure  redistributed  the  jump  in  static  pressure  concentrated  in  the  shock,  the  position 
of  which  was  fixed  by  the  external  flow  calculation.  It  was  in  this  way  that  the  shear  layer  calculation 
could  negotiate  the  static  pressure  increase  of  the  shock  wave.  The  static  pressure  distribution  along 
the  solid  wall,  resulting  from  the  viscous  inviscid  interaction  computational  procedure,  which  was  actu¬ 
ally  used  for  the  calculation  of  the  tip  wall  shear  layer,  is  presented  in  Fig. (9).  It  can  be  seen  that 
the  interaction  region  occupies  a  good  part  of  the  blade  axial  chord.  No  experimental  results  exist  to 
our  knowledge,  which  permit  the  validation  of  this  part  of  the  computation. 

In  ref. (38)  and  (20)  approximate  methods  for  the  calculation  of  the  development  of  wall  shear  layers 
along  rotating  bodies  of  revolution,  as  well  as  shear  layers  that  develop  along  a  stationary  part  follow¬ 
ed  by  a  rotating  part  of  a  body  of  revolution,  are  developed.  Full  use  of  these  methods  in  the  calcula¬ 
tion  method  described  above  would  improve  it  in  the  case  of  rotating  parts  inside  annular  free  spaces. 

In  future  years,  it  is  possible  that  methods  solving  the  three-dimensional  Navier-Stokes  equations 
become  available.  These  will  not  be  capable  to  substitute  the  meridional  flow  model  approach,  which  in 
our  opinion  will  constitute  for  a  long  time  still  if  not  the  exclusive,  certainly  an  intermediate  com¬ 
putational  tool  in  the  compressor  design  process.  On  the  other  hand,  recent  investigations,  both  theo¬ 
retical  and  experiment  (refs. (40) , (41)  and  (42))  demonstrate  that  intense  mixing  takes  place  in  the 
spanwise  direction  for  multistage  machines.  Mixing  in  the  peripheral  direction  (see  not  only  ref. (42) 
but  the  discussion  that  followed  the  presentation  of  the  paper)  is  being  recognized  as  an  important 
factor.  Finally,  merging  of  the  two  wall  shear  layers  is  currently  encountered  in  both  radial  and  the 
high  pressure  part  of  advanced  axial  flow  compressors. 

It  is  believed  that  the  method  presented  above  may  constitute  a  good  test  bed  for  examing  appropria¬ 
te  models,  which  could  take  into  account  these  additional  flow  effects.  It  is  also,  believed  that  an  ex¬ 
tension  of  this  methodology  to  the  turbine  case  could  be  proved  quite  useful  for  the  design  engineer. 


4.  CONCLUSIONS 


In  this  paper  the  work  concerning  the  development  of  t  secondary  flow  calculation  method,  which  was 
done  in  the  Turboraachinery  Lab.  of  the  National  Technical  University  of  Athens,  was  presented.  An  effort 
was  done  in  order  to  put  it  in  perspective  in  respect  to  work  that  has  been  realized  before  elsewhere. 

The  method  that  was  described  above  solves  the  peripherally  averaged  flow  equations  and  makes  use 
of  the  two-zone  model.  It  computes  the  hub  and  tip  shear  layers  simultaneously  and  utilizes  an  approxi¬ 
mate  viscous-inviscid  interaction  calculation  procedure,  which  modifies  for  blockage  the  initial  external 
meridional  flow  field,  as  the  computation  marches  downstream.  In  fact,  the  viscous-inviscid  approximate 
interaction  procedure  is  incorporated  in  the  wall  shear  layer  calculation  method,  giving  it  the  possibi¬ 
lity  to  match  with  any  external  meridional  flow  calculation,  even  when  flow  separation  is  present.  In  ad¬ 
dition,  this  approximate  procedure  gives  to  the  external  flow  meridional  streamlines  the  possibility  to 
be  displaced  during  the  viscous  flow  calculation,  which  uses  as  coordinate  system  the  initial  external 
streamlines  and  their  normals. 


An  improved  two-zone  model  is  proposed,  which  introduces  the  notion  of  the  peripheral  blockage.  This 
notion  is  beneficial  in  more  than  one  way.  External  and  internal  flow  problems  are  treated  on  a  common 
basis  and  a  clearer  definition  of  each  wall  shear  layer  is  possible,  facilitating  computations  which  in¬ 
volve  changes  in  coordinate  systems  (absolute  to  relative  and  vice-versa).  New  matching  conditions  are  de¬ 
veloped  and  difficulties  at  inlet  and  exit  of  blade  rows  are  avoided. 

Instead  of  the  traditional  secondary  vorticity,  the  meridional  component  is  used,  the  transport  of 
which  is  computed  taking  into  account  viscous  terms.  The  corresponding  peripheral  velocity  profile  is  de¬ 
rived  through  a  simple  quadrature. 

The  total  kinetic  energy  equation  has  substituted  the  entrainment  equation  used  until  now.  Although 
this  equation  is  not  as  easily  applicable,  it  seems  that  its  use  improves  calculation  results,  allowing 
at  the  same  time  the  possibility  to  treat  the  case  of  merging  wall  shear  layers. 

The  method  was  applied  to  various  cases,  for  which  experimental  results  were  available.  A  highly 
loaded  compressor  cascade  was  considered  first,  followed  by  one  radial  compressor  and  two  one-stage  axial 
compressor  cases.  The  wall  shear  layer  calculation  was  performed  using  as  external  flow  field  the  one  re¬ 
sulting  from  "inviscid1’  flow  calculations  without  wall  blockage.  Comparison  between  computed  and  experi¬ 
mental  results  was  good.  It  made  it  clear  that  the  viscous  shear  layer  calculation  method  was  capable 
to  compute  correctly  the  blockage  effects,  demonstrating  the  importance  of  the  peripheral  part  of  the 
blockage.  In  addition,  a  good  description  of  the  details  of  the  wall  shear  layers  was  obtained. 
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FIG . la  Circumferentially  averaged  meridional  real 
flow  velocity  profile  and  corresponding 
external  flow  one  modified  by  blockage  ef¬ 
fects,  considered  at  the  same  station.  The 
two-zone  model  is  built  up  matching  the 
static  pressure  field  of  the  "inviscid" 
external  and  the  real  flow  fields.  In  ad¬ 
dition  the  circumferentially  averaged  meri¬ 
dional  external  flow  velocity  profile 
without  wall  shear  layer  blockage  in  pre¬ 
sented. 
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(a)  When  an  inviscid  calculation  is 
performed,  che  corresponding 
transverse  velocity  is  taken  by 
definition  equal  to  zero. 


(c)  When  a  transverse  velocity 
profile  appears  in  an  un¬ 
bounded  space  the  external 
flow  field  is  not  pertur¬ 
bed  by  its  presence. 


(b)  When  a  circumferentially  mean  trans¬ 
verse  viscous  velocity  profile  appears 
in  a  fully  bounded  space,  the  external 
flow  is  perturbed  and  reacts.  This  "re¬ 
action  modifies  the  admitted  external 
flow  angle  and  the  static  pressure. 


(d)  Previously,  the  total  velocity  field 

modification  in  the  transverse  direction 
was  attributed  to  the  transverse  viscous 
velocity  profile.  S- shaped  transverse  ve¬ 
locity  profiles  were,  thus,  constructed. 
In  this  manner,  the  kinetic  energy  of 
the  viscous  shear  layer  was  artificially 
increased,  as  well  as  its  total  energy, 
because  the  static  pressure  in  the  lon¬ 
gitudinal  is  taken  equal  with  that  of 
the  transverse  direction. 


FIG. lb  Schematic  Explanation  of  the  Transverse  Blockage 
Effect  as  Considered  in  the  Present  Work. 
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MERIDIONAL  D1ST. 
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FIG. 2a  The  Schematic  representation  of  the  experi¬ 
mental  cascade  indicating  the  computational 
stations,  where  the  comparison  of  the  theo¬ 
retical  and  experimental  results  was  perfor¬ 
med. 
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FIG. 2c  Comparison  between  theory  and  experiment.  Meridional,  peripheral  and  longitudinal 
velocity  profiles  at  given  stations  of  Fig. 2b.  Nondimensional  quantities  are  pre¬ 
sented  on  the  basis  of  the  corresponding  external  flow  velocity  component. 
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FIG. 6a  Comparison  between  theory  and  experiment, 
~  at  the  exit  of  the  rotor. (Station  5.4, 
Fig. (5a)) . 
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FIG. 6b  Comparison  between  theory  and  experiment, 
at  the  exit  of  the  stator. 

(Station  7.2,  Fig. (5a)). 
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FIG. 7a  The  Evolution  of  the  Longitudinal  Velocity  Profiles 
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Summary 

A  study  is  undertaken  to  assess  the  need  to  account  for  momentum  and  energy  transport  by  the 
unsteady  deterministic  flow  field  in  modeling  the  time-averaged  flow  state  within  a  blade  row  passage 
embedded  in  a  multistage  compressor.  It  was  found  that,  within  the  endwall  regions,  large-scale 
three-dimensional  unsteady  structures  existed  which  caused  significant  transport  of  momentum  and 
energy  across  the  time-averaged  stream  surface  of  a  stator  flow  field.  These  experiments  confirmee 
that  the  transport  process  is  dominated  by  turbulent  diffusion  in  the  midspan  region.  A  model  was 
then  proposed  for  simulating  this  transport  process,  and  a  limited  study  was  undertaken  to  assess  its 
validity. 


Introduction 

Currently,  the  flow  model  t,  *,  often  used  in  the  design  and  analysis  of  multistage  turbo¬ 
machinery  is  based  on  a  quasi-thr-  dimensional  representation  of  the  flow  field  whose  origins  can  be 
traced  back  to  the  early  fifties  ‘laith,  Ref.  (1)).  This  model  decomposes  the  flow  field  into  three 
components;  the  first  of  these  components  is  associated  with  the  axisymmetric  or  through-flow  field, 
the  second  with  the  b I ade-to-b lade  cascade  flow,  and  the  third  with  the  secondary  flow  field.  Each  of 
these  flows  has  been  carefully  investigated,  and  no  attempt  will  be  made  to  summarize  the  extensive 
literature  on  these  subjects. 

The  nonaxi  symmetric  component;  of  the  flow  field  is  the  result  of  the  b  I  ade-to-b  lade  cascade  flow 
and  the  secondary  flow  field.  The  combined  effects  of  the  nonaxi symmetric  component  from  both  of 
these  flows  will  be  combined  in  the  present  work.  Smith,  Ref.  (2),  showed  that  the  nonaxi symmetric 
flow  produced  a  transport  of  momentum  across  the  axisymmetric  stream  surfaces.  He  further  showed  that 
this  transport  process  is  associated  with  a  stress  which  he  denoted  as  "g."  Based  on  estimates 
derived  from  subsonic  cascade  theory,  Smith  concluded  that  for  designs  of  the  time,  the  effect  of  this 
transport  process  on  the  through-flow  was  minimal.  Later,  Sera  and  Sera  and  Kerrobrock,  Refs.  (3)  and 
(4),  reexamined  the  problem  for  a  high-speed  rotor.  They  showed  that  the  "g"  stress,  as  defined  by 
Smith,  contributed  to  the  loss  in  performance  of  their  rotor,  and  that  it  needed  to  be  accounted  for. 
More  recently,  a  paper  by  Adkins  and  Smith,  Ref.  (5),  updated  Smith’s  original  paper.  Their  study 
concluded  that  significant  transport  of  both  momentum  and  energy  across  the  axisymmetric  stream 
surfaces  took  place,  especially  in  the  rear  stages  of  high-performance  multistage  machines.  They 
related  this  transport  to  the  nonaxi symmetric  component  of  the  cascade  and  secondary  flow  field  and 
developed  a  mixing  model  to  account  for  the  transport  process. 

The  subject  was  further  studied  by  Galimore,  Ref.  (6),  and  Galimore  and  Cumsty,  Ref.  (7).  They 
also  concluded,  based  on  experimental  measurements  taken  in  a  multistage  research  compressor,  that 
significant  transport  of  both  momentum  and  energy  across  axisymmetric  stream  surfaces  occurred,  but 
that  the  transport  process  was  due  to  turbulent  mixing.  They,  too,  proposed  a  diffusion  model  for 
this  process.  Wisler  et  al.,  who  performed  a  further  experimental  study  Ref.  (8),  concluded  that  both 
Adkins  and  Smith  and  Galimore  and  Cumsty  were  correct  and  showed  that  both  diffusion  models  gave 
comparable  results.  In  the  midspan  region  of  a  multistage  machine,  the  transport  process  was  observed 
to  be  dominated  by  turbulent  diffusion.  Near  the  endwalls,  the  transport  process  associated  with  the 
nonaxi symmetric  flow  field  was  comparable  to  that  due  to  turbulent  diffusion.  Since  the  publication 
of  the  last  article,  mixing  by  either  turbulent  diffusion  or  secondary  flow  transport,  or  both,  is  now 
routinely  accounted  for  in  nearly  all  quasi-three  dimensional  multistage  flow  models.  Thus  although 
bne  neeo  to  account  for  mixing  in  the  quasi -three-dimensional  model  has  been  firmly  established,  what 
has  not  been  settled  is  the  need  to  incorporate  similar  models  into  the  three-dimensional  flow 
simulators  currently  being  developed. 

With  the  advent  of  supercomputers,  researchers  are  attempting  to  extend  quasi-three-dimensional 
models  to  three-dimensions.  The  motivation  for  this  work  is  to  reduce  the  degree  of  empiricism 
required  for  the  simulation  of  multistage  machinery  and  to  enhance  the  understanding  of  three- 
dimensional  flows,  especially  those  that  occur  in  the  endwall  regions.  Of  the  proposed  models,  those 
that  attempt  to  define  the  time-averaged  flow  field  within  a  typical  passage  of  a  multistage  machine 
seem  the  most  promising  for  design  applications,  given  today’s  computer  capabilities.  It  has  been 
shown  that  flow  mixing  in  these  models  is  associated  with  the  transport  of  momentum  and  energy  across 
the  time-averaged  stream  surfaces  by  turbulence  and  the  unsteady  deterministic  flow  field.  The  object 
of  the  work  to  follow  is  toestimate  the  magnitude  of  this  transport  process  and  to  establish  the  need 
for  including  a  model  of  this  process  in  the  developing  three-dimensional  multistage  simulation  codes. 
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Analysis 

The  present  analysis  is  based  on  the  work  reported  in  Ref.  (9)  and  the  more  recent  work  in 

Ref.  (10).  The  starting  point  for  the  current  work  is  the  Navi er-Stokes  equations  expressed  in  cylin¬ 

drical  coordinates  with  an  inertial  frame  of  reference.  Unfortunately,  at  large  Reynolds  numbers, 
these  equations  are  associated  with  a  turbulent  flow  state,  while  our  interest  is  in  describing  the 
time-averaged  flow  field  within  a  typical  passage  of  a  blade  row  embedded  in  a  single  or  multistage 
configuration.  In  Ref.  (9),  a  procedure  was  developed  for  deriving  the  field  equations  governing  this 
flow  state,  starting  from  the  Naviei  -Stokes  equation^.  To  form  a  foundation  for  the  present  work,  a 

brief  outline  of  this  procedure  will  be  given,  the  mathematical  details  can  be  found  in  Ref.  (9).  The 

derivation  begins  by  "removing"  or  "filtering  out"  all  time  scales  which  are  uncorrelated  with  the 
shaft  rotation  time  period.  This  step  is  accomplished  by  executing  an  ensemble  average  of  a  large 
number  of  data  samples,  each  of  a  length  equal  to  the  shaft  rotation  time  period.  The  application  of 
this  a.eraging  procedure  to  the  Nav ier-Stokes  equations  then  yields  their  familiar  Reynolds  averaged 
form.  These  filtered  equations  govern  an  unsteady  deterministic  flow  state  whose  time  period  by 
construction  is  equal  to  that  of  one  shaft  revolution.  Note  that  all  unsteady  flow  phenomena  whose 
frequencies  are  unrelated  to  shaft  speed  cannot  be  described  by  this  equation  system.  However, 
because  the  Nav ier-Stokes  equations  are  nonlinear,  the  effect  of  the  time-unresolved  structures  on  the 
time-resolved  structures  cannot  be  completely  eliminated  by  a  simple  filtering  operation.  The  time- 
unresolved  structures  make  their  presence  known  through  a  series  of  correlations  known  as  the  Reynolds 
stress  This  stress  is  a  direct  measure  of  the  transport  of  momentum  across  the  time-resolved  stream 
surfaces  by  the  time-unresolved  flow  structures. 

The  next  step  removes  or  filters  out  the  unsteady  flow  structures  from  the  time-resolved  flow 
state.  This  filtering  step  is  executed  with  respect  to  both  the  stationary  frame  of  reference  and  the 
rotor  frame  of  reference.  Thus  two  time-averaged  flow  states  will  exist:  one  with  respect  to  the 
stationary  blade  rows;  the  other  with  respect  to  the  rotating  blade  rows.  The  averaging  or  filtering 
process  simply  involves  averaging  the  time-resolved  flow  state  over  a  cycle  of  one  shaft  rotation  with 
respect  to  the  stationary  and  rotational  frame  of  reference.  Those  blade  rows  which  are  moving  rela¬ 
tive  to  the  frame  of  reference  are  smeared  by  this  averaging  procedure;  thoso  that  are  stationary 
remain  distinct.  Applying  this  filtering  operation  to  the  equations  governing  the  time-resolved  flow 
state  produces  a  number  of  mathematical  expressions  through  which  the  time-resolved  flow  state  can 
influence  the  time-averaged  state.  These  expressions  are  in  the  form  of  a  series  of  correlations,  a 
body  force  and  an  energy  source.  The  body  force  and  energy  source  are  related  to  the  aerodynamic  and 
thermal  loading  acting  on  the  blade  rows  which  are  moving  with  respect  to  the  frame  of  reference;  the 
correlations  which  appear  in  the  momentum  equations  are  in  the  form  of  a  Reynolds  stress.  They  are 
associated  with  the  transport  of  momentum  across  the  time-averaged  stream  surfaces  by  the  time- 
resolved  flow  structures.  Like  their  time-unresolved  counterparts,  these  correlations  are  associated 
with  mixing,  and  their  relevance  will  be  assessed  in  the  section  that  follows. 

The  final  averaging  operation  removes  passage-to-passage  variation  from  the  time-averaged  flow 
states.  The  resulting  flow  state  is  referred  to  as  the  "average  passage"  flow  field.  The  derivation 
of  the  governing  equations,  starting  from  the  time-averaged  flow  field  equations,  can  be  found  in 
Ref.  (9).  The  additional  correlations,  body  forces,  and  energy  sources  associated  with  this  equation 
set  will  not  be  dealt  with  in  the  present  analysis,  but  will  be  addressed  in  future  work. 

The  ensemble  and  time-averaging  operations  suggest  that  the  velocity  field  u-,  in  the  stationary 
frame  of  reference  may  be  expressed  as 

Ui(r,0,z,t)  =  Ui(sk)(r,0,r)  +  s  [u;<sn>  (r,0,z)-Uj<AX>(r,z)] 

n=l 

+  ^i(r,0,z)  (1) 

M  a 

♦  2  [Uj (R  m  )  (r,0-f)t,z)  -  u,<W  (r,z)] 
m=i 

+  ui(r,0,z,t)  +  Uj  ’  (r ,f?,z,t) 

where  r,  6,  and  z  are  the  radial,  tangential,  and  axial  coordinates  respectively;  t  is  the  shaft 
rotational  speed;  and  t  is  time.  The  velocity  component  Uj * (r,0,z,t)  is  associated  with  the  time- 
unresolved  flow  field.  The  subscript  i  denotes  the  conventional  tensor  notation  for  a  vector.  Its 
ensemble  average  by  definition  is  zero.  The  momentum  transported  by  this  field  across  the  time- 
resolved  stream  surfaces  produces  a  Reynolds  stress  of  the  form  />u;  'Uj ' ,  where  p  is  the  fluid  density, 
and  the  single  overbar  denotes  the  ensemble  average.  This  stress  is  periodic  in  time,  with  a  period 
equal  to  one  cycle  of  the  shaft  revolution.  The  combination 

M 

E[ui(Rm>  (r,0-l)t,z)  -  Ui<AX>  (r,z))  (2) 

m=l 

+  u;(r,0,z,t) 

represents  the  unsteady  component  of  the  time-resolved  velocity  field.  The  velocity  component  us  <R  m  ) 
under  the  summation  sign  represents  the  time-averaged  velocity  field  in  a  typical  passage  of  the  m’th 
rotor.  Its  time  mean  value  is  equal  to  the  axisymmetric  component  u-,{AX).  The  component  u;  is 
associated  w^,th  the  rotor-stator  and  the  rotor-rotor  interaction  field  and  can  be  shown  to  be  a 
function  of  up  nw  and  up®n'  where  upsn^  is  the  time-average  velocity  field  in  a  typical  passage  of 
the  n’th  stator.  The  velocity  components  in  Eq.  (2)  can  transport  momentum  across  the  time-averaged 
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stream  surface.  In  Ref.  (9),  this  transport  process  was  shown  to  produce  a  mixing  stress  of  the  form 

R;j  =  {/>Uj"Uj"  +  /3Ui"Uj  +  flu-,  Uj"  +  fiu,  V  > 


+  /JUi’uj’  (3) 

where 

M  _ 

u;"  =  Z  [u^m*  (r,  d-Rt.z)  -  Ui<AX>(r,z)]  (4) 

m=l 


The  single  bar  over  the  expressions  which  appear  within  the  brackets  represents  a  time  average;  the 
double  overbar  over  the  remaining  term  denotes  the  time  average  of  an  ensemble  average.  The  stress 
^u7TfuJlr  i s  independent  of  8  and  is  associated  with  the  nonaxi symmetric  component  of  the  "average 
passage"  velocity  field  of  each  rotor.  The  work  of  Adkins  and  Smith  may  be  viewed  as  an  attempt  to 
model  the  mixing  due  to  this  stress.  In  the  present  work,  it  will  be  evaluated  directly.  The 
remaining  stresses  which  make  up  R;j  are  associated  with  rotor-stator  interaction,  rotor-rotor 
interaction,  and  mixing  due  to  the  time-unresolved  flow  field.  These  terms  arise  in  part  due  to  wake 
chopping  and  turbulent  diffusion  and  will  be  modeled  by  a  Boussinesq  diffusion  model,  as  suggested  by 
the  work  of  Galimore  and  Cumsty,  Ref.  (7).  The  diffusion  coefficient  will  be  set  according  to  the 

data  published  by  Galimore,  Ref.  (6).  The  force  associated  with  the  gradient  of  th«.  stress  — jj- — , 
which  appears  in  the  tangential  momentum  equation,  will  serve  as  a  measure  of  the  stress  R-,j  away'from 
solid  boundaries.  Its  effect  will  be  evaluated  by  comparing  its  gradient  to  the  tangential  component 
of  the  blade  force. 


The  time-averaged  energy  equation  also  contains  a  source  term  and  energy  correlations.  The 
correlations  arise  because  of  the  transport  of  total  enthalpy  across  the  time-averaged  stream  surfaces 
by  both  the  time-resolved  and  the  time-unresolved  velocity  field.  The  source  term  is  the  result  of 
the  work  done  by  the  blade  force  and  the  heat  transfer  at  the  blade  surface.  Applying  the  same 
decomposition  that  was  used  for  the  velocity  to  the  total  enthalpy  H0  yields, 


a  N 

Ho(r,0,z,t)  =H0<sk)  (r,d,zk)  ♦  £  [H0<sn>  (r,0,z)  -H0<AX>(r,z)] 

n=l 

+  Ho(r,0,z) 

♦  £  [H0<R  n>)(r,d-0t,z)  -  H0<AX>(r,z)] 

+  H0(r,d-flt,z)  -  Ho’(r,0,z,t) 


(5) 


The  ensemble  and  time-averaging  operation  applied  to  the  energy  equation  yields  the  correlation 

G;  =  {pu;"H0"  +  />u-,"H0  +  7u;Ho"  +  />u;H0 

♦  rt’  (6) 

where 

H0"  =  S  [H0<r*  >(r,0-Ot,z)  -  HeW(r,z)]  (7) 

As  was  noted  for  the  momentum  correlations,  the  correlation  puj"H„"  can  be  directly  evaluated  based  on 
the  average  passage  flow  field.  The  remaining  correlations  will  be  modeled  by  a  Boussinesq  diffusion 
model.  The  diffusion  coefficient  will  be  assumed  to  be  related  to  the  momentum  diffusion  coefficient 
through  a  Prandtl  number  of  order  one.  The  impact  of  the  correlation  />u;"H0"  on  the  solution  will  be 
assessed  by  comparing  the  value  of  its  divergence  to  the  work  done  by  the  blade  forces.  This 
assessment  is  undertaken  in  the  next  section. 


Results 

The  compressor  used  in  this  study  is  a  high-speed  five-stage  research  compressor,  of  which  only 
the  first  two  stages  will  be  analyzed.  The  pressure  ratio  across  these  stages  exceeds  three.  Both  of 
the  simulated  stages  are  transonic,  with  the  second  stage  starting  to  take  on  the  characteristics  of 
an  embedded  stage.  The  initial  set  of  results  to  be  presented  will  illustrate  the  predictive 
capability  of  the  current  model;  the  data  to  be  used  in  the  figures  came  f.om  measurements  recorded  at 
the  leading  edge  of  the  first  and  second  stator.  The  first  figure  shows  the  total  pressure  rise 
across  the  first  rotor  as  a  function  of  span.  The  square  symbols  denote  the  data,  the  solid  line  is 
the  prediction,  and  two  or  more  symbols  at  a  given  spanwise  location  represent  the  circumferential 
scatter  in  the  data.  Notice  that  the  level  of  the  predicted  total  pressure  rise  across  the  rotor  is 
slightly  lower  than  measured,  and  the  shape  of  the  predicted  curve  is  in  good  agreement  with  the  data. 
The  location  of  the  local  minimum  at  38  percent  is  predicted,  and  the  location  of  the  maxima  near  the 
endwalls  is  also  in  good  agreement  with  the  data.  It  is  believed  that  the  predicted  level  of  the 
total  pressure  rise  across  the  first  rotor  could  be  raised  by  simply  increasing  the  specified  back 
pressure  at  the  exit  of  the  second  stage. 

The  next  figure  shows  the  total  temperature  rise  across  the  first  rotor.  Once  again,  the  square 
symbols  are  the  experimental  measurements.  The  agreement  between  prediction  and  measurement  is  quite 
good,  and  the  indicated  ability  to  predict  the  performance  of  the  first  rotor  provides  a  degree  of 
credibility  for  the  simulation.  The  next  two  figures  show  the  total  pressure  and  total  temperature 
distribution  entering  the  second  rotor.  The  performance  of  the  first  stator,  as  judged  by  the  loss  in 
total  pressure,  is  very  satisfactory.  The  hub  endwalf  flow  shows  no  sign  of  separation,  and  the  total 


18-4 


temperature  distribution  shows  less  of  a  variation  than  at  the  exit  of  the  first  rotor.  Note  that 
this  result  is  quite  apparent  in  the  tip  region.  The  simulation  assumed  no  heat  transfer  to  the  solid 
surfaces  and  a  finite  clearance  over  both  rotor  tips.  The  previous  results  are  thus  an  indication  of 
the  mixing  produced  by  the  nonaxi symmetric  component  of  the  flow  field  downstream  of  the  first  rotor. 

Figures  (5)  and  (6)  show  the  total  pressure  and  total  temperature  distribution  at  the  exit  of  the 
second  rotor.  Here  the  predicted  total  pressure  level  is  deficient  in  the  hub  and  slightly 
overestimated  in  the  tip.  The  low  level  inboard  of  30  percent  of  span  is  caused  by  a  separated  flow 
region  along  the  suction  surface  of  the  rotor.  This  separated  region  also  causes  an  excessive  total 
temperature  over  the  measurements. 

The  source  of  the  excess  in  both  total  pressure  and  temperature  over  the  measurements  for  the 
region  outboard  of  SO  percent  span,  is  unknown.  An  examination  of  the  results  from  the  second  stator 
simulation  results  showed  no  evidence  of  flow  separation  or  regions  of  high  loss  which  could  be 
related  to  the  shape  of  the  predicted  total  pressure  distribution  at  the  exit  of  the  rotor.  Because 
this  examination  was  inconclusive,  further  study  will  be  required.  The  results  derived  from  the 
second  stage  simulation  will  have  to  be  thought  of  as  typical  of  off-design  operation. 

To  establish  the  degree  of  flow  mixing  present  in  both  rotor  simulations,  the  tangential 
component  of  the  body  force  and  the  divergence  of  the  momentum  correlation  ^uT^uT*- associated  with  the 
average-passage  flow  field  will  be  evaluated  along  with  the  energy  source  and  the  divergence  of  the 
energy  correlation  pu; "H0h .  Figure  (7)  shows  contours  of  the  combined  values  of  the  tangential 
component  of  the  body  force  and  the  di  ergence  of  the  correlation  puj^Uj".  Both  of  these  terms  appear 
in  the  tangential  momentum  equation,  and,  as  was  noted  in  the  previous  section,  the  divergence  of 
pm "u/  is  a  measure  of  the  mixing  of  tangential  momentum.  The  outline  of  the  rotor  appears  in  the 
left  portion  of  the  figure,  while  the  first  stator  is  to  the  right  of  the  rotor.  Figure  (8)  shows  the 
contour  levels  of  the  tangential  component  of  the  body  force  produced  by  the  aerodynamic  loading 
acting  on  the  first  rotor.  The  sign  of  this  component  is  negative  over  most  of  the  bladed  region.  It 
vanishes,  as  it  must,  outside  of  this  region.  The  difference  in  the  value  of  the  contours  which 
appear  in  Figures  (7)  and  (8)  is  equal  to  the  divergence  of  the  correlation  pupfuPr.  Outside  of  the 

region  swept  out  by  the  rotor,  the  value  of  pu;nu«*  is  small,  with  the  exception  of  the  region 

downstream  of  the  rotor  and  outboard  of  85  percent  of  span.  In  this  region,  its  value  is  comparable 
to  the  value  of  the  tangential  component  of  the  blade  force  inboard  of  midspan.  Furthermore,  this 
correlation  appears  to  act  over  a  region  which  extends  to  near  the  stator  trailing  edge.  Their 
effect,  which  can  be  shown  to  be  cumulative  over  the  time-averaged  path  line  of  a  fluid  particle,  is 
non-negl igible.  These  results  further  suggest  that  very  little  mixing  due  to  the  unsteady 
deterministic  flow  field  occurs  inboard  of  85  percent  of  span.  Turbulent  mixing,  however,  would  be 
present  in  the  region. 

The  next  two  figures  show  the  contour  levels  for  the  combined  values  of  the  energy  source  and  the 
divergence  of  the  corrr.ation  pu,"H0",  and  the  contour  values  of  the  energy  source.  As  in  figure  (8), 
the  energy  source,  whic  i  is  a  function  of  the  rotor  aerodynamic  loading,  vanishes  outside  of  the 
region  swept  out  by  the  rotor.  The  difference  between  the  contours  in  these  two  figures  is  equal  to 
the  divergence  of  the  energy  correlation  puj"H0n.  Outside  of  the  rotor  blade  region,  the  energy 
correlation,  like  the  momentum  correlation,  appears  to  be  significant  only  in  the  tip  region.  In  the 
tip  region,  its  effect  appears  to  extend  to  near  the  stator  trailing  edge. 

The  next  four  figures  (i.e.,  Figures  (12) — (15))  clearly  illustrate  the  mixing  which  can  be 
attributed  to  the  second  rotor.  The  format  of  these  figures  is  identical  to  that  for  Figures  (7)- 
(11).  The  mixing  associated  with  the  average-passage  flow  field  of  the  second  rotor,  unlike  that  of 
the  first,  is  non-negl igible  in  both  endwall  regions.  Tte  flow  mixing  which  occurs  in  the  hub  is 
mainly  due  to  the  separated  flow  region  near  the  trailing  edge  of  the  suctio-  surface,  while  the 
mixing  in  the  tip  is  the  result  of  the  leakage  flow.  Both  of  these  mixing  regions  seem  to  extend  to 
near  the  trailing  edge  of  the  second  stator.  At  midspan,  the  wakes  are  thin,  and  the  flow  is  nearly 
two-dimensional,  which  results  in  a  low  level  of  mixing  by  the  unsteady  deterministic  flow  field. 

These  results  are  completely  consistent  with  the  work  of  Weisler  et  al.,  Ref.  (8),  and  are  also 
consistent  with  the  work  of  Galimore  and  Cumsty,  Ref.  (7).  They  further  suggest  that  the  mixing, 
which  both  sets  of  authors  associated  with  turbulence,  might  have  a  strong  component  which  is 
associated  with  the  unsteady  time-resolved  flow  field.  The  proof  of  this  conjecture  will  require 
detailed  measurements  or  a  three-dimensional  unsteady  viscous  flow  simulation.  A  final  observation 
regarding  these  results:  It  is  apparent  that  the  correlations  associated  with  the  nonaxisymmetric 
component  of  the  second  rotor  average-passage  flow  field  has  a  minimal  impact  on  the  time-averaged 
flow  field  of  the  upstream  stator. 

A  number  of  researchers  have  attempted  to  develop  interblade  row  boundary  conditions  to  permit 
the  simulation  of  more  than  one  blade  row.  These  simulations,  like  the  present,  attempt  to  describe 
the  time-averaged  flow  field  in  a  typical  passage  of  a  blade  row.  The  boundary  conditions  allow  the 
transfer  of  the  sxi symmetric  components  of  the  flow  variables  betwear  the  rows;  however,  the 
nonaxisymmetric  component  is  quite  often  overlooked.  This  boundary  condition  appears  to  be  based  on 
the  assumption  that  the  flow  between  the  blade  rows  relaxes  to  an  axisymmetric  state  within  the 
interblade  row  region,  and  experimental  evidence  suggests  that  this  might  be  reasonable  for  fan  stages 
with  wide  separation  between  rotor  and  stator.  However,  as  the  present  results  show,  this  assumption 
is  inappropriate  for  core  compressors. 

The  final  two  figures  show  the  absolute  total  temperature  distribution  at  the  exit  of  both 
rotors.  These  figures  clearly  show  the  three-dimensional  structures  which  impact  the  time-averaged 
flow  field  within  the  stators.  In  the  tip  region,  these  structures  are  the  result  of  the  leakage 
flow,  which  is  responsible  for  the  high  total  temperature  region  to  the  right  of  midpassage-.  This 
same  region  also  happens  to  be  a  region  of  high  loss.  The  velocity  field  associated  with  the  leakage 
flow  transports  energy  across  the  time-averaged  stream  surfaces  of  the  stator  flow  field;  the  result 
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of  this  transport  process  is  the  energy  correlations  shown  in  Figures  (9)  and  (13).  In  the  hub  of  the 
second  rotor,  there  is  also  a  region  of  high  total  temperature,  which  is  the  result  of  the  boundary 
layer  separating  from  the  suction  surface  of  the  rotor.  The  thick  wake  which  evolves  from  the 
separated  region  has  a  significant  radial  velocity  component  within  it.  As  the  wake  convects 
downstream,  this  velocity  component  transports  momentum  and  energy  across  the  time-averaged  stream 
surfaces  of  the  stator  flow  field.  This  transport  process  yields  a  stress  which  acts  on  the  stator 
time-averaged  flow  field.  The  physical  extent  of  this  stress  field  is  shown  in  Figure  (11).  These 
results  and  those  on  the  previous  figures  clearly  show  the  need  to  take  account  of  the  stress  and 
energy  correlation  produced  by  the  time-resolved  flow  field  in  simulations  of  multistage  compressors. 

Conclusions 

An  assessment  of  the  effect  of  the  unsteady  flow  field  within  a  multistage  compressor  on  the 
time-averaged  performance  was  attempted.  It  had  previously  been  shown  that  the  unsteady  flow  state 
impacts  the  time-averaged  flow  state  through  a  stress  tensor,  a  body  force,  an  energy  source,  and  an 
energy  correlation.  In  this  study,  the  magnitude  of  the  body  force  resulting  from  the  aerodynamic 
loading  acting  on  a  blade  row  was  compared  to  the  gradient  of  the  stress  tensor  associated  with  the 
unsteady  time-resolved  flow  field  generated  by  the  blade  row.  Both  of  these  quantities  appear  in  the 
time-averaged  form  of  the  momentum  equations.  In  addition,  the  magnitude  of  the  work  done  by  these 
forces  was  compared  to  the  divergence  of  the  energy  correlations  produced  by  the  unsteady  time- 
resolved  flow  field.  It  was  found  that  both  the  stress  tensor  and  the  energy  correlations  were  non- 
negligible  in  the  endwall  regions,  a  finding  consistent  with  that  of  Ref.  (8).  In  the  midspan  region, 
both  the  stress  tensor  and  the  energy  correlation  were  small;  again,  this  finding  is  consistent  with 
that  in  Ref.  (8).  These  results  suggest  that  turbulence  or  the  time-unresolved  flow  field  is  the 
primary  source  of  flow  mixing  in  the  midspan  region.  The  stress  tensor  and  energy  correlations  were 
found  to  be  strongly  dependent  upon  the  three-dimensional  structure  of  the  time-resolved  unsteady  flow 
field  The  mixing  associated  with  stress  field  and  the  energy  correlations  extended  to  a  region  near 
the  trailing  edge  of  the  downstream  stator.  The  influence  of  the  correlations  associated  with  the 
time-resolved  flow  field  upon  the  upstream  blade  row  was  negligible. 

This  study  has  shown  the  need  to  understand  and  model  the  unsteady  flow  processes  which  impact 
the  performance  of  multistage  blade  rows.  Further  studies  are  needed  before  this  subject  is 
understood  to  the  point  where  semi -empirical  models  which  explicitly  account  for  the  effects  of  the 
unsteady  flow  on  blade  row  performance  can  be  used  to  develop  designs  which  take  advantage  of  these 
effects  to  enhance  performance. 
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Fig.  2:  Absolute  Total  Tenporature  Distribution  At  The 
Exit  Of  Tho  First  Rotor 
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Fig.  3s  Absolute  Total  Pressure  Distribution  At  The 
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Fig.  7:  Distribution  Of  Tile  Tangential  Komentun  Correlatiai 
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Fie.  12s  Distribution  Of  The  Body  Force  In  The  Taneential  Direction 
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Fig.  13:  Distribution  Of  The  Energy  Correlation 
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Summary 

Large  scale  planar  cascade  experimental  studies  have  been  used  for  some  years  now  to 
sort  out  and  measure  three-dimensional  flows  in  axial  flow  turbines.  In  particular, 
these  planar  cascades  have  been  and  are  used  for  secondary  flow  studies  and  more  recently 
for  tip-clearance  studies.  This  paper  focuses  on  the  topics  of  cascade  periodicity  and 
the  use  of  surface  flow  visualization  in  planar  turbine  cascades,  in  these  studies. 

Since  results  from  these  cascade  experimental  studies  are  based  on  a  planar  cascade 
that  usually  has  few  airfoils  (4-6),  the  topic  of  how  periodicity  is  achieved  in  a  finite 
cascade  is  an  important  one.  One  method  of  achieving  periodicity  in  a  4-airfoil  cascade 
is  discussed. 

The  use  of  surface  flow  visualization  in  these  cascade  studies  has  been  prominent.  A 
commentary  is  given  on  three  techniques  that  have  been  used,  and  on  the  interpretation  of 
the  results  from  each  technique. 


Nomenclature 

a  -  ordinary  point  on  attachment  line 
b.;  -  axial  chord  (0.281  m) 

Cp  -  static  pressure  coefficient,  (p-p0)/l/2  UQ2 
D  -  cylinder  diameter 
p  -  static  pressure 
s  -  ordinary  point  on  separation  3 ine 

S  -  airfoil  surface  distance  divided  by  leading  edge  radius  (1.50  cm) 
Ss  -  saddle  point  of  separation 
u  -  velocity  in  the  x-direction 
U0  -  free  stream  or  upstream  velocity 
v  -  velocity  in  the  y-direction 
w  -  velocity  in  the  z-direction 
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Introduction 


For  many  years,  experimenters  studying  the  complex  three-dimensional  flow  in  axial 
flow  turbines  have  made  use  of  simple  planar  (linear)  cascades  of  turbine  airfoils.  One 
such  four-bladed  cascade  is  shown  in  cross  section  in  Figure  1.  Since  axial  turbine 
three-dimensional  flows  (or  "secondary"  and  "tip-clearance"  flows  as  they  are  generically 
called)  are  quite  complicated,  it  has  been  found  beneficial  to  use  this  simpliest 
geometry  to  sort  them  out,  much  as  the  classic  "flat  plate"  is  used  in  two-dimensional 
flows. 

Planar  cascade  flow  studies  of  turbine  three-dimensional  flows  go  back  at  least  to 
the  work  of  Herzig  et  al1  at  NACA  and  to  Armstrong2  at  Cambridge.  Because  of  the 
overall  favorable  (negative)  pressure  gradient  in  an  axial  flow  turbine,  simple  planar 
cascade  flows  faithfully  exhibit  many  of  the  most  important  features  of  actual  turbine 
flows.  Such  is  not  the  case  for  an  axial  flow  compressor,  because  of  its  overall 
unfavorable  (positive)  pressure  gradient.  In  general,  compressor  planar  cascade  flows 
may  not  accurately  represent  "engine"  conditions  in  a  compressor,  because  portions  of  the 
flow  may  be  operating  under  conditions  of  impending  (or  actual)  flow  separation.  Thus, 
small  (or  large)  disturbances  in  the  engine  environment,  not  present  in  a  cascade 
experiment,  can  give  rise  to  steady  or  unsteady  flows  that  are  not  easily  representable 
by  a  simple  compressor  cascade. 

The  three-dimensional  flow  in  a  planar  turbine  cascade  is  usually  thought  of  in  terms 
of  the  "primary  flow"  and  the  "secondary  flow".  The  primary  flow  consists  of  the  flow 
that  most  closely  follows  two  dimensional  (usually  midspan)  inviscid  streamlines  in  the 
cascade,  and  the  corresponding  two-dimensional  region  (if  that  exists)  of  the  boundary 
layers  on  the  cascade  airfoil  surfaces.  The  secondary  flow  then  includes  all  that  is  not 
"primary",  i.e.  the  so-called  three-dimensional  flows.  These  include  endwall  boundary 
layers  (i.e.  the  region  of  flow  on  the  non-airfoil  bounding  surfaces  of  a  cascade)  and 
any  portion  of  the  primary  flow  region  that  is  strongly  effected  by  the  latter. 

Tip-leakage  flows  occur  because  of  airfoil  tip  clearances  (i.e.  leakage  from  pressure 
to  suction  surfaces  between  the  tip  of  a  moving  blade  and  a  fixed  endwall,  or  between  the 
tip  of  a  stator  and  a  moving  endwall) .  Either  is  simulated  in  a  planar  cascade  by 
leaving  a  gap  between  the  cascade  airfoil  tips  and  an  adjacent  endwall  (which  is  usually 
stationary,  but  can  be  made  to  move,  e.g.  a  belt).  The  resulting  "tip  leakage"  flow  in 
the  planar  cascade  will  modify  both  the  secondary  flow  and  the  primary  flow. 

For  the  case  of  a  planar  cascade  that  is  used  to  model  pure  secondary  flows  (i.e.  no 
tip  clearance),  the  endwall  regions  give  rise  to  the  now  well-known  (and  documented) 
horseshoe  vortex  system.  One  interpretation  of  this  system,  as  given  by  Langston,  Nice 
and  Hooper3  is  shown  in  Fig.  2.  This  figure  shows  that  at  the  endwall  of  the  cascade, 
the  inlet  boundary  layer  separates  and  forms  a  horseshoe  vortex.  One  leg  of  this  vortex 
(sometimes  called  the  "pressure"  leg),  drawn  into  a  cascade  passage,  is  "fed"  by  the 
passage  pressure-to-suction  endwall  flow  and  becomes  the  passage  vortex.  The  other  leg 
(called  the  "suction"  leg)  is  drawn  into  an  adjacent  passage  and  has  an  opposite  sense  of 
rotation  to  the  larger  passage  vortex.  This  smaller  vortex  is  labeled  as  a  counter 
vortex  in  Fig.  2  and  can  be  thought  of  as  a  "planet"  possibly  rotating  about  the  axis  of 
the  passage  vortex  (the  "sun").  Thus  the  position  of  the  counter  vortex  relative  to  the 

passage  vortex  may  be  different  than  that  shown  in  Fig.  2  (see  Marchel  and 

Sieverding4 ) .  The  ribbon  arrows  in  the  figure  have  been  drawn  to  exaggerate  vortex 
motion.  The  actual  rotation  of  the  vortices  is  much  less  than  shown  (about  two  rotations 
for  the  passage  vortex) . 

More  complicated  endwall  flows  than  that  shown  in  Fig.  2  have  been  discussed  by 
Sieverding5  and  these  will  be  considered  later  in  this  paper.  There  has  been  a  large 
body  of  work  on  tip-clearance  flows  in  planar  cascades  (e.g.  Moore  and  Tilton6, 

Eindon7,  Yamamoto8,  and  Yaras  and  Sjolander9)  but  as  yet  no  "simple"  picture  has 
emerged  to  be  a  counterpart  to  the  no-gap  cascade  of  Fig.  2. 

At  least  three  reviews  of  turbine  secondary  flows  have  been  written.  One  written  by 
Salvage10  covers  the  literature  on  secondary  flows  up  until  the  early  1970 's.  Some 

topics  in  turbine  cascade  flows  have  been  reviewed  by  Gostelow11  for  much  of  the 

literature  up  to  1980-82.  The  most  recent  and  comprehensive  review  was  done  by 
Sieverding5  who  reviewed  and  summarized  the  literature  up  to  about  1983. 

Since  Sieverding’s  review  there  has  been  a  fairly  large  number  of  papers  presented 
and  published  (about  5-10  per  year)  on  three-dimensional  flows  in  turbine  cascades.  In 
light  of  this  most  recent  work,  (since  1983)  and  that  which  was  reviewed  by  salvage, 
Gostelow,  and  Sieverding,  the  objective  of  this  paper  is  to  review  and  comment  on  the 

GUrGlilG  pXdiidX  CuisCdQS  SXpSrimGnv  COpXOSi  2 

1)  The  question  of  cascade  periodicity. 

2)  The  use  of  surface  flow  visualization  in  planar  cascade  studies. 
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The  question  of  cascade  periodicity  for  non-infinite  cascade  experiments  is  an 
important  one.  Data  from  detailed  turbine  cascade  experiments  are  being  used  as 
"test  cases"  against  which  numerical  (computer)  solutions  of  either  the  Euler  or  the 
Navier-Stokes  equations  are  being  compared  (e.g.  Hah12). 

The  use  of  surface  flow  visualization  is  and  has  been  important  in  discovering 
and  sorting  out  complex  cascade  flows.  A  commentary  is  given  on  three  of  the  flow 
visualization  methods  that  have  been  used  and  on  the  interpretation  of  the  results 
of  each. 

The  Question  of  Periodicity 

The  obvious  way  to  achieve  periodicity  in  a  linear  cascade  is  to  have  as  many  airfoil 
passages  as  possible.  But  of  course,  given  a  certain  size  airfoil  passage,  more  airfoils 
mean  more  airflow,  and  hence,  a  larger  air  supply.  Typically  a  turbomachinery  company 
will  test  an  "engine  scale"  cascade  with  10-15  airfoils,  using  the  middle  three  or  four 
passages  as  the  "test  section",  from  which  aerodynamic  data  is  taken.  Both  ends  of  the 
cascade  then  provide  the  approximation  to  a  periodic  flow  field  for  the  cascade  middle 
section. 

However,  in  the  large  scale  planar  cascades  that  have  come  to  characterize 
experimental  studies  of  turbine  cascade  secondary  flows,  (e.g.  Langston  et  al3,  Marchel 
and  Sieverding'* ,  and  Yamamoto13)  the  number  of  airfoils  are  reduced  because: 

a)  It  is  necessary  to  increase  the  scale  of  the  experiment  (airfoils  on  the  order  of 
5-10  times  engine  size)  so  that  details  of  the  complicated  secondary  flow  field 
can  be  measured  accurately  while  minimizing  the  effect  of  the  instrumentation 
(e.g.  pressure  probes)  on  the  flow  . 

b)  There  is  a  requirement  to  achieve  Reynolds  number  similarity  (based  on  axial  chord 
and  inlet  or  exit  velocity)  while  keeping  the  total  flow  rate  to  the  cascade 
within  reasonable  limits  (size  of  the  air  supply). 

A  typical  four-airfoil  cascade  used  to  study  secondary  flows,  taken  from  Langston  et 
al3,  is  shown  in  Fig.  1.  This  particular  cascade  will  be  used  as  an  example  of  at 
least  one  way  to  make  part  of  such  a  cascade  periodic.  It  had  an  aspect  ratio  of  about 
1.0,  an  axial  chord  of  about  0.3m,  and  was  tested  at  an  axial  chord  Reynolds  number  of 
about  10°  (inlet  velocity  34m/sec  at  atmospheric  conditions). 

Because  of  the  few  airfoils,  a  four-airfoil  cascade  is  not  periodic  in  every  airfoil 
passage.  The  overall  turning  of  the  flow  entering  and  leaving  the  cascade  in  Fig.  1  is 
determined  by  the  airfoil  shape  and  spacing  (solidity).  The  overall  inlet  flow  angle  is 
set  by  adjusting  the  cascade  angle  relative  to  the  inlet  duct.  However,  the  detailed 
flow  entering  each  cascade  passage  can  vary  depending  on  the  passage's  proximity  to  wind 
tunnel  bounding  walls.  Thus,  once  the  cascade  inlet  angle  is  set  (44.7°  in  Fig.  1)  the 
cascade  flow  can  be  adjusted  to  achieve  center  passage  periodicity  by  trial-and-error 
positioning  of  the  two  boundary  layer  bleeds  and  the  two  tailboards.  These  four 
"adjustments"  are  not  independent,  because  setting  one  (e.g.  the  longer  tailboard)  can 
effect  the  others  (e.g.  the  low  blead  flow). 

Figure  3  shows  the  final  pitchwise  static  pressure  distribution  at  the  exit  of  the 
cascade,  taken  on  an  endwall  at  about  0.1  of  an  axial  chord  downstream  of  the  trailing 
edge  plane  in  the  axial  direction.  (Like  measurements  were  taken  in  front  of  the 
cascade,  but  due  to  the  lower  velocities  there,  the  leading  edge  position  did  not  yield 
as  sensitive  a  measurement) .  At  best,  one  can  say  that  the  pressure  distribution  has  a 
"psuedo-per iodic"  behavior,  being  effected  by  such  things  as  the  boundary  layer  on  the 
longer  tailboard  (e.g.  the  lower  pressures  between  airfoils  3  and  4). 

However,  the  criterion  used  for  cascade  periodicity  was  not  the  repeatibility  of  the 
wakes  in  Fig.  3.  (This  figure  does  represent  the  flow  conditions  under  which  the  cascade 
was  tested.)  Rather,  tailboards  and  blades  were  adjusted  until  the  static  pressures  at 
midspan  on  the  middle  airfoils  2  and  3  agreed  with  one  another  (on  both  suction  and 
pressure  sides)  and  with  a  potential  flow  solution  for  an  infinite  cascade  (as  shown  in 
Ref.  3  there  was  a  midspan  region  that  closely  approximated  an  inviscid  irrotation  flow 
outside  of  the  airfoil  boundary  layers).  This  agreement  is  shown  in  Fig.  4  as  a  plot  of 
static  pressure  coefficient  on  airfoils  2  and  3  as  a  function  of  non-dimensional  airfoil 
surface  distance  from  the  leading  edge-mean  camber  line  intersection,  in  the  region  of 
the  airfoil  leading  edge.  Airfoils  2  and  3  were  also  interchanged  in  the  cascade  (i.e. 
removed  and  repositioned)  as  a  check  for  pressure  tap  location  and  pressure  tap 
consistancy. 

The  midspan  pressure  distributions  in  Fig.  4  show  infinite  cascade  behavior  for 
airfoils  2  and  3  in  two  important  ways: 

1)  There  is  very  good  agreement  at  midspan  between  the  infinite  cascade  potential 
solution  (the  continuous  curve  in  Fig.  4)  and  the  measured  pressures  on  airfoils  2 
and  3. 
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2)  The  position  of  the  leading  edge  stagnation  points  on  both  airfoils  are  the  same 
and  agree  with  the  infinite  cascade  potential  flow  solution.  This  guarantees  that 
the  midspan  region  of  the  passage  between  airfoils  2  and  3  has  the  same  mass  flow 
rate  as  the  potential  flow  calculation.  (It  should  be  noted  from  Fig.  4  that  more 
than  one  pressure  tap  is  needed  to  experimentally  locate  the  stagnation  point!) 

Figure  5  shows  the  complete  chordwise  static  pressure  distribution  on  the  pressure 
side  of  airfoil  3  and  on  the  suction  side  of  airfoil  2,  for  various  spanwise  locations. 

As  in  Fig.  4,  there  is  good  agreement  with  infinite  cascade  potential  flow  at  midspan 
(50%),  except  near  the  trailing  edge  where  viscous  effects  (trailing  edge  separation) 
start  to  effect  the  flow.  As  discussed  in  more  detail  in  Ref.  3,  the  pressure 
distribution  at  other  spanwise  locations  (25%,  12.5%  and  2.3%)  show  the  effects  of  the 
passage  vortex  (secondary  flow)  formed  on  the  endwall  of  the  cascade. 

The  above  discussion  shows  at  least  one  approach  for  insuring  that  one  passage  and 
two  airfoils  in  a  four-airfoil  cascade  behaves  as  if  they  were  in  an  infinite  (truly 
periodic)  cascade.  Two  items  are  critical: 

1)  A  region  of  midspan  flow  in  the  cascade  passage  had  small  viscous  and  rotational 
effects  so  that  it  could  be  compared  to  a  two-dimensional  inviscid  calculation  for 
an  infinite  cascade. 

2)  It  was  very  important  that  there  was  a  sufficient  number  of  midspan  pressure 
measurements  on  the  airfoils  (especially  in  the  leading  edge  region)  to  insure 
that  the  periodicity  conditions  existed  for  at  least  one  airfoil  passage.  This 
included  accurately  locating  the  stagnation  streamlines  at  the  midspan  leading 
edges . 

Thus,  when  experimenters  report  that  their  finite  cascade  was  checked  for 
periodicity,  they  should  show  that  they  have  addressed  these  two  key  points.  Without 
this  check  of  periodicity,  any  attempt  to  duplicate  their  results  experimentally  or 
analytically  may  not  be  successful.  Non-periodicity  will  cause  a  difference  in  the  mass 
flow  between  passages,  differences  in  incidence  angles  between  airfoils,  and  differences 
in  pressure  distributions  between  airfoils. 

The  Use  of  Surface  Flow  Visualization 


Because  of  the  complexity  of  three-dimensional  flows  in  turbine  cascades,  surface 
f-ow  visualization  has  been  used  quite  extensively  to  document  and  explain  cascade 
passage  flows.  A  surface  flow  visualization  test  is  relatively  easy  to  do,  and  if 
detailed  measurements  are  to  be  made  in  the  cascade  passage,  the  flow  visualization 
results  are  extremely  valuable  in  telling  the  experimenter  how  to  properly  aline  pressure 
probes,  hot  wire  probes  etc.,  when  measurements  are  taken  near  cascade  surfaces. 


However,  the  interpretation  of  surface  flow  visualization  results  needs  to  be  done 
carefully  with  a  knowledge  of  the  strong  points  and  of  the  limitations  of  the  test  method 
used.  Usually,  one  wants  to  find  limiting  streamline  patterns  (also  called  surface 
streamlines)  by  looking  at  the  surface  shear  stress  lines  displayed  by  the  flow 
visualization  (be  it  oil,  traces  of  ink,  etc.)  on  a  solid  surface.  As  can  be  shown  (e.g. 
see  Howarth44) ,  limiting  streamlines  and  wall  shear  stress  lines  coincide,  except  at 
singular  points  (where  the  shear  stress  is  zero).  That  is,  the  slope  of  limiting 
streamline  z  =  z(x)  on  a  solid  xz  surface  bounding  a  three-dimensional  flow  (laminar  or 
turbulent)  is  given  by 
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where  y  is  normal  to  the  surface,  u  and  w  are  velocities  in  the  x  and  z  directions, 
and  x  yX  and  tyZ  are  the  corresponding  components  of  wall  shear  stress  for  (in  this 
case)  a  Newtonian  Fluid.  In  the  limiting  process  (y  +o)  used  to  derive  (1),  3w/3y  and 
au/3y  can  not  both  be  equal  to  zero  (but  either  one  could  be  zero,  such  as  on  a 
separation  line).  Thus  at  a  singular  point  (e.g.  the  saddle  point  where  the  horseshoe 
vortex  of  Fig.  2  forms)  and  where  the  wall  shear  stress  is  zero,  Eqn.  (1)  doesn|t  hold. 
Surface  flow  visualization  win  not  yield  accurate  limiting  streamline  information  at  or 
very  close  to  the  singular  point. 

Most  of  the  surface  flow  visualization  techniques  that  have  been  used  in  turbine 
cascade  studies  are  of  the  "mechanical  interaction"  class  as  defined  by  Merzkirch15. 
Following  Merzkirch's  terminology  the  "oil-dot",  "the  oil-dot-film"  and  "the  oil-film" 
methods  are  three  mechanical  interaction  techniques  that  have  been  used  by  turbine 
cascade  experimenters,  and  will  be  discussed  here. 
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I.  Oil-Dot  Technique 

An  example  of  the  oil-dot  technique  for  surface  flow  visualization  is  shown  in 
Fig.  6.  This  figure,  taken  from  Langston  et  al3,  shows  the  results  of  injecting 
dots  of  india  ink  (the  "oil"  dot  in  this  case)  onto  the  plexiglas  endwall  of  a 
turbine  cascade  while  the  cascade  was  being  operated  at  design  airfoil  <.onditions. 
The  shear  forces  on  and  near  the  endwall  then  drive  an  ink  droplet  from  each  dot 
along  the  endwall  to  paint  out  the  limiting  streamline  pattern  shown  in  Fig.  6. 

The  horseshoe  vortex  saddle  point,  Ssl,  can  be  clearly  seen  (along  with  a 
neighboring  saddle  point  Ss2,  to  show  periodocity  and  the  location  Ssl  to  show 
where  Sgj  moved  when  the  cascade  incidence  angle  was  increased).  Arrows  and 
dotted  lines  have  been  drawn  in  the  figure  to  show  flow  direction  and  the  location 
of  separation  and  attachment  lines.  In  agreement  with  the  above  discussion  about 
the  singular  behavior  of  Eqn.  (1),  no  ink  dot  could  be  made  to  flow  at  or  very 
close  to  the  saddle  point  Ss^. 

The  oil-dot  technique  is  also  used  with  a  more  viscous  oil  dot  than  the  ink  of 
Fig.  6.  In  this  way  the  dots  can  be  placed,  before  the  airflow  is  turned  on. 
However,  the  oil  (or  oil  mixture)  must  be  viscous  enough  so  that  it  isn't 
significantly  affected  by  the  nonsteady  start-up  period,  before  steady  flow  is 
achieved . 

The  advantage  of  this  discrete  oil  dot  method  is  that  the  resulting  oil  traces 
are  streaklines  such  that  one  can  clearly  see  the  true  origin  of  each  trace. 

Traces  that  do  not  accurately  represent  limiting  streamlines  can  be  easily 
identified.  Examples  of  misleading  (but  identifiable!)  traces  are  the  ink 
splattering  and  traces  that  cross  one  another,  both  shown  in  the  upper  portion  of 
the  cascade  passage  between  airfoils  2  and  3  in  Fig.  6.  These  were  caused  by  wake 
shedding  from  the  probe  used  to  inject  the  ink  onto  the  endwall. 

II.  Oil-Dot-Film  Technique 

This  technique,  developed  by  Langston  and  Boyle3®,  makes  use  of  an  ink  dot 
pattern  that  is  put  onto  the  surface  to  be  tested  (either  directly  on  the  test 
surface  or  by  use  of  a  glued-on  drafting  film) .  The  surface  is  then  sprayed  with 
a  thin  continuous  film  of  clear,  low-viscosity  oil  (oil  of  wintergreen)  that  acts 
as  a  solvent  and  starts  to  "dissolve"  the  ink  dots. 

When  the  air  supply  is  turned  on  and  quickly  brought  up  to  operating 
conditions,  the  oil  and  the  dissolved  ink  flow  in  response  to  shear  forces.  Each 
ink  dot  acts  as  a  well-defined  stationary  source  of  ink  to  produce  a  clear  ink 
trace  of  a  shear  stress  line.  When  the  oil  has  been  blown  downstream  or  has 
evaporated,  a  permanent  picture  of  a  network  of  ink  streaklines  is  left  on  the 
test  surface. 

This  technique  has  been  used  in  turbine  cascade  studies  (e.g.  Gaugler  and 
Russell17  and  Boyle  et  al18).  It  works  best  on  horizontal,  upward  facing 
surfaces,  and  requires  some  care  to  use  the  low  viscosity  film  on  non-horizontal 
surfaces.  The  oil-dot-film  technique  yields  distinct,  unambigious  streaklines  as 
does  the  oil-dot  method,  but  is  has  the  added  advantage  of  yielding  streaklines  in 
regions  of  very  low  shear,  where  other  methods  of  surface  flow  visualization  won't 
work.  (For  example  see  Langston  and  Boyle16  and  the  jet  engine  inlet  studies  of 
Shin  et  al19). 

III.  Oil-Film  Technique 

The  oil-film  technique  (again  using  Merzkirch's  terminology)  has  been  the 
method  most  used  by  experimenters  to  document  turbine  cascade  limiting  streamline 
patterns.  Among  many  others,  it  has  been  used  by  Marchal  and  Sieverding4, 
Gregory-Smith  et  al2D,  Jilek21,  and  Harrison22  for  secondary  flow  studies, 
and  by  Moore  and  Tilton6  for  tip  leakage  studies. 

The  cascade  surface  is  coated  with  a  layer  or  film  of  a  mixture  of  oil  (e.g. 
diesel  oil  or  a  heavier  motor  oil)  and  a  powdered  pigment  (e.g.  titanium  dioxide), 
as  uniformly  as  possible.  The  air  supply  is  turned  on  and  run  so  that  any  initial 
brush  marks,  finger  prints,  etc.  disappear.  The  test  continues  until  the 
experimenter  judges  that  a  good  "picture"  of  the  shear  stress  lines  has  been 
obtained,  but  not  long  enough  so  that  the  oil  film  has  been  essentially  blown 
away,  leaving  few  or  no  shear  stress  lines. 

An  excellent  example  of  tins  results  of  the  oil  film  technique  is  shown  in  Fig. 

7 .  This  shows  the  flow  visualization  done  by  East  and  Hoxey23  on  the  endwall  in 
front  of  a  0.6  m  diameter  cylinder  mounted  in  a  wind  tunnel,  run  at  61m/sec.  This 
flow  visualization  picture  clearly  shows  the  saddle  point  formed  by  the  horseshoe 
vortex.  This  is  analogous  to  the  saddle  point  Ssi  in  Fig.  6,  where  airfoil  3  is 
the  "cylinder".  The  cascade  horseshoe  vortex  is  formed  nonsymmetrically  due  to 
the  cascade  pressure  field. 
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This  very  popular  oil  film  method  has  the  advantage  of  yielding  a  "picture"  of 
an  entire  surface  fairly  easily  and  quickly.  However  it  has  three  serious  draw 
backs : 

1)  The  judgement  of  when  the  oil  film  has  painted  out  the  "best"  flow  visualization 
picture  is  left  up  to  the  experimenter.  The  author  has  used  the  method  and 
considers  such  a  judgement  quite  subjective.  Leaving  the  air  supply  on  for  longer 
periods  of  time  can  yield  a  "clearer"  picture,  but  some  details  (e.g.  separation 
lines)  may  have  been  blown  away.  Dickinson24  shows  an  excellent  sequence  of  six 
photos  of  an  oil  film  flow  visualization  as  it  develops  in  a  wind  tunnel  on  the 
endwall  around  a  symmetrical  airfoil  from  time  zero  to  40  minutes.  His  sequence 
shows  shear  stress  lines  appearing  and  then  disappearing,  with  no  clear  criterion 
as  to  when  the  shear  stress  line  picture  is  "complete". 

2)  In  flow  situations  involving  upstream  separation  and  downstream  attachment,  it  is 
not  always  clear  where  the  oil  mixture  in  a  particular  region  originated.  Was  the 
oil  mixture  there  to  begin  with  or  was  it  deposited  by  attachment  from  some 
upstream  separation  region?  This  ambiguity  was  not  a  feature  of  the  first  two 
techniques  discussed  above.  (By  painting  different  surfaces  with  different 
colored  oil  mixtures,  this  ambiguity  can  be  turned  into  a  means  of  finding  where 
the  flow  leaves  one  surface  and  impinges  on  another) . 

3)  Areas  that  accumulate  the  oil  mixture  can  be  mistaken  for  separation  lines.  That 
can  be  easily  seen  in  the  oil  film  flow  visualization  of  East  and  Hoxey  in  Fig.  7. 
There  is  only  one  saddle  point  shown,  formed  by  the  intersection  attachment  line 
running  from  right-to-left  upstream  of  the  cylinder,  and  the  separation  line  that 
swings  circumferencially  around  the  cylinder.  The  dark  area  around  the  cylinder 
is  not  a  separation  line,  but  a  line  of  accumulation  of  the  oil  mixture.  This  was 
shown  by  Eckerle  and  Langston25  using  direct  flow  field  measurements  and  using 
the  oil-dot-film  technique.  Their  cylinder  experiment,  designed  to  study  the 
formation  of  the  horseshoe  vortex  of  Fig.  2,  was  very  similar  to  that  of  East  and 
Hoxey.  Figure  8  shows  a  sketch  of  their  cylinder  experiment  and  the  horseshoe 
vortex  they  measured.  Also  shown  in  Fig.  8  is  a  sketch  of  their  flow 
visualization  results.  (The  actual  results  are  shown  in  detail  in  Ref.  26.). 

This  sketch  clearly  shows  only  one  endwall  saddle  point  and  one  associated 
separation  line.  The  line  in  Fig.  8  labeled  as  the  "accumulation  line"  is  simply 
a  region  where  pressure  gradients  are  such  that  the  reverse  flow  near  the  endwall 
is  strongly  decelerated.  This  corresponds  to  the  dark  area  of  accumulation  in  the 
East  and  Hoxey  of  Fig.  7.  If  the  airflow  had  been  allowed  to  continue  in  the  East 
and  Hoxey  experiment,  the  true  separation  line  might  have  disappeared,  leaving  the 
accumulation  line  to  be  erronously  interpreted  as  a  separation  line.  It  should  be 
emphasized  that  this  "line  of  accumulation"  as  defined  in  Ref.  25  and  26  is  not  a 
"new"  topological  limiting  streamline  feature  (such  as  a  separation  line).  It  is 
simply  a  by-product  of  the  particular  flow  visualization  technique  used. 

The  above  discussion  has  brought  out  the  point  that  the  method  of  surface  flow 
visualization  is  critical  in  obtaining  accurate  surface  shear  stress  pictures.  One  final 
comment  can  be  made  about  the  importance  of  surface  flow  visualization  in  measuring 
velocities  and  pressures  within  the  flow  field  of  a  turbine  cascade. 

As  an  illustration  of  this,  consider  the  flow  field  around  a  saddle  point  of 
separation  0,  as  shown  in  Fig.  9.  (This  would  correspond  to  Ssl  in  Fig.  6  or  to  the 
cylinder  saddle  point  in  Fig.  7  and  8.).  The  sketch  in  Fig.  9  shows  an  idealized  picture 
of  time-averaged  streamlines  in  a  plane  of  symmetry  that  contains  the  attachment  lines  of 
saddle  point  0,  for  a  very  small  region  about  0.  The  upstream  flow  in  the  plane  of 
symmetry  is  divided  from  the  downstream  separated  flow  by  separating  streamline 
(undistinguishable  by  measurement)  00'.  The  dashed  line  shown  in  Fig.  9  is  the  loci  of 
the  points  at  which  the  mean  velocity  in  the  x-direction,  u,  is  equal  to  zero  and  changes 
sign.  Thus,  when  measuring  velocity  with  say  a  5-hole  pressure  probe,  for  a  given 
x- location  to  the  right  of  0,  as  the  probe  is  traversed  in  the  y-direction,  the  probe 
must  be  rotated  a  full  180°  at  the  locus  of  the  dashed  line!  Again,  the  dashed  line 
separates  the  reverse  flow  contained  in  AYR  from  the  "return"  reverse  flow  contained 
in  A Yjp  Without  the  reverse-flow-direction  knowledge  gained  from  surface  flow 
visualization  (Fig.  6),  the  pressure  probe  traverse  measurement  described  would  be  very 
difficult  to  make  (and  near-to-impossible  with  a  single  hot  wire!). 

Final  Remarks 


The  need  to  measure  and  sort  out  the  three-dimensional  flow  in  planar  turbine 
cascades  has  compelled  experimenters  to  use  large  scale  cascades,  so  that  cascade  flow 
features  are  large  relative  to  the  instrumentation  used.  The  larger  scale  has  meant 
fewer  airfoils  in  a  cascade  (typically  4-6),  which  brings  into  question  the  periodicity 
of  such  finite  cascades.  One  method  of  achieving  periodicity  in  at  least  one  passage  of 
a  4-airfoil  cascade  was  discussed  here.  Having  sufficient  pressure  measurements  near  the 
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airfoil  leading  edges,  the  ability  to  adjust  boundary  layer  bleeds  and  tailboards,  and  an 
analytical  solution  for  an  infinite  cascade  flow  to  compare  against,  were  all  key  to 
achieving  the  periodicity.  The  reader  can  use  these  results  to  judge  the  degree  of 
periodicity  achieved  (or  claimed)  in  other  finite  cascade  experiments. 

Three  techniques  of  surface  flow  visualization  that  have  been  used  in  cascade 
studies  were  discussed  and  evaluated.  The  most  used  technique  (the  oil-film  method)  was 
shown  to  have  some  limitations  when  compared  to  the  other  two  (the  oil-dot  and  the 
oil-dot-film  methods). 

Some  cascade  studies  (see  the  review  by  Sieverding5)  have  made  use  of  the  oil  film 
technique  and  flow  field  smoke  visualization  to  propose  more  complex  multi-horseshoe 
vortex  systems  than  that  shown  in  Fig.  2.  Baker^'  has  shown  that  laminar  flow  can  give 
rise  to  two,  four  and  six  vortex  systems  (steady  and  unsteady)  in  front  of  an  endwall 
mounted  cylinder,  contrasted  with  the  single  vortex  of  a  turbulent  flow  (Ref.  23  and 
25).  It  has  been  argued  here  that  the  oil-film  technique  can  result  in  accumulation 
lines  that  can  be  mistaken  for  separation  lines.  Thus,  these  two  facts, 
a)  the  possibility  of  mistaking  an  accumulation  line  for  a  separation  line,  and 
'o',  multiple  horseshoe  vortex  systems  seem  to  occur  only  in  laminar  flows,  combine  to  make 
a  case  against  a  turbulent  multiple  vortex  model  of  endwall  flow.  Direct  measurements  in 
the  flow  field  (Ref.  3,  13,  and  22)  seem  to  support  the  single  horseshoe  vortex  view 
(i.e.  Fig.  2). 
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Figure  1  Cross  sectional  view  of  cascade  test  section  from  Ref.  3. 


Figure  2  The  separation  of  a  boundary  layer  entering  a  planar 
turbine  cascade.  The  saddle  point  occurs  where  the 
horseshoe  vortex  formed. 
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Figure  3  The  pressure  distribution  as  a  function  of  gapwise  distance 
as  measured  on  the  endwall,  about  0.1  bx  (axial)  downstream 
of  the  cascade  trailing  edge.  (The  curve  is  a  fit  of  the  data) 
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Figure  4  The  pressure  distribution  on  airfoils  2  and  3  near  the  leading  edge 
as  a  function  of  nondimensional  airfoil  distance  from  the  camber 
line.  The  curve  is  the  result  of  a  potential  flow  calculation. 


Figure  5  The  pressure  distribution  on  airfoils  2  and  3  as  a  function  of 
axial  distance  from  the  leading  edge.  The  curve  is  a  result  of 
a  potential  flow  calculation. 


7  Oil-film  limiting  streamlines  obtained  by  East  and  Hoxey23  on  the 
endwall  in  front  of  a  cylindrical  obstruction.  The  saddle  point 
is  on  the  symmetry  line,  approximately  one  radius  from  the  leading  edge. 
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Figure  9  Mean  streamlines  around  a  saddle  point  0  in  the  plane  of  symmetry  containing 
the  attachment  line.  The  mainstream  flow  is  in  the  plus  x  direction,  from 
left  to  right. 


DISCUSSION 


Bullock,  USA 

A  rather  exhaustive  study  was  conducted  by  NACA  at  Langley  Field,  VA. 

Jack  Erwin  did  most  of  the  work  as  I  recall.  1  believe  Drs  A.  Kantrowitz 
and  S.  Bogdonoff  were  also  involved.  Some  work  may  have  been  reported  in 
"Princeton  Series".  NASA  Technical  Publications  (Notes  and  Reports) 
contain  the  important  material. 


Author's  Reply: 

Thank  you  for  your  comment.  I  am  aware  of  early  work  at  NACA  Lewis  but  X 
was  not  aware  of  the  Langley  work.  I  will  certainly  look  into  the  Langley 
reports . 


Chen,  Switzerland 

May  I  have  a  fundamental  question  about  the  flow  visualization  on  the  wall 
surface?  The  streamlines  are  only  a  mathematical  formulation  for  the 
flow.  Usually,  we  cannot  see  it.  But  in  the  flow  visualization  of  your 
Fig  7,  we  see  clearly  streakline3.  We  have  noticed  in  our  experience  that 
a  normal  boundary  layer  will  only  show  a  wiped-out  surface  without  any 
flow  structure.  Only  a  three-dimensional  boundary  layer  with  very  thin 
tangentical  component  and  very  thick  axial  one  has  such  separated 
streakline .  Then  the  distances  of  the  sfreakHnes  corresponds  to  the 
wavelength  of  a  kind  of  Ekman  layer  instability  (Stewartson  layer) .  My 
question  on  Prof  Langston  is:  Would  you  see  another  mechanism  for  this 
separation  into  individual  streaklines  of  the  boundary  layer? 

Author's  Reply: 

I  don't  quite  know  how  to  answer  your  question.  Fig  7  concerns  the  East 
and  Hoxey  cylinder  data  (Ref  23) .  You  might  try  to  analyze  their  data 
(tabulated  in  Ref  23)  or  equivalently,  the  data  of  Eckerle  &  Langston 
(Ref  25  and  tabulated  in  Ref  26)  to  see  if  there  could  be  another 
mechanism  for  separation. 
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SUMMARY 

The  paper  examines  tlte  total  pressure  losses  in  the  tip-leakage  flow  of  a  planar  cascade  of  turbine  blades.  The 
objective  is  to  clarify  the  loss  mechanisms  which  affect  the  tip  gap  flow  as  well  as  to  provide  additional  data  on  tip-leakage 
losses  for  use  in  correlations.  Clearances  of  from  1.5  to  5.5  percent  of  the  blade  chord  are  considered.  The  flow  has  been 
.measured  also  for  zero  clearance  to  identify  the  conventional  secondary  flow  component  of  the  loss.  Th.  data  presented  in 
the  paper  clarify  the  role  played  in  the  evolution  of  the  tip-leakage  losses  by.  the  viscous  stresses  and  separation  bubbles 
inside  the  tip  gap,  the  "sudden  expansion"  as  the  flow  emerges  from  the  gap,  and  the  mixing  out  process  as  the  tip-leakage 
vortex  develops  downstream  of  the  trailing  edge.  The  direct  loss  within  the  clearance  gap  is  found  to  be  relanvely 
unimportant  for  the  full  range  of  clearances.  The  measurements  arc  compared  with  commonly-used  correlations  for  the  up- 
leakage  losses. 


NOMENCLATURE 
c  =  blade  chord  length 

cx  =  blade  axial  chord  length 
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(p0  -  poinV(i/2Pvin2)  =  total  pressure 
loss  coefficient 

local  mass-averaged  total  pressure  loss 
coefficient  (see  Eqn.  (2)) 


CPo"  =  total  pressure  loss  coefficient  averaged 


over  reference  mass  flow  (see  Eqn.  (1)) 

mass-averaged  coefficient  of  secondary 
kinetic  energy  for  downstream  flow 

mass-averaged  coefficient  of  gap  kinetic 
energy  normal  to  chord  line 

blade  span 

5*/9  =  boundary  layer  shape  factor 
mass  flow  rate  through  tip  gap 
mass  flow  rate  for  semi-pt  ,sage  at  inlet 
total  pressure 

reference  total  pressure,  on  centreline  at 
inlet 

l/2pV2  =  dynamic  pressure 

blade  spacing 

blade  maximum  thickness 

components  of  velocity  in  the  x,  y  and  z 
directions 
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=  root  mean  square  velocity  fluctuation  in 
the  x  direction 

=  resultant  velocity 

=  reference  velocity,  on  centreline  at  inlet 

=  component  of  velocity  normal  to  area  of 
interest 

=  co-ordinates  in  axial,  tangential,  and 
spanwise  directions  respectively 

=  co-ordinate  in  chordwise  direction 

=  total  pressure  loss  coefficient  based  on 
outlet  dynamic  pressure 

=  local  pitchwise  co-ordinate  (sec  Fig.  2) 

=  blade  metal  angle  (see  Fig.  2) 

=  blade  stagger  angle  (Fig.  2) 

=  boundary  layer  thickness 

=  boundary  layer  displacement  thickness 

=  boundary  layer  energy  thickness 

=  boundary  layer  momentum  thickness 

=  viscosity 

=  density 

=  blade  row  solidity  (c/S) 

=  tip  gap 


Tip  leakage  is  a  significant  source  of  losses  in  all  unshrouded  turbomachines.  For  example,  m  axial-flow  turbines  the 
tip-leakage  losses  can  account  for  as  much  as  one  third  of  the  losses  through  a  stage  (eg.  Waterman,  (1]J.  A  detailed 
understanding  of  the  physical  origins  of  these  losses  Is  important  in  several  ways.  It  ensures  that  appropriate  parameters  are 
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used  to  correlate  the  losses.  It  can  form  the  basis  for  simple  analyses  for  predicting  the  losses.  And  finally,  an 
understanding  of  the  physics  is  necessary  for  developing  design  modifications  which  can  reduce  the  losses.  The  present 
paper  examines  in  detail  the  tip-leakage  losses  in  a  planar  cascade  of  turbine  blades.  The  same  apparatus  has  been  used 
previously  to  investigate  other  aspects  of  the  tip  leakage  flow,  namely;  the  effects  of  the  leakage  on  the  blade  loading  near 
the  tip  (Sjolandcr  &  Amrud,  [2]);  the  behaviour  of  the  flow  inside  the  gap  (Yaras  et  al.,  [3]);  and  the  development  of  the  tip 
leakage  vortex  downstream  of  the  trailing  edge  (Yaras  &  Sjolander,  [4]). 

Tip-leakage  losses  are  generated  in  three  general  regions: 

(a)  within  the  gap  itself; 

(b)  as  the  flow  emerges  from  the  gap  and  mixes  with  the  passage  flow; 

(c)  and  downstream  of  the  trailing  edge  as  the  tip  leakage  vortex  diffuses  outward. 

Somewhat  different  loss  mechanisms  are  dominant  in  each  of  the  regions,  as  discussed  later.  Estimates  of  the  losses  in  each 
region  can  therefore  be  used  to  identify  the  relative  importance  of  different  loss  mechanisms  in  determining  the  overall  tip- 
leakage  losses.  Most  previous  experimental  studies  have  not  been  detailed  enough  to  allow  such  a  sub-division  of  the  losses 

In  most  earlier  studies,  the  tip  leakage  losses  have  been  estimated  from  measurements  made  downstream  of  the 
trailing  edge  only.  For  example,  the  flow  downstream  of  compressor  rotors  has  been  studied  extensively  by  Inoue  and  his 
co-workers  (eg.  [5-6])  and  by  Lakshminarayana  and  his  co-workers  (eg.  [7]).  Schmidt  et  al.  [8-9]  investigated  the  effect  of 
leakage  on  the  spanwise  loss  distribution  in  an  isolated  compressor  rotor  and  similar  measurements  were  made  by  Patel  [10] 
for  an  axial-turbine  rotor.  Patel  also  examineu  the  effects  of  blade  tip  treatment.  More  recently,  Yamamoto  [11-12]  has 
invesugated  the  tip  leakage  flow  downstream  of  a  linear  turbine  cascade.  While  such  studies  provide  useful  data  and  insights 
into  some  of  the  effects  which  influence  the  tip-leakage  losses,  they  give  a  somewhat  incomplete  picture. 

Two  recent  studies  by  Bindon  [13]  and  Dishart  &  Moore  [14]  come  closest  to  the  present  one  in  aim.  and  levels  of 
experimental  detail.  Bindon  examined  three  clearances  m  a  linear  cascade  of  turbine  blades,  although  detailed  data  were 
obtained  only  for  a  clearance  of  2.5  percent  of  the  blade  chord.  Measurements  were  made  in  the  tip  gap  and  at  the  trailing 
edge  plane.  The  author  notes  that  there  is  considerable  uncertainty  in  the  losses  obtained  inside  the  gap.  Bindon  concludes 
that  of  the  up  leakage  losses  generated  up  to  the  trailing  edge,  about  40  percent  occurred  within  the  gap,  due  mainly  to  the 
separation  bubbles  formed  on  the  blade  tip.  In  addition,  he  indicates  that  the  fluid  of  low  total  pressure  which  is  discharged 
into  the  passage  from  the  separation  bubbles  contributes  significantly  to  the  mixing  losses  after  the  flow  leaves  the  gap  He 
thus  attaches  great  importance  to  the  separation  bubbles  on  the  blade  tip.  This  led  him  to  suggest  rounding  of  the  comer  at 
the  pressure  surface  to  reduce  the  losses,  even  though  the  gap  mass  flow  rate  might  be  increased.  This  idea  was  examined 
further  by  Morphis  &  Bindon  [15].  Bindon's  results  leave  unanswered  the  question  of  how  much  additional  loss  occurs  due 
to  mixing  downstream  of  the  trailing  edge.  Dishart  &  Moore  investigated  the  tip-leakage  losses  in  a  linear  turbine  cascade 
with  a  clearance  of  2.1  percent  of  axial  chord.  They  measured  the  flow  at  the  gap  outlet  and  at  40  percent  axial  chord 
downstream  of  the  trailing  edge.  The  authors  also  calculated  the  fully  mixed-out  losses.  They  found  that  the  losses 
measured  at  the  gap  exit  represented  only  about  17  percent  of  the  total  mixed-out  losses.  They  also  found  that  nearly  90 
percent  of  the  final  losses  had  occurred  by  the  downstream  measurement  plane.  Thus  Dishart  &  Moore’s  results  imply  that 
the  losses  inside  the  gap  play  a  smaller  role  in  the  overall  losses  than  was  concluded  by  Bindon.  However,  their  data  do  not 
make  clear  the  relative  roles  played  by  the  immediate  mixing  of  the  gap  and  passage  flows  and  by  the  subsequent  diffusion 
of  the  tip-leakage  vortex.  On  the  other  hand,  the  losses  due  to  both  the  latter  effects  are  likely  to  vary  directly  with  the  tip- 
leakage  mass  flow  rate.  Therefore,  one  might  conclude  that  the  total  losses  can  be  reduced  by  decreasing  the  gap  mass  flow 
rate,  even  though  that  might  increase  in  the  gap  losses.  This  conclusion  is  of  course  the  opposite  of  that  arrived  at  by 
Bindon.  The  apparently  contradictory  results  may  simply  be  the  result  of  differences  in  the  flow  conditions  in  the  two 
experiments.  More  data  arc  clearly  needed  to  clarify  these  issues. 

The  present  study  significantly  extends  the  range  of  data  available  for  clarifying  the  tip-leakage  loss  mechanisms. 


2.0  EXPERIMENTAL  APPARATUS  AND  PROCEDURES 

2.1  Test  Section  and  Test  Cascade 

The  test  section  used  for  the  measurements  is  shown  schematically  in  Figure  1;  it  has  been  described  in  detail  in  the 
earlier  papers.  As  shown,  a  linear  cascade  of  five  blades  is  used.  The  blades  have  a  chord  length  of  250  mm.  The 
clearance  was  adjusted  by  inserting  shims  between  the  side  walls  and  the  tip-wall  window,  beginning  about  two  chord 
lengths  upstream  of  the  leading  edge.  Clearances  of  3.8  to  13.7  mm  were  used  and  they  were  set  with  an  estimated 
accuracy  of  ±  0.2  mm. 

The  test  cascade  represents  the  tip  section  of  a  low-pressure  turbine  of  fairly  recent  design.  The  geometry  of  the 
cascade  is  summarized  in  Figure  2.  As  tested,  the  blade  row  has  slightly  uiferent  stagger  and  solidity  than  it  docs  in  the 
engine.  As  a  result,  the  cascade  blade  is  somewhat  more  forward-loaded  than  the  actual  rotor  blade.  In  the  test  section,  the 
blade  has  a  Zweifel  loading  coefficient  of  about  0.75.  Dishart  &  Moore’s  [14]  cascade  had  slightly  higher  loading,  with  a 
Zweifel  coefficient  of  about  1.1. 


2.2  Instrumentation  and  Data  Acquisition 

The  middle  blade  in  the  cascade  is  instrumented  over  half  its  span  with  14  rows  of  static  pressure  taps,  each  row 
having  73  taps.  These  provide  a  very  detailed  picture  of  the  blade  loading.  As  shown  in  Figure  2,  the  endwall  is  also 
instrumented  with  an  array  of  static  taps. 
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The  flow  inside  the  tip  gap  was  measured  using  a  three-hole  pressure  probe  and  a  seven-hole  pressure  probe  was  used 
for  the  downstream  measurements.  The  use  of  these  probes  and  the  uncertainty  of  the  measurements  have  been  discussed  in 
detail  by  Yaras  et  al.  [3]  for  the  three-hole  probe  and  by  Yaras  &  Sjolander  [4]  for  the  seven-hole  probe. 

The  three-hole  probe  is  0.7  mm  thick  and  2.0  mm  wide.  Its  thickness  corresponds  to  0  to  14  percent  of  the 
clearance  heights  for  which  gap  measurements  were  made.  For  flow  in  the  plane  of  the  probe,  the  flow  angles  inferred  from 
the  probe  measurements  are  estimated  to  be  accurate  to  within  ±2.5  degrees  while  the  dynamic  and  total  pressures  are 
estimated  to  be  accurate  to  within  ±5  percent  of  the  local  dynamic  pressure.  Inside  the  gap,  the  flow  can  be  misaligned  in 
pitch  relative  to  the  probe.  Calibration  has  shown  that  under  these  conditions  the  inferred  flow  angles  are  still  satisfactory 
but  the  total  pressures  are  underestimated.  The  implications  of  this  are  discussed  further  in  section  3.4. 

The  seven-hole  probe  has  an  outer  diameter  of  2.4  mm  and  the  total  cone  angle  of  the  face  is  60  degrees.  Like  the 
three-hole  probe,  die  seven-hole  probe  is  used  in  the  non-nulling  mode.  It  was  therefore  calibrated  in  steps  of  5  degrees 
through  all  combinations  of  pitch  and  yaw  out  to  50  degrees  of  misalignment  for  both  angles.  Inferred  flow  angles  are 
estimated  to  be  accurate  to  within  ±2  degrees  and  the  total  and  dynamic  pictures  to  within  ±5  percent  of  the  local  dynamic 
pressure. 

All  pressures  were  measured  with  capacitive-type  pressure  transducers.  The  analog  output  of  the  transducers  was 
converted  to  digital  form,  with  12-bit  resolution,  using  a  data  acquisition  system  controlled  by  a  microcomputer. 


3.0  EXPERIMENTAL  RESULTS 

3.1  Operating  Conditions 

All  measurements  were  made  at  a  blade  Reynolds  number  of  4.3x10^  ±  2  percent  based  on  the  undisturbed  inlet 
velocity  and  blade  chord.  Tne  inlet  velocity  was  about  30  m/s  so  that  conditions  were  essentially  incompressible.  The 
turbulence  intensity,  u'/U,  at  the  cascade  inlet  was  about  1.5  percent. 

Four  clearances  from  1.5  to  5.5  percent  of  the  blade  chord  were  examined.  For  reference,  measurements  were  also 
made  for  zero  clearance.  Table  1  summarizes  the  locations  at  which  the  flow  field  was  traversed  for  each  clearance.  As 
seen,  the  gap  flow  was  measured  only  for  the  three  largest  clearances.  The  measurements  for  2.8  percent  clearance  were 
made  at  an  early  stage  and  the  downstream  traverses  were  not  detailed  enough  to  provide  reliable  mass-averaged  loss 
coefficients.  For  all  clearances  the  boundary  layer  on  the  tip  wall  was  traversed  with  a  small  pitot  tube  at  1.32  chord 
lengths  upstream  of  the  leading  edge.  The  resulting  boundary  layer  parameters  are  also  included  in  Table  1.  Some  variation 
in  the  boundary  layer  with  clearance  is  evident.  As  noted  earlier,  the  clearance  is  varied  by  moving  the  tip  wall  outward 
using  spacers.  A  ramp  is  provided  to  give  a  reasonably  step-free  transition  between  the  fixed  and  moveable  parts  of  the  tip 
wall.  Nevertheless,  the  boundary  layer  is  disturbed.  This  probably  accounts  for  the  variation  in  the  boundary  layer  with 
clearance.  In  any  case,  the  boundary  layer  is  seen  to  be  quite  thin  compared  with  the  gap  heights. 

3.2  Averaging  Procedures  and  Experimental  Uncertainty 

Total  pressure  losses  and  other  flow  quantities  need  to  be  expressed  in  mass-averaged  form.  To  be  comparable,  the 
values  of  quantities  obtained  at  different  planes  must  be  averaged  over  the  same  mass  flow  rate,  ideally  over  the  same 
sireamtube.  The  spanwise  extent  of  the  streamtube  is  not  important  so  long  as  it  includes  all  of  the  fluid  which  experiences 
loss.  Bindon  [13]  integrated  his  downstream  losses  over  an  area  one  blade  spacing  in  the  pitchwisc  direction  and  1/4  chord 
in  the  spanwise  direction.  This  area  was  observed  to  include  the  entire  extent  of  the  tip-leakage  fluid.  On  the  other  hand, 
Dishart  &  Moore  [14]  integrated  over  the  full  span  of  their  cascade.  While  this  assures  that  equal  mass  flows  are  considered 
at  upstream  and  downstream  planes,  it  is  then  necessary  to  subtract  the  secondary  losses  measured  at  the  "hub"  wall,  to 
isolate  the  tip-leakage  losses. 

In  the  present  study,  the  flow  quantities  were  averaged  over  the  mass  flow  rate  measured  over  one  pitch  and  half  the 
span  at  the  inlet  to  the  cascade,  this  is  referred  to  as  the  "reference  mass  flow  rate",  The  mass-averaged  total  pressure 

loss  coefficient  then  takes  the  form: 
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For  downstream  planes,  Ay  =  S  and  Az  =  h/2  as  for  the  inlet  flow.  Similar  integrals  are  evaluated  to  obtained  average 
values  of  other  flow  quantities. 

For  the  gap  flow,  the  limits  of  integration  are  the  dimensions  of  the  gap.  For  this  region,  a  local  mass-averaged  loss 
coefficient  is  also  defined: 
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CPo'  was  evaluated  as  a  function  of  the  chordwise  position  along  the  gap. 

The  mass  flow  rates  measured  over  the  downstream  planes  were  found  to  be  about  90  to  95  percent  of  the  reference 
mass  flow  rate.  Therefore,  the  full  extent  of  the  inlet  streamtube  was  not  included  in  the  downstream  measurements.  The 
lower  flow  rate  is  mainly  due  to  displacement  of  frecstream  fluid  away  from  the  tip  wall,  as  a  result  of  endwall  boundary 
layer  growth  and  the  development  of  the  tip  leakage  vortex.  The  missing  fluid  can  therefore  reasonably  be  assumed  to  be 
freestream  fluid  which  experienced  essentially  no  loss. 

Since  different  reference  mass  flow  rates  are  used  in  Bindon's,  Dishart  &  Moore’s  and  the  present  experiment,  the 
absolute  values  of  the  loss  coefficients  are  not  comparable.  However,  the  relative  magnitudes  in  different  regions  of  the  flow 
can  be  compared,  as  was  done  in  Section  1.0. 

The  uncertainty  in  individual  probe  measurements  was  discussed  in  Section  2.2.  The  uncertainty  in  the  mass  averaged 
quantities  is  more  difficult  to  quanufy.  The  total  pressure  distribution  in  the  freestream  at  the  cascade  inlet  has  been  found 
to  vary  with  time  due  to  fouling  of  the  screens  in  the  setding  chamber.  The  screens  are  cleaned  regularly  but  some 
variation  in  the  inlet  loss  coefficient  is  inevitable  dunng  a  particular  series  of  measurements.  The  inlet  flow  was  measured 
at  two  widely  separated  times  for  2  and  5.5  percent  clearance.  The  losses  quoted  in  Table  2  are  the  average  values  and  the 
individual  values  differed  from  them  by  less  than  ±0.01.  Thus,  the  uncertainty  in  the  inlet  mass-averaged  quantities  is 
estimated  to  be  about  ±  0.01.  The  varying  inlet  total  pressure  also  affects  the  measurements  at  the  downstream  planes  and 
the  seven-hole  probe  introduces  additional  uncertainty  there.  We  esumate  the  uncertainty  in  the  downstream  mass- averaged 
quantities  to  be  at  least  ±0.03. 

3.3  Inlet,  Profile  and  Secondary  Losses 

Table  2  lists  the  mass-averaged  loss  coefficients  measured  at  the  inlet  for  each  clearance.  All  losses  are  measured 
rclauve  to  the  total  pressure  on  the  centre  line  at  the  inlet.  However,  there  are  some  regions  in  the  freestream  at  the  inlet 
where  the  total  pressure  is  slightly  higher  than  on  the  centreline.  As  a  result,  the  inlet  "loss"  coefficient  turned  out  to  be 
positive  for  zero  clearance  for  which  the  endwall  boundary  layer  was  quite  thin.  The  inlet  loss  values  are  subtracted  from 
the  downstream  measurements  to  obtain  the  net  losses  across  the  blade  row. 

It  is  conventional  to  separate  the  tip-leakage  losses  from  the  secondary  and  profile  lc  ,ses  which  will  also  be  present 
in  the  flow  downstream  of  the  trailing  edge.  This  is  normally  done  by  subtracting  the  losses  measured  for  zero  clearance. 
Such  a  subdivision  is  undoubtedly  open  to  criticism.  There  is  clearly  an  interaction  between  the  endwall  boundary  layer  and 
the  tip  leakage  flow.  Likewise,  the  effect  of  tip  leakage  on  the  blade  loading  near  the  tip  (eg.  see  Sjolander  &  Amrud,  [2]) 
will  alter  the  losses  in  the  blade  boundary  layers  on  that  part  of  the  blade.  To  allow  the  present  data  to  be  analyzed  in 
alternative  ways,  the  results  are  presented  in  Table  2  both  as  measured  as  well  as  decomposed  into  the  conventional 
components.  The  approach  taken  here  has  been  to  assume  that  both  secondary  and  profile  losses  are  constant  with  clearance. 
Thus,  the  tip  clearance  loss  coefficient  at  a  given  plane  was  obtained  by  subtracting  the  net  loss  coefficient  obtained  at  the 
same  plane  with  zero  clearance.  This  approach  leads  to  some  error  since  the  seconds.,  losses  can  be  expected  to  vary  with 
the  observed  changes  in  the  endwall  boundary  layer  thickness.  The  magnitude  of  the  effect  can  be  estimated  from 
correlations  for  the  effect  of  inlet  boundary  layei  thickness  on  the  secondary  losses.  For  example,  for  the  range  boundary 
layer  thicknesses  obtained  here,  Dunham  [16]  suggested  that  the  secondary  loss  would  vary  by  a  factor  f(8*/c)  =  0.0055  + 
0.078  v  (8  /c;.  This  indicates  that  the  secondary  loss  would  vary  by  at  most  ±  15  percent  over  our  range  of  inlet  conditions. 
In  view  of  the  uncertainties  in  both  the  losses  and  the  boundary  layer  measurements,  it  seems  reasonable  assume  a  constant 
secondary  loss. 

3.4  Clearance  Gap  Losses 

Earlier  in  the  present  research  program,  flow  visualization  was  conducted  and  flow  field  measurements  were  made 
inside  the  tip  gap  for  several  clearances  [2-3].  The  objectives  wt .  to  clarify  the  physics  of  the  gap  flow  and  to  obtain 
values  of  the  gap  mass  flow  rates.  The  total  pressure  losses  were  al  dculated,  for  example,  Figure  3  shows  a  contour 
plot  of  'he  loss  coefficients  obtained  inside  the  gap  for  2.8  percent  cu  .,  ce.  The  gap  flow  measurements  were  concentrated 
on  the  blade  mean  line.  Ihercfore,  they  do  not  include  the  losses  which  occur  between  the  mean  line  and  the  gap  outlet  at 
the  pressure  surface.  However,  a  few  measurements  were  also  made  at  the  gap  discharge.  These  allow  the  magnitudes  of 
the  losses  which  were  omitted  to  be  estimated. 


Figure  4  shows  the  local  mass -averaged  loss  coefficients  obtained  at  the  mean  line  and  gap  outlet  for  2.8  percent 
clearance.  The  results  are  typical  of  those  obtained  for  the  otl  clearances.  Although  the  gap  outlet  results  are  rather 
sparse,  they  clearly  indicate  that  very  little  additional  loss  occms  between  the  mean  line  and  the  outlet.  This  is  in  fact 
consistent  with  our  physical  understanding  of  the  gap  flow.  As  would  be  expected,  separation  bubbles  were  observed  on  the 
blade  tip  at  the  pressure  surface  comer.  The  size  and  strength  of  the  bubbles  varied  with  chordwise  position,  as  indicated  in 
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in  Figure  4.  Both  flow  visualization  and  the  probe  measurements  indicated  that  the  bubbles  reattached  on  the  blade  tip  well 
before  the  outlet  of  the  gap.  It  seems  likely  that  the  gap  losses  occur  mainly  through  the  very  high  shear  stresses  in  the 
flow  at  the  gap  inlet  and  through  the  mixing  between  the  mam  gap  flow  and  the  relatively  stagnant  flow  in  the  separation 
bubbles.  Once  the  bubbles  reattach  relatively  little  additional  loss  might  be  expected.  This  may  largely  account  for  the 
agreement  between  the  mean  line  and  outlet  losses  shown  on  Figure  4.  An  additional  factor  is  the  effect  of  pitch 
misalignment  on  the  probe  measurements.  Since  the  separation  bubbles  were  apparently  beginning  to  reattach  near  the  blade 
mean  line,  the  probe  is  likely  to  have  been  somewhat  misaligned  in  pitch  for  some  of  the  measurements  made  there.  As 
noted  in  Section  2.2,  the  probe  will  indicate  low  total  pressures  and  therefore  higher  losses  under  such  conditions.  The  net 
effect  appears  to  be  that  measurements  made  on  the  mean  line  give  a  good  estimate  of  the  full  losses  inside  the  gap. 
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Table  2  shows  the  gap  losses  averaged  over  both  the  local  gap  mass  flow  rate  and  over  the  semi-passage  (reference) 
mass  flow  rate.  On  a  local  basis,  the  losses  aie  seen  to  decrease  with  increasing  clearance.  This  seems  consistent  with  the 
behaviour  of  the  tip  separation  bubbles  noted  by  Yaras  et  al.  [3).  For  very  small  clearances  the  size  of  the  bubble  seems  to 
be  limited  by  the  constraining  effect  of  the  adjacent  endwall.  As  the  clearance  increases,  the  bubble  becomes  larger  both  in 
absolute  terms  and  relative  to  the  gap  height.  As  the  clearance  increases  further,  the  bubble  seems  to  remain  at  its  natural 
size  and  therefore  occupies  a  decreasing  fraction  of  the  gap  height.  The  local  losses  would  be  expected  to  be  a  maximum 
for  the  clearance  at  which  the  sepaiation  bubble  occupies  the  largest  fraction  of  the  gap  height.  That  point  appears  to  occur 
at  about  2  percent  clearance  for  the  present  flow. 

The  flow'  in  the  tip  gap  includes  some  fluid  from  the  inlet  endwall  boundary  layer.  This  fluid  has  already 
experienced  some  loss  which  should  not  be  charged  to  the  clearance  gap.  Based  on  smoke  and  surface  oil  flow 
visualization,  Sjolander  &  Ainrud  [2]  estimated  that  about  1/4  of  the  original  endwall  boundary  fluid  was  driven  through  the 
tip  gap;  the  rest  was  driven  across  the  passage  to  form  the  passage  vortex  in  the  usual  way.  Data  presented  in  the  next 
section  suggests  that  the  fraction  may  be  larger.  However,  in  the  absence  of  better  quantitative  information  and  to  allow  for 
this  effect  in  a  very  crude  way,  one  quarter  of  the  inlet  boundary  loss  was  subtracted  from  the  measured  gap  loss.  The 
result  is  taken  as  the  "true"  net  loss  within  the  gap. 

3.5  Downstream  and  Fully  Mixed-Out  Losses 

Figures  5  to  7  show  the  contours  of  total  pressure  loss  obtained  at  the  trailing  edge  plane  for  0,  2  and  5.5  percent 
clearance.  It  is  seen  from  Figure  5  that  although  the  secondary  vortex  is  large  it  is  fairly  weak.  This  is  probably  due  to  the 
relatively  low  turning  of  about  45  degrees  for  the  present  cascade. 

It  is  clear  that  over  the  range  of  clearances  examined  here,  the  passage  outlet  flow  is  dominated  by  the  tip-leakage 
vortex.  A  small  passage  vortex  is  just  discernible  at  the  endwall  near  mid  passage.  The  remaining  fluid  from  the  inlet 
endwall  boundary  therefore  must  be  largely  mixed  with  and  inseparable  from  the  tip-leakage  fluid.  Thus,  subdividing  the 
flow  into  leakage  and  secondary  components  for  purposes  of  correlating  losses,  as  is  usually  done,  does  not  follow  from  any 
natural  subdivision  within  the  present  flow.  It  is  probable  that  for  very  small  clearances  the  endwall  boundary  layer  will 
separate  ahead  of  the  leading  edge  to  form  the  usual  horseshoe  vortex.  Amrud  [17]  saw  evidence  of  such  a  separation  from 
surface  flow  visualization  in  the  present  cascade  at  less  than  1  percent  clearance.  However,  for  the  present  range  of 
clearances  the  tip  leakage  and  secondary  aspects  of  the  flow  are  inseparable.  It  would  be  of  considerable  interest  to  know 
whether  the  picture  is  different  for  a  substantially  thicker  inlet  boundary  layer. 

The  development  of  the  mass-averaged  loss  coefficients  with  downstream  distance  is  shown  in  Figure  8.  The  inlet 
losses  have  been  subtracted  to  give  the  net  losses  across  the  blade  row.  The  mixed-out  values  were  calculated  from  the 
measurements  at  Plane  C2,  the  last  traverse  plane.  The  losses  clearly  grow  substantially  as  the  vortices  mix  with  the 
freestream  flow  over  the  first  couple  of  axial  chord  lengths  downstream  of  the  trailing  edge.  It  will  also  be  noted  that  for 

1.5  and  2  percent  clearance,  the  losses  are  greater  than  the  secondary  losses  (zero  clearance)  by  roughly  a  constant  amount 
over  the  First  axial  chord  length.  Thus,  if  the  losses  are  subdivided  into  secondary  and  tip-leakage  components,  the 
conclusion  would  be  that  the  observed  growth  in  losses  with  downstream  distance  occurs  almost  entirely  in  the  secondary 
component.  Even  allowing  for  the  considerable  uncertainty  in  the  measurements,  the  loss  increase  seems  to  be  concentrated 
disproportionately  in  the  secondary  component.  This  is  rather  difficult  to  accept  physically. 

The  apparent  physical  inconsistencies  which  arise  from  subdividing  the  losses  into  secondary  and  tip-leakage 
components  prompted  us  to  examine  the  flow  in  terms  of  the  blade  "end  losses".  The  end  losses  are  obtained  by  subtraenng 
the  blade  profile  losses  from  the  observed  downstream  losses.  The  physical  picture  which  emerges  is  discussed  with 
reference  Figures  9  and  10.  The  bar  charts  show  the  loss  development  for  the  two  cases  for  which  complete  data  sets  are 
available,  namely  2  and  5.5  percent  clearance.  The  lower  section  of  the  stacked  bars  shows  the  end  losses  measured  at  each 
station.  Like  other  workers  (eg.  Moore  &  Adhye,  [18],  Dishart  &  Moore,  [14]),  we  have  found  it  helpful  to  identify  the 
secondary  kinetic  energy  present  in  the  flow  at  each  position.  For  the  tip  gap  flow,  the  upper  part  of  the  bar  shows  the 
mass  averaged  kinetic  energy  corresponding  to  the  velocity  component  normal  to  the  blade  chord  line.  For  the  downstream 
planes,  the  secondary  kinetic  energy  is  contained  in  the  components  of  velocity  in  the  plane  normal  to  the  free  stream 
velocity. 

Consider  first  the  flow  development  between  the  gap  and  the  trailing  edge.  Figures  9  and  10  show  that  the  gap  flow 
discharges  into  the  blade  passage  with  a  very  large  amount  of  kinetic  energy.  A  considerable  total  pressure  loss 
subsequently  occurs  between  the  gap  and  the  trailing-edge  plane,  particularly  for  the  large  clearance.  However,  the  increase 
in  loss  is  much  less  than  the  secondary  kinetic  energy  available  at  the  gap  outlet.  Some  of  the  gap  kinetic  energy  apparently 
appears  as  the  secondary  kinetic  energy  in  the  tip-leakage  vortex,  but  the  remainder  seems  to  have  been  largely  recovered, 
presumably  as  static  pressure.  The  discharge  from  the  gap  clearly  does  not  behave  simply  as  a  sudden  expansion.  The 
orderly  shear  interaction  between  the  gap  and  the  passage  flow,  leading  to  the  roll-up  of  the  tip  vortex,  evidendy  allows 
much  of  the  gap  kinetic  energy  to  be  recovered. 

For  both  cases,  the  total  pressure  loss  roughly  doubles  from  the  trailing  edge  to  Planes  Cl  and  C2,  one  axial  chord 
!*ngth  downstream.  The  loss  clearly  can  not  be  explained  by  the  loss  of  secondary  kinetic  energy  between  the  two  planes. 
Some  of  the  loss  is  likely  due  to  mixing  out  of  non-uniformities  in  the  streamwise  flow.  However,  the  most  important 
reason  for  the  additional  loss  seems  to  be  provided  by  the  mixing  calculations. 

As  seen  from  the  final  two  bars,  the  calculated  fully  mixed-out  losses  increased  considerably  between  planes  B  and  C. 
This  was  true  for  all  cases  examined,  as  shown  in  Table  2.  We  interpret  the  differences  as  evidence  of  an  addiuonal  loss 
mechanism  which  acts  between  the  two  planes  but  which  is  not  taken  into  account  by  the  mixing  calculation.  The 
calculation  assumes  that  the  flow  mixes  out  at  constant  area  m  uniform  static  pressure  and  streamwise  velocity  and  with  no 
remaining  secondary  velocity  components.  Thus,  the  mixing  losses  connected  will  all  components  of  velocity  arc  included. 

At  the  upstream  planes,  the  measured  static  pressure  distributions  are  used.  Therefore,  all  pressure  forces  acting  on  the 
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control  volume  in  the  streamwise  direcuon  are  likewise  taken  into  account.  However,  although  the  control  volume  extends  re 
the  endwall,  the  force  due  to  the  wall  shear  stress  is  not  included  in  the  momentum  balance.  The  increase  in  mixed-out 
losses  suggests  that  the  losses  due  to  the  endwall  shear  stresses  are  in  fact  considerable. 

The  difference  between  the  calculated  mixing  losses  at  planes  B  and  C  is  thus  interpreted  as  the  total  pressure  loss 
due  to  the  endwall  shear  stress  between  those  two  planes.  It  is  seen  from  Figures  9  and  10  that  when  this  los'  is  added  to 
the  measured  loss  at  plane  B,  it  accounts  for  the  missing  loss  between  the  two  planes.  Furthermore,  it  is  noticeable  that  the 
magnitude  of  the  wall  loss  is  roughly  proportional  to  the  gap  kinetic  energy  in  each  case.  This  seems  physically  reasonable 
The  tip-leakage  vortex  is  expected  to  increase  the  local  wall  shear  stresses  and  therefore  increase  the  entropy  production  on 
the  endwall.  As  the  clearance  is  increased,  the  gap  kinetic  energy  increases  and  the  vortex  becomes  larger  and  stronger 
Therefore,  one  would  expect  the  wall  loss  to  vary  with  the  gap  kinetic  energy,  or  mass  flow,  as  observed. 

It  is  seen  that  growth  of  the  end  losses  is  largely  complete  one  axial  chord  length  downstream  of  the  trailing  edge 
More  interestingly,  the  losses  observed  at  this  plane  agree  well  with  the  sum  of  the  losses  and  the  secondary  kinede  energy 
at  the  gap  outlet.  Thus,  a  good  estimate  of  the  final  loss  can  evidently  be  obtained  by  assuming  that  all  of  the  gap  kinetic 
energy  is  ultimately  lost.  This  assumption  has  sometimes  been  used  in  the  past  but  was  applied  to  just  the  dp-leakage 
component  of  the  loss.  The  quantitative  agreement  could  to  some  degree  be  fortuitous  since,  as  noted,  some  of  the  gap 
kinetic  energy  is  in  fact  recovered  and  part  of  the  final  loss  is  apparently  due  to  wall  shear  stress.  On  the  other  hand,  the 
greater  the  recovery  of  the  gap  energy,  the  stronger  is  the  tip  leakage  vortex  and  the  greater  the  loss  production  on  the 
endwall.  The  recovery  could  therefore  be  regarded  as  inherendy  temporary,  leading  to  loss  processes  which  assure  that  the 
energy  is  ultimately  dissipated.  More  data  would  be  highly  desirable  to  confirm  this  potentially  useful  result. 

To  demonstrate  briefly  that  the  "end  loss"  rather  than  "tip-leakage  loss"  approach  appears  to  produce  the  more 
physically  plausible  and  internally  consistent  results,  the  bar  chart  for  the  tip-leakage  components  at  2  percent  clearance  is 
shown  in  Figure  11.  Both  the  total  pressure  losses  and  secondary  kinetic  energies  for  zero  clearance  have  been  subtracted  to 
obtain  the  up-leakage  components  at  each  plane.  As  seen,  the  final  tip-leakage  loss  does  not  match  the  gap  outlet  kinetic 
energy  very  well.  There  is  also  the  unexplained  constancy  of  the  loss  between  planes  B  and  C.  Somewhat  different  trends 
occurred  m  the  corresponding  data  for  5.5  percent  clearance.  The  results  for  tip  leakage  are  of  course  more  sensitive  to  the 
uncertainties  in  the  measurements.  However,  it  may  simply  be,  as  we  believe,  that  this  is  not  a  very  appropriate  way  to 
look  at  the  present  data. 

3.6  Significance  of  Gap  Losses 

As  discussed  m  Section  1.0,  earlier  studies  had  been  inconclusive  about  the  relative  importance  of  the  loss  within  the 
gap  itself.  For  discussion  purposes  the  gap  losses  will  be  compared  with  the  losses  measured  one  axial  chord  length 
downstream.  This  is  done  on  the  basis  that  a  designer  will  be  most  interested  in  the  losses  up  the  inlet  of  the  following 
blade  row,  which  will  be  some  distance  downstream. 

It  is  evident  from  Figures  9  to  1 1  and  Table  2  that  the  gap  loss  decreases  in  importance  as  the  clearance  increases. 

In  terms  of  end  losses,  the  gap  loss  varies  from  about  25  to  10  percent  of  the  "final"  (Plane  C2)  loss  as  the  gap  increases 
from  2  to  5.5  percent.  The  corresponding  figures  are  about  60  to  25  percent  for  the  tip-leakage  losses. 

Figure  12  shows  an  alternative  way  of  looking  at  the  data.  The  discussion  of  Section  3.5  suggested  that  the  losses 
downstream  of  the  gap  vary  with  the  dynamic  pressure  at  the  gap  outlet  and  thus  with  the  square  of  the  gap  mass  flow  rate 
Figure  12  shows  the  variation  of  the  non-gap  end  loss  (that  is,  the  end  loss  at  Plane  C2  minus  the  gap  loss)  with  the  gap 
flow  rate.  The  non-gap  end  loss  is  assumed  to  approach  the  normal  secondary  loss  monotonically  as  the  gap  flow  rate  tends 
to  zero.  The  lower  curve  shows  the  gap  loss  itself.  As  discussed  in  Section  3.4,  the  losses  inside  the  gap  rise  with 
decreasing  clearance.  However,  since  the  gap  mass  flow  is  also  decreasing,  the  loss  coefficient  based  on  the  reference  mass 
flow  is  not  expected  to  nse  significantly  and  must  eventually  tend  to  zero  as  the  gap  flow  does.  Figure  12  indicates  that  at 
small  clearances  the  total  end  loss  can  be  reduced  primarily  by  reducing  the  loss  within  the  gap.  However,  it  is  also  clear 
that  the  reduction  in  the  total  loss  will  be  fairly  modest.  At  larger  clearances,  the  gap  mass  flow  rate  becomes  dominant 
Any  modificauons  to  reduce  the  gap  losses  which  also  result  in  an  increase  in  gap  flow  rate  could  easily  produce  a  net 
increase  in  losses.  In  summary,  for  the  present  cascade  the  direct  losses  within  the  gap  appear  to  be  relatively  unimportant 
for  the  complete  range  of  clearances. 


4.0  COMPARISON  WITH  CORRELATIONS 

A  number  of  correlations  and  simple  prediction  models  for  the  tip-leakage  losses  have  been  proposed  Some  of  the 
more  commonly-used  ones  are  plotted  on  Figure  13  along  with  the  values  measured  for  the  present  cascade.  The 
correlations  and  models  are  seen  to  predict  a  remarkably  wide  range  of  losses  for  a  given  clearance.  Ainley  &  Mathieson’s 
,22]  correlation  agrees  reasonably  well  with  the  present  measurements.  Dishart  &  Moore  [14]  also  found  that  Ainley  & 
Mathieson  s  correlation  agreed  well  with  their  measured  value.  However,  in  view  of  the  apparently  close  connection  between 
the  up-leakage  and  secondary  losses,  a  more  relevant  comparison  is  with  the  combined  (end)  losses  predicted  by  the  model 
or  correlation. 

Not  all  models  provide  a  complete  loss  prediction  system.  Among  those  that  do,  Ainley  &  Mathieson’s,  with 
modificauons  made  by  later  authors,  is  probably  the  most  widely  used.  Figure  14  shows  the  end  losses  (the  sum  of  the 
secondary  and  up-leakage  losses)  predicted  by  Ainley  &  Mathieson’s  and  Dunham  &  Came’s  [19]  methods  together  with  the 
measured  values.  As  seen,  the  agreement  is  no  longer  good  for  Ainley  &  Mathieson’s  method.  Also,  as  noted  previously 
by  Kacker  &  Okapuu  [23],  Dunham  &  Came’s  correlation  seems  to  over-estimate  considerably  the  effects  of  tip  leakage 

Although  the  present  comparisons  are  far  from  exhaustive,  they  indicate  that  there  is  considerable  room  for 
improvement  in  the  correlations  and  models. 
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5.0  CONCLUSIONS 

As  with  any  specific  case,  the  present  flow  may  have  features  which  can  not  be  generalized.  It  also  lacks  effects 
which  are  present  in  the  actual  machine,  including  compressibility,  high  levels  of  freestream  turbulence  and  relative  motion  at 
the  endwall.  With  these  qualifications,  the  picture  of  tip  leakage  in  axial  turbines  which  emerges  is  briefly  summarized. 

For  all  clearances,  the  tip-leakage  and  secondary  aspects  of  the  flow  were  found  to  be  essentially  inseparable.  It  was 
concluded  tiiat  the  losses  in  the  tip  region  should  be  viewed  as  end  losses,  with  secondary  losses  simply  being  the  limiting 
value  as  the  clearance  tends  to  zero.  This  point  of  view  also  led  to  a  physically  reasonable  explanation  for  the  development 
of  the  losses. 

The  clearance  flow  was  found  to  discharge  from  the  gap  with  a  large  amount  of  kinetic  energy  normal  to  the  gap 
exit.  However,  the  gap  outlet  did  not  act  as  a  simple  sudden  expansion.  Much  of  the  gap  kinetic  energy  was  found  to  have 
been  recovered  by  the  time  the  flow  reached  the  trailing  edge.  The  relatively  orderly  roll-up  of  the  fluid  into  the  tip  leakage 
vortex  evidently  allowed  the  recovery  to  take  place.  On  the  other  hand,  the  recovery  appeared  to  be  temporary.  The  losses 
increased  substantially  over  the  first  axial  chord  length  downstream  of  the  trailing  edge.  At  that  point  the  loss  generation 
seemed  to  be  largely  complete.  It  was  found  that  the  end  loss  measured  one  axial  chord  length  downstream  agreed  well 
with  the  sum  of  the  losses  within  the  gap  together  with  a  loss  equal  to  the  kinetic  energy  in  the  flow  at  the  gap  outlet.  The 
gap  energy  seemed  to  be  ultimately  lost  through  two  main  mechanisms.  The  energy  partly  recovered  as  secondary  kinetic 
energy  of  the  tip-leakage  vortex  was  eventually  lost  as  the  vortex  mixed  with  the  surrounding  freestream  fluid.  Secondly, 
the  presence  of  the  tip  leakage  vortex  seemed  to  lead  to  higher  shear  stresses  and  therefore  higher  entropy  production  at  the 
endwall.  Based  on  indirect  evidence,  it  was  concluded  that  the  loss  production  at  the  endwall  was  in  fact  substantial.  The 
loss  within  the  tip  gap  itself  was  found  to  be  reasonably  small  compared  with  the  final  loss. 

Finally,  we  note  that  mixing  calculations  for  endwall-bounded  flows  must  apparently  be  used  and  interpreted  with 
considerable  caution.  For  all  of  our  cases,  substantially  higher  "fully  mixed-out"  losses  were  obtained  at  one  axial  chord 
length  downstream  compared  with  the  trailing  edge  plane.  As  noted  above,  the  difference  was  attributed  loss  production  at 
the  endwall.  We  are  not  aware  of  previous  observations  of  this  effect  or  comments  on  its  implications  for  the  use  of  mixing 
calculations. 
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TABLE  1.  TEST  MATRIX  AND  INLET  BOUNDARY  LAYER  CONDITIONS 

CLEARANCE,  x/c 


0.0 

0.015 

0.020 

0.028 

0.055 

LOCATION  x/cx 

GAP 

X 

X 

X 

P 

L  B  1.03 

X 

X 

X 

X 

A  Cl  1.96 

X 

X 

X 

X 

N  C2  2.01 

X 

X 

X 

X 

E 

BOUNDARY  LAYER  PARAMETERS 

x  (mm) 

0.0 

3.8 

5.1 

7.1 

13.7 

6*  (mm) 

3.6 

6.5 

4.8 

6.8 

2.8 

0  (mm) 

2.8 

5.0 

3.4 

4.2 

2.0 

5  (mm) 

5.1 

9.0 

6.1 

7.0 

3.5 

H 

1.3 

1.3 

1.4 

1.6 

1.4 

TABLE  2.  MASS-AVERAGED  FLOW  QUANTITIES 

CLEARANCE  (x/c) 

0.0  0.015  0.020  0.028  0.055 


INLET  FLOW 

CPo"(lN) 

0.0067 

-0.0787 

-0.0355 

-0.0455 

-0.0196 

GAP  FLOW 

|?GAp/mREF 

Cp0  (for  mGAP) 

0.073 

0.083 

0.161 

- 

- 

-0.805 

-0.461 

-0.230 

Cp0Jfor  mpgp) 

- 

- 

-0.0584 

-0.0382 

-0.0370 

Cp0”(GAP-I/4IN) 

cqn 

- 

- 

-0.0496 

-0.0268 

-0.0321 

- 

- 

0.164 

0.176 

0.331 
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TABLE  2.  MASS-AVERAGED  FLOW  QUANTITIES  (CONT.) 


0.0 

0.015 

CLEARANCE  (t/c) 

0.020  0.028 

0.055 

DOWNSTREAM  FLOW 

QouVOin 

2.13 

1.95 

2.04 

1.82 

Cpo"(PROFILE) 

CPo"(PLANE  B) 

CPo"(PLANE  Cl) 

CPo"(PIANE  C2) 

C  "(plane  B) 

-0.063 

-0.050 

-0.055 

-0.042 

-0.0365 

-0.174 

-0.158 

-0.202 

-0.137 

-0.251 

-0.261 

-0.392 

-0.137 

-0.256 

-0.262 

-0.410 

0.0145 

0.0301 

0.0389 

0.0889 

C. "(PLANE  Cl) 

0.0053 

0.0116 

0.0127 

0.0485 

C^/'lPLANE  C2)  0.0055 

FULLY  MIXED-OUT  VALUES 

0.0110 

0.0118 

0.0471 

Cp0"(PLANE  B) 

CPo"(PUNE  Cl) 
CPo"(PLANEC2) 

-0.073 

-0.241 

-0.241 

-0.364 

-0.152 

-0.290 

-0.307 

-0.490 

-0.150 

-0.294 

-0.307 

-0.507 

FIGURE  1.  CASCADE  TEST  SECTION 
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CHORD  LENGTH,  c  :  250  mm 

BLADE  THICKNESS.  tMAX  :  24.6  mm 

BLADE  SPAN,  h  :  203  mm 

BLADE  SPACING,  S  :  150  mm 

STAGGER  ANGLE,  y  :  37,2  ±  0.2  deg. 

BLADE  INLET  ANGLE,  B,  ;  11.1  ±0.2  deg. 

BLADE  OUTLET  ANGLE,  02  :  49.6  ±  0.2  deg. 


FIGURE  2.  SUMMARY  OF  CASCADE  GEOMETRY. 
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FIGURE  3.  LOSS  COEFFICIENT  DISTRIBUTION 
WITHIN  THE  TIP  GAP  (t/c  =  0.028). 


FIGURE  4.  LOCAL  MASS-AVERAGED  LOSS 
COEFFICIENT  IN  GAP  (t/c  =  0.028). 


FIGURE  6.  TOTAL  PRESSURE  LOSS  COEFFICIENTS  AT  TRAILING  EDGE  (PLANE  B)  FOR  t/c  =  0.02. 


FIGURE  7.  TOTAL  PRESSURE  LOSS  COEFFICIENTS  AT  TRAILING  EDGE  (PLANE  B)  FOR  t/c  =  0.055. 


FIGURE  9.  DOWNSTREAM  DEVELOPMENT  OF  END  LOSSES  AND  SECONDARY  KINETIC  ENERGIES  (t/c  =  0.02). 
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FIGURE  11.  DOWNSTREAM  DEVELOPMENT  OF  TIP-LEAKAGE  LOSSES  AND  SECONDARY  KINETIC 
ENERGIES  (t/c  =  0.02). 


FIGURE  14.  COMPARISON  WITH  CORRELATIONS  FOR  END  (SECONDARY  PLUS  TIP-LEAKAGE)  LOSS  COEFFICIENT. 


20-1 


DISCUSSION 

Mr.  M.A.  HOWARD,  Rolls  Royce,  UK 

Have  you  looked  at  including  endwall  friction  forces  in  the 
mixing  calculation  and  if  so  could  you  quote  average  wall  skin 
friction  coefficients. 

Author's  reply  : 

We  have  not  tried  to  include  the  effects  of  endwall  friction 
in  the  mixing  calculations.  In  principle,  the  control  volume 
used  for  the  mixing  calculations  extends  to  infinity  in  the 
downstream  direction.  It  is  thus  difficult  to  see  precisely  how 
the  endwall  effects  could  be  incorporated. 

A  simple  momentum  balance  between  planes  B  and  C  indicates 
that  a  rather  high  value  of  endwall  skin  friction  coefficient  is 
needed  to  explain  the  observed  increase  in  loss.  It  is  for  this 
reason  that  the  increase  was  attributed  somewhat  tentatively  to 
endwall  effects.  There  may  be  contributions  from  other,  as  yet 
unidentified,  mechanisms.  It  seems  clear  from  the  results  that 
the  increase  in  loss  is  directly  related  to  the  strength  of  the 
streamwise  vortex,  whether  secondary  or  tip  clearance. 
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Summary 

A  partlally-parabolic  program  was  developed  to  calculate  the  three-dimensional,  viscous 
flow  through  subsonic  axial  turbine  guide  vanes  and  rotor  blades.  To  provide  test  cases 
for  the  calculations,  a  detailed  experimental  study  of  the  flow  in  an  axial  turbine 
stage  as  well  as  in  an  axial-flow  turbine  cascade  has  been  performed.  The  obtained 
results  and  the  comparison  of  the  theoretical  and  experimental  data  are  discussed  in 
this  paper. 


Nomenclature 

w  relative  velocity  in  the 

rotating  system 
x  axial  distance  from 

blade  leading  edge 
a  angle  between  the 

flow  direction  and  the 
axial  direction 
e  rate  of  turbulent 

dissipation 

2  loss  coefficient 

H  3  (  P*ro— Px  )  /  (  Pto^P  ) 


Introduction 

The  Navier-Stokes  Equations  describing  subsonic  flows  form  an  elliptic  system,  where 
the  simultaneous  solution  for  the  entire  flow  field  is  essential.  This  is  a  very 
extensive  and  computer-time  consuming  method  and  requires  a  big  mainframe  computer 
memory.  To  reduce  the  processing  time  nonviscous  solutions  with  boundary  layer  adap¬ 
tions  are  often  used,  especially  when  during  the  design  procedure  of  a  turbomachine 
several  calculations  are  necessary.  However,  these  methods  cannot  account  for  the 
three-dimensional  flow  and  loss  mechanisms,  whereas  a  profound  knowledge  of  these 
phenomena  is  required  to  achieve  additional  improvements  of  the  efficiency  of  modern 
turbomachines.  This  lead  to  the  development  of  the  partial-parabolic  method.  It  is 
capable  of  reproducing  the  three-dimensional,  viscous  effects,  but  requires  consi¬ 
derable  less  computer  time  and  storage  than  fully  elliptic  methods  / 1,2,3/. 

The  partially-parabolic  program  passes  through  the  flow  field  by  use  of  a  progressing 
integration  in  the  main  stream  direction,  which  covers  the  entire  cross  section  of  the 
flow  field  and  contains  a  pressure  correction  deducted  from  the  continuity  equation. 
This  limits  the  calculation  to  flow  cases,  where  no  separation  is  encountered.  The  code 
includes  terms  for  the  centrifugal-  and  Coriolis-f orces  and  is  therefore  applicable  for 
stator  and  rotor  flows.  The  numerical  mesh  is  refined  in  the  vicinity  of  the  flow 
channel  surfaces  to  resolve  end-wall  and  profile  boundary  layers. 

Parallel  to  the  theoretical  investigations  an  experimental  program  has  been  worked  out, 
which  included  detailed  measurements  in  a  subsonic  axial-flow  turbine  cascade  and 
stage.  The  objective  was  to  improve  the  understanding  of  the  three-dimensional  flow 
mechanisms  and  to  provide  a  benchmark  data  base  for  the  code  verification. 

This  paper  presents  the  progress  in  the  development  of  the  numerical  program  and  the 
comparison  between  computed  and  experimental  data. 


bp  axial  blade  chord 

c  velocity 

h/H  relative  blade  height 

k  turbulent  kinetic  energy 

P  static  pressure 

Px  total  pressure 

P-ro  total  pressure  at  cascadc/stage  inlet 

s1  non-orthogonal  coordinates 


The  partially-parabolic  algorithm 

Starting  with  a  given  distribution  of  the  profile  nodes  and  geometry  of  the  end-walls, 
the  computational  mesh  is  generated  using  a  numerical  transformation  suggested  by 
Thames,  Thompson  and  Mastin  / 4/. 

The  partially-parabolic  algorithm  involves  iteration  between  a  marching  integration  of 
the  conservation  equations  through  the  flow  field  and  the  solution  of  an  elliptic 
pressure  correction  equation.  The  outline  of  this  procedure  is  illustrated  in  Fig.  1. 
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The  program  requires  a  start  approximation  for  the  pressure  field,  which  is  derived 
from  an  mviscid  quasi-three-dimensional  stream  surface  calculation.  The  flow  proper¬ 
ties  at  the  inlet  plane,  including  boundary  layers,  are  obtained  from  measured  data. 
The  equations  of  motion  and  energy  are  solved  implicitly  to  determine  the  downstream 
distributions  of  velocity  and  temperature.  They  do  not  necessarily  satisfy  the  equation 
of  continuity.  This  is  corrected  in  a  first  step,  when  the  given  pressure  field  is 
improved  by  a  global  pressure  correction.  Subsequently,  continuity  defects  are  elimi¬ 
nated  by  local  pressure  corrections  at  all  volume  elements  by  adding  additional  forces 
to  the  equation  of  motion.  This  iterational  procedure  is  continued  until  the  velocity 
differences  converge  to  a  prescribed  accuracy.  The  calculation  of  the  turbulent 
viscosity  distribution  downstream  follows,  either  with  the  mixing  length  hypothesis  or 
the  k-8-model.  The  solutional  approach  is  continued  from  plane  to  plane  to  the  grid 
exit.  After  the  cycle  through  the  computational  mesh  an  elliptical  pressure  correction 
follows.  A  simplified  equation  of  motion  is  solved  simultaneously  for  all  volume 
elements,  taking  into  account  the  additional  forces  from  the  local  pressure  correc¬ 
tions.  The  improved  pressure  field  is  the  input  for  a  renewed  partially-parabolic 
calculation.  This  cycle  of  solution  is  repeated  until  the  pressure  differences  finally 
converge  to  the  prescribed  accuracy. 


Test  Rig  Description 

The  first  part  of  the  measurements  was  carried  out  in  a  rectangular  cascade  with 
divergent  end-walls  /5 /,  the  second  part  in  a  single  stage  axial  turbine  / 6 / .  In  the 
cascade  and  in  the  turbine  stator  a  two-dimensional  profile  described  in  / 7 /  was  used, 
in  the  turbine  rotor  a  modified  VKI-profile.  The  geometry  data  of  cascade  and  turbine 
are  given  in  Fig.  2. 

In  the  inlet  and  exit  planes  of  cascade,  stator  and  rotor  the  flow  could  be  surveyed 
with  pneumatic  five-hole  probes,  head  diameter  2.6  mm.  Close  to  the  end-walls  hot-wire 
and  pneumatic  boundary  layer  probes  were  used.  The  probes  were  traversed  radially  from 
hub  to  tip,  within  the  limits  of  the  specific  probe  geometry,  and  circumferentially 
over  two  blade  pitches.  The  uncertainty  of  the  probe  measurements  was  about  +  1  percent 
in  velocity  and  +  0.5  degree  in  flow  angle. 

In  both  the  cascade  and  the  turbine  stator  one  of  the  vanes  was  furnished  with  25 
static  pressure  orifices.  These  vanes  could  be  traversed  radially  to  measure  the 
pressure  distribution  with  a  fine  radial  resolution.  The  measurement  of  the  static 
pressure  on  the  rotor  blades  presented  some  difficulties  at  the  beginning,  when  a 
commercial  scanner  was  used.  The  main  problems  were  leakage  at  the  seal  where  the 
pressure  signal  is  transduced  to  the  stationary  system  and  uncertainties  with  the 
position  decoding.  Therefore  a  special  approach  was  made  to  construct  a  scanner,  which 
transformed  the  pressure  signal  to  an  electrical  signal  in  the  rotating  system.  Up  to 
60  pressure  taps  could  be  scanned  and  connected  to  a  rotating  transducer.  Electrical 
communication  with  the  transducer  was  possible  through  a  high-quality  slip-ring 
assembly,  reliable  position  decoding  was  achieved  with  a  light  detector.  Using  ex¬ 
changeable  rotor  blades  with  6  pressure  taps  at  the  pressure  side  and  10  taps  at  the 
suction  side,  it  was  thus  possible  to  measure  the  pressure  distribution  in  five  radial 
locations.  The  measurements  could  be  reproduced  with  an  accuracy  of  +  2  percent. 

The  flow  in  the  cascade  was  investigated  at  four  different  geometries,  varying  the 
aspect  ratio  from  2.5  to  3.5  and  the  inclination  angle  of  the  conical  end-wall  from  20 
to  30  degrees.  The  data  presented  here  refer  to  an  aspect  ratio  of  2.5  and  an  end-wall 
angle  of  30  degrees.  Here,  the  flow  has  the  highest  three-dimensional  character. 

The  measurements  in  the  turbine  stage  were  performed  with  varying  mass  flow  and  shaft 
speed.  Only  a  selection  of  results  at  the  design  point  of  the  stage  is  shown  here. 


Rectangular  Cascade 


The  partially-parabolic  method  is  developed  for  a  rotationally  symmetric  flow,  so  that 
the  linear  cascade  is  simulated  by  setting  the  hub  radius  to  a  very  high  value,  in  this 
case  77  m.  The  computational  mesh  for  this  case  is  depicted  in  Fig.  3,  with  11  nodes  in 
pitchwise  and  30  nodes  in  spanwise  direction.  At  the  end-walls  a  slip  condition  is 
used,  whereas  the  profile  boundary  layers  were  not  resolved.  It  is  necessary  to 
increase  the  distance  between  the  axial  planes  at  the  leading  edge.  Otherwise  the 
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numerical  instabilities.  At  the  trailing  edge  a  fine  mesh  is  used  to  achieve  a  good 
approximation  of  the  strong  pressure  gradients. 


Fig.  4  shows  the  calculated  and  measured  secondary  flow  vectors  at  cascade  exit.  The 
passage  vortices  dominate  the  flow  pattern  at  the  end-walls,  with  a  radial  extension  of 
about  20  percent  span.  The  vortices  are  produced  by  the  action  of  the  transverse 
pressure  gradient  on  the  end-wall  boundary  layers.  The  flow  field  between  them  is 
scarcely  influenced.  Computation  and  experiment  show  the  same  vortex  systems,  with  good 
agreement  concerning  the  size  and  orientation  of  the  vortices. 


The  diagrams  of  pitch  averaged  velocities  and  flow  angles.  Fig.  5,  elucidate  the  lower 
acceleration  and  the  slightly  higher  overturning  at  the  conical  end-wall.  These  effects 
are  calculated  as  well  as  measured.  Comparing  the  computed  and  measured  results,  it  has 
to  be  taken  into  account,  that  the  profile  boundary  layers  were  not  resolved  in  the 
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calculation.  Because  of  the  missing  displacement  thickness  the  computed  mass-averaged 
velocities  are  therefore  smaller.  The  numerical  program  calculates  slightly  higher  flow 
angles  than  the  experimental  data.  One  reason  for  this  is,  that  the  flow  at  the  outlet 
of  the  rectangular  cascade  is  ducted  with  an  angle  of  70  degrees.  In  the  computation 
the  flow  at  the  outlet  is  not  ducted  in  circumferential  direction,  since  the  geometry 
of  the  rectangular  cascade  is  simulated  as  an  annular  cascade  with  a  large  radius. 


Stator  flow 

The  second  step  in  the  development  of  the  numerical  program  was  the  calculation  of  the 
flow  through  an  annular  turbine  stator  vane.  Fig.  6  shows  the  computational  mesh,  which 
was  refined  in  the  end-wall  regions  and  close  to  the  profile  surfaces  to  resolve  the 
shear  layers  (30  nodes  pitchwise  and  spanwise).  At  the  solid  surfaces  a  slip  condition 
is  used  for  the  modelling  of  the  boundary  layers.  However,  the  simultaneous  computation 
of  profile  and  end-wall  boundary  layers  was  not  successful  at  the  present  time,  because 
a  strong  interaction  between  the  boundary  layers  on  the  suction  side  tip  corner  close 
to  the  trailing  edge  lead  to  numerical  instabilities.  The  results  presented  in  this 
chapter  were  obtained  resolving  the  shear  layers  at  the  end-walls  but  not  at  the 
profile  surfaces. 

As  described  above,  the  partially-parabolic  program  needs  a  pressure  distribution  for 
the  whole  flow  field  as  a  start  approximation.  The  pressure  field  is  obtained  using  a 
non-viscous  stream  surface  calculation,  which  is  not  capable  of  modelling  three- 
dimensionaT  viscous  effects  as  the  generation  of  secondary  flows.  This  is  illustrated 
in  Fig.  7,  where  the  measured  pressuxe  distributions  at  the  radial  locations  are 
compared  with  the  results  from  a  viscous  and  a  non-viscous  calculation.  There  is  a  good 
agreement  between  all  results  at  midspan,  but  close  to  the  end-walls,  where  a  strong 
cross-flow  component  is  directed  to  the  suction  side,  the  non-viscous  calculation 
predicts  lower  pressures  at  the  suction  side  than  measurement  and  viscous  calculation. 
The  partially-parabolic  program,  which  in*.  <udes  end-wall  boundary  layers  and  the 
generation  of  the  passage  vortices,  shows  a  good  agreement  with  the  measurement  even 
close  to  the  end-walls.  The  differences  at  the  suction  side  close  to  the  trailing  edge 
result  from  the  numerical  resolution  of  the  prjfile  geometry.  The  program  needs  a  sharp 
trailing  edge,  since  no  additional  lines  can  be  implemented  in  the  H-grid.  Therefore, 
the  suction  side  contour  of  the  profile  is  moved  to  the  pressure  side  at  the  last  20 
percent  axial  chord  length.  This  leads  to  the  calculation  of  slightly  lower  pressures 
in  this  area.  The  radial  gradient  of  the  static  pressure  with  lower  pressure  at  the  hub 
due  to  the  high  circumferential  component  of  the  flow  and  the  higher  loading  at  the  tip 
of  the  stator  var.e3  are  reproduced  by  both  numerical  methods. 

In  Fig.  8  a  selection  of  measured  results  of  the  stator  exit  flow  is  presented  as  Iso- 
Mach  number  and  Iso-total  pressure  losses  contours.  This  data  were  measured  at  an  axial 
location  20  percent  of  the  axial  chord  behind  the  stator.  The  estimated  99  percent 
thickness  of  the  inlet  boundary  layer  was  11.8  and  5.5  percent  at  tip  respectively  hub. 
The  distribution  of  the  Mach  number  shows  the  higher  velocities  at  the  hub  and  at  the 
suction  side  margin  of  the  wake  area.  Apart  from  this,  the  Iso-Mach  number  contours 
resemble  the  total  pressure  losses  contours  very  closely.  Significant  losses,  respec¬ 
tively  small  velocities,  are  detected  only  in  the  wake  of  the  profile  and  in  the  corner 
between  suction  side  and  tip.  Two  loss  cores  can  be  seen  at  13  percent  and  83  percent 
span.  Fig.  9  shows  pictures  of  surface  flow  visualization  using  a  white  TiOa-oil 
mixture  on  the  black  stator  vanes.  The  comparison  with  the  pressure  losses  contours 
shows,  that  the  loss  cores  mark  the  extension  of  the  areas  at  the  trailing  edge,  where, 
driven  by  the  passage  vortices,  low  momentum  material  from  the  end-wall  shear  layers  is 
washed  onto  the  suction  side  of  the  profile.  Thus  the  loss  cores  represent  accumu¬ 
lations  of  low  energy  fluid  on  the  suction  side  /8,9,10/.  The  higher  acceleration  at 
the  hub  amplifies  this  mechanism.  This  and  the  smaller  inlet  boundary  layer  lead  to  a 
thinner  outlet  boundary  layer  at  the  hub  than  at  the  tip. 

The  pitchwise  mass-averaged  velocities  and  flow  angles  at  stator  exit  are  shown  in  Fig. 
10.  At  the  end-walls  overturning  is  observed,  with  the  corresponding  underturning  at 
the  inner  side  of  the  passage  vortices.  This  effect  is  stronger  at  the  tip,  because  of 
the  thicker  inlet  boundary  layer  at  the  casing.  The  velocity  profiles  show  the  higher 
velocity  at  the  hub,  only  very  small  gradients  at  the  end-walls,  especially  at  the  hub, 
and  slight  perturbations  at  the  radial  locations  of  the  two  loss  cores.  These  effects 
are  reproduced  by  the  calculation  in  a  good  quality.  Some  of  the  differences  to  the 
experimental  data  may  he  explained  with  the  numerical  difficulties  near  the  corners  to 
resolve  the  profile  boundary  layers. 


Rotor  Flow 

The  terms  describing  the  influence  of  the  centrifugal  and  Coriolis-f orces  were  imple¬ 
mented  in  the  numerical  method  to  calculate  the  rotor  flow.  For  preliminary  calcu¬ 
lations  a  grid  with  30  nodes  in  pitchwise  and  11  nodes  in  spanwise  direction  was  used 
(Fig.  11).  At  present  time  only  test  cases  were  solved  to  demonstrate  the  numerical 
stability  of  the  method. 

The  following  data  were  computed  for  a  test  case,  where  the  inlet  velocity  distribution 
corresponds  to  the  measured  mass-averaged  values  of  the  stator  exit  flow.  The  pitch 
angle  was  constant,  corresponding  to  the  measured  midspan  value. 
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Pig.  12  presents  the  measured  pressure  distribution  at  three  radial  locations  at  the 
rotor  blade.  The  non-uniform  stator  exit  flow  and  the  different  circumferential  speed 
across  the  spanwise  direction  cause  a  displacement  of  the  stagnation  point.  Close  to 
the  hub  the  low  circumferential  speed  and  the  high  stator  outlet  velocity  move  the 
stagnation  point  to  the  pressure  side.  This  causes  a  high  acceleration  at  the  leading 
edge  to  the  suction  side,  with  no  further  acceleration  downstream.  Near  the  tip,  the 
stagnation  point  is  moved  to  the  suction  side.  Here  the  flow  on  the  suction  side  is 
accelerated  up  to  a  position  of  60  percent  axial  chord.  Because  of  the  inlet  condi¬ 
tions,  the  calculated  pressure  distributions  are  only  comparable  at  midspan.  There  are 
differences  at  the  leading  edge,  which  is  resolved  as  a  triangle  in  the  numerical  mesh. 
Otherwise  the  agreement  is  fairly  good. 

The  calculation  of  the  flow  within  the  rotor  passage  and  at  the  rotor  exit  is  shown  in 
Fig.  13  and  Pig.  14.  A  comparison  with  experimental  data  has  not  yet  been  made  since 
the  uniform  inlet  pitch  angle  assumed  for  the  first  calculations  does  not  describe  the 
real  flow  at  the  rotor  inlet.  Therefore,  the  discussion  of  the  results  can  only  extend 
to  whether  the  basic  physical  phenomena  are  reproduced.  The  plots  of  the  secondary  flow 
vectors  (Fig.  13)  show  the  development  of  the  two  passage  vortices,  with  increasing 
intensity  to  the  rotor  exit  plane.  The  suction  side  leg  of  the  horse-shoe  vortex  is 
visible  at  plane  10,  but  is  covered  by  the  passage  vortex  downstream.  The  pitchwise 
averaged  velocity  profiles  are  presented  in  Pig.  14.  The  basic  effect  is  the  reversing 
of  the  velocity  gradient  from  high  inlet  velocities  at  the  hub  to  high  outlet  velo¬ 
cities  at  the  tip  due  to  the  different  circumferential  speed  across  the  spanwise 
direction. 

In  the  present  work  emphasis  is  given  to  the  final  implementation  of  the  simultaneous 
calculation  of  end-wall  and  profile  boundary  layers  for  stator  and  rotor  flows.  Subse¬ 
quent  to  this,  a  detailed  theoretical  investigation  of  the  rotor  flow  follows,  which  is 
supported  by  the  measurement  of  the  instantaneous  rotor  flow.  This  includes  the 
application  of  three-dimensional  hot-wire  probes  in  the  exit  plane  and  the  Laser- 
Doppler-Anemometry  within  the  rotor  passage. 


Conclusion 

A  partially-parabolic  method  for  industrial  use  was  developed  for  the  calculation  of 
the  flow  in  high  turning  subsonic  turbine  stators  and  rotors.  Parallel  to  this, 
detailed  measurements  at  various  points  of  operation  have  been  carried  out  in  a 
rectangular  cascade  and  a  single-stage  turbine  to  provide  test  cases  for  the  calcu¬ 
lation. 

The  comparison  between  calculation  und  measurement  shows,  that  essential  three-dimen¬ 
sional  effects  can  be  described  with  the  aid  of  the  partially-parabolic  program.  This 
includes  the  representation  of  end-wall  boundary  layers  and  the  coupled  generation  of 
secondary  flows.  Both,  calculation  and  measurement,  show  the  same  vortex  systems,  and 
the  agreement  of  the  pitch  averaged  flow  at  stator  exit  is  fairly  good.  Further 
improvement  is  to  be  expected,  when  the  difficulties  concerning  the  simultaneous 
computation  of  profile-  and  end-wall  boundary  layers  arc  removed. 

The  final  goal  of  the  work  is  the  calculation  of  the  rotor  flow  including  tip  clear¬ 
ance,  with  the  experimental  verification  of  the  program. 
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cascade  stator  rotor 


:  Cascade  and  turbine 

Inlet  blade  angle 

0* 

0* 

60.7* 

design  data 

(angles  are  measured 

Exit  blade  angle 

70* 

70* 

-61 .2* 

relative  to  the  axial 

Blade  chord 

62  mm 

62  mm 

60  mm 

direction) 

Span 

variable 

55  mm 

55  mm 

Pitch  (midspan) 

50  mm 

67.6  mm 

41.8  mm 

Aspect  ratio 

variable 

0.887 

0.917 

Reynolds  number 
(based  on  chord  and 
exit  velocity) 

6.8x10s 

6.8x10s 

4.9x10s 

Rotational  speed 

- 

- 

3500  rpm 

Blade  number 

7 

36 

41 

Mean  radius 

- 

272.5  mm 

272.5  mi 

Rotor  stator  axial  gap 

- 

- 

15  mm 

Fie.  hi  Comparison  of  measured  and  calculated  vortex  systems  downstream  of  the  cascade 


Fie.  12:  Measured  and  computed  pressure  distribution  on  the  turbine  rotor  blades 


Fig.  13:  Calculated  secondary  flow  fields  in  different  axial  planes  inside  the  rotor 
blade  passasc  (see  Fig.  11) 


Fig.  14:  Calculated  distribution  of  flow  velocity  in  different  axial  planes  in  the 
rotor  flow  (pitchwise  averaged) 
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SUMMARY 


A  numerical  simulation  of  turbine  rotor  tip  leakage  flow  has  been 
carried  out  taking  into  account  tip  coolant  flow  injection.  The 
numerical  scheme  is  based  on  a  Finite  Element  method  for  the 
integration  of  the  Navier-Stokes  equations  in  the  conservative 
form  using  an  explicit  two-step  Taylor-Galerkin  algorithm.  The 
application  of  unstructured  grids  together  with  local  refinement 
strategies  allows  a  detailed  resolution  of  viscous  flow  phenomena 
in  the  clearance  gap.  The  analysis  is  performed  for  an  HP  turbine 
blade  with  a  tip  groove  without  and  with  tip  coolant  flow  in¬ 
jection.  The  effect  of  varying  clearance  height  and  of  wall  motion 
is  also  considered.  Results  on  2D-flow  computations  are  presented 
and  discussed  as  regard  to  viscous  flow  effects  and  to  the  rela¬ 
tive  mass  flow  discharge  in  the  tip  clearance  for  the  different 
investigated  configurations. 

NOMENCLATURE 


C  mass  matrix 

lumped  mass  matrix 
F  flux  vector 

h  blade  height 

N  shape  function 

P  pressure 

R  residual 

t  time 

T  temperature 

u,v  components  of  velocity 
U  flow  vector 

y  clearance  height 


p  density 
t  stress  tensor 
v  viscosity 
B  injection  angle 
ft  computational  domain 

Subscripts 
c  coolant  flow 
i  number  of  nodal  point 

j  number  of  direction  (x,y,z) 

t  total 

Superscripts 
n  time  level 


1.  INTRODUCTION 


Analysis  of  overall  performance  of  aerodynamically  high-loaded  axial  turbine  stages  for 
aeroengine  applications  shows  that  tip  clearance  losses  represent  between  25  and  35  per¬ 
cent  of  the  total  stage  loss  and  may  even  be  higher  in  the  case  of  small  size  engines  [l]. 
Though  a  lot  of  turbine  testing  and  basic  experimental  work  has  been  carried  out  in  order 
to  identify  the  most  significant  parameters  that  characterise  the  tip  clearance  losses 
and  to  analyse  the  complex  flow  phenomena  associated  with  tip  leakage,  the  full  physical 
understanding  of  the  complex  flow  has  not  yet  been  achieved  [2] . 

Therefore  most  of  the  experimental  work  in  the  past  was  limited  to  the  development  of 
empirical  correlations  which  relate  the  tip  clearance  losses  to  geometry  or  additionally 
t0_£e°ra*ibry  and  Flow  parameters  like  profile  drag  coefficient  and  profile  tip  loading 
[?J  >  Pu .  Empirical  correlations  of  this  type  are  widely  used  by  engine  manufacturers  in 
the  turbine  design  process.  Booth,  who  evaluated  some  of  these  proposed  loss  correlations 
for  different  shroudless  axial  turbine  stages  came  up  with  the  conclusion  that  none  of 
these  more  or  less  simple  models  will  predict  the  correct  loss  trends  [5]  • 

The  most  known  theoretical  model  available  up  to  now  is  an  efficiency  loss  model  based  on 
the  induced  drag  of  a  potential  vortex  and  radial  kinetic  energy  of  the  fluid  in  the 
blade  boundary  layer  developed  by  Lahshmirayana  [6] .  Since  it  is  based  on  data  of  incom¬ 
pressible  compressor  flow  it  turned  out  not  to  be  adequate  to  predict  turbine  leakage, 
rirst  attempts  to  describe  the  tip  leakage  flow  by  numerical  simulation  were  made  by 
Wadia  and  Booth  [7]  and  by  Hah  [8] . 

In  recent  years  more  powerful  Euler-  and  Navier-Stokes  codes  became  available  which  allow 
a  more  detailed  flow  analysis.  Therefore  it  seems  reasonable  to  apply  more  advanced 
methods  to  simulate  the  tip  clearance  flows  and  to  include  the  derived  models  into  the 
design  codes. 

The  present  paper  reports  on  a  numerical  simulation  of  turbine  rotor  tip  leakage  flow 
with  special  emphasis  on  the  effect  of  tip  coolant  air  injection.  A  FEM  based  Navier- 
Stokes  code  using  unstructured  grids  with  local  refinement  has  been  applied  to  analyse 
the  tip  leakage  flow.  This  numerical  work  is  part  of  a  comprehensive  experimental  and 
theoretical  research  program  which  is  carried  out  in  order  to  get  a  more  detailed  physi¬ 
cal  understanding  on  the  effects  of  cooling  air  ejection  onto  the  turbine  stage  flow  and 
loss  production. 
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2.  TIP  LEAKAGE  PLOW  MODEL 

2.1  BASIC  LEAKAGE  PLOW  PHENOMENA 

The  tip  leakage  flow  of  a  turbine  rotor  blade  is  mainly  a  pressure-driven  phenomenon 
caused  by  the  pressure  difference  between  the  profile  pressure  and  suction  side  in  the 
tip  region.  The  shear  forces  due  to  viscous  effects  caused  by  the  relative  motion  between 
turbine  rotor  and  outer  casing  wall  and  the  shear  forces  at  the  blade  tip  directly  ba¬ 
lance  the  pressure  forces.  In  the  case  of  tip  coolant  flow  injection  the  corresponding 
momentum  must  be  taken  into  account.  Injection  flow  velocity  and  angle  and  furtheron  the 
coolant  mass  flow  will  be  the  governing  parameters,  for  this  additional  momentum.  The  dif¬ 
ferent  directions  in  which  the  above  mentioned  forces  act  are  responsible  for  the  pro¬ 
nounced  threedimensional  character  of  the  leakage  flow.  Prom  previous  investigations  it 
is  known  that  the  tip  leakage  discharge  flow  behaves  like  a  free  jet  that  penetrates  into 
the  main  turbine  flow.  The  subsequent  mixing  and  turning  by  the  main  flow  interfered  by 
secondary  flow  effects  will  cause  the  observed  turning  of  the  rotor  exit  flow  in  the 
upper  blade  region.  Based  on  this  physical  model  a  stepwise  theoretical  approach  can  be 
made  starting  from  the  tip  leakage  flow  simulation  and  coupling  it  to  the  turbine  main 
flow  computation. 

2.2  CONCEPT  OP  THE  NUMERICAL  APPROACH 

The  following  analysis  will  be  limited  to  the  simulation  of  the  tip  clearance  flow  taking 
into  account  tip  coolant  flow  injection.  The  geometry  and  the  aerothermodynamic  con¬ 
ditions  are  taken  from  a  high-loaded  turbine  rotor  blade  of  a  midsize  aeroengine  HP- 
turbine.  The  turbine  blade  is  shroudless  with  a  groove  for  coolant  air  ejection  at  the 
tip.  The  coolant  flow  is  fed  by  9  radial  bores.  A  view  of  the  blade  with  the  arrangement 
of  the  coolant  bores  is  shown  in  Fig.  1. 

The  threedimensional  problem  of  this  tip-leakage  flow  is  reduced  in  this  approach  to  a 
viscous  2D-flow  analysis  by  applying  in  a  first  step  the  well-known  quasi-threedimen- 
sional  model  of  Lakshminarayana  [6j  .  By  this  model  the  velocities  and  the  directions  of 
the  leakage  flow  in  the  gap  along  the  tip  profile  can  be  determined  as  schematically 
shown  in  Pig.  2.  The  distribution  of  circulation  along  the  profile  which  is  needed  as  an 
input  for  Lakshminarayana' s  model  can  be  calculated  by  using  the  FEM-code  of  which  a 
more  detailed  description  will  be  given  later  on.  In  this  case  the  code  is  applied  in 
the  non-viscous  formulation. 

In  the  following  second  step  a  2D-Navier-Stokes  approximation  is  carried  out  in  order  to 
simulate  the  viscous  tip  leakage  flow.  The  computational  domain  is  hereby  defined  by  the 
sectional  plane  in  the  main  flow  direction,  which  is  determined  in  the  first  step  as  in¬ 
dicated  in  Pig.  2. 

The  numerical  scheme  is  based  on  a  Finite  Element  method  for  the  integration  of  the 
Euler-  and  Navier-Stokes  equations  in  the  conservative  form  using  an  explicit  two-step 
Taylor-Galerkin  algorithm.  The  great  flexibility  of  the  FEM  regarding  the  spatial  discre¬ 
tisation  by  applying  unstructured  grids  with  local  mesh  refinement  makes  this  method  very 
suitable  for  a  detailed  analysis  of  viscous  effects  in  tip  leakage  flows. 

3.  FINITE  ELEMENT  APPROXIMATION 
3.1  GOVERNING  EQUATIONS 

The  Navier-Stokes  equations  governing  compressible  flow  can  be  written  in  conservative 
form: 


dU  |  dFf 
dt  Jxj 

where 

VFr  F> 

with 

/  P  ^ 
u  =  |  pu, 
\pe  j 

,  P  (  p»)  ) 

j  Fj  3  |  pujuj  +  &„p' 

i  ^  Ujlpe+p)  ) 

1  >r-( 

The  summation  convention  is  employed  and  the  range  of  j  depends  upon  she  number  of  space 
dimensions.  Fj  represents  the  inviscid  Euler  part  of  the  flux-vector  whereas  the 
viscous  contributions  are  gathered  in  Pj  .  By  input  parameters  the  code  can  be  forced  to 
work  with  the  inviscid  or  viscous  equation  set.  In  case  of  the  viscous  option  a  full 
approximation  of  the  Reynolds'  stress  tensor  i3  calculated. 


Assuming  a  Newtonian  fluid  the  stress  tensor  is  proportional  to  the  rate  of  strain  and 
can  be  written  using  Stokes  postulate  as: 


du 

*1^ 


(2) 
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Sutherland's  viscosity  equation,  the  equation  of  state  and  the  Prandtl  number  are  speci¬ 
fied  to  close  the  system  of  equations . 

3.2  DISCRETISATION 

To  obtain  geometrical  flexibility  triangular  Finite  Elements  with  linear  shape  functions 
N^  are  used  to  subdivide  the  computational  domain.  The  differential  equation  system  (1) 
can  be  expressed  in  a  weighted  residual  formulation. 


Ji-ir+-||-)N‘d0=0  (3) 

Applying  Gauss'  divergence  theorem  inserting  standard  Finite  Element  approximations 

U  =  £n,U,  f=In,f,  (i|) 


with  F,  =  F(Ui) 

and  replacing  the  time  derivative  by  a  type  of  Lax-Wendroff  scheme  yields 

CAUn*1  =  At|)Fjl*,/2f~^0  -JrFr1/2N1n,dr  (5) 

with  AUn  +  l  =  Untl  -  U° 

where  n^  corresponds  to  the  outward  normal  unit  vector  on  the  boundary  of  the  domain  and 
C  represents  the  standard  Finite  Element  mass  matrix  defined  as : 

Cl,  =  |)NlNJdO  (6) 

For  computational  efficiency  the  integration  of  the  fluxes  in  Eq.  (6)  is  carried  out  in 
a  two-step  scheme  [9]  . 


First  step:  I)U"  1/2p*dn  =|)U»'N,dn  +  ^ |)FJdx  d0  (7) 

where  Pe  denotes  a  piecewise  constant  shape  function. 

With  this  equations  Uen+i/2  can  be  computed  for  each  element  explicitly.  Using  these 
values  constant  within  each  element  the  flux-vectors  on  the  RHS  of  Eq.  (5)  are  defined. 

Using 

Ff1/2=F,(ur1/2)  (8) 

constant  with  each  element  the  flow  vectors  of  equation  (7)  (second  step)  are  defined. 

To  obtain  finally  the  following  global  equation  system  all  integrations  are  exactly  per¬ 
formed  and  the  element  matrices  are  assembled  in  an  usual  finite  element  way. 

Due  to  the  explicit  formulation  of  the  time  step,  stability  of  the  scheme  is  bonded  by 
a  local  Courant  number  criterion  which  requires : 


A 1  £ 


CFL  A/i 
+  a 


(9) 


where  a  denotes  the  local  speed  of  sound,  and  h  is  a  representative  element  length,  taken 
as  the  minimum  height  in  each  tetrahedron.  The  CFL-number  is  limited  by  the  numerical 
scheme  chosen.  The  transient  scheme  employing  the  iterative  solution  procedure,  requires 
a  CFL-number  of  0,5  whereas  for  the  diagonalized  system  values  ranging  from  0.8  to  0.9 
and  in  combination  with  the  residual  averaging  approach  from  1.2  to  1.3  are  appropriated. 

Convergence  acceleration  is  realised  by  using  local  time  stepping.  Linearised  characteri¬ 
stic  relations  are  usea  for  specifying  inflow  and  outflow  boundary  conditions  [10] , 
whereas  in  case  of  solid  walls  non-slip  condition  is  implied  [llj .  Further  details  re¬ 
garding  the  numerical  method  are  given  in  [12]  and  [13] . 

3 . 3  MESH  GENERATION 


The  mesh  generator  which  has  been  developed  very  recently  has  the  ability  to  generate 
unstructured  triangular  meshes  automatically  starting  from  a  given  domain  boundary  [1*0  . 
In  Fig.  3  the  procedure  of  the  mesh  generation  is  schematically  shown.  Starting  at  the 
smallest  side  of  the  domain  boundary,  triangles  are  generated  by  defining  a  new  point 
inside  the  domain  so  that  the  new  element  is  nearly  equilateral  and  does  not  cross  any 
given  face.  Before  storing  the  new  element  it  has  to  be  decided  whether  there  exists  a 
point  in  the  already  generated  grid  that  should  be  used  in  lieu  of  the  new  point.  The 
new  elements  reduce  the  remaining  domain  which  still  has  to  be  subdivided  by  the 
described  procedure  until  the  computational  domain  is  totally  filled  with  triangles. 
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The  element  side  length  can  be  taken  from  a  background  mesh,  so  that  the  local  grid  den¬ 
sity  can  be  varied.  Information  about  local  mesh  stretching  and  its  direction  can  also 
be  taken  from  the  background  mesh.  Examples  of  two  different  types  of  local  mesh  refine¬ 
ments  with  stretching  and  with  a  continiously  increasing  grid  density  prescribed  by  a 
correspondent  background  mesh  are  shown  in  Pig.  *1. 

It.  LEAKAGE  PLOW  SIMULATION 

4 .  1  PARAMETER 

Prom  the  analysis  made  by  Booth  et  al.  [15]  it  is  known  that  the  momentum  balance  in  the 
clearance  gap  and  consequently  the  character  of  the  boundary  layer  development  of  the 
leakage  flow  is  strongly  influenced  by  the  clearance  height.  Therefore  the  numerical 
simulation  was  carried  out  for  different  relative  tip  clearance  heights  varying  from 
y/h  =  1%  to  3%.  In  order  to  analyse  the  effect  of  the  tip  groove  on  the  leakage  flow  a 
blade  configuration  with  a  filled-up  groove  was  taken  as  a  baseline.  Thus  3  different 
configurations:  flat  blade,  blade  with  tip  groove  and  blade  with  tip  groove  and  coolant 
flow  injection  were  included  into  the  study.  Another  important  parameter  is  the  wall 
motion.  Therefore  the  two  extreme  cases  with  no  wall  motion  and  with  an  outer  circum¬ 
ferential  speed  of  the  rotor  of  u  =  442  m/s  were  considered.  The  investigated  configu¬ 
rations  and  parameters  are  presented  in  Pig.  5- 

4.2  COMPUTATIONAL  GRID 

The  whole  spectrum  of  the  possibilities  by  applying  the  generation  strategy  for  un¬ 
structured  grids  with  local  refinement  has  been  applied  to  the  present  problem.  Fig.  6 
shows  the  generated  mesh  for  the  blade  tip  of  the  groove  configuration  without  coolant 
flow  ejection.  In  the  inlet  flow  region  at  the  pressure  side  the  grid  density  was  con¬ 
tiniously  increased  whereas  in  the  gap  the  grid  was  stretched  in  the  flow  direction  as 
can  be  seen  from  the  enlargement  in  Fig.  6.  The  stretching  is  reasonable  since  the  flow 
gradients  in  the  radial  direction  due  to  the  shear  stresses  are  greater  than  in  the 
flow  direction.  At  the  suction  side  the  grid  density  becomes  progressively  coarse  in  the 
main  flow  direction.  In  the  region  of  the  discharge  jet  and  in  the  vicinity  of  the 
casing  wall  the  fine  stretched  grid  was  kept  to  allow  for  a  sufficient  resolution  of 
local  viscous  flow  effects  like  separation  and  reattachement .  Thus  a  limitation  of  com¬ 
puting  time  and  storage  capacity  could  be  achieved  without  loosing  accuracy  in  flow 
regimes  with  strong  local  flow  gradients. 

4.3  BOUNDARY  CONDITIONS 

The  computation  of  the  tip  leakage  flow  is  carried  out  in  the  relative  system  of  the 
moving  blade.  The  no-slip  boundary  conditions  are  used  as  well  at  the  blade  tip  as  at 
the  casing  wall.  In  the  inlet  plane  the  total  temperature  Tt,  the  total  pressure  pt  and 
the  flow  angle  8  are  specified.  At  that  location  it  is  assumed  that  the  flow  is  uniform 
in  the  main  flow  direction.  The  conditions  at  the  outlet  are  given  by  the  static  pressure 
at  the  blade  tip  suction  side,  which  is  obtained  by  the  Euler-solution  of  the  main  flow 
field  of  the  turbine  rotor.  For  the  simulation  of  the  clearance  flow  in  the  presence  of 
coolant  flow  injection  the  values  of  the  total  pressure,  the  total  temperature  and  the 
injection  angle  of  the  coolant  flow  have  to  be  prescribed  at  the  injection  bore.  The 
computational  domain  with  the  boundary  conditions  is  shown  in  Pig.  7. 

5.  ANALYSIS  OF  RESULTS 

5.1  DEVELOPMENT  OF  BOUNDARY  LAYERS 

For  the  smallest  relative  clearance  height  of  y/h  =  0.01  the  velocity  profiles  have  a 
parabolic  shape  in  the  case  without  rotor  motion.  The  typical  velocity  vectors  of  the 
tip  clearance  flow  for  the  baseline  (flat)  blade  configuration  are  shown  in  Fig.  8. 

The  Reynolds  number  which  is  based  on  the  clearance  height  amounts  to  2300  and  therefore 
the  flow  can  be  regarded  as  being  fully  laminar.  With  increasing  relative  clearance 
height  and  growing  Reynolds  number  a  separate  development  of  the  boundary  layers  at  the 
casing  wall  and  at  the  rotor  tip  can  be  observed.  In  the  presence  of  a  rotor  motion  the 
velocity  profiles  in  the  gap  are  composed  of  a  parabolic  shape  and  of  a  triangular  shape 
due  to  the  motion  related  shear  stresses. 

These  general  statements  are  also  valid  for  the  development  of  the  boundary  layers  at 
the  tip  clearance  inlet  of  the  blade  configuration  with  a  tip  groove  as  can  be  seen  from 
the  velocity  vector  plot  inFig.  9.  But  when  the  tip  clearance  flow  enters  the  groove, 
a  separation  takes  place  which  leads  to  the  development  of  an  isolated  vortex  within  the 
groove.  With  increasing  clearance  height  this  vortex  is  growing  and  enhances  the  distur¬ 
bance  of  the  boundary  layers  in  the  clearance  gap  as  can  clearly  be  seen  in  Fig.  9, 
where  the  velocity  fields  of  the  tip  groove  configuration  are  compared  for  two  different 
relative  clearance  heights.  These  two  cases  were  considered  without  coolant  flow  injec¬ 
tion,  but  with  wall  motion. 

If  coolant  air  is  injected  into  the  blade  tip  groove,  two  vortices  are  obtained  within 
the  groove  as  shown  in  Fig.  10  where  the  velocity  field,  the  Mach  number  distribution 
and  corresponding  pressure  field  are  plotted.  In  this  case  the  relative  clearance  height 
is  y/h  =0.03. 

Interesting  flow  phenomena  can  be  detected  by  a  detailed  analysis  of  different  tip  clea¬ 
rance  flow  regions.  In  Fig.  11  the  enlarged  views  of  the  velocity  field  and  of  the  Mach 
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number  distribution  at  the  clearance  inlet  reveal  that  local  separation  takes  place  at 
the  blade  wall.  Another  important  result  as  regard  to  the  physical  understanding  is  ob¬ 
tained  by  the  analysis  of  the  tip  leakage  discharge  flow.  The  discharge  flow  shows  the 
typical  behaviour  of  a  free  jet.  In  the  discontinuity  region  which  is  limited  by  the 
outer  free  jet  boundary  and  by  the  wall  boundary  layer  of  the  casing  some  stretched  vor¬ 
tices  can  be  seen.  The  expansion  of  this  vortices  is  obviously  hindered  whereas  at  the 
inner  jes  boundary  in  the  direction  of  the  main  flow  region  a  fully  developed  vortex 
flow  is  observed.  Since  in  the  present  case  the  flow  computation  was  limited  to  a  2D- 
domain  and  did  not  include  the  interaction  of  th  jet  flow  with  the  rotor  main  flow,  the 
rolling  up  of  the  jet  to  form  the  tip  vortex  c r  not  obtained. 

5.2  DISCHARGE  MASS  PLOW 

All  configurations  under  investigation  were  eva  ^ed  as  regard  to  the  tip  clearance 
discharge  mass  flow  which  can  be  regarded  as  a  measure  of  the  losses  of  the  flow  within 
the  tip  clearance .  First  the  influence  of  the  tip  geometry  on  the  discharge  mass  flow 
without  coolant  air  injection  was  analysed.  In  Fig.  13  the  relative  tip  leakage  mass  flow 
is  plotted  versus  the  relative  tip  clearance  height.  The  discharge  mass  flow  of  the  flat 
tip  configuration  without  motion  was  taken  as  a  reference  value.  The  influence  of  wall 
motion  is  included  too.  From  these  results  it  can  be  concluded  that 

-  the  relative  discharge  mass  flow  grows  nearly  linearly  as  the  clearance 
height  increases, 

-  the  different  blade  geometries  -  flat  tip  and  tip  with  groove  -  have  only 
a  slight  influence  on  the  amount  of  the  leakage  discharge  mass  flow  at  the 
same  conditions, 

-  the  wall  motion  reduces  the  discharge  mass  flow  of  about  10  %  for  the 
selected  rotational  case. 

In  Fig.  1 h  the  relative  tip  leakage  mass  flow  is  plotted  versus  the  relative  clearance 
height  for  the  cases  with  tip  coolant  injection.  There  the  effect  of  wall  motion  causing 
a  reduction  of  the  discharge  mass  flow  is  more  pronounced.  In  consequence  care  should  be 
taken,  if  cascade  meas"rements  on  tip  discharge  mass  flow  are  applied  to  the  design  of 
rotor  blades  with  tip  coolant  injection.  Finally  it  can  be  stated  by  comparison  of  the 
3  configurations  that  in  the  presence  of  the  wall  motion  the  influence  of  the  considered 
geometries  with  and  without  coolant  air  injection  is  only  a  minor  one. 

6 .  CONCLUSIONS 

The  results  obtained  in  the  first  step  of  a  comprehensive  numerical  study  dedicated  to 
turbine  rotor  tip  leakage  flow  phenomena  indicates  that  the  FEM  Navier-Stokes  code  with 
unstructured  grids  and  local  refinement  turned  out  to  be  a  powerful  tool  for  resolving 
local  viscous  effects.  By  detailed  flow  analysis  of  the  boundary  layer  development  in  the 
clearance  gap  a  better  physical  understanding  was  achieved  which  will  help  in  the  later 
evaluation  of  loss  mechanisms  associated  with  tip  clearance  flow.  Furtheron  the  results 
of  the  flow  simulation  show  that  the  coolant  flow  injection  turned  out  to  have  a  minor 
effect  on  the  discharge  mass  flow.  A  pronounced  influence  of  wall  motion  is  observed  for 
the  blade  with  coolant  flow  injection. 
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y/h  -  0.01  ;  0.02  ;  0.03 

Influence  of  Wall  Motion 
xx  *»  O  m/s  and  u  ■“  442  m/s 


Fig.  5:  Tip  geometries  and  parameter  variations 


Fig,  6:  Computational  grid  of  the  blade  tip  region 
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Abstract 

Two  transient  techniques  are  used  to  measure  the  heat  transfer  coefficient  distributions  in  nozzle  guide  vanes  passages. 
The  first  employs  liquid  crystal  methods  in  a  Cold  Heat  Transfer  Tunnel  and  examines  the  flow  in  a  two-dimensional 
cascade  The  second  uses  localised  thin  film  heat  transfer  gauges  within  an  annular  cascade  at  engine  representative  Mach 
numbers  and  Reynolds  numbers.  The  techniques  arc  described  and  the  resulting  heat  transfer  coefficient  distributions 
are  discussed  and  interpreted  in  terms  of  the  secondary  flows  and  vortex  structures.  Typical  heat  transfer  distributions 


are  presented  over  the  endwalls  and  blade  surfaces.  An  analysis  of  the  endwall  heat  transfer  results  is  presented  for  the 

annular  cascade. 

c 

specific  heat  capacity  of  model  material 

h 

time  for  second  calibrated  colour  display 

h 

heat  transfer  coefficient 

X 

distance  measured  from  geometric  stagnation 

k 

thermal  conductivity  of  model  material 

line  along  blade  surface 

n 

distance  into  the  model  material  measured 

T(n,i) 

temperature 

normal  to  the  surface 

^crystal 

calibrated  liquid  crystal  colour  display 

P 

pressure  surface  length 

temperature 

Po 

stagnation  pressure 

Tgat 

gas  temperature 

RCinlcl 

inlet  Reynolds  number  based  on  true  chord 

^initial 

temperature  before  flow  initiation 

S 

suction  surface  length 

a 

thermal  diffusivity  of  model  material 

t 

lime 

P 

density  of  model  material 

U 

time  for  first  calibrated  colour  display 

Table  A-l:  Nomenclature  for  Part-A 


Introduction 

Heat  transfer  measurements  have  been  made  in  two  wind-tunnels  using  different  transient  techniques.  A  comparatively 
new  method  which  uses  thermochromic  liquid  crystal*  has  been  applied  to  a  three  blade  linear  cascade  to  demonstrate  the 
advantage  of  a  full  surface  coverage  measurement.  The  experimental  technique  is  fully  described  in  Part  A  and  the  heat 
transfer  results  briefly  discussed.  A  very  comprehensive  study  of  the  endwall  heat  transfer  distribution  in  an  annular  cascade 
is  then  presented  in  Part  B.  These  measurements  are  supported  by  surface  shear  flow-visualisation.  A  novel  method  of 
predicting  the  heat  transfer  levels  from  an  inviscid  computation  coupled  with  an  integral  boundary  layer  analysis  has  been 
developed  and  applied  to  the  endwall. 

Part-A  Full  surface  heat  transfer  measurements  using  liquid  crystals 

A-X  Introduction 

The  experimental  technique  applied  to  the  linear  cascade  was  originally  developed  (11,7]  as  a  means  of  measuring  heat 
transfer  coefficients  within  models  of  complex  cooling  passages.  The  advantage  of  the  method  is  that  accurate  maps  of  heat 
transfer  coefficient  ( h )  are  readily  generated  over  the  entire  surface  of  the  region  of  interest.  In  flow  domains  where  there 
are  high  spatial  gradients  in  h  the  problems  of  providing  sufficient  gauging  to  adequately  define  the  flow  can  be  severe.  A 
three  blade  cascade  was  manufactured  to  demonstrate  the  suitability  of  the  technique  to  the  measurement  of  blade  external 
heat  loads.  The  preliminary  low  speed  results  have  been  presented  in  [21]. The  subsequent  work  has  improved  the  operation 
of  the  wind-tunnel  to  expand  the  range  of  flow  speeds  over  which  measurements  can  be  made.  Heat  transfer  measurements 
have  been  made  over  the  entire  passage  at  engine  representative  Mach  numbers. 
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Tunnel  Inlet, 


Colour 

red 

yellow 

blue 


Crystal  1  Crystal  t 

40.3°C  35.4°<7 

40.5°C'  35.7  °G 

AO.rC  35.9°C 


70  TC 
27 .6°C 

569.0WnT2k-lsecOJi 


Table  A-2:  Experimental  temperatures  and  thermal  product 


Figure  A-l:  Experimental  facility 


A-2  Experimental  technique 

The  transient  liquid  crystal  method  is  based  on  measuring  the  change  in  temperature  of  a  model  when  subjected  to  a  flow 
at  a  different  temperature.  The  surface  temperature  is  obtained  from  monitoring  the  colour  of  a  coating  of  liquid  crystals 
applied  to  the  surface.  The  test  section  is  initially  at  a  uniform  temperature  and  the  surface  temperature  response  is 
monitored  using  thermochromic  liquid  crystals.  It  can  be  shown  [11,16,19]  that  under  the  test  conditions,  the  conduction 
of  heat  in  a  direction  parallel  to  the  surface  has  a  negligible  effect  on  the  surface  temperature  rise.  The  surface  temperature 
history  is  then  governed  by  the  one  dimensional  transient  conduction  equation. 

d2T  _  VdT  .  . 

On*  ~  ocdt  U 

with  the  following  boundary  and  initial  conditions 

=  h(Tga,  -  Tn=0)  (2) 

OTl  n=0 

-*!L,=o 

T(n,  0)  =  Tinitial  (4) 

The  solution  to  these  equations  for  a  constant  heat  transfer  coefficient  and  gas  temperature  can  be  written 


Ttfryiiaf  ^initial 
Tyai  ^initial 


:  1  _  e*rer/c(i^l) 

\/pck 


From  which  it  can  be  seen  that,  provided  Tsa,,Tlmuat  and  \'pck  are  known,  a  knowledge  of  the  surface  temperature 
at  a  particular  time  after  gas  flow  initiation  is  sufficient  to  yield  the  heat  transfer  coefficient.  Alternatively,  *he  time 
taken  for  any  point  on  the  surface  to  reach  a  particular  temperature  can  be  used.  This  approach  permits  a  simple  sort 
of  surface  thermometer  to  be  employed.  Originally  ,  [7,11,24,40,26]  ^researchers  applied  a  coating  which  melted  at  an 
accurately  known  temperature.  More  recent  work  has  utilised  thermochromic  liquid  crystals  to  indicate  either  a  series  of 
a  single  isotherm.  These  substances  scatter  light  over  a  range  about  a  preferred  wavelength  which  varies  as  a  function  of 
temperature.  As  a  consequence,  they  appear  to  change  colour  over  a  certain  temperature  range.  A  typical  example  of  a 
chiral  nematic,  [28],  sort  of  liquid  crystal  supplied  by  BDH’  appears  red  at  40.3°C  and,  as  the  temperature  is  increased, 
passes  through  IheTull  visible  spectrum  over  arrange  of  0.5°C.  (see  Table  A-2) 

The  accuracy  of  the  measurement  is  dependent  on  a  sufficiently  rapid  crystal  response,  and  earlier  tests  [18,2]  on  the 
chiral  nematic  type  oflliquid  crystal  employed  showed  that  the  time  response  was  of  the  order  of  milliseconds.  The  tests 
reported  here  are  all  long  enough  for  the  response  of  the  crystal  to  be  considered  instantaneous. 

Although  it  is  possible  to  establish  the  temperature  at  any  point  within  the  colour  display  band  by  monitoring  the 
colour  of  the  coating,  [9],  it  is  more. accurate  in  practice,  to  select  a  crystal  which  is  optically  active  over  a  narrow  range 
of  temperature  and  acquire  one  reading  from  a  single  colour.  In  situations  where  more  than  one  temperature  is  required, 
combinations  oi  different  liquid  crystal  devices  have  been  employed  [5,6,1 7,18.19].  This  mixing  is  possible  sincet-he  crystals 
are  suppiied’as  micro- capsules.  The  active  liquid  crystal  is  in  the  form  of  tiny  spheres  (10 pm.  in  diameter)  encased  in  a 
protective  shell  of  gelatin  and  gum  arabic  [32].  When  applied  to  the  surface,  the  coating  consists  of  a  single  layer  of  capsules 
containing  the  required-liquid  crystal  material.  The  capsules  are  fixed  to  the  surface  with  a  glue  which  results  in  a  surface 
roughness  which  is  smai'  -i  .  Iran  the  capsule  size.  For  these  tests  the  surface  of  the  coated  model  can  be  considered  to  be 
hydraulically  smooth. 

A  coating-which  consisted  of  two  different  liquid  crystals  was  applied  to  the  turbine  passage.  In  this  way  two  values  of 
heat  transfer  coefficient  could  be  calculated  at  many  points  on  model.  With  a  model  initial1  temperature  of  70. 7" C  the  heat 
transfer  coefficient  at  certain  locations  was  too  low  for  the  surface  to  cool  to  the  colour  display  temperature  of  ‘Crystal  2’ 
(Table  A-2)  during  the  test  time. 

Under  the  test  conditions  the  transient  method  can  be  shown  to  be  equivalent  to  measuring  heat  transfer  coefficients 
under  isothermal  wall  conditions.  The  thermal1  boundary  conditions  of  the  transient  technique  have  been  considered  in 


‘BDH  Ltd, Poole, Dorset  BH12  4NN.UK. 
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Figure  A-2:  Pressure  and  temperature  throughout  a  typical  test 

(l,17,19,29jand  the  data  presented  over  the  turbine  cascade  in  the  present  report  was  confirmed  as  being  measured  for  a 
time  invariant  heat  transfer  coefficient  from  the  agreement  between  the  values  calculated  for  the  two  crystal  temperatures. 

The  experimental  uncertainty  is  a  function  of  the  temperatures  used  in  the  test.  For  this  work,  the  greatest  experimental 
uncertainty  in  the  heat  transfer  data  was  6.0%.  The  analysis  used  was  that  given  in  Appendix  4-B  of  [19]. 

A-3  Experimental  facility  and  test  procedure 

The  experimental  facility  is  shown  in  Figure  A  1.  During  the  expeiiment  dry  air  at  atmospheric  pressure  is  drawn  through 
the  tunnel  to  an  evacuated  tank.  Initially  the  cascade  is  isolated  from  the  28m3  tank  by  a  shutter  valve.  The  heat  transfer 
analysis  assumes  that  the  test  flow  results  in  a  step  change  in  h  and  hence  it  is  essential  that  the  valve  opens  rapidly.  'r'h° 
pneumatically  actuated  valve  incorporates  a  tapered  shutter  which  is  supported  on  tracks  by  roller  bearings.  Tests  revealed 
that  the  valve  opened  in  less  than  60milliseconds. 

The  aerofoil  profile  has  previously  been  studied  by  Watt  et  al.  [41]  and  many  of  the  cascade  details  (Table  A-3)  in 
tms  reference  are  the  same  for  the  current  tests.  The  perspex  working  section  was  immersed  in  a  water  tank  and  heated 
to  about  70'C.  Complete  temperature  uniformity  prior  to  the  lest  was  ensured  by  continuously  circulating  the  water. 
Temperature  controlled  air  was  introduced  into  the  tunnel  just  downstream  of  the  turbine  blades  and  passed  out  through 
the  tunnel  inlet.  A  digital  controller  was  used  to  set  the  power  to  an  electrical  heater  in  order  that  the  air  passing  through 
the  cascade  could  be  set  at  the  same  temperature  as  the  water.  A  temperature  controlled  guard  heater  was  also  installed 
in  the  section  downstream  of  the  blades.  The  hot  air  flow  was  maintained  through  the  model  up  until  the  time  that  the 
shutter  valve  opens.  In  this  way  an  initial  model  temperature  uniformity  of  better  than  0.2°C  was  provided. 

During  the  test  the  air  temperature  was  measured  by  a  thermocouple  at  the  tunnel  inlet  and  the  static  pressure  recorded 
both  at  inlet  and  downstream  of  the  blading.  A  second  throat  at  the  valve  uncoupled  the  flow  through  the  cascade  from 
the  steadily  rising  pressure  in  the  tank.  No  heat  transfer  data  was  analised  once  the  flow  at  the  second  throat  became 
ur-chokcd.  This  occurs  at  32  secs  for  the  particular  test  which  is  detailed  in  Figure  A-2.  The  heat  transfer  coefficient  was 
calculated  from  flat  plate  correlations  [34]  for  the  tunnel  entry  length  of  270mm.  This  value  was  found  to  to  be  within  10% 

Blade  dimensions 


Profile  scale 

1  : 1 

True  chord  length 

69.0mm 

Axial  chord  length 

37.4mm 

Pitch  spacing 

57.4mm 

Span 

50.0mm 

Suction  surface  length 

83.6mm 

Pressure  surface  length 

67.0mm 

Entry  length 

270.mm 

Test  parameter 

s 

Low  speed 

High  speed 

Inlet  Mach  number 

0.06 

0.18 

B'Cjf.ut 

93000 

250424 

Calculated  boundary  layer  thickness 

8.0mm 

6.33mm 

Table  A-3:  Cascade  Details 

of  the  measured  heat  transfer  coefficient. 

A-4  Discussion  of  results 

Ihe  aim  of  this  work  was  to  demonstrate  that  a  new  transient  technique  could  be  applied  to  the  measurement  of  heat 
transfer  coefficients  in  a  turbine  cascade.  A  comprehensive  study  of  the  flow  field  was  not  undertaken  but  it  should  be  noted 
that  thetcchnique,  as  a  matter  of  course,  generates  complete  contours.  In  other  words,  the  data  presented  in  Figures  A  3 
to  A-6  have  not  been  numerically  smoothed.  This  ensures  that  quite  subtle  features  in  the  contours  are  preserved. 

A  particularly  interesting  feature  is  evident  on  the  cndwall  at  both  flow  speeds  adjacent  to  the  blade  leading  edge. Ihe 
cndwali  contours  in  Figures  A-3-and  Figure  A-4  reveal  the  expected  peak  in  h  neat  to  the  blade  leading  edge.  As  the 
incident  boundary  layer  approaches  the  blade  it  is  subject  to  an  adverse  pressure  gradient  and  the  flow  ‘rolls  up’  to  form  a 
vortex.  Within  tiiis  part  of  the  separation  system,  heat  transfer  to  the  cndwall  is  found  to  be  highest  at.the  flow  attachment 
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Mini*  =  0.18  Re ,-nta  =  250424 


Figure  A-3:  Figure  A-4: 

Heat  transfer  coefficient  distributions  on  the  endwall.  The  geometric  stagnation  point  is  indicated  (S)  and 

the  feature  marked  Z  is  referred  to  in  the  text.  The  marks  around  the  blades  are  at  intervals  of  ten  percent  of  the  blade 
lengths  on  each  side.  The  flow  direction  is  from  left  to  right. 


point.  For  a  symmetrical  obstacle  such  as  a  cylinder,  this  point  will  be  on  the  line  of  symmetry,  and  for  the  turbine  blade 
will  be  close  to  the  geometrical  stagnation  point.  Levels  of  heat  transfer  coefficient  on  the  endwall  then  decrease  as  one 
moves  away  from  the  obstacle  and  hence  the  attachment  point.  However,  at  a  certain  distance  from  the  cylinder,  this 
monotonic  decrease  is  arrested,  and  a  second  peak  in  h  is  observed  [17, 19).The  endwall  contours  as  they  pass  through  this 
region  are  then  folded  back  and  are  ‘Z’  shaped  as  marked  in  Figures  A-3  and  A-4.  This  effect  was  first  observed  using 
the  same  transient  technique  under  the  vortex  structure  at  the  front  of  pedestals  used  in  cooling  passages  (17,19).  The 
separation  which  forms  at  the  junction  between  the  pedestal  and  the  cooling  passage  wall  is  strongly  related  to  that  ahead 
of  the  turbine  blade.  Much  flow  visualisation  work  for  the  pedestal  established  this  peak  as  being  at  the  attachment  line 
of  a  second  vortex  ahead  of  the  horseshoe  vortex. 

Flow  field  studies  by  other  workers  (38,22)  have  also  succeeded  in  classifying  the  vortex  system  as  being  comprised  of 
two  main  vortices  (  the  ‘horseshoe’  vortex  adjacent  to  the  obstacle,  and  the  ‘separation’  vortex  upstream ).  In  fact  a  small 
counter  vortex  must  exist  between  the  two  though,  its  influence  on  heat  transfer  appears  to  be  insignificant.  The  first 
association  of  the  heat  transfer  distribution  to  the  double  main  vortex  structure  is  given  in  [19).  The  same  phenomenon , 
around  turbine  blades  has  also  been  observed  using  a  steady  state  heated  coating  method  (14)  and  the  mass  transfer  analogy 
method  [13]. 

Clearly  flow  visualisation  would  be  required  for  a  full  discussion  of  the  features  observed  though  it  is  thought  likely  that 
the  pressure  side  leg  of  the  horseshoe  vortex  remains  close  to  the  blade,  and  that  the  attachment  line  under  this  vortex  is 
responsible  for  the  bend  in  the  contours  on  the  endwall  adjacent  to  this  surface.  Over  the  pressure  surface  of  the  blade,  the 
levels  of  h  are  lower  towards  the  endwall.  This  tendency  of  the  horseshoe  vortex  to  reduce  heat  transfer  to  the  obstacle, 
in  this  case  tlie  blade,  near  to  the  junction  with  the  endwall  has  been  observed  previously  over  a  pedestal  placed  in  fully 
developed  channel: flow  [1,17],  It  was  found  that  this  phenomenon  was  dependent  on  the  thermal  boundary  layer  in  the 
incident  flow.  Thedormersludy  showed  that,  when  the  heat  transfer  was  only  to  theobstacle  itself,  the  vortex  system  acted 
to  increase  heat  transfer  in  the  vicinity  of  the  junction.  These  thermal  boundary  conditions  were  achieved  by  wrapping 
an  insulated  perspex  cylinder  with  an  electrical  heater  but-supplying  no  heat  at  the  windlunnel  endwall.  Comparison  was 
made  to  the  results  of  tests  using  the  transient  method  applied  to  an  identically  dimensioned  cylinder  in  the  same  flow 
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Figure  A-5:  Suction  surface  Figure  A-6:  Pressure  surface 

Contours  of  heat  transfer  coefficient (fP on  the  blade  surface.  The  flow  direction  is  from  right  to  left. 


field.  In  this  case,  both  thermal  and  hydrodynamic  boundary  layers  were  present  in  the  flow  just  upstream  of  the  pedestal. 
Around  the  front  of  the  pedestal,  it  was  found  that  the  major  influence  of  the  vortex  system  was  to  reduce  heat  transfer 
levels  from  the  mid  span  values  close  to  the  cylinder  extremities. 

The  endwall  heat  transfer  distribution  at  both  inlet  Mach  numbers  also  indicate  that,  under  the  influence  of  the  cross 
passage  pressure  gradient,  the  outer  separation  vortex  traverses  the  passage  and  comes  close  to  the  suction  surface  of  the 
blade  at  between  35%  and  40%  of  the  suction  surface  length.  Inspection  of  the  suction  surface  contours  for  the  low  Mach 
number  data,  Figure  A-5,  then  reveals  evidence  of  three  dimensional  effects  from  about  this  position.  Interestingly,  the 
levels  of  heat  transfer  coefficient  are,  up  until  about  the  60%  line,  increased  from  the  mid-span  values.  This  is  thought  to  be 
due  vO  an  attachment  line  between  the  counter  rotating  vortices  (  specifically,  the  suction  surface  side  leg  of  the  horseshoe 
vortex,  and  the  pressure  side  separation  vortex  which  has  crossed  the  passage).  As  discussed  above,  if  only  one  vortex  is 
close  to  the  blade,  as  is  the  case  on  the  pressure  surface  ,  then  no  such  attachment  occurs,  and  heat  transfer  levels  are  not 
necessarily  increased — depending  on  the  presence  or  not  of  the  thermal  boundary  layer.  Beyond  60%,  for  the  low  Mach 
number  results,  a  rise  in  heat  transfer  for  flow  remote  from  the  vortex  system  and  away  from  the  endwalls  ,  identified  as 
transition,  masks  the  influence  of  this  line. 

Amongst  the  highest  levels  of  heat  transfer  to  the  endwall  are  those  recorded  behind  the  aerofoil  in  the  wake  region. 
This  was  the  case  even  for  the  low  speed  data  which  was  entirely  subsonic  and  hence  this  enhancement  is  not  associated 
with  any  compressible  flow  phenomena.  One  method  of  confirming  the  validity  of  the  steady  heat  transfer  coefficient  is 
to  calculate  the  ratio  of  the  colour  change  times  on  the  surface  of  the  model.  It  can  be  shown[21]  that  this  ratio  shold 
be  uniform  over  the  surface  provided  that  the  driving  gas  temperature  and  intial  temperature  are  uniform.  The  two  event 
times  and  their  ratio  are  plotted  in  Figure  A-7  for  the  suction  surface  in  a  region  of  supersonic  flow. 


A-5  Conclusions 


This  work  has  demonstrated  that  a  novel  method  of  measuring  heat  transfer  coefficient  can  be  applied  successfully  to 
turbine  cascades.  The  advantages  of  a  full  surface  measurement  has  been  demonstrated  by  the  detail  of  the  contours  of 
heat  transfer  coefficient  presented. 
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Figure  A-7:  fi  and  h  on  the  suction  surface  for  an  inlet  Mach  number  of  1.8 


Pari-B  Measurements  in  an  annular  cascade 

B-l  Introduction 

Local  heat  transfer  measurements  have  been  made  on  an  HP  ISfGV  in  annular  cascade  at  engine  representative  Reynolds 
numbers  and  Mach  numbers  using  the  thin  film  gauge  technique  described  by  Schultz  et  ai.  [35,37].  The  technique  is  briefly 
reviewed  and  the  measured  hub  end  wall  heat  transfer  is  presented.  A  new  analysis  method  is  introduced,  together  with 
flow  visualization  results  for  the  vane.  The  heat  transfer  patterns  are  discussed  in  the  light  of  these  results. 


B-2  Experimental  technique 

Thin  film  gauges  are  painted  onto  machineable  glass  ceramic  (Corning  macor)  blades.  The  working  section  is  initially  at 
ambient  temperature  and  is  subject  to  a  step  in  convective  heating  when  the  tunnel  is  operated,  and  the  gauges  measure 
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Figure  B-2:  General  assembly  of  working  section 


c 

true  chord 

T„a. 

gas  temperature 

cax 

axial  chord 

Tu 

turbulence  intensity 

Cp 

specific  heat  capacity  of  air 

Twall 

wall  temperature 

h 

heat  transfer  coefficient 

(u,v,w) 

velocity  components  in  the 

k 

thermal  conductivity  of  air 

slreamwise  co-ordinate  system 

Ma 

Mach  number 

(uz,ur,ut) 

velocity  components  in 

Nu 

Nusselt  number  =  qf 

r.vlindrical  Dolar  co-ordinates 

n 

distance  normal  to  surface 

V 

voltage 

s 

stream-wise  co-ordinate 

z 

axial  distance 

{s,0,n) 

co-ordinate  system  aligned  with  stream  fines 

(z,r,  0) 

cylindrical  polar  co-ordinates 

Re 

Reynolds  number 

a 

thermal  diffusivity  of  substrate 

r 

radial  distance  from  the  z  axis 

p 

distance  normal  to  s  and  n 

rb 

true  local  body  radius 

boundary  layer  thickness 

*\n 

equivalent  body  radius 

angle  from  the  vertical 

RC 

time  constant 

p 

dynamic  viscosity  of  air 

T 

temperature 

p 

air  density 

t 

time 

Table  B-l:  Nomenclature  for  Part-B. 

the  surface  temperature  response.  Making  the  same  assumptions  as  for  the  liquid  crystals  the  surface  temperature  history 
is  again  governed  by  the  one  dimensional  transient  conduction  equation. 

d*T  1 8T  ... 

dn*~  a  8t  (  } 

The  surface  temperature  is  converted  to  heat  transfer  rate  by  an  electrical  analogue  of  the  conduction  process.  The  variation 
of  voltage  with  time  and  distance  along  an  R-C  transmission  line  is  given  by 


0nJ  RC  dt 


(V 


which  is  analogous  to  the  transient  conduction  equation.  Provided  the  transmission  line  is  long  enough,  compared  with 
the  flow  duration,  for  it  to  appear  semi-infinite  then  there  is  a  direct  analogue  between  the  input  voltage  and  surface 
temperature  on  one  hand  and  input  current  and  surface  transfer  rate  ou  the  other.  The  theory  is  given  more  fully  in 
(36,30,31J. 


B-3  Experimental  facility  and  test  procedure 

TheNGV  cascade  was  tested  iu  the  Iseutropic  Light  Piston  Facility  (ILPC)  at  the  Royal  Aerospace  Estabiishment(Pyestock), 
The  ILPG  is  described  fully  by  Brooks  et  al.  in  (3).  A  schematic  diagram  is  included  as  Figure  8-1.  The  theory  of  this 
facility  is  described  by  Jones  et  al.  in  [23],  Briefly,  the  ILPC  is  a  transient  facility  which  provide.'  a  means  of  generating 
a  short-duration  steady  flow  through  the  working  section  for  up  to  one  second  at  engine  representative  Mach  numbers, 
Reynolds  numbers  and  gas-to-wall  temperature  ratios.  A  new  working  section  was  made  for  these  tests,  shown  in  Fig¬ 
ure  B-2.  As  can  be  seen  the  NGV  was  tested  with  an  inlet  contraction  representative  of  the  engine  combustor  exit  nozzle. 

A  pneumatically  actuated  plug  valve  separated  the  working  section  from  the  piston  tube.  This  opened  in  under  50ms 
to  allow  the  air  in  the  piston  tube  (compressed  by  the  high  pressure  air  driving  the  piston)  through  the  working  section, 


Figure  B-5:  Front  view  of  hub  end  wall  flow  visualization  Figure  B-6:  Rear  view  of  hub  end  wall  flow  visualization 


Test  Conditions  (mid-height) 


Blade  dimensions  (mid-height) 

Exit  Ma 

0.884 

Scale 

1  : 1 

Exit  Re  (true  chord) 

2.57  x  10G 

True  chord  length 

70.1  mm 

Initial  T0/Tw 

1.29 

Axial  chord  length 

37.5  mm 

Hub  inlet  S9s 

2.7%  span 

Span  (at  trailing  edge) 

37.4  mm 

Casing  inlet 

2.3%  span 

Span  (at  contraction  inlet) 

120.0  mm 

Inlet  Tu  (leading  edge) 

6.3% 

Table  B-2:  Test  Details 

once  it  had  reached  the  required  temperature  and  pressure.  Pressure  oscillations  in  the  flow  due  to  finite  piston  mass  and 
sudden  expansion  into  the  working  section  volume  were  within  6%  of  the  mean  total  pressure.  The  test  conditions  for  the 
results  reported  here  are  given  in  Table  B-2.  At  three  positions  around  the  annulus  sets  of  four  vanes  were  held  in  cassettes 
which  allowed  instrumented  vanes  to  be  removed  and  fitted  without  the  need  for  dc-rigging.  Details  of  the  instrumented 
machineable  glass  vanes  with  hub  end  wall  thin  films  are  shown  in  Figures  B-3  and  B-4. 

Upstream  of  the  inlet  contraction  the  boundary  layer  was  bled  off  through  perforated  walls  in  the  parallel  duct.  The 
turbulence  was  generated  using  radial  bars  positioned  at  the  start  of  the  contraction,  where  the  boundary  layer  into  the 
vanes  was  assumed  to  begin.  Boundary  layer  thicknesses  were  measured  using  pitot  traverses  one  axial  chord  upstream  of 
the  vanes.  The  inlet  temperature  was  measured  using  fast  response  thermocouples  and  the  inlet  turbulence  intensity  using 
a  constant  temperature  hot  wire  anemometer. 

B-4  Experimental  results 

B-4. a  Flow  visualization 

To  aid  the  interpretation  of  the  results  a  number  of  flow  visualization  techniques  were  used.  The  results  of  a  two  colour 
fluorescent  dye  technique  are  presented  in  Figures  B-5  and  B-6.  The  vane  aerofoils  and  platforms  downstream  of  the  leading 
edge  were  painted  with  one  fluorescent  dye  in  a  silicon  oil  and  paraffin  suspension  (which  shows  darker  in  the  figures). 
Upstream  of  the  vane  leading  edge  the  platforms  are  painted  in  another  dye  (which  shows  lighter  in  the  figures).  The 
penetration  of  the  second  dye  into  the  passage  during  the  run  clearly  highlights  the  passage  secondary  flows.  Drawing  on 
the  excellent  review  of  secondary  flows  by  Sievcrding  [39]  (and  the  work  of  the  researchers  contained  in  his  review)  the 
interpretation  of  these  results  is  as  follows.  As  the  inlet  boundary  layer  approaches  the  vane  leading  edge  it  experiences 
an  adverse  pressure  gradient  and  is  ‘rolled  up’  into  the  leading  edge  horseshoe  vortex  resulting  in  a  small  region  of  reverse 
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SEPARATION 


Figure  B-7:  Hub  end  wail  streamline  Figure  B-8:  Hub  end  wall  streamline 

pattern  from  3-D  calculation  pattern  from  flow  visualization 

flow  Away  from  the  leading  edge,  as  the  boundary  layer  enters  the  passage  the  low  momentum  fluid  is  overturned  by  the 
cross-passage  pressure  gradient  and  is  swept  toward  the  adjacent  suction  surface.  A  clear  separation  line  is  visible  marking 
the  limit  of  the  penetration  of  the  bottom  of  the  inlet  boundary  into  the  passage.  It  is  assumed  that  the  pressure  surface 
leg  of  the  horseshoe  vortex  is  also  swept  across  the  passage,  remaining  just  downstream  of  the  separation  line.  The  suction 
surface  side  leg  of  the  horseshoe  vortex  remains  close  to  the  aerofoil  and  is  quickly  swept  up  onto  the  vane  surface.  In 
Figure  B-6  a  line  can  be  seen  on  the  rear  of  the  aerofoil.  The  fluid  in  the  overturned  boundary  layer  is  swept  off  the  end 
wall  and  up  the  blade  until  it  can  no  longer  overcome  the  radial  pressure  gradient  whereupon  it  separates  off  the  surface 
from  this  line,  feeding  the  passage  vortex.  Dye  is  entrained  along  this  line,  perhaps  helped  by  the  presence  of  the  suction 
surface  leg  of  the  horseshoe  vortex  which  remains  close  to  the  aerofoil  surface  -  but  the  evidence  is  not  conclusive.  The 
dye  travels  to  the  trailing  edge  where  the  downwash  in  the  wake  carries  it  back  onto  the  hub  platform,  clearly  showing 
how  the  wake  impinges  on  the  end  wall.  Downstream  of  the  separation  line  a  new  boundary  layer  forms  in  the  pressure 
surface  end  wall  corner  region.  As  this  boundary  layer  grows  and  loses  momentum  it  too  is  swept  across  the  platform  by 
the  cross-passage  pressure  gradient. 


SEPARATION 

LINE 


B-4.b  Hub  platform  heat  transfer 

Figure  B-9  shows  contours  of  Nu  derived  from  the  measured  local  heat  transfer  rates.  The  contours  are  interpolated  from 
the  data  using  a  quadratic  surface  fitting  routine.  This  necessarily  involves  some  smoothing  of  the  data  and  provides  less 
resolution  than  the  full  coverage  obtained  from  liquid  crystals.  The  results  presented  are  a  composite  picture  averaged  from 
a  number  of  runs  with  an  overall  uncertainty  of  5%.  The  heat  transfer  patterns  are  similar  to  those  observed  by  Georgiou 
et  al.  [12]  in  a  linear  cascade.  High  heat  transfer  can  be  seen  around  the  leading  edge,  as  with  the  liquid  crystals,  but  the 
thin  films  have  not  resolved  any  other  features  in  this  region,  in  particular  low  heat  transfer  at  the  separation  line  in  front 
of  the  horseshoe  vortex.  There  is  a  characteristic  V  shape  in  the  contours  at  the  inlet  with  a  region  of  low  heat  transfer 
intruding  into  the  passage.  After  this  the  heat  transfer  increases  in  the  passage  up  to  the  throat,  as  would  be  expected  in 
accelerating  flow.  A  plateau  of  high  heat  transfer  around  the  pressure  surface  trailing  edge  falls  away  markedly  toward  the 
suction  surface  endwall  corner.  To  help  interpret  these  results,  which  are  not  readily  explicable  in  terms  of  the  observed 
secondary  flows,  a  new  analysis  method  was  developed  to  calculate  the  measured  Nu. 


B-5  Analysis  method  and  results 

Dejarnette  et  al.  [10]  in  a  review  of  approximate  heat  transfer  analyses  described  the  application  of  the  ‘axisymmctric 
analogue’  developed  by  Cooke  [8].  Making  the  assumption  that  along  an  endwall  streamline  the  cross  flow  in  the  boundary 
layer  is  negligible  (that  is,  skew  through  the  boundary  layer  is  ignored)  the  general  3-D  boundary  layer  equations  can  be 
reduced  to  a  form  identical  to  those  for  axisymmctric  flow.  Provided  that  the  streamlines  can  be  predicted  the  method 
allows  the  heat  transfer  to  be  calculated  along  them  and  a  picture  of  the  surface  heat  transfer  to  be  built  up.  Using  a 
streamwise  oriented  co-ordinate  system  (s,6,n)  and  making  the  usual  boundary  layer  assumptions  the  momentum,  energy 
and  continuity  equations  reduce  to 
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Here  the  subscript  1  refers  to  free  stream  conditions.  The  variable  rm  is  an  equivalent  body  radius  derived  from  the 
true  local  body  radius  rj  modified  to  allow  for  lateral  convergence  (or  divergence)  of  the  streamlines.  In  a  cylindrical  polar 
co-ordinate  system  (z,r,^),  best  suited  for  an  axisymmctric  end  wall,  rm  is  given  by 
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hub  end  wall  Nu 


Figure  B-10:  Contours  of  hub  end  wall 
Nu  calculated  without 
axisymmetric  analogue 


Figure  B-ll:  Contours  of  hub 
end  wall  Nu  calculated  using 
axisymmetric  analogue 


with  visualized  streamlines 


Figure  B-13:  Comparison  of  measured  and 
calculated  Nu  along  streamline  A 


Figure  B-14:  Comparison  of  measured  and 
calculated  Nu  along  streamline  B 


24-10 


where  d<f>/d/3  is  given  by  numerically  integrating  the  equation 


d  ( d<j>\  _  1  /  du,t,  u^diiA 

Ts  [  V&y J„  n  “  hV  \  d<f>  ~  uz  1$) 


(12) 


along  a,  streamline  using  the  local  flow  conditions.  Ft  r  heat  transfer  on  an  end  wadi  the  dominant  secondary  flow  arises 
from  the  vorticity  in  the  inlet  boundary  layer.  Since  the  convection  of  this  inlot  vorticity  through  the  passage  is  an  inviscid 
process,  it  was  proposed  to  model  the  rolling  up  of  the  inlet  boundary  layer  using  the  DENTON  3-D  inviscid  Euler 
solver  with  the  measured  inlet  boundary  layer  as  input  to  the  calculations.  The  calculated  streamline  pattern  is  shown 
in  Figure  B-7,  together  with  streamlines  derived  from  the  flow  visualization  in  Figure  B  8.  The  separation  lines  and  the 
streamlines  downstream  of  them  match  well.  Upstream  of  the  separation  line  the  calculation  suggests,  unrealistically,  that 
the  streamlines  will  converge  at  the  point  of  minimum  pressure  on  the  platform.  The  flow  conditions  calculated  by  the 
3-D  code  were  used  together  with  Ambrok's  simple  integral  method  [27]  and  the  axisymmetric  analogue  to  derive  the 
heat  transfer  values,  assuming  fully  turbulent  boundary  layers  everywhere.  Figure  B-10  shows  the  Nu  patterns  calculated 
without  the  axisymmetric  analogue  and  Figure  B-ll  the  Nil  patterns  with  the  effect  of  the  streamline  convergence  included. 
The  failure  of  the  3-D  code  to  correctly  calculate  the  streamlines  for  the  inlet  boundary  layer  results  in  an  obvious  region 
of  low  heat  transfer  when  the  streamline  convergence  is  taken  into  account.  Behind  the  separation  line  a  new  boundary 
layer  is  assumed  to  start  in  the  pressure  surface  end  wall  corner.  In  this  region,  where  the  streamlines  arc  largely  parallel, 
the  calculation  gives  good  agreement  with  the  measured  results.  Using  the  observed  end  wall  flow  pattern  the  heat  transfer 
was  recalculated  along  the  two  streamlines  A  and  B,  shown  in  Figure  B-8.  The  results  of  this  are  shown  in  Figures  B13 
and  Figure  B-14.  As  can  be  seen,  if  the  streamlines  are  known,  the  heat  transfer  can  be  calculated  to  within  15%  of  the 
measured  values. 


B-6  Discussion  of  results 

Figure  B- 12  shows  the  observed  end  wall  streamlines  overlaid  on  the  measured  heat  transfer  contours.  Using  this  and  the 
analysis  already  described  we  can  now  interpret  the  measured  results. 

1.  The  separation  line  clearly  correlates  with  the  top  edge  of  the  V-shaped  region  at  the  inlet  and  the  edge  of  the  plateau 
of  high  heat  transfer  near  the  pressure  surface  trailing  edge. 

2.  The  high  heat  transfer  at  the  leading  edge  is  at  the  attachment  point  of  the  horseshoe  vortex. 

3.  Upstream  of  the  separation  line  the  inlet  boundary  layer  is  swept  across  the  passage.  As  it  does  so  the  streamlines 
converge  and  the  boundary  layer  thickens,  offsetting  to  some  extent  the  effect  of  the  flow  acceleration  in  the  passage. 
This  gives  rise  the  V-shaped  region  of  relatively  low  heat  transfer. 

4.  As  the  overturned  boundary  layer  approaches  the  aerofoil- suction  surface,  the  effect  of  the  streamline  convergence 
outweighs  that  of  the  flow  acceleration  and  the  heat  transfer  begins  to  drop. 

5.  Behind  the  separation  line  the  pressure  surface  side  leg  of  the  horseshoe  vortex  enhances  the  heat  transfer  while  near 
still  near  the  leading  edge.  As  the  vortex  moves  downstream  it  is  stretched  so  that  its  effect  quickly  becomes  too 
small  to  be  resolved  by  the  thin  films.  A  new  boundary  layer  forms  in  the  pressure  surface  end  wall  corner  and  is 
swcpU  across  the  passage.  As  boundary  layer  initiation  occurs  along  the  blade  at  the  higher  flow  velocities  the  heat 
transfer  increases.  The  highest  velocities  near  the  pressure  surface  are  at  the  trailing  edge  causing  the  region  of  high 
heat  transfer  here.  Generally  the  heat  transfer-downstream  ofithe  separation  line  can  simply  be  explained  in  terms 
of  boundary  layer  growth  in  a  favourable  pressure  gradient. 

6.  The  region  of  high  heat  transfer  near  the  pressure  surface  trailing  edge  drops  off  markedly  toward  the  adjacent  suction 
surface.  In  the  suction  surface  end  wall  corner  the  inlet  boundary  layer  is  now  being  rolled  up  into  the  passage  vortex. 
This  vortex  is  held  tightly  into  the  wall  by  the  inwardly  acting  radial  pressure  gradient.  This  core  of  cold  fluid  above 
the  end  wall  boundary  layer  reduces  the  heat  transfer  in  the  corner. 

7.  Downstreamof  the  passage  the  new  end  wall  boundary  laycr  continues  growing,  enhanced  by  a  shght  diffusion  of  the 
flow,  with  a  corresponding  drop  in  the  heat  transfer. 

B-7  Conclusions 

1.  Detailed  heat  transfer  measurements  have  been  made  using  thin  film  gauges  on  the  platform  of  an  annular  NGV 
with  engine  representative  geometry  and  flow  conditions.  The  coverage  of  films  obtained  probably  represents  the 
practical  limit  on  what  can  be  achieved  using  the  thin  film  technique. 

2.  A  novel  method  for  the  calculation  of  end  wall  heat  transfer  has  been  demonstrated,  provided  that  the  streamline 
pattern  can  be  calculated. 

3.  The  measured  heat  transfer  patterns  cambe  interpreted  in  terms  of-the  secondary  flow  features  in  the  passage. 
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DISCUSSION 


Langston,  USA 

The  double  horseshoe  vortex  model  you  propose  is  an  interesting  one. 
However,  to  my  knowledge,  we  haven't  seen  such  a  structure  in  direct  flow 
field  measurements,  made  in  inlet  guide  vane  passages  such  as  yours.  (For 
example,  see  Marchal  &  Sieverding  [1977],  AGARD  or  Yamamoto  [1987],  ASME.) 
Did  you  make  any  direct  flow  field  measurements  to  support  your  double 
vortex  model? 

Author's  Reply: 

In  neither  facility  (Linear  or  Annular  Cascade)  were  flow  field 
measurements  made  in  the  passage  with  (for  instance)  a  live  wire  probe. 
Therefore,  there  are  no  such  measurements  to  support  the  double  vortex 
structure  which  is  derived  here  from  the  endwall  heat  transfer  contours  of 
the  linear  cascade. 


Hennecke,  Germany 

How  did  you  measure  the  heat  transfer  coefficient  distribution  on  the 
blade  surface  (Fig  A-5  and  A- 6) ? 

Author's  Reply: 

The  heat  transfer  coefficient  distribution  on  the  blade  surface  was 
measured  using  the  liquid  crystal  technique,  in  exactly  the  same  manner  as 
it  was  used  on  the  endwalls.  The  perspex  working  section  enables  the 
progress  of  the  liquid  crystal  colour  changes  line  to  be  viewed  on  all 
surfaces  of  the  working  section. 
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ABSTRACT 

Secondary  flow  in  rotating  cooling  passages  of  jet  engine  turbine  rotors  is  considered.  A  Navier- 
Stokes  calculation  procedure  for  turbulent  flow  is  used  to  compute  flow  development  in  a  radially  outward 
flow  channel,  round  a  sharp  180  degree  bend,  and  in  the  radially  inward  flow  channel  downstream.  Areas  of 
high  and  low  heat  transfer  are  explained  by  secondary  flow  development  and  quantitative  results  show  re¬ 
gions  of  design  interest. 


NOMENCLATURE 

A  area,  Eqs.  27  and  28 

A  dimensionless  distance  through  the 

channel.  Fig.  9 

Cj:  skin  friction  coefficient 

cp  specific  heat  capacity 

d  width  of  square  channel 

h  heat  transfer  coefficient,  Eq.  1 

H  rothalpy,  Eq.  12 

k  thermal  conductivity  of  air 

L  mixing  length 

M  Mach  number 

ra  turbine  mass  flow  rate 

mc  coolant  mass  flow  rate 

n  coordinate  normal  to  the  wall 

N  rotational  speed 

Nu  Nusselt  number,  Eqs.  1,  27  and  31 
P  static  pressure 

Pt  total  pressure 

Pr  Prandtl  number,  Eq.  6 

r  radius 

£  position  vector 

R  gas  constant 

Ra  Rayleigh  number,  Eq.  4 

Re  Reynolds  number,  Eq.  2 

Ro  Rossby  number,  Eq.  3 

T  temperature 

T*  rotary  stagnation  temperature,  Eq.  32 

Ttr  relative  total  temperature,  Eq.  34 

u,v,w  cartesian  velocity  components 


u  mean  velocity 

u_  relative  velocity  vector 

W  magnitude  of  the  relative  velocity 

x,y,z  cartesian  coordinates 

"y"  distance  to  the  nearest  wall 

Y  ratio  of  specific  heat  capacities,  cp/cv 

fi3  pt3/<pt, ref  “  101325  Pa> 

03  W(Tt,ref  "  288'15  K> 

X  friction  coefficient,  Eq.  28 

U  effective  viscosity 

p  density 

t  dimensionless  temperature,  Eq.  13 

u  rotation  rate  vector 

Overbar 

average 

“  mass  average 

Subscript 

b  turbine  blade  surface 

g  mean,  cooling  air 

i  cooling  channel  inlet.  Section  A-A 

N  turbine  nozzle  exit 

o  no  rotation 

w  cooling  channel  wall 

i,t  laminar,  turbulent 

1  compressor  inlet 

2  compressor  exit 

3  turbine  inlet 


INTRODUCTION 

The  design  of  multi-pans  cooling  systems  for  high  tempers ture  gas  turbine  rotor  blades  requires  a 
detailed  understanding  of  the  distributions  of  heat  transfer  around  the  surfaces  of  the  cooling  pass¬ 
ages.  These  distributions  are  determined  by  the  development  of  a  compressible  flow  with  heat  transfer  in 
a  rotating  passage  of  rapidly  changing  geometry.  There  are  significant  effects  of  Coriolis  forces  and 
curvature  causing  secondary  flows  and  modifications  of  the  turbulence  structure.  There  are  effects  of 
buoyancy  opposing  and  enhancing  a  flow  with  non-uniform  density  in  a  strong  centrifugal  pressure  field. 
And  in  addition  to  heat  transfec  there  are  significant  energy  changes  due  to  work  input  and  extraction  in 
the  rotor.  All  these  effects  are  interactive  in  a  way  which  challenges  flow  modellers  and  experimenters 
in  their  attempts  to  aid  designers. 
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Typical  Hultl-Pass  '.Cooling  Geometry 

i 

Figure  1  shows  a  typical  jet-engine  multi-pass  cooling  geometry,  modelled  after  the  design  studied  by 
Clifford  [1],  The  ilade  has  two  coolant  flow  paths,  one  cooling  the  leading  edge  and  feeding  film  cooling 
holes,  and  the  second,  with  the  multi-pass  flow  path,  providing  internal  cooling  for  the  rest  of  the 
blade.  In  this  paper,  we  are  principally  concerned  with  the  first  two  legs  of  the  multi-pass  flow  path  - 
the  radially-outward , leg,  the  sharp  180  degree  band,  and  the  cadially-inward  leg.  We  consider  steady  3-D 
compressible  turbulent  flow  in  the  rotating  reference  frame  and  investigate  the  resultant  heat  transfer 
distributions. 


DIMENSIONAL  ANALYSIS 

Following  Guidez  ”2]  and  Morris  and  Ayhan  [3],  a  dimensional  analysis  of  the  problem  gives 

Nu  »  f(Re,  Ro,  Ra,  M,  Pr,  geometry). 

Here,  we  take 

Nusselt  number,  Nu  » 

w 


Reynolds  number.  Re 


pud  m 

_£ - =  - — 

l)  dp 

w  w 


tod 

Rossby  number,  Ro  »  — 


2  2  3 

P  u  r  d  (T  -T  )Pr 

Rayleigh  number,  Ra  »  —2 - -  w — £ - 

U  T  , 
w  gi 


Mach  number. 


/  y  R  T 


gi 


Vi 

Prandtl  number,  Pr  “  — £ — 


(1) 

(2) 

(3) 

(4) 

(5) 

(6) 


The  geometry  considered  is  a  channel  of  square  cross  section  of  side  d,  with  the  orientation  shown  in  Fig. 
2.  The  fluid  is  air  with  a  Prandtl  number  of  0.7  and  the  Mach  numbers  are  small  (except  in  the  trailing 
edge  holes). 

The  flow  Is  governed  by  inertia,  viscous,  Coriolis  and  buoyancy  forces, 
these  Is  given  by  - 

. .  yl  T*  »T 

Inertia  _  Coriolis  _  Buoyancy  _  Ra  K  ci  r  w 

Viscous  e  ’  Inertia  ’  Inertia  _  2_  -2  *■  T  ,  ’ 

Re  Pr  u^  gi 

Trends  and  Ranges  of  Parameters 

To  determine  the  trends  in  these  parameters  and  to  gain  insight  into  the  fluid  mechanics  of  multi¬ 
pass  cooling  flows,  the  authors  developed  a  paper  engine  In  which  to  mount  the  blade  of  Fig.  1.  This 

engine  has  the  following  design  conditions  .  , — 

P.,  a  /8, 

~  -  25  ,  -7 — -  =>  10.4  kg/s  ,  ~  =  4738.  RPM 
pti  °3  /e 

The  first  stage  turbine  rotor  has  rmean  »  0.37  m,  r tip  “  0*86,  and  a  square  cooling  passage  of 

side,  d  =  5  mm.  It  operates  with  Mfjex£t  *  l«0,  T^  »  120  K,  and  Tw  *  1100  K,  where  Tb  is  the  blade  sur¬ 
face  temperature  and  Tw  is  the  wall  temperature  of  the  cooling  channel. 

The  trends  and  the  ranges  of  the  flow  parameters  are  shown  in  Fig.  3.  Clifford  [1]  indicates  that 
this  cooling  geometry  allowed  turbine  inlet  temperatures  to  rise  from  1500  to  1700  K  in  the  years  1970  to 
1980.  Extrapolating  that  performance  by  simpiy  increasing  the  coolant  mass  flow  rate,  one  can  estimate 
flow  parameters  up  to  turbine  Inlet  tempera t-ure?  of  2000  K.  For  example,  since  the  Reynolds  number  is 
proportional  to  the  coolant  mass  flow  rate,  it  rises  linearly  with  turbine  inlet  temperature.  Figure  3 
shows  the  Reynolds  number  rising  from  40,000  to  200,000  as  the  turbine  inlet  temperature  is  raised  from 
1500  K  to  2000  K;  the  cooling  flow  is  turbulent. 

From  1500  K  to  2000  K  turbine  inlet  temperature,  we  have  increased  the  turbine  speed  by  only  15  per¬ 
cent.  Thus,  to  a  first  approximation,  the  Rossby  number  varies  inversely  as  the  coolant  mass  flow  rate. 
Figure  3  shows  it  falling  from  0.14  to  0.03.  In  this  range,  the  transverse  pressure  gradients  due  to 
Coriolis  acceleration,  shown  in  Fig.  2,  cause  important  secondary  flows  in  the  cross-sec tioncl  plane  in 
the  straight  radial  legs.  Indeed,  because  the  radial  flow  reverses  sign,  the  secondary  flows  will  tend  to 
have  the  ^pposlte  sense  in  the  two  legs.  The  sense  of  the  secondary  flows  is  indicated  by  the  lower  case 
symbols  p  and  p  ,  representing  the  pressure  and  suction  sides  of  the  channel,  respectively.  In  the  chan¬ 
nel  endwall  boundary  layers,  hot  gas  will  tend  to  be  convected  towards  the  suction  sides,  p”,  where  there 
will  be  less  cooling  than  otherwise.  Conversely,  on  the  pressure  sides,  p  ,  the  heat  transfer  will  be 
enhanced.  The  upper  case  symbols  P+  and  P~  indicate  the  pressure  and  auction  sides  of  the  turbine  blade, 
respectively. 


The  relative  significance  of 
(7) 


Section  A-A 


Coriolis 
vp~  -2pui*y 


Fig.  1.  Typical  jet-engine  multi-pass  cooling 
geometry  based  on  the  turbine  rotor  blade  of 
Clifford  [1]. 


Fig,  2.  Schematic  of  180  degree  bend  in  a  multi-pass 
cooling  system  of  a  turbine  rotor  blade,  showing 
transverse  pressure  gradients  due  to  Coriolis 
acceleration. 

*4*  — • 

p  ,  p  -  pressure  and  suction  sides  of  cooling 
+  _  channel. 

P  ,  P  -  pressure  and  suction  sides  of  turbine  blade 
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Fig.  3.  Trends  in  dimensionless  parameters 
governing  the  fluid  mechanics  of  multi-pass 
cooling  flows. 


Fig,  4.  Calculated  secondary  flow  vectors  and  primary 
flow  velocity  contours  for  fully  developed  flow  in 
Moore's  rotating  channel  of  square  cross-section. 


While  the  Coriolis  forces  mostly  cause  secondary  flow  in  the  cross-sectional  plane,  the  buoyancy  of 
hot  gas  in  the  strong  centrifugal  pressure  field  causes  mostly  longitudinal  secondary  flows  in  the  radial 
legs.  In  fact,  the  buoyancy  of  the  hot  wall  layers  tends  to  oppose  radially  outward  flow  and  support 
radially  inward  flow.  For  example,  the  accumulation  of  hot  gas  near  the  suction  surface  in  the  outward 
leg  combined  with  the  effect  of  buoyancy  accentuates  the  reduction  in  the  heat  transfer  from  that  surface. 

8  8 

From  1500  K  to  2000  K,  the  Rayleigh  numbers  slowly  rise  from  about  3  x  10  to  5  x  £0  ,  and  this  sug¬ 
gests  that  buoyancy  effects  are  becoming  more  important.  But  actually  the  ratio  Ra/Re  Pr  is  falling  and 
buoyancy  is  becoming  less  important  in  the  flow  development  relative  to  inertia  forces.  Figure  3  shows 
Ra/Re^Pr  falls  from  about  0.3  at  1500  K  to  0.1  at  1600  K  and  0.02  at  2000  K. 

In  summary,  the  trend  suggested  by  this  simple  engine  study  appears  to  be  towards  more  coolant  flow 
and  higher  Reynolds  numbers.  There  seem  to  be  decreasing  but  still  appreciable  effects  of  Coriolis  driven 
transverse  secondary  flows  and  buoyancy  driven  longitudinal  secondary  flows.  For  example,  at  a  turbine 
inlet  temperature  of  1800  K,  we  may  expect 


O  Da 

Re  “  140,000,  Ro  "  0.045,  Ra  “  4.5  x  10  ,  and  — ■ —  ■  0.033 

Re^Pr 

Results  of  three-dimensional  flow  calculations  under  these  conditions  are  presented  in  the  last  section  of 
this  paper. 

FLOW  KODELS  FOR  PRESENT  CALCULATIONS 
Equations  for  3-D  Flow  Calculations 

The  compressible  flow  in  a  multi-pass  cooling  channel  is  governed  by  the  same  equations  as  flow  in 
the  impeller  of  a  centrifugal  compressor.  The  major  difference  is  the  non-adiabatic  wall  boundary  condi¬ 
tion.  We  therefore  used  the  Moore  Elliptic  Flow  Program,  the  basis  of  which  is  described  in  reference  4, 
and  which  was  employed,  for  example,  for  the  centrifugal  compressor  calculations  of  reference  5. 


The  equations  are  written  in  the  form: 


Continuity: 

(8) 

V  ♦  pu  “ 

0 

Momentum: 

_ m 

pu«Vu  -  V'vVu  “ 

V •  pV_u  -  7p  -  2p£xu  -  pax (uxj* ) 

(9) 

Energy: 

pu-VH  -  V*  (p/Pr)VH  » 

0 

(10) 

Perfect  gas: 

P  ” 

pRT 

(11) 

H  » 

2  2 

c  T  +  0.5(u>u)  --  0.5u  r 

(12) 

and  we  take  cp  to  be  a  constant. 

P 

Fully  Developed  Plow 

One  of  the  important  factors  in  any  3-D  flow  calculation  is  the  flow  distribution  at  the  inlet.  This 
is  especially  true  in  a  rotor  where  distributions  of  both  total  pressure  and  total  temperature  influence 
the  subsequent  secondary  flow  development  [6].  Figure  1  shows  the  flow  entering  the  cooling  channel  with 
a  sharp  turn  at  the  blade  root.  It  will  then  take  many  channel  diameters  before  the  flow  recovers  from 
this  abrupt  entrance  condition  and  becomes  fully  developed.  One  approach  could  then  be  to  start  the  chan¬ 
nel  flow  calculation  upstream  of  the  blade  root  and  calculate  the  flow  development  including  local  flow 
separations  and  reattachmene.  This  approach  is  similar  to  chat  used  by  the  authors  in  their  study  of  the 
flow  and  heat  transfer  in  turbine  tip  gaps  [7]. 

Here,  we  adopted  a  different  approach.  We  performed  calculations  of  fully  developed  flow  in  a  radi- 
ally-outward  flow  channel.  A  Prandtl  mixing-length  turbulence  model  was  developed  which  reproduces  the 
major  effects  of  rotation  on  the  flow  In  Moore's  rotating  square  channel  [8J.  This  turbulence  model  was 
then  used  to  calculate  fully  developed  flow  with  heat  transfer  at  the  blade  mean  radius,  section  A-A,  in 
the  radially  outward  leg  in  Fig.  1.  The  coolant  flow  conditions  used  were  those  from  Fig.  3  at  a  turbine 
inlet  temperature  of  1800  K.  This  fully  developed  flow  provided  the  initial  conditions  for  the  3-D  flow 
calculation  In  the  cooling  channel,  starting  at  section  A-A. 


Equations  for  Fully  Developed  Flow  Calculations 


The  channel  direction  was  taken  as  radially  outwards  (x  “  r).  The  continuity  and  momentum  equations 
were  simplified  with  the  approximations 

3ou  3u  3v  3w  . 

n  -  a  -  fJ  — —  *1  I) 

.  3x  3x  3x  3x 

and  3d 

»  constant. 

In  the  solution  procedure,  was  adjusted  to  give  the  specified  mass  flow  rate. 

To  simplify  the  energy  equation,  the  shape  of  the  temperature  profile  was  taken  as  independent  of  x; 


r  s 


0. 


and 


(13) 
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The  kinetic  energy  of  the  flow  was  neglected  to  form  the  following  equation  for  x 

pv  2X  +  pw  iX  .  i_lL-  »X  _  i_  iX  .  __p_u —  r  jj.Ml  . 

3y  3z  3y  Pr  3y  3z  Pr  3z  ^  _  =  *■  dx  c  ' 

«  ”  =  P 

a  J*P  cx 

Tw  was  taken  as  constant  and  Ty  -  T  was  specified  for  the  plane.  ^  was  adjusted  so  that  x  “  1. 
The  Viscosity  Model 


(14) 


The  effective  viscosity  and  the  effective  thermal  conductivity  are  taken  as  the  sum  of  the  laminar 
and  turbulent  contributions.  The  near-wall  values  are  found  by  a  logarithmic  averaging  procedure  used  by 
the  authors  for  many  years  [9].  Thus 


U  “  b.  +  |ip  ,  away  from  wall; 
x.  c  yj 

U  =  (bjj  (b^  +  U c) ]  2  ,  near  wall. 

b/Pr  =  u  /Pr  +  y  /Pr.  ,  away  from  wall; 
x.  X.  C  C  w 

p/Pr  »  [p^/Pr^Cu^/Prj  +  ut/Prt)]  '2  ,  near  wall. 
*  °-7  ! 

Prt  -  0.9. 


(15) 

(16) 

(17) 

(18) 


In  the  Prandtl  mixing  length  viscosity  model 

"t  "  pL 

The  effective  velocity  gradient  is  given  by 


"du" 

dy 


(19) 


"du" 

dy 


3u 

+ 


3u.  3u, 

— t)  —k  1 

3Y  3xj  J 


(20) 


but  it  is  limited,  to  prevent  the  turbulent  viscosity  from  going 
du/dy  =  0,  by 


"du" 

dy 


1.55  ~  Re 


•1/8 


The  mixing  length  L  is  calculated  in  two  parts: 

(a)  The  inner  layer  region  includes  a  van  Driest  modification. 


L  -  0.41  "y"  [l  -  exp  (; 


26y 


to  zero  in  the  middle  of  the  duct  where 

(21) 


(22) 


where  x  Is  the  local  shear  stress.  . 

(b)  The  outer  layer  model  modifies  a  no-rotation  mixing  length  of  0.08  ^  by  a  curvature  and  rotation 
modification  factor  F  which  is  a  function  of  a  generalized  form  of  the  gradient  Richardson  number  [10], 

L  »  0.08  F  j  (23) 

F  *>  1  -  6R1  for  Ri  <  0  (Pressure  side/concave  wall) 

F  “  j  +1fiRi  ^or  •>  ®  (Suction  side/convex  wall) 


Ri  »  S(1  +  S) 


(u  x  u)  ♦  N 


n  •  N  -  2 


S  » 


K  -  - 

n 


T^r 


“Is!  IhF 


F“2  *  s 

n 


(25) 


(26) 


Here,  Rn  is  the  local  radius  of  curvature  of  the  flow,  _n^  is  the  unit  vector  in  the  direction  of  the  princ¬ 
ipal  normal  to  the  local  streamline,  and  _N.  is  the  unit  vector  normal  to  the  shear  layer  or  normal  to  the 
wall  for  a  two-dimensional  boundary  layer.  The  constants  a  and  3  were  taken  as  0.67  and  4,  respectively. 

The  Inner  layer  equation  is  used  when  0.41  "y"  <  0.08  F  y  . 

This  model  of  turbulence  modification  due  to  curvature  and  rotation  Incorporates  features  from  the 
models  developed  by  Johnston  and  Bide  [11]  and  Adams  and  Johnston  [12).  it  represents  an  attempt  to  gene¬ 
ralize  their  approaches  for  application  in  three-dimensional  duct  flows. 

KOORE’S  ROTATING  CHANNEL 

Imagine  a  straight  rotating  channel  with  the  orientation  of  the  radial  outflow  leg  in  Figs.  I  and 
2,  One  of  the  authors  (JM)  measured  fully  developed  flow  in  such  channels  for  his  master's  thesis  in  1967 
[8].  One  of  the  channels  had  a  square  cross  section  and  was  tested  with  a  Reynolds  number  of  20,000  at 
Rossby  numbers  up  to  0.024.  Figures  4-8  show  calculation  results  with  the  present  flow  model  for  that 
channel. 


25-6 


Fig.  5.  Centerline  velocity  profiles  in  Moore's 
rotating  square  channel  for  Re  ■  20,000  and 
Ro  “  0.02.  o  -  measured;  -  calculated. 


Ro 

Fig.  7.  Variation  of  friction  factor  with  Rossby 
number  for  Moore's  rotating  square  channel,  Re  = 

20,000.  o  -  measured;  - calculated; 

-  correlation  of  Ito  and  Hanbu  for  circular 

pipes  [13]. 


Ro 

Fig.  6.  Variations  of  centerline  wall  shear 
stresses  with  Rossby  number  for  Moore's  rotating 
square  channel,  Re  “  20,000,  o,  x  -  measured; 
-  calculated. 


Ro 

Fig.  8.  Calculated  contributions  to  the  friction 
factor  from  the  individual  surfaces  of  Moore's 
rotating  square  channel.  Re  »  20,000.  P  -  pressure 
side;  S  -  suction  side;  E  -  endwall;  T  -  total. 


Calculated  secondary  flow  vectors  and  primary  flow  velocity  contours  are  presented  in  Fig.  4  for 
Rossby  numbers  of  0.02,  0.04,  and  0.07.  As  the  Rossby  number  increases,  the  secondary  flow  in  the  endwall 
boundary  layers  strengthens  causing  increased  convection  of  low  momentum  fluid  towards  the  suction  side 
(p  ).  The  net  result  is  a  thickening  of  the  suction  surface  ooundary  layer  and  a  thinning  of  the  pressure 
surface  layer.  This  is  seen  more  clearly  in  Fig.  5  which  shows  a  comparison  of  the  measured  and  calcu¬ 
lated  centerline  velocity  profiles  at  a  Rossby  number  of  0.02. 

The  variations  of  the  centerline  shear  stresses  with  Rossby  number  are  plotted  in  Fig.  6.  On  the 
pressure  side,  the  wall  shear  stress  is  enhanced  by  rotation  compared  with  the  no-rotation  value,  while  on 
the  suction  side  the  wall  shear  stress  is  reduced.  The  present  flow  model  gives  a  reasonable  representa¬ 
tion  of  these  variations.  It  suggests  that  most  of  the  changes  occur  in  the  Rossby  number  range  0.-0.02 
and  that  subsequently  the  skin  friction  coefficients  change  by  smaller  amounts.  At  Ro  «  0.02,  the  changes 
are  significant,  about  +30  percent  on  the  pressure  side  and  about  -40  percent  on  the  suction  side,  on  the 
centerline. 

The  overall  friction  factor  for  the  channel  increases  wich  rotation,  as  seen  in  Fig.  7.  A  Rossby 
number  of  0.02  gives  about  a  +10  percent  increase,  with  the  flow  model  and  the  data  in  good  agreement. 
For  comparison,  the  correlation  of  Ito  and  Nanbu  [13]  for  turbulent  flow  in  a  rotating  straight  pipe  of 
circular  cross  section  is  shown.  This  gives  the  same  general  trend  with  Rossby  number  but  misses  the 
Initial  more  rapid  increase;  perhaps  this  is  associated  with  the  flow  near  the  corners  of  the  square  chan¬ 
nel. 


The  contributions  to  the  friction  factor  from  the  individual  surfaces  are  compared  with  the  overall 
variation  In  Fig.  8.  The  endwall,  E,  follows  closely  the  trend  of  the  total,  T,  while  the  net  increase  on 
the  pressure  side,  P,  outweighs  the  net  decrease  on  the  suction  side,  S. 

The  quantitative  agreement  between  the  calculation  results  in  Figs.  5,  6  and  7  and  Moore's  measure¬ 
ments  and  the  qualitative  trends  seen  in  Figs.  4  and  8  suggested  that  the  present  turbulent  flow  model 
could  be  used  to  gain  insight  into  developing  flow  in  multi-pass  cooling  geometries. 
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MULTI-PASS  COOLANT  FLOW  AND  HEAT  TRANSFER 
Model  Multi-Pass  Cooling  Geometry 

The  coolant  Slow  path  In  Fig.  1  was  modelled  as  a  sr,uare-cross-section  channel,  as  shown  in  Fig.  9. 
The  channel  started  at  section  A-A  in  Fig.  1,  it  proceeded  radially  outwards  for  3.7d  to  a  180  degree  bend 
with  a  dividing  web  of  thickness  d/3.  After  the  bend,  it  extended  radially  inwards  a  distance  lOd.  The 
channel  had  a  width  d  of  5  mm,  and  the  pressure  and  suction  faces  were  parallel  to  the  axis  of  rotation, 
as  shown  in  Fig.  2. 

The  location  along  the  duct  is  indicated  by  a  parameter,  A,  which  in  the  straight  legs  is  simply 
measured  in  duct  widths,  d.  A  =  0  at  the  inlet  to  the  bend  and  A  “  2  at  the  exit  of  the  bend.  The  flow 
inlet  is  at  A  ”  -3.7  and  the  flow  exit  is  at  A  “  12,  as  shown  in  Fig.  9. 

The  finite-difference  grid  used  for  the  3-D  flow  calculation  is  also  shown  in  Fig.  9.  This  was  a  45 
x  19  x  19  grid.  The  grid  was  symmetrical  in  the  cross-sectional  plane  with  grid  points  at  0.,  0.004, 
0.012,  0.025,  0.05,  0.1,  0.2,  0^3,  0.4,  0.5,  etc.  For  fully  developed  flow  with  no  rotation,  this  near¬ 
wall  spacing  corresponded  to  a  y  of  24  based  on  the  mean  wall  shear  stress. 

Initial  Conditions — Fully  Developed  Flow 

As  discussed  above,  the  Initial  conditions  for  the  3-D  flow  calculation  were  established  by  calculat¬ 
ing  fully  developed  flow  with  heat  transfer^at  A  “  -3.7,  section  A-A.  _The  calculation  was  performed  for 
Re  «  140,000,  Ro  “  0.045,  Ra  ■  4.5  x  10  ,  T  =*  901.5  K,  Tw  "  1100  K,  p  ■  2.46  MPa,  and  u  “  138  m/s.  A 
reference  calculation  with  no  rotation,  Ro  =  Ra  »  0,  was  also  performed  for  comparison. 

Figure  10  shows  the  velocity  and  temperature  distributions  with  rotation.  Qualitatively  the  velocity 
distribution  is  similar  to  that  in  Fig.  4  at  Ro  »  0.04.  But  the  endwall  and  pressure  surface  boundary 
layers  are  thinner  at  the  engine  conditions;  and  the  secondary  flow  vortex  is  centered  closer  to  the 
pressure-slde/endwall  corner.  The  maximum  secondary  velocity  is  about  9  percent  of  the  mean  velocity 
compared  with  a  value  of  7  percent  found  by  interpolation  in  Fig.  4  at  Ro  »  0.045.  Both  maxima  are  in  the 
endwall  boundary  layers  for  flow  from  the  pressure  side  to  the  suction  side.  The  static  temperature  dis¬ 
tribution  is  similar  in  shape  to  the  throughflow  velocity  distribution  with  cold  air  located  towards  the 
pressure  side  where  the  throughflow  velocities  are  highest.  The  low  momentum  boundary  layer  fluid  on  the 
•uction  side,  especially  near  the  centerline,  is  also  hot,  and  thus  we  can  expect  both  low  shear  stresses 
and  low  heat  transfer  from  that  wall. 
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Fig.  10.  Velocity  and  temperature  distributions  at 
section  A-A,  the  inlet  for  the  3-D  flow  calculation, 
see  Fig.  9. 


Fig.  9.  Model  multi-pass  coolant  flow  path, 
starting  at  section  A-A  in  the  radially  outward 
leg  of  Fig.  1.  Grid  for  3-d  flow  calculation. 


25-8 


Heat  Transfer  Coefficients 


The  mean  Nusselt  number  at  any  section  along  the  channel  is  found  by  integrating  the  heat  flux  from 
the  wall  around  the  periphery  of  the  channel.  This  is  normalizes}  with  che  difference  between  the  wall 
temperature,  Tw>  and  the  local  mass-averaged  static  temperature,  T,  together  with  the  channel  width,  d. 
Thus 


Nu  =  — 
A 


// 


0*55 


3n'w 


■  dA 


(27) 


k  (T 
w  w 


T) 


For  the  fully  developed  flow  with  rotation,  Nu  ■  255.  Compared  with  the  no-rotation  value 


Friction  Coefficients 


255. 

197. 


1.29  . 


The  friction  coefficient  is  similarly  defined, 


P  u 


dA 


where  p  ■  ^  and  p  is  the  area-averaged  static  pressure  over  the  channel  cross-section. 
RT 

With  rotation,  X  »  0.0172,  and  compared  with  no  rotation 


Comparison  with  Other  Correlations 


X_  0.0172 

X  “  0.0145 
o 


1.19  . 


(28) 


These  increases  of  19  percent  in  the  mean  friction  coefficient  and  29  percent  in  the  mean  Nusselt 
number  may  be  compared  with  the  results  of  Fig.  7.  The  calculations  for  incompressible  flow  at  a  Reynolds 
number  of  20,000  gave  an  increase  in  the  friction  factor  of  16  percent  at  Ro  “  0.045.  The  Ito  and  Nanbu 
friction  correlation  for  circular  pipes  [13], 

f-  -  0.942  +  0.058  (Ro2Re)0,282  ,  (29) 
o 

gives  an  increase  of  23  percent.  Of  course,  the  Ito  and  Nanbu  correlation  does  not  account  for  buoyancy 
effects;  but  still  all  these  results  are  suggesting  increases  in  momentum  and  heat  transfer  due  to  rota¬ 
tion  in  the  engine.  It  is  interesting  then  to  evaluate  the  change  in  mean  Nusselt  number  predicted  by 
Morris  and  Ayhan's  correlation  [3], 


Nu  fRa  i-Q.186  0.33  „  ,, 

-  ■  l — rj  Ro  «  0.73  . 

Nu  Re 

o 


(30) 


This  predicts  a  decrease  in  mean  heat  transfer  in  the  engine  of  27  percent,  of  the  same  order  as  the  de¬ 
creases  they  estimated  for  other  engine  conditions.  There  appears  to  be  a  basic  discrepancy  here. 


Heat  Transfer  and  Friction  Contributions 


Compared  with  the  mean  no-rotation  values,  the  mean  heat  transfer  coefficients  for  the  pressure, 
endwall  and  suction  surfaces  were 


Nu  Nu  Nu 

— ^  ■  1.87  ,  — ~  -  1.38  ,  and  — -  ■  0.54  ; 

Nu  Nu  Nu 

0  0  0 

and  the  mean  friction  coefficients  for  the  three  surfaces  were 

XX  X 

»  1.67  ,  -  1.28  ,  and  -p  -  0.52  . 

o  o  o 

Note  especially  the  factor  of  3-4  difference  between  the  heat  and  momentum  transfer  on  the  pressure  sur¬ 
face  and  those  on  the  suction  surface. 


3-D  Flow  and  Temperature  Distributions 

The  results  presented  in  the  rest  of  the  paper  are  for  fully  3-D  flow.  Starting  with  the  initial 
conditions  of  Fig.  10,  the  results  in  Figs.  11-16  were  obtained.  The  3-D  flow  calculation  took  4  hours  of 
CPU  time  on  an  IBM  3084. 


Figure  11  shows  the  throughflow  velocity  vectors  on  three  planes,  parallel  to  the  axis  of  rotation. 
One  plane  is  near  the  pressure  side,  p  ,  in  the  outward  leg;  this  becomes  the  suction  side,  p  ,  of  the 
inward  leg;  and  the  relative  location  of  the  plane  across  the  duct  is  0.004.  The  middle  plane,  m,  is  mid¬ 
way  between  the  pressure  and  suction  surfaces.  The  third  plane  is  near  the  suction  side,  p  ,  in  the  out¬ 
ward  leg  and  its  relative  location  is  0.996. 

In  the  outward  leg,  the  near  wall  velocities  are  much  higher  on  the  pressure  side  as  prescribed  by 
the  flow  in  Fig.  10,  Little  change  in  the  flow  distribution  occurs  until  about  one  duct  width  upstream  of 
the  bend.  Then  there  is  a  rapid  development,  which  is  particularly  evident  on  the  suction  side  as  the 
endwall  boundary  layer  fluid  convects  to  the  Inside  of  the  bend.  The  strong  secondary  flow  persists  near 
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this  surface  all  around  the  bend;  entering  the  bena,  there  is  flow  se.  aratlon  on  the  outer  wall,  but  leav¬ 
ing  the  bend,  there  is  apparently  little  backflow  near  the  corner  with  the  dividing  web.  In  contrast, 
there  is  a  large  region  of  flow  separation  occurring  on  the  web  downstream  of  the  bend  at  mid-height  and 
extending  to  the  new  suction  surface.  This  large  separation  zone  extends  2-3  duct  widths  downstream  of 
the  bend.  Thereafter  the  throughflow  near  the  new  suction  surface  gradually  recovers,  but  once  again  the 
suction  surface  has  lower  velocities  than  the  pressure  surface. 

The  secondar>  flow  velocities  and  contours  of  static  temperature  are  shown  in  Fig.  12,  for  six  cross- 
sectional  planes  at  A  =  -3.7,  1,  2,  3,  6  and  12.  The  locations  of  these=planes  are  marked  on  Fig.  9.  For 
reference,  T  =  1100  K,  and  at  the  inlet,  A  =  -3.7,  u  »  138  m/s  and  T  n  901.5  K.  To  help  the  reader 
follow  the  flow  development,  we  have  also  prepared  Fig.  13,  which  shows  the  cooling  channel  in  a  view 
similar  to  Fig.  2.  The  static  temperature  contours  are  shown  there  also.  The  thick  contours  represent 
cold  air  with  a  temperature  of  900  K.  Following  those,  one  can  gain  a  good  overall  impression  of  the  3-D 
flow  development  from  Fig.  13,  and  then  a  more  detailed  understanding  of  the  secondary  flows  can  be  ob¬ 
tained  from  Fig.  12.  One  notes,  for  example,  that  the  views  in  Fig.  12  are  seen  by  an  observer  following 
the  channel  looking  downstream  with  the  inner  wall  (or  web)  maintained  at  the  bottom. 

The  secondary  velocit,  vectors  in  .the  six  views  in  Fig.  12  are  all  to  the  same  scale.  Thus  the  maxi¬ 
mum  secondary  velocity  of  9  percent  of  u  seen  in_ Fig.  10,  at  A  “  -3.7,  is  now  found  to  be  very  small  com¬ 
pared  with  secondary  velocities  of  the  order  of  u  found  in  the  180  degree  bend. 

As  the  flow  enters  the  bend,  the  hot  air  near  the  suction  surface  is  convected  to  >-he  inside  of  the 
bend,  while  the  cold  air  moves  from  the  pressure  side  around  the  outer  wall.  A  dominant  vortex  of  anti¬ 
clockwise  sense  is  established  by  A  •  1.  Then  by  A  =  2,  a  strong  convection  develops  acrjss  the  middle  of 
the  channel  from  the  inside  to  the  outside  of  the  bend;  this  effectively  splits  the  cold  air,  leaving  some 
in  the  corner  region  between  the  outer  wall  and  the  new  suction  surface.  Most  of  the  cold  air,  however, 
follows  the  anti-clockwise  secondary  flow  path  across  the  new  pressure  surface,  by  A  “  6,  and  then  across 
the  inner  wall,  by  A  a  12.  The  hot  air  from  the  suction  surface  upstream  of  the  bend  is  more  difficult  to 
trace  since  it  is  convected  away  from  the  inner  wall  and  mixes  as  it  encounters  the  flow  separation  on  the 
web. 
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Fig.  11.  Throughflow  velocity  vectors  on  three 
cooling  channel. 


planes  of  the  multi-pass 
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Fig.  12.  Secondary  flow  velocity  vectors  and  contours  of  static 

temperature  on  six  cross-sectional  planes  of  the  multi-pass 

cooling  channel,  i  -  inner  wall,  web;  o  -  outer  wall.  Dark 

closed  contours,  T  =  900K;  X  =  HOOK;  contour  interval,  25K. 

w 


Surface  Heat  Transfer  Pis trlbutlons 


The  local  Nusselt  number  is  defined  as 


Nu  “ 


(31) 


where  T  is  the  local  mass-averaged  static  temperature;  and  Nusselt  number  contours  are  plotted  for  the  two 
endwall  faces  in  Fig.  14.  Figure  15  then  shows  the  development  of  the  mean  Nusselt  number  Nu,  around  the 
periphery  of  the  channel,  as  a  function  of  location  along  the  channel. 


Initially,  from  A  ■  -3.7  to  A  ■  -1.5,  in  the  3-D  calculation,  the  mean  Nusselt  number  is  about  245. 
Figure  14  then  shows  variations  from  less  than  100  on  the  suction  side  to  more  than  400  on  the  pressure 
side.  Note  that  the  minor  contour  interval  is  25,  with  dark  lines  at  intervals  of  100. 


As  the  flow  proceeds  around  the  bend,  the  hot  air  near  the  suction  surface  is  replaced  by  colder  air, 
as  seen  in  the  first  four  pictures  of  Fig.  12,  at  A  3  -3.7,  1,  2  and  3.  The  local  Nusselt  numbers  in¬ 
crease  correspondingly  from  less  than  100  to  over  600.  Indeed,  the  influence  of  the  cold  air  is  felt  on 
this  surface,  all  along  the  inward  leg,  as  the  Nusselt  numbers  slowly  fall  to  their  mean  inlet  level. 

The  heat  transfer  distribution  on  the  other  endwall  face  is  more  complex.  Around  the  bend,  there  is 
a  variation  from  high  Nusselt  numbers,  locally  in  excess  of  800,  near  the  inside  to  much  lower  values, 
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two  endwall  surfaces.  Gontour  Interval,  25. 

Fig.  13.  Three-dimensional  view  of  the  development  of  the  static  temperature 
distribution.  Dark  closed  contours,  T  =  900K;  Tw  =  HOOK;  contour  interval,  25K. 


less  than  200,  near  the  outside.  The  flow  then  separates  from  the  web,  giving  Nusselt  numbers  less  than 
100,  while  the  cold  air  splits,  as  seen  in  Fig.  12,  giving  Nusselt  numbers  in  excess  of  500.  The  two 
influences  of  the  flow  separation  and  the  split-off  cold  air  linger  along  the  inward  leg  until  finally  the 
main  body  of  the  cold  air  convects  around  to  restore  the  Nusselt  numbers  to  their  mean  inlet  level  of 
about  250. 


The  rapid  rise  in  the  mean  Nusselt  number  around  the  bend  and  its  slower  decay  to  the  initial  level 
are  seen  in  Fig.  15.  Near  the  exit  of  the  bend,  at  A  *  2,  peak  levels  of  about  400  are  predicted,  i.e. 
about  1.6  times  the  inlet  value,  or  twice  the  no-rotation  value. 

Energy  Transfer 


The  overall  energy  transfer  from  the  blade  to  the  air  is  of  prime  interest  here  because  of  the  cool¬ 
ing  it  provides,  but  it  is  also  Interesting  thermodynamically  because  of  the  combination  of  the  heat  and 
work  transfers.  In  the  rotor  blade,  the  heat  input  results  in  a  change  of  rotary  stagnation  temperature 
T*,  where 
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Fig.  15.  Variation  o£  mean  Nusselt  number  around  the 
outer  180  degree  bend  in  the  multi-pass 
cooling  geometry  of  Fig.  1. 


Fig.  16.  Energy  transfer  to  the  cooling  air  revealed  by 
mass-averaged  temperatures. 


with  Ttr  -  T  +lr  . 

P 

Here  H  is  the  rothalpy,  W2/2Cp  “  (u_  *  a) /2c  is 
temperature,  ^ 


the  relative  kinetic  energy, 


(34) 


and  T„  is  the  relative  total 
tr 


Figure  16  shows  the  egergg  transfer  for  the  air  in^  the  multi-pass  cooling  channel  in  terms  of  the 
mass-averaged  temperatures  T*,  T,  and?  .  Notice  how  T*  rises  monotonically,  whilea  T  fluctuates  around 
the  b^nd  due  principally  to  changes  lncrelative  kinetic  energy.  Notice  also  howl  rises  more  rapidly 
than  X*  in  the  outward  leg  due  to  work  input  from  the  rotor;  and  how  T  actually  falls  in  the  inward  leg, 
in  spite  of  the  heat  transfer,  because  of  work  extraction. 

m 

The  overall  change  in  T*  represents  the  net  heat  input, 


x* 

out 


T* 

in 


36.4  K 


The  overall  Nusselt  number  based  on  the  inlet  temperature  difference  T 


Nu 


overall 


284. 


a 

Tin  is  therefore 


and 


Nu  .. 
overall 

Nu 

o 


284. 
"  197. 


1.44 


The  combined  effects  of  the  180  degree  bend,  rotation  and  buoyancy  have  increased  tne  overall  Nusselt 
number  by  44  percent  over  the  value  for  fully  developed  flow  with  no  rotation. 
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SUHMARY  AND  CONCLUSIONS 

3-D  flow  and  heat  transfer  in  a  typical  multi-pass  cooling  system  for  a  high  temperature  gas  turbine 
rotor  blade  have  been  calculated.  A  preliminary  engine  study  was  performed  to  determine  the  trends  in  the 
dimensionless  variables  characterizing  the  fluid  mechanics  of  multi-pass  cooling  flows.  This  suggested 
that  above  a  turbine  inlet  temperature  of  1700  K,  Reynolds  numbers  would  be  rising  above  100,000  and 
Rossby  numbers  would  be  falling  below  0.05.  The  ratio  of  buoyancy  to  inertia  forces  is  given  by 
Ra/(Re^Pr),  and  this  too  was  predicted  to  fall  below  0.05,  for  the  particular  engine  conditions  studied. 
Thus,  with  increasing  turbine  inlet  temperatures,  there  seem  to  be  decreasing  but  still  appreciable  ef¬ 
fects  of  Coriolis  driven  transverse  secondary  flows  and  buoyancy  driven  longitudinal  secondary  flows. 
Based  on  this  study,  conditions  were  chosen  for  a  3-D  flow  calculation  corresponding  to  a  turbine  inlet 
temperature  of  1800  K. 

The  Moore  Elliptic  Flow  Program  was  used  for  the  calculations  because  compressible  flow  in  a  multi¬ 
pass  cooling  channel  is  governed  by  the  same  equations  as  flow  in  the  impeller  of  a  centrifugal  compress¬ 
or.  The  major  difference  is  the  non-adiabatic  wall  boundary  condition.  But  the  energy  transfer  can  be 
handled  with  the  same  rothalpy  equation. 

The  3-D  flow  calculation  was  started  with  fully  developed  flow  in  the  radially  outward  leg  of  the 
cooling  channel.  This  was  calculated  using  MEFP  by  introducing  approximations  into  the  full  3-D  flow 
equations.  A  Prandtl  mixing  length  turbulence  model  was  developed  including  the  effects  of  rotation  and 
curvature  on  turbulence  modification.  This  represents  an  attempt  to  generalize  the  approaches  of  Johnston 
et  al.  for  application  in  three-dimensional  duct  flows.  It  was  tested  by  comparing  with  the  data  of  J. 
Moore  for  fully  developed  flow  in  a  rotating  square  channel.  The  turbulence  model  was  then  used  to  calcu¬ 
late  fully  developed  flow  with  heat  transfer  at  the  predicted  engine  conditions. 

At  the  engine  conditions,  both  the  mean  friction  coefficient  and  the  mean  Nusselt  number  for  fully 
developed  flow  were  predicted  to  increase  with  rotation.  This  was  in  general  agreement  with  the  friction 
data  of  Moore  and  the  friction  correlation  of  Ito  and  Nanbu.  Altogether,  these  results  suggest  an  in¬ 
crease  of  about  20  percent  over  the  values  with  no  rotation.  In  contrast,  the  correlation  of  Morris  and 
Ayhan  predicts  a  decrease  in  the  mean  heat  transfer  of  27  percent,  for  the  same  engine  conditions. 

The  full  3-D  flow  with  heat  transfer  was  calculated  starting  at  the  mean  radius  of  the  rotor  blade. 
The  square  channel  then  had  3.7  channel  widths  radially  outward  before  a  sharp  180  degree  ber.d  which  was 
followed  by  a  radially  inward  leg  of  10  channel  widths  in  length.  The  mean  heat  transfer  for  this  whole 
geometry  was  calculated  to  be  44  percent  higher  than  the  corresponding  value  for  fully  developed  clow  with 
no  rotation.  The  calculation  showed  a  rapid  rise  of  about  60  percent  in  mean  Nusselt  number  around  the 
bend  followed  by  a  slower  decay.  The  areas  of  high  heat  transfer  were  generally  explained  by  the  second¬ 
ary  flow  of  cold  air  which  was  followed  in  the  calculation  results.  An  area  of  low  heat  transfer  was 
observed  in  the  results  downstream  of  the  bend  and  this  was  associated  with  flow  separation  on  the  divid¬ 
ing  web. 
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RESUME 


Une  dtude,  k  la  fois  expdrimentale  et  thdorique,  des  transferts 
chaleur  et  de  l'dcoulement  dans  un  canal  en  rotation  est  en  ddveloppement  k 
1'ONESA.  Canal  qui  simule  de  mani&re  simplifide  une  cavitd  interne  d'aube  de 
rotor  de  turbine. 

Sur  le  plan  experimental,  il  est  montrd  que  la  vitesse  de  rotation  a 
pour  effet  d'accroitre  les  dchanges  theroiques  par  convection  k  I'intdrieur  du 
canal.  Ce  phdnomdne  est  expliqud  par  les  dcoulements  secondaires  induits  par  la 
force  de  Coriolis. 

Sur  le  plan  thdorique,  les  equations  de  Navier-Stokes  sont  rdsolues  j 

numdriquement  en  3D  (mdthode  instationnaire,  implicite  avec  directions 
alterndes) .  Les  rdsultats  obtenus  pour  les  regimes  laminaire  et  turbulent 
mettent  en  evidence  les  structures  secondaires  (deux  et  quatre  tourbillons) . 

Paralieiement,  en  analogie  rotation-courbure,  la  visualisation  des 
lignes  de  courant  par  des  bulles  d'air  ou  d' hydrogene,  dans  un  canal  hydrau- 
lique,  fait  apparaitre  ces  memes  structures  d'ecoulement. 


THEORETICAL  STUDY  OF  THE  FLOW  IN  A  ROTATING  CHANNEL. 
EXPERIMENTAL  STUDY  THROUGH  FLOW  VISUALIZATION 
IN  A  CURVED  CHANNEL 


ABSTRACT 


An  experimental  and  theoretical  study  of  the  heat  transfer  and  flov 
in  rotating  channels  is  in  development  at  ONERA.  These  channels  simulate  some 
simple  internal  cavities  of  turbine  blades. 


It  has  been  experimentally  demonstrated  that  the  rotation  speed 
induces  a  global  enlancement  of  the  heat  transfer  coefficient.  This  phenomenon 
can  be  explained  by  the  secondary  flows  connected  to  the  Coriolis  force. 

Theoretically,  the  Navier-Stokes  equations  that  govern  this  problem 
are  numerically  solved  in  3D  (time  marching,  A.D.I.  method).  For  laminar  and 
turbulent  flows,  the  results  obtained  point  out  the  secondary  structures  (two 
and  four  vortices}. 


zation  of 
shows  the 


In  addition,  by  means  of  rotation-curvature  analogy,  the  visuali- 
the  streamlines  in  a  water-channel  flow  with  air  or  hydrogen  bubbles 
same  flow  structures. 
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w  vitesse  de  rotation 


Indices 

0  canal  statique 

e  entrde  du  canal  rectiligne 

i  conditions  gdndratricec 
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1.  INTRODUCTION 

Dans  le  but  d'dtudier  I'influence  des  effets  de  la  rotation  sur  les  transferts  de  chaleur 
convectifs  dans  les  cavitds  internes  des  aubes  de  rotor  de  turbine,  une  etude  experimental  a  6t4  ddve- 
loppde  4  l’OHERA  [1].  Cette  etude,  comme  celies  conduites  avec  d'autres  installations  [2],  [3]  et  [4],  o4 
l'axe  du  canal  dtudid  est  perpendiculaire  4  l'axe  de  rotation,  met  en  Evidence  la  modification  des 
dchanges  convectifs  par  rapport  4  ceux  obtenus  dans  un  canal  statique. 

Ces  modifications  sont  lides  4  la  force  de  Coriolis  qui  induit  des  ecoulements  secondaires  et 
aux  poussdes  d'ftrchimdde,  pr6s  des  parois,  qui  sont  en  grande  partie  4  mettre  au  compte  de  la  force 
centrifuge. 

Parall61enent  4  cet  aspect  experimental,  une  approche  thdorique  par  la  moddlisation  num4rique 
de  I'ecoulement  dans  un  canal  en  rotation  est  en  ddvelopperaent.  Cette  approche  consiste  4  rdsoudre  les 
equations  de  Navier-Stokes  en  3D.  Diffdrents  codes  de  calcul  ont  et6  realises.  Les  premiers  ne  permettent 
que  la  prise  en  compte  de  geometries  simples  et  correspondent  4  une  etape  heuristique.  Dans  une  seconde 
etape,  l'effort  a  porte  sur  la  mise  en  oeuvre  d'un  code  plus  general  qui  est  en  cours  de  validation. 
L'interdt  de  ce  code,  au-del4  de  la  prevision  des  effets  de  la  rotation  dans  un  canal  de  geometrie 
simplifiee,  sera  de  permettre  la  restitution  des  dcoulements  et  transferts  de  chaleur  dans  les  cavitds 
internes  rdelles  d'aubes  de  rotor  (fig.  1  [5]).  C'est-A-dire  de  simuler  les  effets  associ6s  aux  fortes 
courbures  (fig.  2),  ou  aux  perturbations  liies  aux  "promoteurs  de  turbulence"  (nervures,  picots,  pontets, 
fig.  3)  avec  ou  sans  rotation. 

2.  GENERALITES 


Comme  cela  vient  d'etre  pr6cis4  dans  1' introduction,  les  cavitds  internes  des  aubes  de  turbines 
modernes  sont  de  geometries  complexes.  Cette  complexity  est  lide  4  la  recherche  d'une  augmentation 
artificielle  de  la  turbulence  de  l'6couleraent  par  la  geometrie  (courbures  successives,  promoteurs  de 
turbulence),  ce  qui  conduit  4  intensifier  les  dchanges  convectifs. 

A  cette  geometrie  s'ajoute  la  rotation  pour  les  aubes  de  rotor. 

Si  l’dtude  conjugude  g6omdtrie  complexe  et  rotation  est  intdressante  sur  un  plan  pratique,  elle 
ne  permettrait  pas  de  sdparer  aisdment  chacun  des  effets  les  uns  par  rapport  aux  autres.  Aussi,  la 
demarche  classique  consiste  4  dtudier  inddpendamment  chacun  des  phdnomdnes  avant  de  les  rassembler. 

De  plus,  la  provision  de  ces  dcoulements  turbulents  (10000  s  ReoH  £  60000),  qui  ne  peut  se 
faire  autrement  que  par  la  resolution  des  equations  de  Navier-Stokes  en  3D,  ndcessite  une  validation  des 
codes  avec  le  modeie  de  turbulence  utilise.  Cette  derniere  remarque  induit  egalenent  une  demarche  allant 
graduellement  vers  la  complexity. 

Done,  dans  une  premiere  etape,  la  geometrie  retenue  correspond  4  des  canaux  rectilignes  4 
sections  rectangulaires. 

Sur  la  figure  4,  une  cavite  interne  simplifiee  d'aube  de  turbine  est  repr6sentee  avec  les 
forces  de  Coriolis  et  centrifuge  induites  par  la  rotation.  Deux  canaux  rectilignes  dits  "centrifuge"  et 
"centripete"  sont  raccordds  par  une  partie  courbe.  Les  resultats  experimentaux  laissent  apparaitre  une 
modification  importante  du  transfer!  de  chaleur  convectif  avec  la  vitesse  de  rotation  [1] ,  [2] ,  [3]  et 
[4].  Une  augmentation  globale  de  l'echange  de  chaleur  par  convection  est  constatee,  augmentation  qui  est 
la  resultante  d'effets  locaux  :  augmentation  le  long  des  faces  de  pression  (dans  le  canal  interne)  et 
diminution  le  long  des  faces  de  depression. 

Ces  modifications  des  transferts  de  chaleur  avec  la  vitesse  de  rotation  sont  expliqudes  par 
l'effet  des  ecoulements  secondaires  associes  4  la  force  de  Coriolis,  et  par  celui  des  poussees 
d'Archim4de  qui  est  d'autant  plus  significati.f  que  l'ecart  de  temperature  entre  la  paroi  et  I'ecoulement 
est  important. 

Les  ecoulements  secondaires,  en  particulier,  induisent  une  distorsion  des  profils  de  vitesse 
debitante,  par  rapport  4  ceux  obtenus  d*ns  un  canal  statique,  et  done  des  differences  dans  les  coef¬ 
ficients  de  frottement.  Les  variations  locales  de  coefficients  d'echange  qui  en  resultant,  assocides  au 
brassage  de  1'dcoi.lement,  conduisent  4  une  augmentation  globale  des  transferts  de  chaleur. 

Les  equations  qui  rdgissont  I'ecoulement  d'un  fluide  compressible  4  1'intdrieur  d'un  canal 
recriligne  en  rotation  sont  presentees  ci-dessous  pour  un  systdme  d'axe  lid  4  ce  canal  (fig.  5).  Celles- 
ci  laissent  notamment  apparaitre  les  termes  relatifs  4  la  force  centrifuge  (  pw/x  )  et  4  la 
force  de  Coriolis  (  Epiov  et  _£(>tou.  )  (6).  1  ® 

II  vient  : 

•  il£9!:2tion_de_continuite 


•  £2_9U22tite_de_mouvement 

^(pV)tv.(^yvtpi -t)s  f> +  2 ^>v a fi 
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•  dNinergie 

^(|,E)+v.(ryE+yp 

•0.  =  vecteur  rotation  (0,  0,00) 

2k  =  rayon  (x,  y,  0) 

V,  =  vecteur  vitesse  (relatif)  (u,  v,  x) 

=  tenseur  identity 

22  =  tenseur  des  contraintes  de  frottement 
,2.  =  vecteur  flux  de  chaleur 


L'analyse  dimensionnelle  met  en  evidence  les  nombres  adimensionnels  suivants  : 


Nusselt 

Nu  =  li  D„  /k 

qui 

caractdrise 

le  transfert  de  chaleur 

Reynolds 

Re  =  pul  1>H  / p. 

n 

II 

la  turbulence  de  l’dcoulement 

Rossby 

Ro  =  co  Dh  /  u. 

•1 

II 

1' aspect  Coriolis 

Ekman 

Ek  =  Ke.Ro  a  (HoJh  / jt. 

11 

•1 

II  II 

Rayleigh 

Ra  =^HDHV(Tp-Tot> 

|.Pr  " 

It 

1' aspect  centrifuge 

Ces  nombres  sont  utilises  pour  regrouper  les  rdsultats  relatif s  4  1' influence  des  effets  de  la 
rotation  sur  les  transferts  de  chaleur. 

3.  HESURES  THERHIOUES 


Une  vue  gdndrale  du  banc  d'essais  est  prdsentde  sur  la  figure  6.  Les  dimensions  et  les  caractd- 
ristiques  de  cette  installation,  ainsi  que  les  conditions  expdrimentales  ont  dtd  choisies  de  manidre  4 
faciliter  la  prise  des  nesures.  De  plus,  afin  d'utiliser  une  technologie  aussi  simple  que  possible,  la 
vitesse  de  rotation  et  le  niveau  de  temperature  des  maquettes  d'essais  ont  dtd  rdduits  par  comparaison  d 
ceux  rencontrds  par  une  aube  rdelle  (oo  .ax  =  5000  rpm  et  TpBa*  =  400°C  au  lieu  de  13000  rpm  et  1000°C 
pour  une  aube  de  rotor). 

Deux  maquettes  d'essais  (fig.  7  et  8)  seablables  tournent  d  l'intdrieur  d'un  four  dlectrique 
(Trour, =  1200°C  et  P  =  45  kW) .  Cet  ensemble  est  placd  dans  une  enceinte  d  vide  (pression  £  20  Pa). 
Ainsi,  les  maquettes  sont  chauffdes  extdrieurement  car  le  flux  de  rayonnement  qui  provient  du  four 
dlectrique  (la  convection  externe  est  ndgligeable  en  raison  du  f aible  niveau  de  pression  qua  rdgne  dans 
l'enceinte).  Elies  sont  refroidies  par  circulation  d’ air  (alimentation  par  ie  bas  de  1'arbre  tournant  et 
sortie  vers  le  haut)  dont  le  ddbit  (5  d  50  g/s)  est  mesurd  par  un  "col  sonique". 

Quatre  groupes  de  joints  tournants  assurent  l'dtanchditd  de  part  et  d'autre  de  1’ alimentation 
en  air  et  de  l'enceinte  d  vide. 

Un  moteur  dlectrique  ontraine  1'arbre  supportant  Its  maquettes  par  une  courroie  dentde. 

Les  mesures  sont  rdalisdes  d  partir  de  thermocouples  embarquds  implantds  selon  diffdrentes 
sections  (fig.  7) .  Un  pyromdtre  infrarouge  d  court  temps  de  reponse  (afc*10  ps)  et  de  rdsolution  spatiale 
de  l'ordre  de  1,2  mm  permet  l'obtention  de  prof 11s  de  tempdrature  de  luminance  dans  une  section  de  la 
maquette  d'essai  [7].  Sur  la  figure  8,  un  exeaple  de  Frofil  obtenu  par  voie  pyromdtrique  est  prdsentd 
avec  une  maquette  comparable  d  la  cavitd  de  la  figure  4.  A  partir  de  deux  angles  de  visde  (0  =  +  et  -45°) 
le  profil  de  tempdrature  est  reccnstitud  ct  cela  pour  deux  vitesses  de  rotation.  La  distorsion  du  profit 
avec  une  dldvation  de  la  vitesse  de  rotation  apparait  clairement.  Les  points  c,  d,  e  et  f  ddlimitent  une 
section  (x  -  r*)/Da  =9,5  du  canal  centrifuge  et  il  est  d  noter  que  le  transfert  de  chaleur  par 
convection  augmente  fortement  pour  la  face  de  pression  (intrados  pour  l'aube  de  rotor)  puisque  la  tempd¬ 
rature  de  paroi  diminue  par  rapport  av  caa  a  basse  vitesse  de  rotation  (  co  =  50  rd/s).  Au  contraire  pour 
la  face  de  ddpression  (ou  extrados  pour  l'aube)  I'dchange  diminue.  L’intdret  des  mesures  rdalisdes  par 
pyromdtrie  infrarouge  est  1' observation  directe  de  l'influence,  sur  le  plan  thermique,  des  effets 
associds  4  la  rotation  et  en  particulier  de  l'effet  Coriolis  qui  induit  un  comportenent  de  l'dcoulement 
diffdrent  pour  les  deux  faces  opposdes  "intrados"  et  "extrados".  Les  dcarts  constatds  avec  les  valeurs 
ddlivrdes  par  les  thermocouples  s'expliquent  par  les  rdflexions  du  flux  provenant  du  four  sur  l'dldment 
de  surface  observd.  Le  signal  pyromdtrique  prenant  la  forme  : 
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fonction  interne 
du  pyromdtre 


Emission  propre 
de  1'dldment  de  surface 


reflexion  de 
l'environnement 


L'obtention  des  coefficients  d'dchange  se  fait  par  un  bilan  thermique  au  niveau  de  chaque 
thermocouple  aussi  bien  en  regime  transitoire  que  permanent  par  : 

pceilP  =  e  (c,.ne-  TTp4  )  .  -f,  (Tp  .T„  )  +  Cjran(( 


Pour  la  maquette  prdsentde  figure  7  et  pour  le  canal  centrifuge  le  rapport  du  nombre  de  Nusselt 
avec  rotation  (Nu  w  )  au  nombre  de  Nusselt  obtenu  en  dtat  statique  (Nu<>)  est  prdsentd  en  fonction  du 
nombre  de  Rossby  qui  caractdrise  l'aspect  Coriolis.  Les  valeurs  sont  assez  bien  correldes  avec  le  nombre 
de  Rossby  et  comme  cela  vient  d'etre  dit  plus  haut,  I'dchange  convectif  augmente  de  raanidre  importante 
pour  la  face  intrados  et  diminue,  dans  ce  cas,  dans  une  moindre  proportion  pour  la  face  extrados.  Ce  type 
de  rdsultat  est  conforme  4  ce  qui  a  dtd  obtenu  par  Morris  [2]  et  Johnson  [3] . 

4.  RESOLUTION  HUHERIOUE  DES  EQUATIONS  DE  H.S.  DANS  UN  CANAL  EH  ROTATION 

ha  prevision  des  dcoulements  et  transferts  de  chaleur  dans  une  cavitd  interne  d'aube  de  rotor 
ndcessite  de  rdsoudre  les  equations  de  N.S.  en  3D.  Cette  moddlisation  doit  etre  validde  dans  un  certain 
nombre  de  configurations  dldmentaires  avant  d'etre  utilisde  pour  des  gdom6tries  quelconques.  ha  compa- 
raison  du  calcul  avec  les  rdsultats  expdrimentaux  prdsent6  au  chapitre  3  en  est  un  exemple. 

Ditfdrents  codes  ont  dtd  ddveloppds  pour  rdsoudre  le  systdme  1  du  chapitre  2.  Les  premiers 
permettent  de  traiter  l'dcoulement  pour  des  geometries  simples,  en  1' occurence  un  canal  rectiligne  ou  une 
boucle  en  rotation,  he  principe  du  calcul  est  classique.  II  s'agit  d'une  mdthode  de  difference  finie 
centrde,  construite  sur  un  rdseau  3D  curviligne  orthogonal,  et  dont  le  caractdre  conservatif  est  assure 
par  1' integration  des  equations  de  bilan  sur  des  volumes  eidmentaires  associds  k  chaque  noeud  du  rdseau. 
Ces  volumes  d' integration  sont  formes  k  l'intdrieur  du  domaine  de  calcul  k  partir  de  trois  points  consd- 
cutifs  dans  chaque  direction.  Sur  les  limites,  des  "vitesses  de  glissement"  fictives  sont  stocRdes,  et 
les  equations  de  bilan  sont  intdgrdes  sur  le  demi-volume  associd  au  point  considdrd,  en  tenant  compte  des 
conditions  aux  limites  par  l'intermddiaire  de  fonctions  de  paroi.  ha  discretisation  spatiale  fournit  un 
systems  de  5.Nx.Ny.Nz  equations  d'dvolution  (Nx,  y  c*  z  =  nombre  de  points  du  rdseau  dans  les  diffdrentes 
directions),  qui  est  intdgrd  au  cours  du  temps  grace  4  une  mdthode  semi-implicite.  hes  opdrateurs  4 
inverser  sont  lindarisds,  puis  factorisds  dans  chaque  direction  (mdthode  A.D.I.)  et  le  calcul  consiste  en 
une  sdrie  d'inversion  de  matrices  tridiagonales  par  blocs  (5  x  5)  [8]. 

Actuelleaent,  l'effort  porte  sur  un  code  plus  gdndral,  tant  en  ce  qui  concerne  la  gdomdtrie 
(rdseau  curvuligne  quelconque)  que  les  conditions  aux  limites.  La  technique  d' integration  dans  le  temps 
est  analogue  4  ce  qui  vient  d'etre  ddcrit.  La  discretisation  spatiale  utilise  une  mdthode  de  volumes 
finis  avec  decomposition  des  flux  (de  type  Steger  et  Warming  [9J)  et  schema  ddcentrd  4  5  points. 

La  particularitd  principale  de  ce  code,  qui  a  dtd  congu  pour  la  prevision  des  dcoulements  dans 
un  moteur  diesel, est  de  permettre  la  modification  de  la  gdomdtrie  4  chaque  pas  en  temps.  Pour  ce  qui  est 
du  maillage,  une  transformation  qui  change  le  domaine  physique  de  calcul  en  un  assemblage  de  paralldld- 
pipddes  facilite  la  mise  en  oeuvre  de  la  mdthode.  Les  conditions  aux  limites  sont  trds  diverses  :  tempe¬ 
rature  ou  flux  impose  sur  des  portions  de  parois,  injection  ou  aspiration  locale  d’dcouiemenc.  Pour  les 
precisions  concernant  ce  code  le  lecteur  pourra  se  reporter  aux  references  [10]  et  [11] . 

Sur  la  figure  9  un  exemple  de  rdsultats  de  calculs  3D  asyaptotique  en  dcoulement  laminaire  est 
prdsentd.  Les  conditions  d' dcoulement  sont  :  Rena  =  1000  ;  Ro  =  0,125  et  Ek  =  125,  ce  calcul  correspond  4 
une  situation  ou  x>>  devant  a  et  b.  Les  gradients  de  vitesses  longitudinaux  Du.  /  Doc  sont  supposes 
ndgligeables.  La  quantitd  (-4/ f>)  CDp/Dx^-u/ocest  fixde,  elle  est  homogdne  sur  toute  la  section  et  elle 
conditionne  le  ddbit.  La  figure  9a,  sur  laquelle  apparait  un  systdme  4  deux  yortex  correspond  4  un 
maillage  40  x  40  et  a  dtd  obtenu  aprds  1000  iterations  (Da  =  10  mm,  t  =  5.10‘5s,  CFL  de  80).  Pour  un 
autre  cas,  Reoa  =  500,  Ro  =  0,25  et  Ek  =  125,  figure  9b,  la  structure  secondaire  de  l'dcoulement  est 
modifide  avec  un  systdme  4  quatre  vortex.  La  recirculation  intense  des  deux  tourbillons  suppldmentaires 
est  4  noter,  Ce  type  dc  rdsirltat  est  conforme  4  ce  qui  a  6td  obtenu  par  Khesgi  et  Scriven  [12]  ou 
Speziale  et  al  [13]. 

Un  exemple  de  rdsultats  obtenus  en  3D  dans  une  boucle  en  rotation  est  prdsentd  figure  10.  he 
maillage  (16  x  32)  x  95  reproduit  un  canal  4  section  rectangulaire  (a/b  =  2)  comparable  4  celui  expdri- 
mentd  et  prdsentd  figure  7.  Les  recirculations  ainsi  que  des  profils  de  vitesse  axiales  sont  dessinds  sur 
la  figure  10.  Ils  mettent  en  evidence  la  complexitd  de  l'dcoulement  qui  dans  ce  cas  est  turbulent  : 
Re  =  40000,  Ro  =  0,06  et  Ex  =  2400.  Les  conditions  gdndratrices  sont  :  pression  d'arret  et  enthalpie 
d'arret  imposdes.  A  1'aval,  seule  la  pression  statique  est  imposde.  he  flux  est  nul  aux  parois  (dcou- 
lement  adiabatique) . 

Ces  rdsultats  obtenus  avec  le  programme  de  calcul  simplifid  (ldre  dtape,  voir  plus  haut)  met  en 
evidence  la  faisabilitd  du  calcul  on  regime  turbulent.  Ils  sont  encourageants  et  I' etude  numdrique  va 
dtre  poursuivie  avec  le  code  en  cours  de  ddveloppement  (2dme  dtape)  qui  permettra  alors  une  analyse 
quantitative  des  dchanges  thermiques  avec  les  diffdrentes  parois. 
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5.  VISUALISATION  DES  LIGNES  DE  COURANT  DANS  UN  CANAL  COURBE 


Une  approohe  expdrimentale  de  visualisation  des  dcoulements  secondaires  dans  un  canal  courbe  a 
dtd  entreprise.  En  effet,  l'analyse  des  Equations  de  quantity  de  oouvement  met  en  Evidence  le  compor- 
tement  similaire,  aux  effets  centrifuges  prds,  de  l'dcoulement  dans  un  canal  reetiligne  en  rotation  avec 
celui  rencontrd  dans  un  canal  courbe.  Dans  les  deux  cas,  les  trajectoires  des  particules  dans  un  repdre 
Galilden  sont  courbes  et  les  phdnomdnes  sont  conditionnds  par  1* interaction  entre  les  forces  d'inertie 
dues  4  la  courbure  et  1'inhomogdnditd  de  la  vitesse  de  l'dcoulement  causde  par  les  frottements  prds  des 
parois  [14] . 

L'intdret  d'une  telle  visualisation  est  de  mettre  en  dvidence  les  structures  secondaires  crddes 
par  ce  phdnomdne.  D'apporter  des  dclaircissements  sur  la  dualitd  deux  et  quatre  tourbillons,  d'obtenir 
des  renseignements  sur  l'dpaisseur  des  tones  de  recirculation  et  par  14  meme  des  centres  tourbil- 
lonnaires. 

Sur  le  plan  pratique,  l'analogie  rotation-courbure  se  fait  en  dcrivant  l'dgalitd  des  accdld- 
rations  de  Coriolis  et  centrifuge  associde  4  la  courbure  : 


2  w  u.  =  a1/  R  =*>  R,  =  u.  /  2  to 


et  en  terme  de  nombre  de  Rossby  dquivalent  pour  la  courbure  : 

ROceurburc  =  Da/2R 

L'analogie  air-eau  est  rdalisde  par  la  conservation  du  nombre  de  Dean  : 
D„  =  Re„H  .  V  ^  ovec  V  .  2  R-/3>„  ,  1  /  Roe.„lWt 


Les  valeurs  retenues  pour  _'expdrience  relatde  ici  sont  (fig.  11)  : 


R  =  0,12  m  t  Dh  =  40  Qua  i  Rena  =  18000  ;  Rocourburo  =  0,166, 

avec  un  canal  en  Altuglass  (parois  transparentes)  4  section  rectangulaire  de  hauteur  a  =  60  mm  et  de 
largeur  b  =  30  mm  (a/b  =  2,  fig.  7).  Ces  dimensions  ont  dtd  choisies  de  manidre  4  permettre  une  visuali¬ 
sation  pratique  des  lignes  de  courant  par  de3  bulles  d'air  ou  d'hydogdne.  Les  bulles  d'hydrogdne  sont 
obtenues  par  dlectrolyse  4  partir  de  deux  grilles  (fils  de  0,5  mm,  mailles  2  x  2  am)  espacdes  de  2  mm  et 
soumises  4  une  tension  dlectrique  de  40  V.  En  position  verticale  elles  occupent  la  presque  totalxtd  de  la 
section  interne  du  canal.  L'injection  est  rdalisde  4  12,5  x  Da  (500  mo)  de  la  partie  courbe. 

Un  dclairage  par  tranche  de  2  mm  d’dpaisseur  permet  de  visualiser  les  lignes  de  courant  aussi 
bien  verticalement  (l'dclairement  est  courbe  de  manidre  4  dpouser  la  courbure  du  canal)  qu'horizonta- 
lement  (dclairage  plan)  et  ainsi  de  reconstituer  l'dcouleoent  secondaire  (fig.  12). 

Sur  la  figure  12.1,  l'dcouleoent  au  voisinage  de  la  paroi  supdrieure  est  visualisde  et  la 
circulation  est  centripdte,  puis  la  recirculation  longe  la  paroi  interne  (fig.  12.2).  Sur  la  figure  12.3 
(dclairage  horizontal  au  milieu  du  canal)  une  ldgdre  centrifugation  apparait.  Le  long  de  la  paroi  externe 
(fig.  12.4.1)  les  deux  noyaux  se  dessinent  netteoent  avec  une  reoontde  de  l'dcouleoent  sur  la  deoi- 
hauteur  supdrieure  et  une  descente  pour  l'autre  partie  (voir  dgalement  les  recirculations  fig.  10).  Une 
instabilitd  au  niveau  de  la  paroi  externe,  dans  la  zone  centrale  apparait  4  l'exaoen  des  figures  12.4.1 
et  4.2.  Dans  cette  zone  de  sdparation  des  deux  tourbillons,  les  lignes  de  courant  montent  ou  descendent 
en  interoittence  qui  pourrait  s'expliquer  par  la  naissance,  puis  la  disparition,  de  deux  petits 
tourbillons  suppldoentaires.  Pour  les  figures  12.1  4  4.2,  la  visualisation  a  dtd  rdalisde  par  des  bulles 
d’air  et  l'dcoulement  peut  etre  considdrd  comme  dtabli  4  l'entrde  du  canal  courbe  puisque  la  partie 
reetiligne  4  section  rectangulaire  est  de  1  o,  soit  25  x  Da. 

Le  systdme  d’ injection  de  bulles  d'hydrogdne  a  dtd  utilisd  pour  obtenir  des  bulles  de  plus 
petit  diamdtre  (d  cz  5/100  mo)  que  celui  des  bulles  d'air  (d  c:  0,5  mm)  qui  ainsi  suivraient  oieux 
l'dcouleoent.  En  fait,  il  n'a  pas  dtd  remarqud  de  diffdrence  notable  de  comportement  entre  les  deux  types 
de  bulles  pour  des  vitesses  de  l'dcoulement  >  0,4  m/s. 

Cependant,  en  inclinant  de  quelques  degrds  le  systdme  de  gdndration  de  bulles  d'hydrogdne,  une 
structure  4  quatre  tourbillons  stationnaires  a  dtd  oise  en  dvidence  (fig.  12.4.3,  visualisation  des 
lignes  de  courant  au  voisinage  de  la  paroi  externe).  Lorsque  l'inclinaison  devient  importante  (45°  pour 
la  figure  12.4.4)  la  structure  devient  disyodtrique. 

Done,  la  structure  naturelle  seoble  itrs  un  systdme  4  deux  vortex,  oais  une  faible  perturbation 
peut  induire  un  systdme  4  quatre  tourbillons.  Une  plus  forte  perturbation  conduit  4  des  circulations 
asyodtriques.  Ces  rdsultats  sont  qualitativeoent  inchangds  lorsque  le  nombre  de  Reynolds  varxe  dans  une 
plage  de  10000  4  60000. 

Sur  la  figure  12.1,  il  est  4  noter  que  la  trajectoire  des  bulles  fait  un  angle  de  1'ordre  de 
45°  par  rapport  4  la  tangente  4  l'axe  du  canal.  Pour  les  faces  interne  et  externe  (fig.  12.2  et  12.4.1), 
1' angle  entre  1' horizontal  et  la  trajectoire  des  bulles  est  moindre  ;  respectivement  25°  et  15°. 
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Ces  angles  sont  plus  faibles  lorsque  le  nombre  de  Reynolds  augmente. 

L'dpaisseur  des  zones  de  recirculation  est  mince  et  de  l'ordre  de  5  4  10  %  du  diamdtre 
hydraulique. 

II  en  rdsulte  qu'une  moddlisation  correcte  en  regime  turbulent  de  ce  type  d'dcoulement  ne 
pourra  se  faire  qu'en  raffinant  le  maillage  pr4s  des  parois. 

En  guise  de  conclusion  4  ce  chapitre,  sur  un  plan  purement  pragmatique,  il  vient  une  question  : 

-  quel  peut  etre  l'indicence,  sur  le  plan  des  dchanges  convectifs,  de  ces  diffdrentes  structures,  deux, 
quatre  tourbillons  ou  asymdtrique  ? 

En  effet,  les  effets  d'entrde  jouant  un  role  important  sur  le  ddveloppement  des  structures 
secondaires,  dans  les  situations  rdelles  (cavite  interne  d'aube),  les  phdnomdnes  ddcrits  plus  haut 
peuvent  apparaitre  ce  qui  rend  les  provisions  ddlicates. 

6.  CONCLUSION 

La  connaissance  des  dcoulements  et  transferts  de  chaleur  dans  les  canaux  internes  des  aubes  de 
rotor  de  turbines  est  ndcessaire  pour  1 'optimisation  de  la  gdomdtrie  de  ces  cavitds  dans  le  but  d'obtenir 
la  meilleure  efficacitd  thermique. 

A  l'ONERA  un  montage  d’essais  a  dtd  rdalis6  pour  dvaluer  1' influence  des  effets  de  la  rotation 
sur  les  dchanges  convectifs  dans  un  canal  qui  simule,  de  raanidre  simplifide,  une  cavite  interne  d'aube  de 
rotor  de  turbine.  Les  experiences  ont  dtd  conduites  avec  deux  maquettes  constitudes  de  tubes  4  sections 
rectangulaires  de  rapport  2  et  0,5  entre  les  cotds.  Avec  ces  gdomdtries  les  coefficients  d'dchanges 
convectifs  sont  notablement  modifies  par  rapport  4  ceux  rencontres  dans  un  canal  statique.  Lorsque  la 
vitesse  de  rotation  s'dldve,  l'echange  convectif  global  s'accroit  ;  1' augmentation  est  importante  sur  la 
face  de  pression  du  canal  alors  qu'il  diminue  le  long  de  la  face  de  depression. 

Ces  effets  s'expliquent  principalement  par  les  dcoulements  secondaires  induits  par  la  force  de 

Coriolis. 


Paralldlement  4  cette  approche  experimental,  une  moddlisation  numdrique  par  la  resolution  des 
equations  de  Navier-Stokss  en  3D  est  en  cours  de  ddveloppement.  Les  rdsultats  obtenus  en  dcoulement 
laminaire  sont  conformes  4  ceux  publids  par  d'autres  auteurs  [12]  et  [13]  et  il  apparait  pour  certaines 
valeurs  des  nombres  de  Rossby  et  d'Ekmann  des  recirculations  4  deux  ou  quatre  tourbillons. 

Pour  l'dcoulement  turbulent,  une  moddlisation  tridimensionnelle  complete  d'une  boucle  avec  les 
canaux  :  centrifuge,  courbe  et  centripdte  a  dtd  rdalisde.  La  complexitd  des  dcoulements  secondaires,  en 
particulier  dans  la  partie  courbe  est  trds  nette,  la  distorsion  des  profils  de  vitesse  axiale  apparait 
avec,  comme  prdvisible,  une  intensitd  bien  moindre  qu’en  regime  laminaire.  Ce  type  de  calcul  va  etre 
poursuivi  avec  un  code  NS  3D  qui  est  en  cours  de  validation  et  qui  permettra  une  analyse  quantitative  des 
dchanges  thermiques  avec  les  parois. 

Les  dcoulements  secondaires  qui  prennent  naissance  dans  un  canal  rectiligne  en  rotation  peuvent 
etre  dtudids  expdrimentalement  et  plus  simplement  dans  un  canal  courbe  en  effectuant  une  analogie 
rotation-courbure.  Les  conditions  expdrimentales  dtant  ddfinies  4  partir  d'une  situation  analysde  sur  le 
plan  thermique  (maquette  a/b  =  2,  Reon  =  18000  et  Ro  =  0,16). 

La  visualisation  des  trajectoires  de  bulles  d'air  ou  d'hydrogdne  dans  le  canal  courbe,  4  partir 
de  l'dclairement  de  diffdrents  plans  horizontaux  et  verticaux,  r.et  en  evidence  un  systdme  4  deux 
tourbillons.  Cependant,  une  perturbation  moddrde  de  l'dcoulement  rmlisde  4  12,5  x  Du  4  l'amont  du  canal 
courbe  conduit  4  une  modification  de  cette  structure  vers  un  systdme  4  quatre  tourbillons.  Une  pertur¬ 
bation  plus  importante  induit  une  organisation  asymdtrique. 

Ces  rdsultats  qualitatifs  rejoignant  ce  qui  4  dt6  prddit  par  Soh  [16]  en  dcoulement  laminaire 
sur  1' influence  des  conditions  amonts  sur  les  structures  secondaires. 
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Fig.  7:  Maquette  d'essais  a/b  =  2  et  rapport  Nu^NUo  en  fonction  du  nb.  de  Rossby 
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Fig.  8:  Exemple  de  temperatures  de  luminance  obtenues  avec  le  pyrometre  I.R. 
pour  deux  vitesses  de  rotation.oj  =  50  et  300rd/s ,  maquette  a/b  =  0,5 ,  (x-re)/DH  =  9,5 
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Fig.  9:  Calculs  d'^coulements  3D  asymptotiques  (maillage  40x40  At=  5.10-5  s) 
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Fig.  10:  CaIculs3D  dans  une  boude  -  Ecouiement  turbulent :  Re  =  40000;  Ro  =  0,06 
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DISCUSSION 

D.K.  HENNECKE,  Technische  Hochschule,  Darmstadt,  Germany 

In  your  measurements,  what  kind  of  velocity  distribution  in  the 
inlet  cross  section  of  the  test  section  did  you  try  to  achieve 
and  how  did  you  do  it  ? 

Author's  reply: 

The  shape  of  the  inlet  part,  just  before  the  test  section 
(centrifugal  duct)  has  been  chosen  with  with  the  industrial 
partnet  (SNECMA)  in  order  to  have  a  similar  shape  of  the 
channel  before  the  blade. 

Therefore,  in  order  to  compute  accurately  the  flow  in  3D  (and 
consequently  the  friction  and  the  heat  transfer  coef f icientsu 
within  the  test  section)  it  is  necessary  to  start  the 
computation  near  the  axis  of  rotation  owing  to  the  Coriolis 
force  which  induces  secondary  flow  from  the  hub. 


J. MOORE,  Virginia  Polytechnic  Institute,  US 

The  orientation  of  your  bend  is  at  90  degrees  to  that  used  in 
our  paper.  Are  you  also  planning  to  test  different  bend 
orientations  ? 

Author'  s  reply 

With  the  first  test  section  (a/b=2),  the  objective  was 
specifically  the  study  of  the  two  channels  : 

-  the  centrifugal  channel  one 

-  the  centripetal  channel  one 

Therefore,  the  radius  of  the  curved  part  which  connects  the  two 
ducts  has  been  chosen  in  order  to  minimize  the  perturbation 
of  the  flow  induces  by  the  bend. 

But,  with  the  second  test  section  (  a/b^.5),  the  geometry  is 
close  to  a  real  cavity  of  blade  and  the  orientation  of  the  bend 
is  at  90°  by  comparison  to  the  first  test  section  and  like  the 
one  computed  in  the  paper  of  Mr  and  Mrs.  Moore. 
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SUMMARY 

Early  testing  at  the  National  Research  Council  of  Canada's  (NRCC)  Highly  Loaded 
Turbine  Test  Rig  revealed  that  the  total  temperature  downstream  of  a  turbine  nozzle  was 
redistributed  relative  to  the  nozzle  inlet  total  temperature  distribution  and  furthermore 
there  was  an  apparent  change  in  area  averaged  total  temperature  across  the  stator  row. 
In  order  to  examine  these  observations  a  transonic  planar  cascade  of  the  exhauster  type 
was  constructed  at  NRCC.  Tests  were  carried  out  at  pressure  ratios  giving  nozzle 
isentropic  exit  Mach  numbers  ranging  from  low  subsonic  to  low  supersonic.  Wedge  probes 
were  used  to  measure  total  pressure,  total  temperature  and  flow  angles  downstream  of  the 
nozzle  blades. 

Test  results  indicated  that  exit  total  temperature  distributions  are  highly 
redistributed  and  possible  reasons  for  this  phenomenon  are  discussed.  Results  of  area 
averaged  aerodynamic  losses  are  also  given  and  their  relation  to  the  change  in  total 
temperature  across  the  nozzle  blades  are  discussed. 


NOMENCLATURE 

Cpo  =  local  total  pressure  loss  coefficient,  (Po1-Po2)/(Po1-Psm2) 

Cpo  =  area  weighted  mean  of  Cpo 

DTo  =  local  total  temperature  differential  between  exit  and  inlet,  To2-To1 

DTo  =  spanwise  or  pitchwise  mean  of  DTo 

DTo  =  area  weighted  mean  of  DTo 
k  =  ratio  of  specific  heats 
m  =  mass  flow 
Ma  =  Mach  number 
Po  =  local  total  pressure 

PR  =  nozzle  total-to-static  pressure  ratio,  Po-|/Psm2 

Ps  =  local  static  pressure 

Psm  =  mean  static  pressure 

Rf  =  recovery  factor,  (Taw-Ts)/(To  -Ts) 

Taw  =  adiabatic  wall  temperature 
To  =  total  temperature 
Ts  =  static  temperature 
y  =  distance  from  wall 

£  =  boundary  layer  thickness 

Subscripts 

1  =  nozzle  inlet  plane 

2  =  nozzle  exit  plane 

—  frecstream  conditions 


INTRODUCTION 

A  joint  research  program  between  the  National  Research  Council  of  Canada  (NRC)  and 
Pratt  and  Whitney  Canada  (P&WC)  was  initiated  in  the  early  1970 's.  This  program  studied 
an  aggressive  design  of  a  highly  loaded,  low  wheel  speed  gas  generator  turbine  stage  of 
a  typical  P&WC  aviation  gas  turbii.o  engine  of  about  600  shaft  horsepower.  The  objectives 
of  this  experimental  and  theoretical  research  program  were  to  explore  design  rules  for 
highly  loaded  turbines  and  evaluate  and  improve  current  design  and  analysis  tools.  In 
support  of  this  work  a  highly  loaded  turbine  test  rig  (HLTTR)  was  constructed  in  which  a 
three  times  engine  size  stage  (stator  and  rotor  or  stator  alone)  could  be  operated  at 
representative  Reynolds  and  Mach  numbers.  A  description  of  the  facility  and  some  results 
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of  the  research  program  have  been  published  by  Moustapha  [1,2],  Williamson  [3,4,5]  and 
Schaub  [6]. 

Unpublished  results  of  total  temperature  traverses  taken  downstream  of  the  stator 
blade  row  (no  rotor  installed)  indicated  a  nonuniform  distribution  of  total  temperature. 
This  result  was  unexpected,  as  the  total  temperature  probes  had  been  calibrated  over  the 
Mach  number  range,  the  total  temperature  profile  upstream  of  the  stator  blade  row  was 
uniform,  there  was  no  work  done  by  the  stator  blades  on  the  flow  and  the  flow  of  air 
through  the  stator  blade  row  was  assumed  a  priori,  to  be  adiabatic.  Figure  1  is  a  total 
temperature  contour  plot  at  the  stator  exit;  as  can  be  readily  seen  there  are  distinct 
'wakes'  from  the  stator  blades.  Also  apparent  is  the  close  spacing  of  the  contour  lines 
at  the  hub  indicating  a  gradient  in  the  total  temperature.  An  area  weighted  average  of 
the  total  temperature  was  made  at  the  rotor  exit,  and  when  compared  to  the  upstream  total 
temperature,  an  apparent  nominal  increase  in  total  temperature  of  4.4  degrees  Celsius  was 
observed . 

This  research  program  indicated  that  there  was  a  redistribution  of  the  gas  stream 
total  temperature  profile  as  it  passed  through  the  stator  blade  row,  and  an  increase  in 
the  area  weighted  average  of  total  temperature.  The  redistribution  of  the  total 
temperature  profile  and  the  apparent  change  in  total  temperature  were  detected  in  both 
cold  and  hot  gas  tests  when  either  a  wedge  or  cobra  probe  was  used  for  flow  measurements. 
No  published  literature  could  be  found  which  addressed  these  observations.  Private 
communications  with  engineers  at  both  Pratt  &  Whitney  Canada  Inc.  and  Westinghouse  Canada 
Inc.  indicated  that  this  phenomenon  had  never  been  observed  and  the  design  of  engines  was 
carried  out  assuming  there  was  no  change  in  the  total  temperature  distribution  through 
non-cooled  stator  blade  rows. 

The  initial  hypothesis  put  forth  to  explain  these  phenomena  was  that  heat  transfer 
was  occurring  between  the  test  rig  and  the  gas  stream  flowing  through  the  nozzles,  the 
driving  temperature  gradient  being  the  difference  between  the  ambient  test  rig  temperature 
and  the  depressed  static  temperatures  in  the  nozzles.  It  was  further  hypothesized  that 
the  local  boundary  layer  recovery  factors  were  sufficiently  depressed  by  the  action  of  the 
secondary  flows  in  the  nozzle,  that  heat  transfer  could  occur  to  the  extent  the  total 
temperature  was  redistributed  and  the  average  raised.  [7] 

In  order  to  investigate  these  phenomena  an  experimental  program  was  initiated  on  a 
separate  planar  cascade  rig.  The  goals  of  this  program  were  to  reproduce  the 
redistribution  of  total  temperature  in  a  highly  loaded,  high  turning  angle  planar  cascade, 
and  to  study  the  effect  of  secondary  flows  on  local  heat  transfer  coefficients  at 
representative  engine  Mach  and  Reynold's  numbers. 

The  purpose  of  this  paper  is  to  describe  the  experimental  facilities  and  the 
preliminary  results  of  this  short  term  research  program. 


TEST  FACILITIES  AND  TEST  METHODS 

Transonic  Planar  Cascade.  The  planar  cascade  constructed  for  this  experimental 
investigation  was  an  exhauster  type  with  six  blades  and  five  nozzle  passages.  The  highly 
leaded,  transonic  turbine  stator  blades  were  scaled  to  4.3  times  engine  size  and  employed 
the  mid-span  profiles  of  the  blades  used  in  the  NRC  HLTTR.  The  distinguishing  feature  of 
this  transonic  planar  cascade,  versus  the  traditional  two-dimensional  cascade,  was  the 
requirement  for  three-dimensional  flow  within  the  nozzle  passages.  Though  spanwise 
pressure  gradients  could  not  be  simulated,  the  use  of  an  extended  inlet  bellmouth  of 
6.67:1  aspect  ratio  allowed  endwall  boundary  layers  to  be  grown  to  one-tenth  blade  span 
in  height,  resulting  in  the  classic  horseshoe  vortices  and  the  associated  three- 
dimensional  flows  [7].  Adjustable  boundary  layer  bleeds  were  installed  on  both  sidewalls 
adjacent  to  and  upstream  of  the  first  and  sixth  blades  to  remove  sidewall  boundary  layers 
and  developing  corner  vortices.  Variation  in  periodicity,  as  measured  by  the  comparison 
of  static  pressures  at  midspan  and  downstream  of  the  blades  making  up  the  centre  nozzle 
passage  with  those  of  the  two  bounding  nozzle  passages,  was  less  than  0.5  %  for  the  range 
of  cascade  operating  pressure  ratios  of  1.07  to  3.0.  An  adjustable,  porous,  3/16  inch 
thick  aluminum  tail  board  allowed  fine  adjustment  in  periodicity  between  nozzle  passages 
and  the  elimination  of  shock  wave  reflection  by  the  tailboard.  Tailboard  porosity  was  23 
percent  with  3/16  inch  holes  normal  to  the  tailboard  surface  on  3/8  inch  pitch.  Hole  depth 
to  diameter  ratio  was  one.  The  cascade  was  operated  by  a  2680  horse  power  exhauster 
facility,  capable  of  continuously  drawing  10  pounds  of  air  per  second  at  2  psia.  A 
schematic  representation  of  the  planar  cascade  is  given  in  Figure  2, 

Major  specifications  and  design  conditions  of  the  planar  cascade  are  as  follows: 


Blading 

Blade  chord,  C  8,032  in 

Axial  blade  chord,  Cx  3.33  in 

Blade  pitch,  S  5.817  in 

Blade  span,  H  4.44  in 

Blade  aspect  ratio,  H/C  0.871 

Solidity,  C/S  0.876 

Design  turning  angle  76  deg 
Nozzle  throat  width  1.215  in 

Number  of  blades  6 
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Design  conditions 

Inlet  total  temperature  70  F 


Inlet  total  pressure  14.7  psia 

Pressure  ratio  2.3 

Inlet  Mach  Number  .  112 

Exit  Mach  Number  1.2 

Mass  flow  rate  (total)  8.5  Ib/s 


Reynolds  Number  (axial)  213000 


Data  Acquisition  System.  The  data  acquisition  system  was  a  Hewlett  Packard  3054C  Data 
Acquisition  and  Control  System.  L.C,  Smith  traverse  gear,  controlled  by  the  HP  3054C 
system  was  used  to  traverse  the  wedge  and  total  head  probes  in  the  pitchwise,  spanwise  and 
yaw  directions.  Static  pressures  were  scanned  and  measured  by  a  ganged  miniature 
Scanivalve  system.  Wedge  and  total  head  probe  pressures  were  measured  with  stand  alone 
Statham  pressure  transducers.  Control  of  the  Scanivalve,  measurement  and  recording  of  the 
pressure  transducers  was  carried  out  by  the  HP  3054C  system. 

Probes  and  Probe  Calibrations.  Inlet  boundary  layer  profiles  were  measured  using  a  0.0625 
inch  diameter  total  head  tube.  Downstream  total  pressures  and  temperatures  were  measured 
with  3/16  inch  diameter  United  Sensor  model  WT187  wedge  probes.  Calibration  of  the  wedge 
probes  was  carried  out  at  the  NRC's  National  Aeronautical  Establishment  transonic  5  inch 
by  5  inch  pilot  tunnel.  Wedge  probe  calibration  extended  over  a  Mach  number  range  of  0.4 
to  1.2  with  a  bias  to  the  transonic  region  (Ma=0.9  to  1.2).  Post  processing  of  these  data 
indicated  that  the  probe  total  temperature  recovery  factor,  Alpha,  was  Mach  number 
dependent.  Fortunately,  data  from  a  previous  calibration  of  two  of  the  wedge  probes 
covering  a  Mach  number  range  of  0.58  to  0.85  with  a  few  data  at  a  nominal  Mach  number  of 
i.5  were  available.  Data  from  all  the  probe  calibrations  were  used  in  the  calculation  of 
a  probe  recovery  factor,  Alpha.  It  was  appreciated  that  this  probe  recovery  factor  would 
be  an  average  value  for  all  the  wedge  probes,  but  the  trend  of  Alpha  versus  Mach  number 
would  be  more  correctly  represented.  Figure  3  is  a  plot  of  Alpha  versus  Mach  number. 

Calibration  of  the  copper  constantan  thermocouples  used  to  measure  inlet  and  exit 
total  temperatures  was  carried  out  at  the  NRC's  Division  of  Physics.  Accuracy  of  the 
thermocouple  calibration  was  +-0.36  F  (20:1  odds)  with  a  resolution  of  0.045  F.  Accuracy 
of  the  differential  temperature  measurements  between  exit  and  inlet  total  temperatures 
(DTo)  was  +-  0.063  F  (20:1  odds).  Error  analysis  was  carried  out  using  the  method  of 
Moffat  18]. 

Instrumentation.  Instrumentation  was  designed  to  explore  flow  angles,  total  and  static 
pressures  and  total  temperatures.  Mass  flow  through  the  centre  nozzle  passage  was 
measured  by  traversing  the  inlet  or  exit  flow  area  over  one  blade  pitch  and  one  half  span. 

Nozzle  inlet  conditions  were  globally  defined  by  comparison  of  spanwise  inlet 
velocity  profiles  taken  at  the  five  mid-pitch  locations  between  nozzle  blades.  Detailed 
investigations  of  the  inlet  flow  in  the  centre  nozzle  passage  was  permitted  by  spanwise 
and  pitchwise  traversing  through  a  slot  upstream  of  the  centre  nozzle  passage . 
Measurements  were  carried  out  at  60  %  axial  chord  length  upstream  of  the  blades. 

The  two  blades  bounding  the  centre  nozzle  passage  were  equipped  with  four  static 
pressure  tappings  at  midspan  on  the  suction  surface  and  one  tapping  on  the  trailing  edge 
of  the  pressure  surface  at  the  nozzle  throat.  Eleven  tappings  were  positioned  midway 
between  the  two  blades  on  the  endwall.  Five  blades  of  the  cascade  had  static  tappings  at 
30  %  of  axial  chord  to  allow  measurement  of  periodicity. 

Downstream  static  pressures  were  measured  by  16  tappings  spread  over  three  complete 
blade  pitches  and  located  such  that  no  shock  waves  covered  a  tapping  at  design  conditions. 
These  static  tappings  and  the  downstream  traverse  slot  were  at  23  %  axial  chord  length 
downstream  of  the  blades.  The  downstream  slot  allowed  spanwise  and  pitchwise  traverses 
to  be  carried  out  using  a  wedge  probe  to  measure  both  total  temperature  and  pressure. 
The  wedge  probe  total  temperature  thermocouple  was  connected  electrically  in  series  to  a 
thermocouple  measuring  the  inlet  total  temperature.  Thus  change  in  total  temperature 
between  inlet  and  exit  was  measured  and  recorded. 

Wedge  probe  total  temperature  and  pressure  ports  were  limited  in  approach  to  the 
endwall  by  contact  between  the  wedge  probe  tip  and  the  endwall.  This  occurred  when  the 
total  pressure  port  and  total  temperature  ports  were  .164  inches  and  .078  inches  from  the 
endwall.  Considerable  care  was  taken  to  ensure  adequate  sealing  ot  the  traverse  slot,  and 
final  checks  were  made  with  smoke  to  ensure  no  detectable  leaks  were  present. 

The  wedge  probe  was  operated  under  computer  control,  being  automatically  nulled  via 
a  binary  search  routine  at  each  preselected  measurement  station  before  readings  of  probe 
yaw  angle,  total  temperature  and  total  pressure  were  recorded.  The  software  allowed  a 
total  of  20  spanwise  and  20  pitchwise  positions  to  be  surveyed;  for  these  experiments  7 
uniformly  dispersed  spanwise  positions  from  the  endwall  to  55  %  of  blade  span  and  17  non 
uniformly  dispersed  pitchwise  positions  (biased  to  high  gradient  areas)  covering  120  %  of 
blade  pitch  were  surveyed. 

Experiments  were  conducted  at  7  nominal  pressure  ratios  ranging  from  low  subsonic  to 
supersonic  exit  flow  conditions.  Pressure  ratios  are  as  follows:  1.07,  1.20,  1.40,  1.60, 
1.90,  2.30  and  3.00. 
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Local  wedge  probe  static  pressures  were  not  used  to  calculate  local  Mach  numbers  as 
wedge  probe  calibration  results  indicated  that  the  wedge  probe  static  pressure  tappings 
read  high  for  Mach  numbers  greater  than  0.4  with  errors  up  to  50  %  at  a  Mach  number  of 
1.2.  Calculation  of  local  Mach  numbers  was  carried  out  with  pitchwise  variation  in  static 
pressure  being  obtained  by  linear  interpolation  amongst  the  16  downstream  static  pressure 
tappings  and  constant  spanwise  static  pressure  being  assumed. 

Traverse  pitchwise  and  spanwise  positional  accuracies  were  limited  >y  gear  play  in 
the  L.C.  Smith  traverse  equipment  and  were  estimated  (20:1  odds)  as  +-0.008  inches  and  +- 
0.009  inches  respectively,  whilst  yaw  positional  accuracy  based  on  gear  play  and  the 
ability  of  the  software  to  ’null'  the  wedge  probe  was  estimated  at  +-0.14  degrees. 

The  ability  to  determine  gas  flow  direction  from  probe  yaw  angle  was  more  difficult 
to  estimate,  as  the  probe  may  be  'nulled'  in  a  shear  flow  but  not  be  pointing  into  the  gas 
flow.  In  areas  of  high  shear  it  is  estimated  that  the  measured  gas  flow  direction  is 
within  +-  10  degrees,  whilst  in  non-shear  flow  areas  it  is  estimated  that  the  error  in 
gas  flow  direction  is  +-0.  i4  degrees.  An  example  of  this  problem  is  displayed  in  Figure 
4  which  is  a  pitchwise  plot  of  spanwise  averaged  exit  flow  angles.  The  ordinate  axis  is 
the  distance  from  the  stacking  axis  of  blade  number  4,  the  abscissa  axis  is  the  exit  flow 
direction.  Flow  from  the  suction  surface  of  the  blade  is  to  the  left  side  of  the  plot. 
It  is  readily  seen  that  there  is  an  apparent  underturning  of  the  flow  from  the  pressure 
surface  and  an  apparent  overturning  of  the  flow  from  the  suction  surface  as  the  probe 
traverses  the  blade  wake.  This  apparent  underturning  /  overturning  is  the  result  of  the 
probe  yawing  away  from  the  flow  direction  as  the  nulling  algorithm  nulls  the  probe's  two 
static  pressure  taps  in  the  high  shear  flow  associated  with  the  blade  wake. 

Wedge  probe  calibration  indicated  that  measurement  of  total  temperature  was 
unaffected  by  yaw  angles  up  to  30  degrees,  whilst  measurement  of  total  pressure  was  more 
strongly  dependent  on  yaw  angle  with  the  wedge  probe  under  estimating  the  total  pressure 
by  1.8  %  at  10  degrees,  7.5  %  at  20  degrees  and  19  %  at  30  degrees.  Accuracy  of  total 
pressure  measurements  was  estimated  to  be  (20:1  odds)  +-0.48  %  of  total  pressure.  While 
the  accuracy  of  the  static  pressure  measurements  was  estimated  at  (20:1  odds)  +-0.2Q  %  of 
reading,  the  assumption  of  no  spanwise  static  pressure  gradient  overlooks  the  fact  that 
the  shock  waves  emanating  from  the  trailing  edges  of  the  blades  are  three  dimensional 
surfaces  and  errors  of  the  order  of  magnitude  of  40  %  in  the  local  static  pressure  could 
be  present.  Due  to  the  disposition  of  the  downstream  endwall  static  pressure  taps,  and 
shock  waves  being  a  local  phenomenon,  these  uncertainties  were  expected  to  affect  a  small 
proportion  of  the  readings. 

An  indication  of  the  errors  introduced  by  errors  in  flow  angles  and  local  static 
pressure  may  be  seen  by  comparing  the  ratio  of  measured  exit  to  inlet  mass  flow  of  the 
centre  nozzle  passage  as  a  function  of  pressure  ratios  as  shown  in  Table  1  below. 


Pressure  Ratio 

m?/mi 

Ma 

1.2 

1.06 

0.52 

1.4 

1.12 

0.71 

1.6 

1.16 

0.85 

1.9 

1.25 

1.00 

2.3 

1.18 

1.16 

TABLE  1 


RESULTS  AMD  DISCOSSIOH 

Inlet  Conditions.  Inlet  turbulence  level  at  midspan  was  assessed  using  a  constant 
temperature  hot-wire  anemometer  mounted  at  midspan  and  midpitch,  60  %  of  an  axial  chord 
length  upstream  of  the  blade  leading  edges.  The  measured  axial  turbulence  level  was  3  % 
of  the  inlet  velocity  at  design  conditions.  This  value  is  low  by  actual  turbine  inlet 
standards.  No  provisions  were  made  to  increase  the  turbulence  levels  by  screens  or  grids 
as  it  was  felt  that  turbulence  decay  rates  would  be  large,  introducing  additional 
uncertainties  into  experimental  results. 

Inlet  traverses  were  conducted  at  five  mid-pitch  locations  and  60  %  axial  chord 
upstream.  The  velocity  profiles  were  essentially  flat,  with  boundary  layers  being  10  % 
blade  span  in  thickness.  A  detailed  spanwise  and  pitchwise  inlet  velocity  profile 
traverse  upstream  of  the  centre  nozzle  passage  indicated  local  flow  acceleration  due  to 
the  proximity  of  the  blade  leading  edges. 

Area  and  Hass  Averaged  DTo.  Figure  5  is  a  plot  of  both  area  and  mass  averaged  values  of 
DTo  versus  isentropic  exit  Mach  number.  Note  the  PRs  at  which  the  discrepancy  between  the 
two  curves  is  the  greatest.  They  are  the  same  PRs  that  indicated  the  largest  errors  in 
exitjrjass  flow,  see  Table  1.  Though  this  plot  shows  an  apparent  dependence  on  Mach  number 
of  Dio  it  does  indicate  that  DTo  has  an  average  nominal  positive  value  of  1.6  F.  This 
value  of  DTo  may  be  attributed  to  heat  transfer  from  the  vanes  and  endwalls  of  the  cascade 
to  the  airflow  at  locally  low  static  temperatures.  Infrared  pictures  were  taken  of  the 
cascade  when  operating  at  a  PR  of  2.30.  These  pictures  indicated  that  the  cascade  was 
operating  7  F  below  the  ambient  temperature  due  to  the  above  heat  loss  mechanism.  A 
simple,  natural  convection  calculation  was  carried  out  to  determine  the  change  in  total 
temperature  through  the  planar  cascade  due  to  the  heat  gain  by  the  planar  cascade  from  the 
surrounding  ambient  air.  This  calculation  indicated  a  change  in  DTo  of  1.8  F. 


Differential  Total  Temperature  Contours.  Figure  6  is  a  graph  of  differential  total 
temperature  contour  plots  between  the  inlet  total  temperature  (nominally  530  R)  and  the 
local  exit  total  temperature.  The  plots  are  for  PRs  equalling  1.20,  1.40,  1.60,  1,90, 
2.30,  3.00  respectively.  These  data  were  taken  at  23  %  of  an  axial  chord  length 
downstream  of  the  blade  row  and  are  plotted  as  projected  on  a  plane  orthogonal  to  the 
inlet  flow  direction.  As  noted  earlier,  the  data  were  taken  over  55  %  of  blade  span  and 
120  %  of  blade  pitch  with  the  traversed  area  being  centered  at  mid-pitch  between  the  two 
blades  bounding  the  centre  nozzle  passage.  The  wake  is  evident  between  the  pitchwise 
distances  of  0.5  and  2.0  inches.  The  abscissa  axis  is  the  spanwise  distance  from  the 
cascade  endwall  along  the  blade.  Midspan  is  at  2.2  inches.  The  ordinate  axis  is  the 
pitchwise  distance  from  the  stacking  axis  of  blade  number  4.  Flow  from  the  suction 
surface  is  to  the  left  end  of  the  ordinate.  Contour  spacing  is  2  F  over  a  range  of  -24 
to  14  F.  The  thick  line  denotes  the  zero  differential  total  temperature  curve.  Contour 
lines  in  the  centre  of  the  blade  wake  are  always  negative  indicating  that  the  local  total 
temperature  is  below  the  inlet  total  temperature.  Contour  values  elsewhere  are  as  noted. 

It  is  evident  from  the  plots  for  PRs  of  1.20  to  1.90  that  the  blade  wakes  are  bowed, 
with  the  midspan  portion  listing  to  the  pressure  surface  and  the  endwall  wall  portion 
listing  to  the  suction  surface.  Bowing  of  the  blade  wake  is  not  noted  in  the  plots  for 
PR=2.30  and  PR=3.00  and  the  flow  patterns  better  define  the  blade  trailing  edge  as 
projected  on  a  surface  at  76  degrees.  This  is  attributed  to  the  flow  field  through  the 
nozzle  becoming  better  defined  as  the  trailing  edge  shock  waves  fully  develop.  Also  note 
that  the  area  of  maximum  DTo  depression  migrates  from  the  midspan  position  to  near  the 
endwall  and  from  the  pressure  surface  to  the  suction  surface  as  the  PR  increases.  The 
value  of  the  DTo  depression  becomes  greater  and  achieves  a  maximum  between  the  pressure 
ratios  of  1.60  and  1.90.  It  then  lessens  as  sonic  and  finally  supersonic  flows  are 
achieved.  Table  2  lists  the  maximum  DTo  depression  as  a  function  of  PR. 


PR 

DTo  (F) 

1.07 

-2.3 

1.20 

-4.5 

1.40 

-8.1 

1.60 

-22.0 

1.90 

-23.8 

2.30 

-12.7 

3.00 

-8.1 

TABLE  2 

Associated  with  the  depression  of  DTo  in  the  wakes  is  the  elevation  in  total 
temperature  at  the  edge  of  the  blade  wakes  with  DTo  rising  to  values  between  +4  and  +10 
F. 


A  physical  mechanism  which  results  in  DTo  being  negative  in  the  blade  wake  and 
positive  at  the  sides  of  the  wake  is  viscous  heating  of  a  high  speed  boundary  layer  on  the 
blade  in  which  the  inner  layers  of  the  boundary  layer  experience  a  static  temperature 
rise.  Assuming  an  adiabatic  blade,  the  static  temperature  rise  is  accompanied  by  heat 
conduction  and  convection  away  from  the  blade  and  out  of  the  boundary  layer.  The  heat 
conducted  and  convected  away  from  the  blade  raises  the  static  temperature  of  the  gas 
stream  outside  the  boundary  layer,  resulting  in  an  increase  in  total  temperature  outside 
the  boundary  layer.  The  temperature  of  the  blade  surface  when  steady  state  is  achieved, 
will  be  at  the  adiabatic  wall  temperature.  Noteworthy  is  the  fact  that  at  the  blade 
surface  the  velocity  is  zero  and  thus  the  adiabatic  wall  temperature  is  equal  to  the  local 
total  and  static  temperatures. 

Taw=Ts(0 )=To(0 )  at  y=0 

Thus,  within  the  boundary  layer,  local  total  temperature  is  depressed  relative  to  the 
freestream  total  temperature.  Extrapolation  of  this  concept  leads  to  the  conclusion  that 
the  expected  minimum  total  temperature  of  the  wake  behind  the  blade  will  be  Taw. 

Figure  7  is  an  illustration  of  non-dimensional  Ts*  and  To*  approaching  an  adiabatic 
wall.  The  illustration  is  composed  of  two  graphs.  The  left  graph  is  a  plot  of  the 
velocity  profile.  The  right  graph  is  a  plot  of  the  non  dimensional  temperatures  Ts*  and 
To*.  The  To*  profile,  a  function  of  Ts*  profile  outside  the  boundary  layer  for  a  constant 
velocity  distribution  and  a  function  of  the  velocity  and  Ts*  profile  inside  the  boundary 
layer,  displays  the  anticipated  behaviour.  The  To*  profile  displays  an  increase  in  value 
at  y/s  =3,  reaching  a  maximum  at  y^  =.8  and  then  falling  in  value  to  Taw  at  y/g  =0. 

In  order  to  compare  the  simple  theory  outlined  above  with  experimental  results,  DTo 
may  be  defined  for  a  given  Mach  number  as  follows: 

DTo=Taw-To»  ( 1 ) 

The  recovery  factor  Rf,  used  to  describe  the  relationship  between  the  freestream  total 
(TqJ  and  static  (T^J  temperatures  and  the  adiabatic  wall  temperature  (Taw),  is  redefined 
as  follows: 


Rf  =  ( Taw-TSo. )  /  ( To»-Ts» ) 


(2) 
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Combining  equations  1  and  2  with  the  following  isentropic  relationship, 

To«./Ts»=1  +  ((k-1  )/2)Ma2  (3) 
the  following  equation  relating  DTo  to  Rf  and  Ma  may  be  derived, 

DTo=To-(Rf-1 )(1-(1+<(k-1 )/2)Ma2)-1 )  (4) 

Figure  8  displays  two  plots,  firstly  a  plot  of  equation  4  with  Rf=.88,  a  nominal  Rf 
value  for  flat  plates,  [9]  and  secondly,  the  minimum  measured  values  of  DTo  in  the  blade 
wakes  for  seven  values  of  PR  studied.  The  ordinate  is  the  isentropic  exit  Mach  number 
and  the  abscissa  is  DTo  in  degrees  F.  The  experimental  and  theoretical  data  display  the 
same  trend  for  0  <  Ma  <  0.7,  although  the  experimental  data  are  more  depressed.  The 
experimental  data  at  0.7  ^  Ma  <  0.95  plunge  and  reach  values  three  times  lower  than  the 
theory  would  indicate.  At  Ma=0.95  the  experimental  data  rise  rapidly  to  values  much  less 
negative  than  theory  would  indicate.  This  is  to  be  expected  as  the  present  data  are  taken 
downstream  of  the  blade  trailing  edges  and  as  such  the  wake  total  temperature  will  be 
partially  mixed  out.  The  pattern  displayed  by  DTo  versus  Ma  is  similar  to  that  displayed 
by  the  area  averaged  values  of  Cpo  versus  Ma  shown  in  Figure  9.  These  extreme  excursions 
in  the  data  are  associated  with  the  flow  field  developing  a  boundary  layer  /  shock  wave 
system  associated  with  supersonic  flow. 

Figures  10  and  11  are  graphs  of  DTo  versus  pitchwise  position  and  DTo  versus  spanwise 
position  respectively.  In  the  spanwise  direction  the  values  of  DTo  are  predominantly 
positive  and  increasing  in  value  from  the  endwall  to  midspan.  There  is  some  dependence 
on  PR,  with  the  midspan  values  of  DTo  for  PRs  of  1.60  and  1.90  becoming  negative  whilst 
the  midspan  values  for  the  other  PRs  are  all  positive. 

Comparison  of  the  two  Figures  reveals  that  considerable  variation  of  DTo  occurs  in 
the  pitchwise  direction,  with  the  depth  of  the  negative  depression  in  the  blade  wake  and 
the  elevation  of  DTo  in  the  positive  direction  on  either  side  of  the  blade  wake  strongly 
PR  dependent.  This  variation  in  the  pitchwise  direction  is  up  to  an  order  of  magnitude 
larger  than  variation  in  the  spanwise  direction.  It  is  noteworthy  that  the  shape  of  the 
curves  has  the  same  form  as  that  shown  in  Figure  7;  that  is,  the  DTo  distribution  becomii.g 
positive  as  the  wake  is  approached  and  then  going  negative  as  the  wake  is  entered, 
reaching  a  maximum  negative  value  at  mid-wake.  This  distribution  of  total  temperature 
through  the  wake  is  similar  to  the  distribution  of  total  temperature  found  within  the 
Ranque-Hilsch  vortex  tube  (10,11,12].  It  is  interesting  to  note  that  although  the  vortex 
flow  is  rotational  in  nature,  both  wake  and  vortex  flows  are  characterised  by  high  shear 
flow  phenomenon. 

Differential  Total  Pressure  Loss  Contours.  Figure  12  is  a  graph  of  total  pressure  loss 
coefficient  contour  plots,  displayed  in  similar  fashion  to  the  previous  group  of  Figures. 
Total  pressure  loss  coefficient  is  defined  as  follows: 

Cpo= ( Pol -Po2 ) /(Pol -Psm2) 

The  downstream  mean  static  pressure  Psm2,  is  obtained  by  area  averaging  the  readings  from 
the  downstream  wall  static  pressure  taps.  Contour  spacing  is  0.05  with  a  range  of  0.05 
to  0.6. 

Trends  in  the  distribution  of  Cpo  are  identical  in  nature  to  the  DTo  trends  outlined 
above,  with  the  areas  of  maximum  Cpo  mapping  onto  the  areas  of  maximum  DTo  depression. 
Secondary  flow  losses  associated  with  the  passage  vortex  on  the  suction  surface  are  very 
distinct  for  PRs  up  to  1.90  but  disappear  as  the  flow  becomes  sonic. 

Migration  of  the  maximum  loss  area  from  the  midspan  to  the  endwall  region  can  be 
explained  by  using  Figure  9  which  is  a  plot  of  area  averaged  Cpo  versus  isentropic  Mach 
number.  In  a  planar  cascade,  there  is  no  radial  pressure  gradient  and  the  flow  could  be 
expected  to  initially  become  sonic  at  mid  passage.  Figure  9  displays  that  as  the  flow 
approaches  and  exceeds  Mach  1  the  losses  decrease  in  magnitude;  thus,  as  the  flow  becomes 
sonic  from  the  midspan  area  outward  to  the  endwalls,  the  maximum  loss  area  preceds  the 
sonic  zone's  growth. 


CONCLUSION 

An  exit  survey  of  a  transonic  cold  flow  planar  cascade  with  highly  loaded,  high 
turning  stator  blades  has  shown  that  there  is  modification  to  the  uniform  inlet  total 
temperature  distribution  resulting  in  a  radically  redistributed  total  temperature  profile 
at  exit.  The  redistribution  of  the  total  temperature  profile  is  strongly  Mach  number 
dependent  with  maximum  redistribution  taking  place  just  prior  to  the  flow  becoming 
supersonic.  The  maximum  negatively  depressed  values  of  DTo  differ  from  those  calculated 
by  preliminary  analysis  and  indicate  that  the  depressions  are  not  just  a  function  of 
adiabatic  wall  temperature.  Pitchwise  variation  of  DTo  is  up  to  an  order  of  magnitude 
larger  than  the  spanwise  variation.  The  area  of  maximum  negative  depression  in  the  DTo 
contour  plots  is  at  the  same  position  as  the  area  of  maximum  Cpo  losses,  which  indicates 
the  depression  in  DTo  is  linked  to  the  production  of  entropy.  The  exit  contour  plots  of 
DTo  map  one  to  one  with  the  exit  contour  plots  of  Cpo.  As  the  data  were  produced  by 
independent  measurements,  this  confirms  that  the  redistribution  of  total  temperature  is 
a  real  phenomenon  and  not  a  measurements  problem.  The  variation  of  area  average  Cpo 
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versus  Ma  indicate  that  the  losses  increase  as  the  flow  attains  high  subsonic  speeds  and 
then  decrease  abruptly,  once  supersonic  flow  is  attained. 
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DISCUSSION 


Epstein,  USA 

Your  temperature  nonuniformity  results  can  be  completely  explained  by  the 
presence  of  a  spanwise  vortex  street  in  the  blade  wakes.  These  vortices 
have  been  observed  in  essentially  every  turbomachine  in  which  they  have 
been  looked  for,  both  turbines  and  compressors.  The  vortices,  whose 
strength  varies  with  the  wake  width,  and  the  square  of  the  Mach  Number, 
generate  intense  cold  spots  due  to  unsteady  flow  (they  move  at  a  velocity 
different  both  from  the  mean  freestream  and  the  wake)  -  temperature 
depressions  as  low  as  80  C  for  a  300  K  mean  flow  temperature  have  been 
observed  in  vortex  cores  in  the  wake  of  airfoils  at  a  freestream  Mach 
Number  of  1.4.  The  presence  of  the  row  of  vortices  has  the  effect  of 
depressing  the  mean  temperature  of  the  wake  -  as  is  well  known  from 
cylinder  studies  going  back  to  Eckert  in  the  1930's.  The  spanwise 
variation  is  caused  by  radial  transport  in  the  vortex  cores.  This  topic 
has  been  addressed  by  Kurosaka  in  JFM,  Epstein  in  JofP (AIAA) ,  and  an  MIT 
Thesis  of  Kotedis,  among  others.  Also,  the  Ranque  -  Hilsch  tube  operates 
due  to  unsteady  pressure  (acoustic)  forces  as  pointed  out  by  Kurosaka. 
Similar  phenomena  exist  in  your  experiment  in  each  blade  wake. 

Author's  Reply: 

I  would  like  to  thank  Dr.  Epstein  for  his  comments  and  excellent 
references.  Having  reviewed  the  references  I  think  it  is  premature  to 
3tate  "your  temperature  non  uniformity  results  can  be  completely  explained 
by  the  presence  of  a  spanwise  vortex  street  in  the  blade  wakes....".  My 
reasons  are  as  follows: 

The  original  work  of  Eckert  and  Weise  [Al,  A2]  concerned  the  circumferen¬ 
tial  variation  of  local  adiabatic  surface  temperature  on  a  cylinder 
immersed  in  a  high  subsonic  air  stream.  Eckert  and  Weise  determined  that 
the  recovery  factor  (based  on  upstream  conditions  and  the  adiabatic 
surface  temperature)  became  negative  at  the  trailing  edge  of  the  cylinder. 
The  theory  proposed  by  Kurosaka  et  al  [A3]  to  explain  the  "Eckert-Weise 
Effect";  that  is  "the  time-varying  static  pressure  field  due  to  the  vortex 
movement  separates  the  instantaneous  total  temperature  into  hot  and  cold 
spots  located  around  vortices;  once  time-averaged,  however,  the  total 
temperature  distribution  conceals  the  presence  of  hot  spots  and  takes  the 
guise  of  a  colder  wake";  assumes  a-priori  that  the  disposition  of  the 
total  temperature  on  the  cylinder  should  be  mimicked  in  the  flow.  I 
believe  that  the  disposition  of  total  temperature  about  the  cylinder  is  a 
local  effect  caused  by  the  interaction  of  the  cylinder  boundary  layer  and 
fluctuating  wake.  This  would  also  be  true  for  the  results  of  Thomann  [A4] 
who  extended  the  work  of  Eckert  and  Weise  to  included  contour  plots  of  the 
recovery  factors  on  the  endwall  of  his  test  facility. 

Another  area  of  concern  I  have  with  the  theory  proposed  by  Kurosaka  et  al 
is  the  ability  to  generate  a  time-averaged  flow  in  which  the  total 
temperature  is  depressed  within  in  the  wake  without  a  concomitant  area  of 
elevated  total  temperature.  This  appears  to  violate  the  law  of  energy 
conservation . 

The  data  (Figures  6,  10)  distinctly  display  an  area  of  depressed  total 
temperature  in  the  wake  and  a  concomitant  area  of  elevated  total 
temperature  at  the  outside  edges  of  the  wake  and  into  the  passage  flow. 

It  should  be  pointed  out  that  my  data  are  time-averaged  not  timeresolved. 
Figure  FI  is  a  contour  plot  of  the  recovery  factors  displayed  in  a  similar 
fashion  to  Figures  6  and  12.  The  recovery  factor  is  defined  as: 


Rf™ (Towp  -  Ts) / (T0-T3) 
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Where  Towp  is  the  corrected  wedge  probe  total  temperature.  The  other 
variables  are  defined  as  in  the  paper.  It  is  readily  apparent  that  the 
recovery  factor  is  less  than  1.0  in  the  wakes  indicating  that  the  local 
wake  total  temperature  is  less  than  the  upstream  total  temperature  whilst 
at  the  edge  of  the  wake  and  into  the  flow  the  recovery  factors  are  greater 
k  than  1.0  indicating  an  area  of  elevated  total  temperature  as  is  expected. 

’  This  topography  of  total  temperature  is  similar  in  nature  to  that  found  on 

{  a  flat  plate  exposed  to  a  high  speed  flow,  to  the  Ranque-Hilsch  tube  and 

'  other  examples  as  pointed  out  by  Eckert  [A2] .  This  total  temperature 

topography  is  not  supported  by  the  theory  of  Kurosaka  et  al. 

t 

,  The  final  area  of  concern  I  have  is  your  comment  (attributed  to  McCune) 

"  that  the  vorticies  strength  vary  with  the  square  of  the  Mach  Number. 

Specifically  you  state  [A5] :  "He  shows  that  the  pressure  field 
fluctuations  from  the  vortices  change  the  total  temperature  distribution 
in  the  fluid  and  that  the  amplitude  of  this  effect  scales  with  the  square 
of  the  freestream  Mach  number" .  Thus,  one  can  conclude  that  the  total 
■  temperature  depression  in  the  blade  wake  should  follow  a  Mach  Number 

trend,  and  in  fact,  shculd  vary  as  the  square  of  the  Mach  number.  If  one 
combines  the  Mach  number  data  from  Table  1  and  the  local  total  temperature 
differential  between  exit  and  inlet  data  (DTo)  from  Table  2  it  is  apparent 
that  the  data  does  have  a  Mach  number  trend,  but,  hardly  one  describing  a 
second  order  relationship. 

In  conclusion  I  do  not  think  that  my  data  may  be  "completely"  explained  by 
the  theories  proposed  to  date.  There  is  ample  evidence  to  support  that 
the  energy  separation  is  caused  by  the  effects  of  unsteady  pressures  and 
is  enhanced  by  resonance  (acoustic  or  ultrasonic,  McDuffie  [A6]).  There 
is  still  no  unified  theory  that  explains  all  the  results  published  to  date 
and  thus  the  explanation  for  energy  separation  still  eludes  us. 
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Hennecke,  Germany 

I  want  to  support  Dr.  Epstein's  written  comment.  Cases  with  total 
temperature  redistribution  are,  for  instance,  the  flat  plate  in  high  speed 
flow  (your  fig.  7)  or  the  Hilsch  tube.  Relevant  to  this  case,  however  are 
the  results  for  cylinders  in  cross  flow  where  the  unsteady  pressure 
fluctuations  due  to  Von  Karman  vortex  streets  cause  regions  of  increased 
and  decreased  total  temperature.  A  relevant  paper  was  recently  published 
by  E.R.G.  Eckert  where  the  mechanism  is  explained.  I  think  the  results 
can  be  applied  to  your  cascade . 

Author's  Reply: 

Thank  you  for  your  comments,  I  will  obtain  the  paper  you  have  referenced 
and  review  it . 


Moore,  USA  27-3 

From  the  discussions  of  Professors  Epstein  and  Henneke,  it  is  not  clear 
whether  this  redistribution  of  total  temperature  has  ever  been  measured 
before  in  a  turbine  blade  row.  Can  the  discussors  and  the  author  please 
clarify  this  point? 

Author's  Reply: 

AUTHOR  -  I  have  been  unable  to  find  any  reference  to  the  redistribution  of 
total  temperature  downstream  of  a  turbine  blade  row.  I  would  like  to 
point  out  that  Dr.  R.G.  Williamson,  who  observed  this  phenomenon,  in  the 
early  1980s,  at  the',  NRC  on  data  taken  on  the  Highly  Loaded  Turbine  Test 
Rig,  was  al3o  unable  to  find  any  published  references. 

L.  FOTTNER  -  As  far  as  I  know  there  is  no  information  on  this  problem  for 
actual  turbine  cascades. 

D.  HENNECKE  -  X  have  not  seen  those  results  on  a  turbine  cascade  either. 
My  comment  referred  to  a  cylinder  in  cross  flow. 


Sieverding,  Belgium 


What  are  the  physical  reasons  fcr  the  temperature  rise  outside  of 
the  wake?  Could  you  make  some  comments  on  the  probe  blockage  effect?  Did 
the  probe  span  the  full  blade  height  for  all  traverses  or  was  it  gradually 
immersed.  In  the  latter  case  the  blockage  effect  increases  with 
increasing  immersion  of  the  probe  into  the  channel. 

Author's  Reply: 


I  attribute  the  elevated  t 
convection  from  the  heated 


emperatures  outside  of  the  wake  to  turbulent 
wake  boundaries  to  the  main  stream. 


The  effect  of  probe  blockage  was  assumed  to  be  minimal  due  to  the  large 
scale  of  the  facility  (4.3  time3  engine  size).  Investigations  carried  out 
by  Schaub  et  al  (see  ref.  6)  on  the  NRC  Highly  Loaded  Turbine  Test  Rig 
(HLTTR)  showed  that  the  probe  affected  the  static  pressure  distributions 
on  the  downstream  suction  surface  of  the  blades.  This  effect  is  dependent 
on  both  the  pitchwise  and  spanwise  location  of  the  probe.  The  design  of 
the  planar  cascade  was  based  on  the  HLTTR  which  was  designed  to  a  nominal 
three  times  engine  scale  and  there  must  be  some  effects  due  to  probe 
blockage,  but  I  am  unable  quantify  them.  The  traverses  were  initiated 
with  the  probe  fully  immersed  ie.  100%  of  the  blade  span,  as  the  traverse 
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progressed  the  probe  was  retracted  until  at  the  end  of  the  traverse  the 
probe  had  been  retracted  55%  of  blade  span. 

Jones,  UK 

X  am  not  aware  of  the  relative  humidity  in  your  laboratory  but  it  is 
possible  that  as  the  air  passing  through  the  cascade  came  from  the 
laboratory  without  drying  that  condensation  may  have  taken  place.  These 
effects  can  have  an  influence  on  the  flow  prior  to  the  formation  to 
condensation  shocks. 

Author's  Reply: 

The  potential  problem  of  condensation  shocks  was  addressed  in  the  design 
of  the  planar  cascade.  The  method  of  Smoulderen  (1956)  was  used  to 
determine  if  condensation  shocks  would  occur  within  the  cascade  when 
drawing  air  from  the  laboratory.  The  result  of  this  study  was  negative 
i.e.,  no  condensation  shocks  would  occur.  As  pointed  out  in  the 
Introduction  of  my  paper,  R.G.  Williamson  in  his  investigations  on  the 
HLTTR  found  a  redistribution  of  the  total  temperature  profile  for  both 
cold  and  hot  gas  tests  ie.  the  inlet  air  was  heated  to  a  temperature  such 
that  the  static  temperature  of  the  air  leaving  the  turbine  nozzle  cascade 
was  at  ambient  room  temperature,  thus  alleviating  the  condensation 
problem. 


Weyer,  Germany 

We  have  to  fulfill  the  energy  conservation  laws!  Thus,  did  you  check  -  by 
integration  -  the  total  energy  at  inlet  and  outlet  and  do  they  agree  to 
each  other? 

In  a  highly  turbulent  or  fluctuating  flows  that  turn  in  a  curved  channel, 
normal  pressure  gradients  initiate  an  unmixing  process  of  high  speed  and 
low-speed  (turbulent  or  fluctuating)  flow  spots;  this  might  lead  to 
distinct  energy  or  total  temperature  distributions  as  shown. 

Author's  Reply: 

Yes,  I  did  attempt,  by  integration  to  compare  the  inlet  and  outlet  total 
energy.  Unfortunately,  in  high  shear  flows  the  wedge  probe  when  used  to 
measure  total  pressure  and  temperature  may  be  nulled  very  accurately,  but 
unfortunately  did  not  point  in  the  gas  flow  direction.  This  lead  to 
errors  in  the  computed  local  mass  flow  (this  is  shown  in  Table  1) .  Thus  I 
was  unable  to  compare  the  inlet  and  exit  total  energy  flow.  I  did  compare 
the  area  weighted  energy  and  ascribed  the  small  difference  in  total 
temperature  to  heat  transfer  from  the  laboratory  to  the  cascade. 
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